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Greetings 

PhD studies mean the highest level of university education all over the world. Results of PhD studies 
are important not only for the PhD candidates but also for the universities themselves. Successful PhD 
researchers often become future professors at universities or recognized engineers by companies. 

Every university has its own programme for PhD studies which can be considerably different at 
various universities. However, the purpose of them is always to support high level research. 

The series of fib International PhD Symposia in Civil Engineering provides a special forum in ad-
dition to the PhD programmes to present the results of the ongoing research and to discuss them 
collecting advices on how to continue and finish the research.  

In this forum only young colleagues (PhD candidates) are allowed to make presentations who ha-
ve already started their research but did not submit their thesis yet (at the time of submitting the Abs-
tract). Supervisors (anyhow professors and practicing engineers) are very welcome as Session Chair 
persons or contributors to the discussions. 

Therefore, one of the unique features of these PhD Symposia is that a long obligatory discussion 
time (almost as long as the presentation) is included in the programme. In this way our young resear-
chers are subjected to comments and questions of an international community. 

In the fib International PhD Symposia many universities and institutes are represented from dif-
ferent parts of the world. It is always nice to realize how many researchers are active in various re-
search fields and which are the most relevant research topics. Personal contacts of the participants 
taken during the PhD Symposia can help to develop future collaborations. 

In this way we can fulfil the original objectives of the fib International PhD Symposia: (1) to pro-
vide a forum for PhD students in civil engineering to present the progress of their work; (2) to discuss 
the results of the ongoing PhD studies in order to support the future work; (3) to give the possibility 
for PhD students to establish contact for international communication and (4) to compare PhD studies 
in various countries. 

I personally always enjoyed the unique atmosphere of previous PhD Symposia full with activities 
and enthusiasm of both the PhD candidates and the professors. Please enjoy it at KIT in Karlsruhe, 
Germany in 2012. 

Finally, I take this opportunity to wish to our PhD candidates successful discussions in Karlsruhe 
and a successful PhD defense at your universities when you are ready with your research. 

 

György L. Balázs 
President of the International Federation for Structural Concrete (fib) 
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Preface 

The fib International PhD Symposium in Civil Engineering is an established event in the academic 
calendar of doctoral students. It is held under the patronage of the International Federation for Struc-
tural Concrete (fib), one of the main international associations that disseminates knowledge about 
concrete and concrete structures. Previous venues of the fib International PhD Symposium in Civil 
Engineering were: Budapest (1996 and 1998), Vienna (2000), Munich (2002), Delft (2004), Zurich 
(2006), Stuttgart (2008) and Copenhagen (2010).  

The Karlsruhe Institute of Technology (KIT) and its Institute of Concrete Structures and Building 
Materials are honoured to host the 9th Symposium from July 22 to 25, 2012 in Karlsruhe, Germany. 
The organizers are very happy to welcome 107 PhD-students from 21 countries presenting their work 
in the different fields of civil engineering both with a written paper contained in the proceedings at 
hand, as well as with an oral presentation during the conference. The topics of the conference – pre-
sented in different sessions – can be summarized as follows: 

 

 load carrying and shear behaviour of concrete members 
 load carrying behaviour and performance of masonry structures 
 dynamics of structures and material behaviour under dynamic loadings 
 innovative structures 
 concrete technology and microstructure of concrete 
 durability of concrete 
 behaviour and performance of various materials and structures 
 numerical simulation techniques 
 fibre reinforced concrete 
 monitoring and repair of building structures 
 

The organizers of the symposium would like to thank the contributing PhD students for their efforts 
and their patience with us. We also thank the supervisors for their support for the symposium. It is an 
important part of academia to present research projects to an international audience and share infor-
mation and experience with colleagues from the international research community. The organizers 
hope that you, the PhD students, have an enjoyable time in Karlsruhe and find the symposium a good 
chance to extend your professional network. 

The review process in the fib PhD Symposia is very intense and requires much more time than for 
other conferences, owing to the educational nature of the symposium. This is why the organizers 
would like to thank the scientific committee, which consisted of 40 internationally recognized re-
searchers from 19 different countries, for their tireless support. As for earlier years, the quality of the 
manuscripts ranged from good to excellent, illustrating the experience and training of the young 
researchers. 

The organizers would also like to thank the PhD students and student assistants of the Institute of 
Concrete Structures and Building Materials of KIT, who supported the organising committee in the 
editing of the proceedings at hand and in the organisation. 

Last but not least the organizers would like to express their gratitude to the sponsors of the sym-
posium. Their significant support made the symposium possible. 

We wish all participants a successful and worthwhile symposium and a rewarding career within 
the civil engineering community. 

 

Harald S. Müller, Michael Haist and Fernando Acosta 
Karlsruhe, June 2012 
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Shear tests of reinforced concrete slabs and slab 
strips under concentrated loads 

Eva O. L. Lantsoght 

Department of Design & Construction – Concrete Structures  
Delft University of Technology 
Stevinweg 1, 2628 CN Delft, The Netherlands 
Supervisors: Cor van der Veen and Joost C. Walraven  

Abstract 
In slabs subjected to concentrated loads, the shear strength checks are conducted for two limit states: 
1) shear over an effective width, and 2) punching shear on a perimeter around the point load. In cur-
rent practice, the shear strength at the supports is determined with models that do not consider the 
transverse redistribution of load that occurs in slabs, which results in underpredictions for the actual 
slab shear capacity. Currently, an experimental program is being conducted at Delft University of 
Technology to determine the shear capacity of slabs under point loads near to the support. This paper 
presents the results of the tests conducted in continuous slabs and slab strips. In addition to studying 
the influence of the slab width, the specimens are tested with two types of reinforcement (ribbed and 
plain bars). The results of the experiments are compared to strength predictions from current design 
models. Also, recommendations for the support effective width and an enhancement factor for con-
sidering the effect of transverse load redistribution are given. 

1  Introduction 
Shear in reinforced concrete one-way slabs loaded with a concentrated load near the support is typi-
cally checked in two ways: by calculating the beam shear capacity over a certain effective width and 
by checking the punching shear capacity on a perimeter around the load. The method of horizontal 
load spreading, resulting in the effective width beff of the support which carries the load, depends on 
local practice. In most cases (eg. Dutch practice) horizontal load spreading is assumed under a 45° 
angle from the centre of the load towards the support, Fig. 1 (left).  The lower limit for the effective 
width is typically 2d for loads in the middle of the width and d for loads at the edge and corner of the 
slab. In French practice [1], load spreading is assumed under a 45° angle from the far corners of the 
loading plate towards the support, Fig. 1 (right).  The punching shear (two-way shear) capacity in 
code formulas is developed for two-way slabs. Most empirical methods for punching shear have been 
derived from tests on slab areas around a column; a loading situation which is significantly different 
from a slab under a concentrated load close to the support. 

 

 
Fig. 1  Effective width (left) assuming 45º load spreading from the centre of the load: beff1; (right) 

assuming 45º load spreading from the far corners of the load: beff2; top view of slab. 

2 Previous research 
Recent research concerning shear in slabs has mainly focused on one-way slabs under line loads [2]. 
It was experimentally shown that one-way slabs under line loads behave like beams and that beam 
shear provisions lead to good estimates of their shear capacity. A database of 206 experiments on 
wide beams and slabs [3] shows that test data regarding the shear capacity of one-way slabs (beff2 
from Fig.1 (right) smaller than the total specimen width, b) under concentrated loads are scarce and 
only 22 experiments with a/d < 2,5 are available [4-7]. The majority of these experiments were car-
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ried out on small specimens (d < 15cm). A comparison between these results from the literature and 
EN 1992-1-1:2004 [8] “EC2” (combined with two different load spreading methods and CRd,c = 0,15 
[9]) and the French National Annex [1]) and Regan’s method [4] is shown in Table 1. The average 
(AVG), standard deviation (STD) and coefficient of variation (COV) of the results for the experi-
mental value divided by the calculated value indicate that the traditional method of calculating the 
one-way shear strength (EC2 + beff1) underestimates the capacity. The French National Annex [1] and 
Regan’s method [4] lead to the best results. The French National Annex allows shear stresses in slabs 
2,27 times higher (for k = 2) than in beams as a result of transverse redistribution. Regan’s method 
combines an enhancement factor from one-way shear with a punching perimeter from two-way shear. 
These results indicate that slabs can support higher concentrated loads as a result of their extra dimen-
sion. However, not enough experimental evidence is available to support this statement. Therefore, a 
series of experiments on slabs with d = 265mm is carried out. 

Table 1 Comparison between test results from literature and design methods. 

 EC2 [8] + beff1 EC2 [8] + beff2 EC2 + French NA [1] Regan [4] 

AVG 3,411 2,038 1,022 0,966 

STD 1,005 0,501 0,294 0,204 

COV 29,5% 24,6% 28,8% 21,1% 

3 Experiments 

3.1 Experimental setup 
A top view of the test setup with a slab is presented in Fig. 2. The line supports (sup 1 and sup 2 in 
Fig. 2) are composed of a steel beam (HEM 300) of 300mm wide, a layer of plywood and a layer of 
felt [10] of 100mm wide. Experiments are carried out with a concentrated load close to the simple 
support (sup 1 in Fig. 2) and close to the continuous support (sup 2 in Fig. 2), where the rotation is 
partially restrained by vertical prestressing bars which are fixed to the strong floor of the laboratory. 
The prestressing force is applied before the start of every test, offsetting the self-weight of the slab. 
During the course of the experiment, some rotation could occur over support 2 due to the deformation 
of the felt and plywood and the elongation of the prestressing bars.  

3.2 Specimens and Results 
All slabs (“S”) and slab strips (“B”) have a thickness h of 300mm and an effective depth d of 265mm. 
The slabs are either loaded at the middle of the slab width (position M) at the simple and continuous 
support (two tests per slab), or consecutively at the east and west side (position S) at the simple and 
continuous support (four tests per slab). 

Ribbed reinforcing bars with a diameter of 10mm (measured mean yield strength fsy = 537MPa 
and measured mean ultimate strength fsu = 628MPa) and 20mm (fsy = 541MPa and fsu = 658MPa) are 
used [10]. For S11 to S14, plain reinforcing bars with a diameter of 10mm (fsy = 635MPa and fsu = 
700MPa) and 20mm (fsy = 601MPa and fsu = 647MPa) are used [10].  The flexural reinforcement is 
designed to resist a bending moment caused by a load of 2MN (maximum capacity of the jack) at 
position M (Fig. 2) along the width and 600mm along the span (a/d = 2,26). In practice, the amount of 
transverse flexural reinforcement for slabs is taken as 20% of the longitudinal flexural reinforcement. 
In the tested slabs, 13,3% of the longitudinal flexural reinforcement is used in S1 and S2; 25,9% in 
S3, S5 to S14 and 27,2% in the slab strips. In S4 the amount of transverse flexural reinforcement is 
only doubled as compared to S1 and S2 in the vicinity of the supports.  

The properties and results of S1 to S9 and the slab strips can be found in [11]. The properties of 
S11 to S14 are given in Table 2, in which the following symbols are used: 
fc’ the cube compressive strength of the concrete at the age of testing the slab, 
fct the splitting tensile strength of the concrete at the age of testing the slab, 
ρl, ρt the longitudinal (ρl) and transverse (ρt) reinforcement ratios of the slab, 
a the centre-to-centre distance between the load and the support, 
M/S loading at the middle (M) or side (S) of the slab width, Fig. 2, 
bload × lload the size of the loading plate. 
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Fig. 2 Sketch of test setup, top view. 

Table 2 Properties of slabs S11 to S14. 

Slab 

nr. 

b 
(m) 

fc’ 
(MPa) 

fct 

(MPa) 
ρl 

(%) 

ρt 
(%) 

a/d M/S bload × lload 

(mm × mm) 

test age 
(days) 

S11 2,5 54,9 4,2 1,375 0,358 2,26 M 200 × 200 90 

S12 2,5 54,8 4,2 1,375 0,358 2,26 S 200 × 200 97 

S13 2,5 51,9 4,2 1,375 0,358 1,51 M 200 × 200 91 

S14 2,5 51,3 4,2 1,375 0,358 1,51 S 200 × 200 110 

 

The results of S11 to S14 are given in Table 3, in which the following symbols are used: 
SS/CS experiment at the simple (SS, sup 1) or continuous support (CS, sup 2), Fig. 2, 
Pu the measured ultimate load, 
WB/P/B failure mode: wide beam shear (shear crack at the inside), punching shear or beam shear, 
Fpres the force in the prestressing bars at failure, 
Vmax the resulting maximum shear force, 
Vmax,EC the maximum shear force including reduction of the loads within 2d of the support [8]. 

Table 3 Results of slabs S11 to S14. 

Test SS/CS Pu (kN) Failure mode Fpres 
(kN) 

Vmax 
(kN) 

Vmax,EC 
(kN) 

S11T1 SS 1194 WB + P 165 998 848 

S11T4 CS 958 WB + P 307 886 766 

S12T1 SS 931 WB + B + P 162 780 663 

S12T2 SS 1004 P 173 839 712 

S12T4 CS 773 WB + P + B 147 705 608 

S12T5 CS 806 WB + B 158 735 633 

S13T1 SS 1404 WB + P 157 1253 593 

S13T4 CS 1501 WB + P 240 1411 706 

S14T1 SS 1214 WB + P + B 133 1088 518 

S14T2 SS 1093 WB + P + B 162 975 462 

S14T4 CS 1282 WB + P + B 187 1207 605 

S14T5 CS 1234 WB + P + B 142 1157 578 
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4 Results 

4.1 Influence of the width 
If the concept of an effective width can be applied to concrete slabs loaded in shear, then the shear 
capacity ceases to increase proportionally to the width after reaching a threshold value, the effective 
width. Increasing widths will lead to the same capacity, as only the effective width can carry the shear 
force from the load to the support [12]. For loads close to the support (a/d < 2,5) the results of S8 and 
S9 are compared to the results of the series of slab strips with different widths (BS1/0,5m – BX3/2m). 
The size of the loading plate, distance between the load and support and location of testing are varia-
ble. As shown in Fig. 3, the previously described threshold is achieved after an almost linear increase 
in capacity for an increase in width.  

Table 4 gives the results for the effective width (bmeas) based on the experimental results, com-
pared to the calculated widths based on the load spreading methods from Fig. 1 and from the 
ModelCode 2010 (bMC) [13]. Remarkably, lower effective widths are found at the continuous support. 
The load spreading mechanism is thus influenced by the moment distribution in the shear span. The 
observed relation between the effective width and the size of the loading plate as well as the distance 
between the load and the support, are best reflected by beff2. The effective width from ModelCode 
2010 gives too conservative results and does not correctly take the influence of the size of the loading 
plate into account. 

Table 4 Effective width as calculated from the experimental results. 

Test: bload × lload, SS/CS, a/d bmeas (m) beff1 (m) beff2 (m) bMC (m) 

300mm × 300mm, SS, a/d = 2,26 2,12 1,10 1,70 0,99 

300mm × 300mm, CS, a/d = 2,26 1,81 1,10 1,70 0,99 

200mm × 200mm, SS, a/d = 1,51 1,25 0,70 1,10 0,63 

200mm × 200mm, CS, a/d = 1,51 1,11 0,70 1,10 0,63 

200mm × 200mm, SS, a/d = 2,26 1,63 1,10 1,50 0,98 

200mm × 200mm, CS, a/d = 2,26 1,33 1,10 1,50 0,98 
 

 
Fig. 3 Influence of overall width on shear capacity for the series discussed in Table 4. 

4.2  Comparison to design models 
All test results are compared to the following code methods: EN 1992-1-1:2004 [8] with CRd,c = 0,15 
[9] with beff1 and beff2, EN 1992-1-1:2004 [8] with the French National Annex for slabs [1] and Re-
gan’s formula [4]. The comparisons are based on the measured mean material properties. Safety and 
material factors equal 1. Punching shear was not the governing failure mode according to EN 1992-1-
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1:2004 [8]. The critical perimeter as used in Regan’s method is taken with 4 sides for loading in the 
middle of the width for the slabs, with 3 sides for loading near to the edge of the width for slabs and 
with 2 sides for the smallest slab strips.  

Table 5 shows the comparison between the test results Pu or resulting shear forces Vmax,EC and the 
calculated values according to the considered methods. These results show that Regan’s method and 
EN 1992-1-1:2004 with beff2, estimate best the shear capacity of slabs under concentrated loads close 
to the support. The French National Annex overestimates the shear capacity as 2,27 times higher 
stresses are allowed for slabs (for k = 2). 

Table 5  Statistical properties from comparison between experimental data and calculated values.  

Test data Vmax,EC/VEC2,beff1 Vmax,EC/VEC2,beff2 Vmax,EC/VFR Pu/PRegan 

AVG STD COV AVG STD COV AVG STD COV AVG STD COV 

All 2,71 0,58 21% 1,97 0,32 16% 0,85 0,15 18% 1,01 0,14 14% 

Slabs 2,86 0,49 17% 1,98 0,25 12% 0,89 0,12 14% 1,03 0,15 14% 

Ribbed  2,98 0,49 16% 2,01 0,27 13% 0,87 0,13 15% 1,08 0,13 12% 

Plain  2,60 0,41 16% 1,91 0,18 9% 0,93 0,09 9% 0,92 0,14 15% 

Slab strips 2,46 0,64 26% 1,95 0,42 21% 0,78 0,17 21% 0,97 0,13 13% 

 

The influence of the considered effective width is reflected by the results of Vmax,EC/VEC2,beff1 and 
Vmax,EC/VEC2,beff2; using beff2 agrees better with the experimental results. The average value (AVG) 
becomes smaller and more uniform: compare the range of 2,4 - 3,0 for beff1 to the range of 1,9 - 2,0 
for beff2. The standard deviation becomes smaller, as well as the coefficient of variation. These statis-
tical parameters confirm that the French load spreading method (Fig. 1 (right)) is to be preferred for 
determining the effective width.  

Comparing the row with the results of the slabs and the row with the results of the slab strips, 
shows a larger average capacity for slabs, which can be attributed to transverse load distribution. 
Therefore, in combination with [8] and beff2, an enhancement factor of at least 1,25 can be applied for 
slabs benefitting from transverse load redistribution and loaded close to the support. Also, the mini-
mum effective width can be taken as 4d [14]. 

Kani [15] showed that plain bars result in higher shear capacities than deformed bars. As the con-
crete compressive strength and amount of transverse reinforcement of S1 and S11 were different, a 
direct comparison for the test results could not be made. The experiments mainly showed a difference 
in the cracking pattern, and a possibility for anchorage failure in the slabs with plain reinforcement. 
The influence of bond on the shear capacity of slabs under concentrated loads is thus studied based on 
the comparison to the code methods, Table 5. These results show that the average ratio of tested to 
predicted value is smaller for the plain bars as compared to the ribbed bars. Regan’s method [4] 
slightly overestimates the capacity of slabs with plain bars. The higher calculated predictions accord-
ing to [4], however, are the result of the increased amounts of transverse and longitudinal reinforce-
ment.  

Comparisons to non-linear finite element models [16, 17] show that predicting the experimental 
values strongly depends on the choice of the input parameters. A posteriori modelling leads to good 
results, but it is shown [16] that choosing a certain set of input parameters from modelling one exper-
iment does not necessarily lead to an equally close modelling of another experiment. The recom-
mended effective width beff2 also most closely corresponds to the effective width based on the stresses 
at the support [16]. 

5 Conclusions and Recommendations 
Transverse load redistribution leads to higher shear capacities in slabs as compared to beams. This 
conclusion is reflected in tests from the literature, as well as in the results from the discussed test 
series. 
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The French load spreading method is to be preferred. This conclusion is supported by data from the 
literature, the series of specimens with varying width, the comparison to code methods and results 
from non-linear finite element analysis. 

The test data indicate that slabs reinforced with plain bars have a slightly smaller shear capacity. 
This conclusion does not correspond to the observations for beams with plain bars failing in shear. 

It is recommended to assess the one-way shear capacity of reinforced concrete slabs by using EN 
1992-1-1:2004 taking into account direct load transfer between the load and the support. This code 
method is to be combined with the effective width beff2 (resulting from the French load spreading 
method) with a minimum effective width of 4d, and an enhancement factor on the capacity of at least 
1,25 for loads close to the support (a/d < 2,5) . 
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Abstract 
Shear and punching shear tests on concrete members have reached their size-limitations since years, 
as financial and material amounts as well as requirements on testing infrastructure are rising with 
increasing member sizes. The existing lack of experimental results on large reinforced concrete mem-
bers becomes more important, since there is a remarkable size effect concerning the effective depth`s 
influence – especially for shear and punching shear failure. 

Inspired by best practice for numerical simulations, an innovative test setup for shear and punching 
shear tests utilizing the conditions of symmetry is developed. Symmetric parts of test specimen are 
substituted by special modular bearing systems representing symmetric support. Fundamental investi-
gations focus on engineering and realizing these bearing systems to ensure identical test performance 
of symmetrically reduced test specimen compared to the analogous full-size member. For this pur-
pose, an almost frictionless sliding as well as a flexurally rigid performance at the symmetry bearing 
have to be realized.  

1 Introduction and motivation 

1.1. Experimental data available and size effects 
Analysing currently available experimental data shows that experiments are designed and performed 
in considerably smaller scales than practically realized later on. In figure 1 (left) the experimental data 
of slender slabs without shear reinforcement failing in punching shear is plotted against effective 
depths of tested concrete members. The analysis demonstrates that 95 % of effective depths of test 
specimen are smaller than 20 cm. Simultaneously, there is a notable and continuing evolution of 
range of practical interest towards larger slabs. However, referring to experiments on slender slabs 
with large sizes, only one single slab with an effective depth of d = 45 cm tested by Guandalini [2] is 
available. This existing gap between effective depths of experimentally investigated and practically 
realized reinforced concrete members leads to one fundamental question: 

How safe can load bearing capacities and mechanisms, derived from experiments on small con-
crete members, be extrapolated to real structures featuring considerably larger sizes? 

 

 
Fig. 1 Available experimental data of slender slabs (λ ≥ 3) without shear reinforcement failing 

due to punching shear (left), model safety factors acc. to DIN 1045-1 [1] of own shear 
tests on reinforced concrete beams without shear reinforcement (right) 
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The complexity of answering this question is based on the fact that existing size effects [3, 4] prohibit 
a direct extrapolation of the experimentally obtained bearing capacities. Especially for brittle failure 
modes that occur in shear and punching shear of concrete members without shear reinforcement, a 
significant non-linear influence of effective depth has to be considered. Current code provisions, such 
as DIN 1045-1 [1] and Eurocode 2 [5], use an approach based on fracture mechanics for approximat-
ing this size effect. This approach (eq.1) is uniformly used in design formulations for both shear and 
punching shear.  ߢ = 1 + ට ଶ଴଴ௗ[௠௠] ≤ 2.0   (1) 

To prove this approximation, own experiments on true-scaled concrete beams without shear rein-
forcement have been performed [6]. Therefore, effective depths of the test specimen varied from 
20 cm to about 100 cm. Remaining parameters have been kept constant in order to fulfill the demand-
ing requirements on true to scale experiments [3, 4]. In figure 1 (right) the experimental results are 
plotted in terms of model safety factors γmod [7, 8] against the effective depths of tested beams. The 
model safety factor γmod illustrates a safety margin depending on the 5 %-fractile of the total popula-
tion of experiments on shear failure without shear reinforcement. 

Although, the size effect approach acc. to Eurocode 2 and DIN 1045-1 is already included in 
model safety factors γmod, the analysis of the true-scaled series of experiments shows a trend to de-
creasing safety factors with increasing member sizes. 

Besides other aspects [4], it should be considered carefully that current codes prescribe a mini-
mum shear reinforcement for beam-like structures to ensure a ductile failure mode. By contrast, same 
code provisions tolerate a design of slabs subjected to shear or punching shear loads without shear or 
transverse reinforcement.  

In summary, the combination of 

 - range of practical interest, experimentally confirmed only in a small and restricted part, 
 - continuous evolution towards increasing concrete member sizes and heights, 
 - existing well-known but not really solved problem of size effects, 
 - and pronounced brittle failure modes, 

demonstrates the relevance of experimental research in the field of punching shear failure of large 
reinforced concrete slabs. 

1.2 Experimental challenge: punching shear tests on thick reinforced concrete slabs 
Using common test setups, the experimental challenge of testing slender slabs with large effective 
depths in punching shear becomes almost insuperable. Indeed, fundamental requirements on test setup 
and infrastructure for punching shear tests are significantly more challenging, than for comparatively 
simple tests on shear failure of beams. The realization of a true rotationally symmetric bearing of test 
specimen means to avoid a stiffness-dependent support of slab also for cracked states. Testing of slabs 
requires sufficient large slendernesses, which results in large specimen sizes and accordingly heavy 
weights of specimen. 

At the same time, thick slabs and slabs with large effective depths lead to enormous testing loads 
that cannot be handled in international laboratories at this time. Further aspects of manufacturing, 
transportation, cuttings and removal have to be considered which cannot be (financially) legitimated 
in sum. Hence, one promising approach to obtain experimental results on thick concrete slabs failing 
in punching shear is developing a new testing method. 

2 Innovative test setup 

2.1 Symmetry conditions 
At the institute of concrete structures at the Ruhr-Universität Bochum, an innovative concept for 
testing slabs loaded in punching shear is developed. The research program is financially supported by 
the German Research Foundation (DFG) and focuses on true to scale punching tests on slabs with 
large effective depths. The fundamental idea is inspired by best practice of numerical analyses [9]. 

To reduce time needs for numerical solutions, modeling techniques typically utilize symmetry 
where possible. In figure 2 (left), the finite element model of a reinforced concrete slab failing in 
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punching shear is shown. Due to utilizing symmetrical conditions, only a quarter of the slab has been 
modelled.  

 

 
Fig. 2 Utilizing symmetry of system and load in numerical investigations [9] (left) and as basic 

principle for the innovative test setup (right) 

Transferring this fundamental principle to experimental research and procedures means to substitute 
symmetric parts of test specimen by a symmetric support. In figure 2 (right), a schematic drawing of 
the principle operation mode of the test setup is given. Beneath realizing a flexurally rigid bearing 
combined with minimized deformations u, sliding with small friction of the specimen in vertical 
direction w has to be ensured. Accordingly, these characteristic features are equivalent to the main 
challenges discussed separately in section 3.  

Specified for punching shear tests, utilizing the double symmetry leads to quartering of weight 
and test loads beneath a significant reduction of material and personal costs. Therefore, this concept 
allows testing considerably larger slabs than up to now. In figure 3, a visualization of the setup for a 
large concrete slab tested for punching shear is shown. The whole test setup consists of six bearing 
modules. Each one is composed of flexurally rigid reinforced concrete bearings and a slip-free em-
bedded front end made of steel. The main advantage of the modular assembly is seen in flexible 
combination and setting up. This allows to obey individual requirements and sizes of test specimen. 
Furthermore, it benefits handling and storage of setup’s components. In the remainder, the experi-
mental realization is explained in detail. 

 

 
Fig. 3 Visualization of developed innovative test setup for punching shear tests on thick slabs 
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2.2 Experimental realization 
The rotationally symmetric loading is applied through load distribution plates arranged axis-
symmetrically along the outer edge of the specimen. On the inner edge, the testing slab is enclosed by 
a combination of steel segments divided by elastic interface layers also used as framework for placing 
of concrete. These layers prevent an unacceptable stiffening of the slab along the symmetrical sup-
port. A special sliding layer made of greased PTFE (polytetrafluoroethylene), also known as Tef-
lonTM, divides testing slab and front end of the bearing modules. Combined with the special mechani-
cally finished and polished surface of the steel frame, an almost frictionless sliding is enabled.  

The test specimen itself is connected and restrained by a unique socket construction (figure 4). 
The concrete-casted socket is connected to a threaded rod, which is anchored in between clearances of 
the steel frame. Anchor plates of the reinforcement as well as the reinforcement itself have to fulfill 
same displacements. Therefore, these anchor plates are supported on sliding layers made of greased 
PTFE, too. Additionally, this means that the spacings in the steel frame have to be sufficiently dimen-
sioned for both vertical and horizontal amount of displacement of reinforcement’s anchor plate. 

In summary, the bearing modules carry the total reaction forces of the slab by direct contact on 
the compressed part and by restrained sliding anchors of reinforcement on the tension part. Finally, 
the reinforced concrete bearings are restrained and anchored in the prestressed strong floor of the 
testing laboratory. 

 

 
Fig. 4 Single bearing module and corresponding elements of test setup 

3 First performance tests 

3.1 Developing and optimizing component-by-component 
First and foremost, the primary goal of the research program is developing and realizing symmetry 
bearings for experimental investigations on punching shear failure. Prior to first tests on large scale 
slabs, the development of the test setup itself is continuously supported by experiments on single 
major components. Therefore, smaller alternate samples of test specimen as well as symmetrically 
reduced concrete beams are taken to prove and verify functionality of elements and details. Especially 
the realization of almost frictionless sliding interface layers and the development of flexurally rigid 
support of the test members are in the focus of present work. Following, major results of performed 
sliding tests and first complete tests on reinforced concrete beams are presented exemplarily. 

3.2 Friction and sliding tests 
Simulating sliding of the actual test specimen, two anchorage plates are prestressed against the steel 
frame under defined prestressing force and vertically pushed then (figure 5). The anchor plates are 
similar to those used in future tests on reinforced concrete members to anchor the reinforcement bars 
between spacings of the steel frame. 
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Fig. 5 Sliding tests at steel frame with defined surface finish (left and middle), test specimen for 

sliding tests pasted with greased sheets of PTFE (right) 

The test parameters include different thicknesses and sizes of PTFE-sheets, as well as varying posi-
tions of loading and different surface qualities and roughness of the sliding planes. Beneath a small 
sliding coefficient especially under high pressures, resulting deformations of the PTFE-sheets have to 
be minimized, to avoid unintentional rotations of the test specimen. 

Considering the effective prestressing load as well as the dead load of the whole sliding system, 
the vertical load required to push the system is measured and results in a sliding coefficient of the 
system. Results show, that sliding combinations based on greased PTFE-sheets lead to sliding coeffi-
cients smaller than about 1 %. These excellent sliding coefficients can be reached even under high 
prestressing forces, corresponding to maximum reaction load of the reinforcement of future concrete 
tests. Additionally, the analysis of sliding tests provides prospects for optimization to even improve 
these sliding values in the future.  

3.3 First experiments on symmetrically bisected reinforced concrete beams 
The main goal of a first series of reinforced concrete tests on symmetrically reduced beams is testing 
the slip-free socket connection of the reinforcement bars in connection with sliding of test specimen 
and anchor plate at the symmetry bearing. Starting with three point bending tests, conventionally 
tested full-size members serve as reference for the performance of the identically reinforced, but 
symmetrically bisected beams at the innovative test setup (figures 6 and 7). 

All test specimen are designed to fail in flexural tension, because yielding of tensile reinforcement 
marks an upper bound for future experiments on shear and punching shear. Therefore, a successful 
and consistent testing of this flexural limit state verifies also the functionality for shear tests. 

 

     
Fig. 6 Experiments on reinforced concrete beams at the new test setup: procedure of prestressing 

(left) and sliding anchorage of bending reinforcement (middle, right)  

In figure 6, the experimental procedures for testing a symmetrically bisected concrete beam at the 
new test setup are shown. After adjusting of test specimen at the front end of the steel frame and 
placing sliding anchorages on the rear side, a threaded rod is screwed into the socket of the rein-
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forcement bar. Following, the beam is restraint to the test setup by defined prestressing of the thread-
ed rod (figure 6, left). 

 

   
Fig. 7 Experiments on reinforced concrete beams at the new test setup: test setup (left) and 

sliding area of test specimen (right) 

During the actual testing, displacements and deformations, especially at the interface to the bearing, 
are documented by conventional measuring devices like displacement transducers and strain gauges, 
as well as photogrammetric methods. Beneath the primary goal of testing socket connection and 
anchoring of the bending reinforcement, also the influencing effect of tensioning to the beam’s de-
formation is analysed (figure 7). 

In figure 8, a comparison of representative experimental load-displacement-curves of a symmetri-
cally bisected beam (HBV-IIb-3) and corresponding full-size reference beams is given. Caused by 
extension of the restraining system, horizontal deformations and unintentional additional rotations of 
the test specimen at the sliding surface emerge. While the comparison of test loads at the beginning of 
yielding of reinforcement shows very good accordance between reference test and symmetrically 
reduced beam, corresponding vertical displacements of the latter are slightly larger, yet. The reason 
for this can be found in a too weak threaded rod as well as in a too low prestressing of specimen 
against the support. 

 

 
Fig. 8 Comparison of experimental load-displacement-curves of symmetrically bisected concrete 

beam (HBV-IIb-3) and corresponding full-size reference beams 

4 Conclusions and outlook 
An innovative test setup for reinforced concrete slabs failing in punching shear is presented. The 
article describes the basic concept of utilizing symmetry, development of experimental symmetry 
bearings as well as first results of performance tests. Beneath first satisfying results at the initial sys-

0

20

40

60

80

100

120

140

0,0 5,0 10,0 15,0 20,0 25,0 30,0 35,0 40,0

14



Experimental symmetry bearings for punching shear tests on large reinforced concrete members 

 

tem, tests on symmetrically bisected concrete beams lead to valuable knowledge as well as optimiza-
tion potential that will be integrated in further research and development work. 

Upon finishing performance tests on the plane symmetrical bearing, two complete bearing 
modules will be assembled orthogonally, to start performance tests on symmetrically quartered slabs, 
until finally punching shear tests will be performed. The final verification will be performed by 
punching shear tests of two analogous designed and fabricated slabs: the full-size slab as reference 
tested in a common way, as well as the corresponding, symmetrically reduced quarter of slab tested at 
the new test setup. 

The remarkable innovation potential of this innovative test setup is shown for axis-symmetrical 
punching shear tests in figure 9. Upon successful realization and verification, this innovative experi-
mental approach will enable to expand the range of experimental investigations considerably. 

 

 
Fig. 9 Innovation potential of the innovative test setup: relationship between failure loads, re-

quired testing loads and effective depths of test specimen 
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Abstract 
Many concrete structures such as bridge approach slabs, wind towers, maritime structures or bridge 
deck slabs, are able to suffer fatigue because they are subject to a high number of repeated loads. In 
spite of this, structural concrete codes do not typically include a verification of shear fatigue safety or 
those which do still prefer empirical formulations instead of advanced mechanical models. Although 
empirical S-N curves provide a practical and simple way to estimate fatigue strength, a rational ap-
proach is more desirable in order to understand the shear fatigue process. For this reason, this paper 
proposes a rational S-N-based model to predict the number of cycles to diagonal cracking based on 
the stress state at the tip of flexural cracks.  

1 Introduction 
Existing experimental works [1-8] have shown that fatigue failure mode may differ significantly from 
static failure mode in concrete elements without stirrups. Elements designed to develop ductile flex-
ural failure without transverse reinforcement are able to present brittle shear failure under repeated 
loading even before the fatigue fracture of longitudinal reinforcement occurs. Shear fatigue failure has 
been found in experiments where the maximum shear force under repeated load was significantly 
smaller than static shear strength. A deeper understanding of shear fatigue process is therefore neces-
sary due to the brittle nature of this failure mode.  

The motivation for the research presented in this paper was the study of the transverse shear fa-
tigue behaviour of the lateral cantilever of reinforced concrete bridge deck slabs, which are normally 
built without shear reinforcement. The design of such elements is usually made on the basis of static 
strength and it is unusual that standards consider shear fatigue verification. It has to be noted that 
loads transferred to these elements by heavy vehicles have increased during last decades due to in-
creasing transport demands. This fact should be considered in existing bridges that were designed for 
smaller loads and their safety margin against failure could be now lower than expected.  

In order to investigate fatigue shear strength on one-way slabs without shear reinforcement, a me-
chanical model is proposed to predict the number of load cycles up to diagonal cracking. The diago-
nal cracking strength is formulated as a function of the stress state at the tip of existing flexural 
cracks. As a result of the mechanical model, a simplified but rationally based non-linear S-N curve is 
proposed.  

2 Different modes of shear fatigue failure 
Shear-related fatigue failures can be classified into two different groups. On the one hand, the so-
called ‘shear-compression fatigue’ consists on the formation of a diagonal crack at the shear span and 
its progressive development towards the compression zone until failure takes place when the com-
pression depth is too small to resist the applied force. This failure mode presents significant residual 
strength after diagonal cracking. On the other hand, the so-called ‘diagonal cracking fatigue’ is char-
acterized by sudden failure as soon as a diagonal crack forms. Besides these two failure mechanisms, 
fatigue fracture of the reinforcement is as well possible depending on the stress oscillation. 

The experimental evidence indicates that shear fatigue behaviour of elements without stirrups is a 
rather complex process. The first stage of the process is the formation of flexural cracks within the 
shear span. Such a crack pattern develops and stabilizes during the first cycles. The process continues 
until a diagonal crack forms from one of these flexural cracks. At that moment, some specimens 
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collapse due to the full development of a diagonal crack across the beam’s web (diagonal cracking 
fatigue) while other elements do not fail, presenting an important residual shear strength after the 
diagonal crack appears (shear-compression fatigue). When shear-compression fatigue takes place, the 
diagonal crack extends simultaneously into the compression zone and towards the support running 
horizontally at the level of the longitudinal reinforcement. Final fatigue failure is not due to insuffi-
cient capacity of shear resisting mechanisms (shear transferred by the compression zone, fric-
tion/aggregate interlock and dowel action), but rather to the progressive propagation of the diagonal 
crack into the compression zone until it becomes too small to resist the compression force acting on it. 
The crack pattern of a shear-compression fatigue failure is shown in Fig.1 (right), according to [8].  

 

h

b

d

L

P/2a P/2 a

 
Fig. 1 (Left) Typical four-point bending configuration for shear fatigue tests; (Right) View of 

specimen VA1 [8] after shear-compression fatigue failure (a=1.35 m; b=0.30 m; L=4 m; 
d=0.26 m; a/d=5.4; Pmax=120 kN; Pmin=50 kN; ρ=2.51 %; fc=25 MPa; Number of cycles 
up to diagonal cracking = 77000; Number of cycles up to final failure = 170718).   

3 Evaluation of shear fatigue strength according to standards 
Many codes of practice [9-11] still prefer empirical S-N curves to predict fatigue shear strength rather 
than advanced mechanical models. Eq. (1) is proposed by the Model Code draft [11] to estimate 
fatigue shear strength of concrete elements without stirrups. This linear expression allows to deter-
mine the amount of cycles that these elements can withstand up to failure (N), as a function of static 
shear strength (Vref) and maximum applied shear force (Vmax). 

log 10 1
   
 

max

ref

VN
V

 (1)  ref v ckV k f zb  (2) 

According to Model Code draft [11], static shear strength can be determined by using Eq. (2), based 
on the modified compression field theory [12,13], where z is the inner lever arm, b is the web’s width 
and fck is the concrete cylinder strength. Term kv is a coefficient for concrete contribution that can be 
calculated through three different approximation levels depending on the required accuracy. Other 
codes of practice [9] establish different ways to evaluate fatigue shear strength, but all of them are 
based on empirical S-N curves. Code formulations present several drawbacks and even contradic-
tions. For example, it does not seem logical that 1990 and 2010 Model Code versions [10,11] use the 
same S-N curve with different shear strength criteria. Moreover, significantly different results can be 
obtained if the three approximation levels are used in the last Model Code draft [11]. Besides, the use 
of such empirical S-N curves has two main weak points. On the one hand, due to the large inaccuracy 
that exists to calculate static shear strength that corresponds to the first point of the S-N curve where 
N is equal to zero. On the other hand, due to the S-N curve shape, especially when it comes to a high 
number of load cycles. Another great disadvantage is that most standards [9-11] do not provide crite-
ria to distinguish between ‘diagonal cracking fatigue’ and ‘shear-compression fatigue’, so it is as-
sumed that these codes only can assess the number of cycles up to complete failure.  

4 Mechanical model to determine the number of cycles to diagonal cracking 
A mechanical model is proposed to estimate the number of cycles to diagonal cracking from stress 
state at the tip of flexural cracks. A first attempt was proposed by the author and colleagues in [14]. 
The diagonal crack is considered to form from a flexural crack developed during the first cycles of the 
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fatigue process. Such a crack will be referred to as critical flexural crack. According to the analysis of 
the experimental database [1-8], it will be assumed that, for four-point bending configuration tests, 
the position of the critical flexural crack is at a distance of d from the load point. The strain and stress 
distribution over the depth at the critical section before diagonal cracking is represented in Fig. 2, 
where point A lies on the neutral axis and point B lies on the tip of the flexural crack.  

A

B

A

B

max max

max

max

fct

c

f ct

T

c1

c

ct

A

B

c V
M

A

B

INT

x

yI

90º

fct

max

III

II



II I



 
         (a)                                (b)                            (c)                            (d)                           (e) 

 
Fig. 2 Critical section analysis: (a) Plane strain distribution; (b) Normal stress distribution; (c) 

Shear stress distribution; (d) Stress state at three points of the critical section; (e) Mohr’s 
circle and principal stresses orientation at the neutral axis (point A). 

In order to simplify the mechanical model, it can be considered that the inclined crack starts at point 
A where the largest principal tensile stress is produced. By representing the stress state with the 
Mohr’s circle, as shown in Fig. 2(e), it is possible to determine the principal tensile stress at the tip of 
the critical flexural crack (σI). The maximum shear stress at the critical section (τmax) can be related 
with the principal tensile stress (σI) according to Eq. (3), obtained directly from Fig. 2(e). Assuming 
the second order parabolic distribution represented in Fig. 2(c), the maximum shear stress is related to 
shear force as indicated in Eq. (4). From Eqs. (3) and (4), Eq. (5) is obtained where the principal 
tensile stress (σI) depends on the applied shear force (V), the web’s width (b) and the depth of the 
flexural crack tip (c1). 
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The depth of the flexural crack tip (c1) can be obtained from Eq. (6). This expression depends on the 
maximum normal stress (σc) at the critical section according to the distribution shown in Fig. 2(b), the 
tensile concrete strength (fct= 0.3fck

2/3 is assumed here) and the neutral axis depth (c). Even though a 
non-linear sectional analysis is required to obtain c1 and c, Eq. (7) can be used for practical purposes. 
From Eq. (7) it is possible to determine the neutral axis depth, where n is the modular ratio (n = 
Es/Ec), d is the effective depth and ρ is the longitudinal reinforcement ratio. 
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Fig. 3 Analysis of experimental tests (collected from the literature by the author) from the stress 

state at the tip of the critical flexural crack according to the mechanical model proposed. 

In order to analyze the proposed model, the principal tensile stress for all the tests included in the 
database has been obtained according to Eq. (5) under maximum load. The results are plotted in Fig. 3 
where the abscissa axis represents the amount of cycles up to diagonal cracking and the ordinate axis 
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represents the principal tensile stress at the tip of the flexural crack. In order to include the size effect, 
this principal tensile stress has been normalized to the flexural tensile strength according to Eq. (8). 
According to Fig. 3, it is seen that the experimental test results would follow a non-linear S-N curve 
rather than the straight line proposed by other models. 
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From the comparison shown in Fig. 3 and using the least squares fitting method, the derivation of an 
exponential S-N curve has been investigated as indicated in Eq. (9). From the statistical analysis of 
the database, parameters A, B and C have been fitted to 2.631, -0.303 and -1.038, respectively. Eq. (9) 
can be used to calculate the number of load cycles that these elements can resist up to diagonal crack 
formation (Ndiag). The minimum load level is included in the model (R=σI,min/σI,max).  

5 Application to lateral cantilevers of highway box-girder bridges 
The model proposed in the previous section is used in order to determine the number of cycles that a 
lateral cantilever of a highway box-girder bridge can withstand up to diagonal cracking. The element 
considered to simulate a lateral cantilever of a highway box-girder bridge is a cantilever beam with a 
1.00 m width and a total length of 3.00 m (refer to Fig. 4). The longitudinal reinforcement at the top 
layer along the cantilever consists of 20 mm diameter bars with 0.20 m spacing. No shear reinforce-
ment is provided. The element is subject to permanent loads owing to self weight and dead loads 
(pavement and security barrier) and also to a cyclic point load that may be applied at any section 
along the beam (except for the 1.00 m length close to the free edge) and simulates the cyclic action of 
a heavy vehicle wheel. The applied point load actually represents the fraction of the wheel load that is 
effectively carried by 1.00 m width. 

a 1.0 mP

3.0 m

0.2 m0.4 m

PSB

Pavement

Self weight

 
Fig. 4 (Left) Typical cross section of a highway box-girder bridge; (Right) Simplified model of 

lateral cantilever represented as a cantilever beam with a 1.00 m width. 

Static shear failure is searched for an increasingly point load that can act at any section of the beam. 
Some standards [15,16] based on mechanical models [12,17] estimate static shear strength bearing in 
mind interaction between bending moment and shear force. Such mechanical models suggest smaller 
static shear strength in those areas of the cantilever with higher bending moment (at the clamped 
edge). In this case, the critical section (defined as the one with the least static shear strength) of the 
cantilever is always located at the clamped edge. 
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Fig. 5 (Left) Maximum admissible static load (Pu) for different load positions; (Right) Number 

of cycles to diagonal cracking at each section when the cantilever is subject to a cyclic 
load. The parameter ‘a’ is the distance between the cyclic load and the clamped edge. 
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According to these two models, the smallest value of static shear strength occurs when the load is as 
far as possible from support. For the static case, it is possible to plot the curves showed in Fig.5(left) 
that allow to determine the value of the point load that leads to failure of the cantilever as a function 
of the position occupied by such a load. In addition, the load value that produces flexural failure at the 
clamped edge is also plotted in Fig. 5(left). Static shear failure occurs when the distance between the 
point load and the support (abscissa axis) is less than a value that ranges between 0.45 and 0.75 m. 

When the element studied above is subject to a cyclic action, there will be a certain value of the 
number of cycles that produces the diagonal crack for each value and position of the applied cyclic 
load. The critical section at which the diagonal crack forms is initially unknown and will be here 
investigated. To do it, it is necessary to determine, for each value and position of the applied point 
load, the number of cycles to diagonal cracking in each section of the cantilever. The critical section 
will be the one with the smallest value of number of cycles to diagonal cracking for a given position 
and magnitude of the load. Fig. 5(right) represents the number of cycles to diagonal cracking for a 
value of the point load of 120 kN as a function of the position of this load. The minimum value of 
each curve represents the numbers of cycles to diagonal cracking for each position of the point load 
and the corresponding position of the critical section where the diagonal cracks forms.  

From the set of curves shown in Fig. 5(right), and for a given applied load, it is possible to estab-
lish an envelope from all the minimum values of the number of cycles to diagonal cracking at each 
section. The minimum number of cycles to diagonal cracking for the studied element occurs when the 
load is located at the furthest position from support. Contrary to static result where the critical section 
was always at the support, the position of the critical section varies along the element as a function of 
the magnitude and location of the cyclic point load. In this manner, for a given position of the cyclic 
load, each value of the load will be associated with a number of cycles to diagonal cracking. There-
fore it is possible to plot a P-N curve of the cantilever that relates the number of cycles to diagonal 
cracking with the applied point load as Fig. 6 shows. A similar curve can be plotted considering the 
number of cycles that produce fatigue fracture of the longitudinal reinforcement. Hence, shear fatigue 
failure only occurs whenever the number of cycles that produce fatigue failure of longitudinal rein-
forcement exceeds the number of cycles to diagonal cracking. The fatigue strength of the reinforce-
ment has been estimated by using the S-N curves for the steel provided by the Model Code [10]. 
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Fig. 6 P-N curve that relates the number of cycles up to fatigue failure to cyclic point load: 

(Left) Load at 0.5 m from support; (Right) Load at 2.0 m from support.    

In the practical example developed, the critical section is located at support. Considering a typical real 
case of a highway box-girder bridge where the position of the most eccentric wheel is at 0.5 m from 
support, it is possible to determine (Fig. 5(left)) the load that produces static failure of the cantilever. 
In that case, static shear failure occurs before flexural failure when the point load is equal to 262 kN 
according to [13]. If applied cyclic point load is equal to 60 % of static shear strength (P=157 kN), 
Fig. 6(left) shows that the element can only withstand 60000 cycles up to diagonal cracking. In this 
case, the diagonal crack is formed before fatigue fracture of longitudinal reinforcement. 

6 Conclusions 
The study presented in this paper has dealt with the shear fatigue behaviour of reinforced concrete 
elements without shear reinforcement. Rather than mechanical models, most standards [9-11] current-
ly propose empirical formulations to predict fatigue shear strength which has the problems mentioned 
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in section 3. The study has focused on the estimation of the number of cycles to diagonal cracking. A 
predictive mechanically-based S-N equation has been obtained from the analytical study of the stress 
state at the tip of flexural cracks.  

The proposed model has been used to study the transverse behaviour of lateral cantilevers of 
highway box-girder bridges subject to cyclic loads. The full development of this model aims to obtain 
a P-N curve of the lateral cantilever of bridge deck slabs whereby it is possible to predict the number 
of cycles to diagonal cracking. If this curve and the value of the traffic load are known, it is possible 
to determine the number of cycles to diagonal cracking. In addition, it has to be noted that diagonal 
cracking does not always imply the final collapse of such elements. Several experimental tests [1-8] 
have shown an important residual fatigue life after diagonal cracking. Accordingly, the research 
presented in this paper must be extended in order to study the reasons to explain why some elements 
have an additional strength after diagonal cracking. 
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Abstract 
In the last decades, the assessment of the strength of existing structures has become a major issue in 
structural engineering. Prestressed concrete bridges are of particular relevance, due to the large 
number of these structures and to the significant changes occurred in the design approaches and 
traffic actions. In particular, a number of these structures built before the 1980’s present insufficient 
amount of shear reinforcement or defective stirrup anchorage compared to current design standards. 
This, however, does not necessarily mean that these structures are actually unsafe and have to be 
retrofitted because code provisions are mostly oriented for design of new structures and their design 
provisions include a number of safe in-built hypotheses.  

In this paper, the strength of prestressed girders with low amount of shear reinforcement or with 
defective anchorage is investigated by means of a test programme carried out at the Ecole 
Polytechnique Fédérale de Lausanne on 10 prestressed and 2 reinforced concrete girders (10 m long, 
0.78 m high). The results show that if certain conditions are fulfilled, these structures can perform 
suitably and provide the expected strength according to plastic design approaches. For comparisons, 
the elastic-plastic stress fields method is used to predict the specimens’ strength leading to excellent 
correlations between the measured-to-predicted behaviour and strength. Furthermore this approach 
allows a sound understanding of the various shear-carrying mechanisms developed in the girders and 
of the various failure modes observed. 

 

 
Fig. 1 Tested beam SR23 after failure 

1 Introduction 
During the assessment of an existing structure, especially for prestressed concrete bridges, the 
requirements of the current design codes can often not be fulfilled. Many existing bridges show 
insufficient amount of shear reinforcement or defective stirrup anchorage compared to current codes. 
As a consequence, more accurate procedures like the elastic-plastic stress fields approach [1, 2] are 
required to ensure a safe design of the structure. Furthermore the improvement of current code 
provisions is desired to obtain a safe and economical design for the bridge girders. 
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In this research project, the influence of low amount of shear reinforcement, the insufficient 
anchorage of the stirrups, and the presence of beam flanges on the behaviour of a structural element is 
analysed. The objectives are to show that an assessment for the mentioned bridges is possible and to 
give the guidelines for their verification in agreement with current code approaches. To gain a better 
understanding of the behaviour of such structures, a test series of ten prestressed concrete girders and 
two reinforced concrete girders has been performed at the Ecole Polytechnique Fédérale de Lausanne 
EPFL. 

This paper presents an overview of the test series and shows the main results of the experiments. 
The experimentally obtained results have been compared to predictions using the elastic-plastic stress 
fields approach and using current codes of practice (Eurocode 2: 2004 [3], Model Code: 2010 [4]). 

2 Test program 

2.1 Test setup 
The twelve tested single span beams with cantilever correspond to a multi span bridge with a span of 
about 40 m on a scale of 3/8. According to the test setup (figure 2), the maximal bending moment is 
acting together with the maximal shear force likewise the support regions of multi span bridges. In the 
tests, the applied force on the cantilever is chosen to be always half of the force in the span of the 
beam. Thus, the magnitude of the shear force is constant over the whole beam and corresponds to the 
applied force on the cantilever. 

 

 
Fig. 2 Test setup: Longitudinal section with diagram of the bending moment and the shear force 

Only the central part of the beam is used as test region (figure 2). The exterior parts of the beam had a 
larger width and amount of shear reinforcement and thus higher shear strength then the testing zone. 
With the conducted measurements the general behaviour of the beam is recorded on the whole length 
of the beam. Measurements of web deformations are limited on the testing zone. 

2.2 Test specimen 

2.2.1 Main parameters 
The main parameters of the test series are the cross section, the amount of post-tensioning P/A, the 
shear reinforcement ratio ρw and the anchorage properties of the stirrups. The value P denotes the 
post-tensioning force and A the area of the cross section in the testing zone. In figure 3, the two types 
of cross sections are shown. The prestressing is introduced by one or two post-tensioning cables in the 
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girder. Three beams contain open stirrups which would mean that the longitudinal reinforcement bars 
are not enclosed by the shear reinforcement (refer to table 1). 

Table 1 Main parameters of the test series 

Beam SR.. 21 22 23 24 25 26 27 28 29 30 31 32 

section    

P/A [MPa] 2.5 2.5 2.5 2.5 5.0 5.0 5.0 - 2.5 2.5 3.0 - 

ρw [%] 0.09 0.13 0.06 0.25 0.09 0.06 0.19 0.09 0.25 0.25 0.09 0.09 

stirrup    

2.2.2 Geometry and material properties 
The length, the height, and the web thickness in the central part of all tested beams are the same  
(figure 3). In the testing zone the shear reinforcement consists of stirrups or single bars with a diame-
ter of 6 mm and a spacing between 150 mm and 300 mm. The post-tensioning consists of one or two 
cables VSL 6-4 in ribbed steel ducts and anchorage heads VSL-EC25. All the steel ducts are grouted 
with a high strength mortar after tensioning of the wires. The cable position follows the bending 
moment as indicated in figure 2. 

 

 
Fig. 3 Dimensions of the beams: Layout (top), cross section I-beams (bottom left) and cross 

section rectangular beams (bottom right) 

Standard concrete without any additives and aggregates with a maximal diameter of 16 mm has been 
used. The concrete cylinder strength fc at the testing day varies between 29.8 MPa and 37.8 MPa. For 
the beams with flanges the measured yielding strength of the shear reinforcement fy is 580 MPa, the 
ultimate strength ft is 630 MPa and the ultimate strain εu is 3.0 %. For the beams without flanges the 
yielding strength of the shear reinforcement fy is 530 MPa, the ultimate strength ft is 590 MPa and the 
ultimate strain εu is 5.5 %. 

3 Test results 
All tested beams failed in shear. Figure 4 shows the deflection under the loading point in the span 
versus the shear force. As expected, the larger the amount of shear reinforcement the larger the ulti-
mate strength. The same applies to the increasing amount of post-tensioning force. The beams with 
flanges show a rather large deformation capacity, in spite of the lowest amount of shear reinforce-
ment. The residual strength is between 60 and 70 % of the ultimate strength and the deformation 
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could be increased without any big loss in this residual strength. In contrast to this observation, the 
beams without flanges behave more brittle and show a smaller loading capacity. After reaching the 
ultimate strength the beams fail suddenly with small strength afterwards. 

 

 

 

 
Fig. 4 Test results: scheme of the deformation (top), beams with flange and P/A = 2.50 MPa 

(centre left), beams with flange and open stirrups (centre right), beams with flange and 
P/A = 5.00 MPa or P/A = - (bottom left) and beams without flange (bottom right) 

The numerical values of the ultimate strength VR,test are presented in table 2. It can be noted that the 
beam SR31 has been externally reinforced after failure and tested once again as SR31B. 

4 Discussion of the test results 
Before starting the test series, all beams were modelled to predict their strength and behaviour. This 
prediction has been done with a model using the elastic-plastic stress fields (EPSF) [2]. Table 2 and 
figure 5 (top left) present the resulting values. The comparison of the prediction with the test results 
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over all the beams gives an average value VR,test/VR,pred of 1.06 and a coefficient of variation of 0.05. 
The prediction of the EPSF method is thus in very good agreement with the test results. 

Table 2 Resulting shear strength of the tests VR,test and predicted shear strength VR,pred using the 
elastic-plastic stress fields method 

Beam SR.. 21 22 23 24 25 26 27 28 29 30 31 31B 32 

VR,test [kN] 399 459 364 579 484 457 606 222 585 581 309 303 173 

VR,pred [kN] 370 430 355 560 470 445 580 220 560 540 265 265 175 

VR,test/VR,pred 1.08 1.07 1.03 1.03 1.03 1.03 1.04 1.01 1.04 1.08 1.17 1.14 0.99 

 

 

 
Fig. 5 Ratio of VR,test/VR,pred for different models versus the shear reinforcement ratio: EPSF [2] 

(top left), Response-2000 [5] (top right), Eurocode 2 (2004) [3] (bottom left), and Model 
Code Level III (2010) [4] (bottom right), (I = beam with flanges, R = beam without flang-
es, COV = Coefficient of variation) 

A comparison of the test results with the Eurocode 2 (2004) [3], the Model Code (2010) [4], and the 
program Response-2000 [5] is also given in figure 5. One can see that the Eurocode leads to con-
servative results for the tested beams and to a rather large coefficient of variation of 15 %. The Model 
Code (Level III) leads to less conservative results and to a coefficient of variation of 10 %. The pro-
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gram Response-2000 allows a sectional analysis based on the Modified Compression Field Theory 
[6]. With an overestimation of the ultimate shear force of 13 % the results are much better than the 
code predictions. The most accurate prediction is given by the EPSF method. 

This comparison shows that design codes provide generally safe estimates as some shear-transfer 
actions are neglected (as the inclined component of the compression chord) and conservative values 
are given for some design parameters (angle of the compression struts, strength reduction factor of 
cracked concrete). A theoretical research on this topic is under work. 

A more general view on the test results show that the presence of flanges is very beneficial and 
changes the behaviour of the whole structural element. For instance, they increased the ultimate 
strength of the reinforced beam without post-tensioning by 25 % (refer to specimens SR28 and 
SR32). Another beneficial aspect is the observed change in the deformation capacity. The beams with 
flanges showed large deformation capacity and residual strength whereas the beams without flanges 
showed a lower deformation capacity and less post-peak resistance. 

5 Conclusion 
This paper presents an investigation on the shear strength of prestressed reinforced concrete beams 
with low amount of shear reinforcement. The investigation is based on a test series of ten prestressed 
concrete girders and two reinforced concrete girders whose main results are presented in this paper. 
Its main conclusions are: 

 The shear strength of the beams increase with larger amount of shear reinforcement and with 
increasing post-tensioning force. 

 The shear strength of girders with flanges is significantly larger than the shear strength of 
beams without flanges, keeping the shear reinforcement ratio constant. 

 The flanges provide rather large deformation capacity and residual resistance after peak load. 
 Design codes generally provide safe estimates for the tested girders. 
 The elastic-plastic stress fields method is applicable for structural elements like the tested 

beams and led to the best prediction. 
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Abstract 
The aim of this research is to predict the time-dependent mechanical behaviour of cracked concrete 
shear-critical beams without web reinforcement subjected to high levels of sustained loading. 42 
concrete beams without shear reinforcement are tested under a sustained load close to their ultimate 
shear capacity, for periods ranging from 3 to 24 months. The beams are designed to fail in shear. The 
applied load is higher than 87% of the short term shear capacity. The crack opening displacement and 
crack length development are monitored in time. The experimental results show that there is no sig-
nificant sustained loading effect on the shear capacity of concrete beams. 

1 Introduction 
Many attempts have been done to study the short-term shear capacity of concrete beams without shear 
reinforcement. Little attention has been paid to the behaviour of shear cracks under sustained load. 
The lack of experimental data has led to use a reduction coefficient in case of long-term loading in 
some codes. The Dutch Code for concrete structures (NEN 6720), uses a concrete strength in long-
term loading that is 0.85 of the short-term strength. Since shear resistance is a function of the tensile 
strength of the concrete, also this aspect is then subjected to a sustained loading effect [1].  

In this project the influence of long-term loading on the shear capacity of concrete beams without 
shear reinforcement is investigated. The goal is to quantify the possible shear capacity loss due to 
long-term loading. For that reason, several test series have been carried out on concrete beams 
subjected to high shear loads close to the short-term failure load, for periods ranging from 3 to 24 
months, during which the deflection, crack development and crack widths are monitored. 

When a concrete beam is subjected to a high sustained load, a flexural cracking pattern develops 
along the span. Various shear-carrying mechanisms may develop, e.g. aggregate-interlock and dowel 
action. These mechanisms induce tensile stresses in the concrete in front of the crack tip. Once the 
tensile strength of the concrete in these regions is reached, the existing flexural cracks progress in a 
diagonal direction or new ones are created. The development of a shear crack, however, does not 
necessarily imply the collapse of the member but in case of high sustained loading, the crack width 
and length will increase. 

2 Background 
Experimental investigations showed that the fracture process in concrete structures includes three 
different stages: crack initiation, stable crack propagation and unstable fracture [2]. In order to predict 
the crack propagation, several fracture models, like the fictitious crack model by Hillerborg et al. [3] 
and the effective crack model by Karihaloo and Nallathambi [4] have been proposed. In the models, 
different material parameters are introduced to describe the cracking properties of concrete materials. 
These fracture models that attempt to adapt LEFM to concrete structures can only be used to predict 
the unstable fracture (i.e. in front of crack tip) and cannot be used to predict crack initiation. 

Zhou  [5] proposed a time-dependent fracture model for concrete based on experimental tests on 
pre-notched concrete beams. The experimental procedure is based on two phases; in the first phase, 
the external load grows from zero to the nominal level (a fraction of the maximum load Pmax) under 
deflection control, while, during the second phase, the load is kept constant until creep rupture occurs 
(pre-peak sustained bending). Such tests are usually denoted as pre-peak sustained bending tests. Of 
course, in order to know the maximum load Pmax, a number of static tests have to be previously 
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executed. To overcome this difficulty, various investigators prefer to use the so-called deformation-
controlled post-peak tests where the creep phase starts beyond the peak load [6]. Furthermore, based 
on the inclusion of a standard rheological model for creep and relaxation into the fictitious crack 
model, the time dependency of crack opening is accommodated. Similar research is done by  
Barpi et. al. [7]. 

3 Experimental program 
A total number of 42 concrete beams (divided in 7 groups, each group consisting of 6 beams) have 
been tested to investigate the behaviour of the beams under high sustained loads. The first group was 
only tested in short-term loading, to obtain the ultimate shear capacity, crack opening displacement 
(COD), type of failure, and to gain insight into the scatter of the results. In the other groups of beams 
3 are tested in long-term and 3 in short-term loading, the latter as a reference of the ultimate shear 
capacity. The beams are reinforced longitudinally at the bottom to prevent bending failure, but no 
shear reinforcement is used. To provide sufficient anchorage capacity, steel plates are welded to both 
ends of the bars. The geometry of the beams and the loading scheme are illustrated in Fig. 1. The 
compressive strength, ultimate capacity Pmax (short-term) and load ratio (ratio of the long-term load to 
the short-term ultimate capacity Pmax) are shown in Table 1. 

The measuring system installed on each beam consists of a load-cell, one LVDT at midspan to 
measure deflection and two diagonal LVDT’s to measure the crack opening displacements (COD’s). 
An additional measuring system with a manually operated LVDT is applied on beams in groups 6 and 
7. The zero measurements are taken when the beams are only loaded by their self-weight. Thus, the 
influence of the self-weight is not incorporated in the measuring results of the LVDT’s. After 28 days 
curing in a fog room at 99.99% RH and 20 ºC, beams are stored and tested in a climate room at 50% 
RH and 20 ºC. 

 

 
Fig. 1 Dimensions and cross section of the beams (all dimensions in mm). 

Table 1 General properties of the tested beams (compressive strength is tested at 28 days). 

Group fcm,cube [MPa] Type of test Pmax (mean) [kN] Load ratio Loading duration 

1 30.3 6 short-term 184.7 (COV = 4.6%) - - 

2 32.1 
3 short-term 
3 long-term 

188.9 (COV = 3.2%) 
- 

- 
0.87 

- 
3 months 

3 47.0 
3 short-term 
3 long-term 

204.9 (COV = 1.4%) 
- 

- 
0.95 

- 
24 months 

4 42.0 
3 short-term 
3 long-term 

194.7 (COV = 4.9%) 
- 

- 
0.95 

- 
12 months 

5 44.2 
3 short-term 
3 long-term 

203.2 (COV = 3.1%) 
- 

- 
0.89 

- 
6 months 

6 73.4 
3 short-term 
3 long-term 

250.1 (COV = 2.7%) 
- 

- 
0.90 

- 
18 months 

7 78.0 
3 short-term 
3 long-term 

229.9 (COV = 6.7%) 
- 

- 
0.92 

- 
11 months 
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3.1 Short-term loading 
In the short-term tests, P-COD curves are obtained for the reference beams. The COD’s in Fig. 3 are 
related to the failure cracks and are measured along two diagonal LVDT’s that are installed on the 
surface of the beam, see Fig. 2. These LVDT’s are not measuring crack tip opening displacement or 
crack mouth opening displacement, which could be located in different areas of the beam in various 
tests, but they are monitoring the crack opening at the fixed location in every single test. That makes 
it easier to make a comparison with other beams. 

Two types of failure are observed in the short-term tests; they are both flexural shear failure but 
the first type is failure due to a shear crack through (crossing) the potential compression strut and the 
second type is failure due to a crack not crossing the potential compression strut which is often asso-
ciated with a relatively higher ultimate load, see Fig. 4. Specimens G1B4 (refers to Group 1-Beam 4), 
G2B2, G3B2, G4B1 and G4B2 have failed in Type II which is with a large midspan deflection and 
large crack opening displacement. The reason to have a larger deflection and a larger crack opening is 
that the crack tip ends under the loading plate and the stress concentration under the loading plate 
prevents the crack tip to open. So it is somehow protected under the loading plate, but more deflection 
leads to larger crack opening at the middle of the crack. The rest of the beams failed according to 
Type I which is with total crushing of the beam. 

 
Fig. 2 Measuring devices installed on the surface of the beam to measure the strains and crack 

width during loading. 

 
Fig. 3 P-COD curve of the reference tests in groups 2-7. 

 
Fig. 4 Two types of failure; beam G3B3 failing in Type I and beam G3B2 failing in Type II. 
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3.2 Long-term loading 

3.2.1 Test procedure and measurements 
As presented in Table 1, three concrete beams in each group are subjected to long term loading (be-
tween 3 and 24 months). The main goal of the test is to study the behaviour of concrete beams under 
high sustained loads. Therefore, to apply a load close to the ultimate shear capacity, a load ratio of 
0.87~0.95 of the mean value of Pmax from short-term tests on reference beams in the same group is 
chosen. Of course, at a very high load ratio, the risk of failure during application of the load is in-
creasing as it has happened in some cases. During the long-term loading tests, the crack opening 
development, the crack length development and the appearance of new cracks were measured. 

3.2.2 Crack length development 
The progress of every single crack on the surface of the beam is monitored in time. The surface 
cracks are categorized in two groups; major cracks and minor cracks. Minor cracks are very small 
cracks (less than 100 mm length) which can never lead to failure or be part of a failure crack, but are 
large enough (longer than 10 mm) to affect the stress redistribution in the beam. Since the concrete 
beams were older than 60 days at the time of loading, the shrinkage cracks had mostly appeared 
before loading, thus are not considered in these measurements. 

 

 
Fig. 5 Crack pattern in specimens S4B4, S4B5, S6B4 and S6B6 
 

 
Fig. 6 Development of cracks length in time. Dot-lines represent the minor cracks. 

Fig. 6 shows the development of the crack length in four beams. Clearly, some of the cracks are de-
veloping in time, while some have a constant length. The development of the cracks is not necessarily 
limited to the large cracks; sometimes small cracks show considerable progress, while there is no 
progress in the large cracks. To have a better overview of the crack length development, the total 
lengths of the cracks are shown in Fig. 7. It follows from Fig. 7 that the development of the cracks in 
beams group 4 is noticeably more than in group 6. As presented in Table 1, the mean compressive 
strength 42.0 MPa, while in group 6, the mean compressive strength is 73.4 MPa. As a result, cracks 
in beams with lower concrete strength show faster progress. Since this progress is in the first year, 
there is almost no appearance of new cracks in the second year of test. 
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Fig. 7 Development of total crack lengths in time.  

 
Fig. 8 Development of maximum opening displacement of major cracks in time. 

3.2.3 Crack opening development 
The width of major cracks are monitored in time. Measuring of the width of minor cracks was  
skipped since they were sometimes out of the measuring area, so it was impossible to measure the 
width. The opening of the cracks is measured perpendicular to the crack face in various positions, 
nevertheless the maximum opening of a crack is taken into account, which is in some cracks in the 
middle and in some others at the bottom of the crack. The maximum crack opening displacements 
(MCOD’s) of two beams are shown in Fig. 8. Noticeably, in some cracks, MCOD increases in time 
while in some other cracks, remains constant. The cracks with a considerable increase in length have 
a significant opening in time (e.g. crack number 3 in specimen G6B6, see Fig. 6 and 8), however, 
there are always some cracks which propagate in time, but demonstrate a small change in crack width. 
The same happens when some cracks open in time, but there is no visible increase in length. 

3.2.4 Appearance of new cracks 
In the beginning of the loading, the crack pattern mostly appears in the middle of the beam and it does 
not reach the support area. As shown in Fig. 6, during sustained loading, new crack appear which are 
mostly near to the supports. 

3.2.5 Ultimate shear capacity 
In order to find out the effect of sustained loading (any reduction in strength), some of the beams 
were loaded to failure. Cube compressive strength tests were performed in time together with the 
beam tests to get insight into the concrete strength development. The ultimate capacity Pmax of the 
beams was tested to investigate whether it is decreased due to long-term loading. Concrete beams at 
the end of the desired period of long-term loading, were overloaded to failure (without any load-
reduction or unloading). In Fig. 9 (left), a comparison is made between the results of tests in groups 2 
and 4 after long-term loading and the results of the reference tests together the estimated shear capaci-
ty based on the development of concrete strength. The ultimate bearing capacity of the beams after 
long-term loading corresponds to the estimated capacity (calculated numerically) and no effect of the 
previous sustained loading was observed. 
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Except in two beams, no failure was observed during long-term (sustained) loading. In two cases 
(G4B6 and G5B5), the beams failed shortly after initial loading, when they were still in the crack 
initiation stage. G4B6 failed in 3 hours and G5B5 failed in 48 hours. As shown in Fig. 9 (right), the 
crack opening displacement at both sides of the beam were stabilized after 1.5 hour, but suddenly 
when the load was constant, the shear crack on the right side opened and the beam failed. 
 

 
Fig. 9 Left: Pmax of the beams at the end of long-term loading (squares) compared to Pmax of 

reference tests in the same group (triangles) and estimated capacity based on the devel-
opment of concrete strength. Right: Failure of specimen G4B6 shortly after loading. 

4 Conclusions and outlook 
The following conclusions can be drawn from this research: 

 Shear tests have been carried out on concrete beams without shear reinforcement, subject to 
high levels of loading. The level of the sustained loading corresponded to values of 87 – 95 % 
of the average short-term shear capacity, which was determined in separate tests. The tests did 
not show a significant sustained loading effect. 

 During sustained loading, slight propagation of shear cracks was noted. This crack propaga-
tion was more pronounced for lower concrete strength. However, it did not result in failure. 

 In two cases shear failure occurred under sustained load: in one case 2.5 hours after loading 
and in the other case 48 hours after loading. In those cases, however, the sustained load was in 
the 95% confidence interval of the short-term shear capacity. For further extensions of the 
sustained loading results described in this work, numerical investigation is required. 
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Abstract 
This paper presents the flexural tests results of four high strength reinforced concrete beams. The 
research is a part of the experimental program of the author thesis regarding the long-term behaviour 
of high strength reinforced concrete beams subjected to flexure. In order to establish the sustained 
loading step for long term loading, similar beams were tested under short - term bending moment up 
to failure; this paper presents only aspects on behaviour of the short term loading beams from the 
author’s thesis programme.  

The short-term tested beams were realized with C70/85 high strength concrete class and Bst500S steel 
reinforcement. As a variable parameter, longitudinal reinforcement ratio was considered (2.01%, 
respectively 3.39%). Bending behaviour to the ultimate limit state (ULS) was recorded regarding 
experimental yielding of the longitudinal reinforcement and the beam; also failure values were meas-
ured (moment, deflection). A linear variation regarding the experimental deflection values can be 
noticed up to the moment that the beam reaches the yielding beam moment My, respectively for a 
value of the ratio My/Mu between 0.85 and 0.88. Also, the paper presents a study between experi-
mental values and calculus values of deformations at yielding of the reinforcement and yielding of the 
beams. All design issues have been discussed and analysed in the perspective of EN 1992-1-1:2004 
design code provisions. The increase of reinforcement ratio leads to an increase in design stiffness, 
therefore the difference between calculated values of deflection according to EN 1992-1-1 and realis-
tic values of deflections is growing. The longitudinal reinforcement ratio influence is major in the 
design of deflection according to EN 1992-1-1, at a higher reinforcement ratio, higher element stiff-
ness can be obtained; the experimental deflection values are set beyond 50% the calculated values. 

1 Introduction 
High strength concrete has, in recent years, been the focus of significant interest within the world’s 
civil engineering community. Ever taller buildings and ever greater spans are sought in today’s com-
petitive market; such as an increase in the compressive strength of concrete is necessary. Of particular 
interest is the behaviour of high strength concrete elements subjected to flexure, because of the brittle 
failure that can occur, hence proper understanding of this behaviour is necessary in order to accurately 
predict bearing capacity and failure deflection. Ultimate limit states are often more critical for con-
crete structures. Consequently when design is undertaken, the ultimate limit state is designed for and 
then if necessary serviceability is checked for. However, element sizes ascertained in the pre-design 
stage usually ensure serviceability criteria are met. If actual deflections are required, then the structure 
must be analysed for the serviceability limit state, using design service loads. The deflections      
obtained will generally be short term values and will be multiplied by a suitable factor to allow for 
creep effects and hence give realistic long term values. The results of an investigation carried out on 
flexural behaviour of reinforced high strength concrete beams with different longitudinal reinforce-
ment ration are presented in this paper. This paper also provides a study on the deformability of rein-
forced concrete elements subjected to bending moment action, in the stages of steel yielding and 
beam yielding.  

35



9th fib International PhD Symposium in Civil Engineering 

2 Experimental program 

2.1 Concrete composition 
The high strength concrete class studied was C70/85 for the reinforced elements subjected to short-
term loadings. The concrete composition is presented in Table 1. The high strength concrete contains 
silica fume in 10% by weight of cement and water/binder ratio of 0.30. Physical-mechanical proper-
ties of the high strength concrete were determined at the age of 28 days on cubes of dimensions of 
150mm×150mm×150mm and prismatic specimens of 100mm×100mm×300mm cast from the same 
batch as the reinforced elements. 

Table 1 Concrete composition 

Components Quantity 
 

Portland cement CEM I52.5R 480 kg/m3  

Silica fume 48 kg/m3 

Crushed gravel (4 - 16 mm)  1065 kg/m3 

Sand (0 – 4 mm) 710 kg/m3 

Water 129.6 l/m3 

Superplasticizer (Glenium ACE 30) 14.4 l/m3 

Water/cement ratio  0.27 

fcm,cube
28 days (MPa)  96.30 

Ecm (MPa) 45217 

2.2 Elements geometry and detailing   
The experimental program was carried on a number of four simple reinforced concrete beams, tested 
at 4 point bending. The beams had a rectangular cross section of 125mm×250mm and a total length of 
L=3200mm. Different reinforcement ratios for longitudinal reinforcement was used as shown in 
Table 2 and Fig. 1, for each longitudinal percentage two beams were made. Transversal reinforcement 
consisted of Ø6/300 stirrups, with fyk=500MPa, localized only on shear zone of the beam, in view of 
the main focus of the test was the behaviour under pure bending moment.  

Table 2  Longitudinal reinforcement ratio for tested beams 

Beams Longitudinal 
reinforcement 

(As) 

Reinforcement ratio for 

longitudinal reinforcement  

As
l b d







100
 

Mechanical longitudinal  

reinforcement coefficient  

yd

cd

A fs
s b d f





 

 

AD 1-1, AD 3-1 3Ø14 Bst500S 2.01 % 0.164 

AD 2-1, AD 4-1 3Ø18 Bst500S 3.39 % 0.276 
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Fig. 1 Longitudinal reinforcement and cross section for short-term tested beams  

2.3 Preparation and testing of elements 
All elements were cast in metallic moulds. The beams and the control specimens were dismantled the 
next day, cured for 28 days in a moist environment and then air-dried in the laboratory prior to     
testing. Fig. 2 presents the beams short-term test set-up of four-point flexure loading over a clear span 
of 3000 mm. For each load increment, of 1/10 of bending design capacity, the concrete strains were 
measured with mechanical gauges (precision of 0.01mm) and digital micro comparator gauges 
(0.001mm precision), with 200 mm measurement base, applied on one side of the beam. The deflec-
tions along the reinforced concrete beam were measured not only with mechanical gauges (0.1mm 
precision), but also with LVDT displacements transducers (0.031mm precision). All strain and de-
formation readings were captured by a computer at pre-set load intervals until collapse. All beams 
were subjected to short-term loading to failure, in the ultimate limit state (ULS).  

 

 

Fig. 2 Test set-up and failure mode 
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3 Test results and discussions 

3.1 General behaviour of reinforced high strength concrete beams  
Several distinctly different segments can be noticed to appear as a result of the events that took place 
during the loading history: first cracking (Mcr), yielding of tensile reinforcement (My0.2-Δy0.2), and 
yielding of the beam (My-Δy), crushing of the concrete cover in the compression zone and at last the 
failure of compression zone (Mf). All these events can idealize a typical load - deflection curve as 
shown in Fig. 3.  The experimental load - deflection curves, grouped according to the variable param-
eter considered, the longitudinal reinforcement ratio ρl, are presented in Fig. 4. 
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Fig. 3 Typical moment- deflection curve 
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Fig. 4 Experimental curves moment - deflection 

The variation law of the curves M - Δ can be considered approximately linear until the beams reaches 
the yielding moment My, respectively for a value of the ratio My/Mf between 0.85 and 0.88, regardless 
of the longitudinal reinforcement ratio used. After the value of 85%-88% of the ultimate bending 
moment, the loading moment stays constant, the beams presents good deformations up to failure, 
hence a good post-elastic behaviour.  
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The experimental test shows that beams with lower reinforcement ratio of 2.01% presented high-
er deflection ductility than the beam with 3.39% longitudinal reinforcement ratio and a decrease of 
the failure bending moment (Mf) with approximately 52%. 

3.2 Deflection calculus according to SR EN 1992  
When the maximum moment (M) in a beam does not exceed the cracking moment (Mcr), the beam is 
considered to be in the uncracked condition state. At the time that the bending moment (M) reaches 
Mcr, in the exterior layer of the tension zone vertical flexural cracks appear and propagate upward as 
the bending moment increases. Hence the flexural cracks reach the neutral axis and the section be-
comes fully-cracked. EN 1992-1-1, the European structural concrete codes, proposes for the deflec-
tion calculations a simplified method based on the determination of the curvatures and deflections of 
a concrete beam corresponding to its uncracked and fully-cracked conditions. Equation (1) was used 
to determine the design value of deflections of a reinforced concrete beam loaded at a level causing 
the beam to crack: 

 II I       1  (1) 

Mcr
M

   
 
 

  1  (2) 

Where ΔI and ΔII are the deflection values corresponding to the fully-cracked and uncracked condi-
tions of the beam, respectively, β is a coefficient accounting for the duration of loading or of repeated 
loading on the average strain. EN 1992-1-1 propose that β to be taken 1.0 for single short-term load-
ings and 0.5 for sustained loads or many cycles of repeated loading. Taking into consideration that 
long-term deflections of reinforced concrete beams are out of scope for the present study, the coeffi-
cient β is taken equal with the value of 1.0.  

The design deflection can be obtained from the elements curvature calculated by summing the 
effects of uncrack section state and crack section state on curvature. 

Fig. 5 and Fig. 6 presents the development of design deflections calculated according to EN 1992-
1-1 and also the experimental values obtained for the beams AD 1-1 and AD 3-1 with 2.01% 
longitudinal reinforcement ratio, respectively for AD 2-1 and AD 4-1 beams having ρl = 3.39%. 
Calculated deflections were determined for the same loading steps as obtained from the experimental 
short-term tests. 

 
Fig. 5 Experimental and design deflection values for the beams with longitudinal reinforcement 

ratio of 2.01%. 
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Fig. 6 Experimental and design deflection values for the beams with longitudinal reinforcement 

ratio of 3.39%. 

Table 3 Experimental and calculated deflections for the same loading steps used in the tests 

Results 
Beam AD 1-1 AD 3-1 AD 2-1 AD 4-1 

Longitudinal reinforcement ratio  ρl=2.01% ρl=3.39% 

Experimental 

Cracking moment Mcr (kNm) 4.80 6.15 4.65 5.10 

At steel yielding 

My0.2 (kNm) 40.80 27.68 42.60 39.75 

Δy0.2 (mm) 22.80 16.01 20.00 17.40 

l/x l/132 l/187 l/150 l/172 

EN 1992-1-1 
Δy0.2 (mm) 16.86 10.637 7.671 7.094 

l/x l/178 l/282 l/391 l/423 
Comparison ΔEN 1992/Δexp 0.74 0.66 0.38 0.41 

Experimental 

At beam yielding 

My (kNm) 45.00 40.05 67.35 64.80 

Δy (mm) 27.76 25.90 32.80 29.30 

l/x l/108 l/108 l/91 l/102 

EN 1992-1-1 
Δy (mm) 18.797 16.51 12.58 12.08 

l/x l/160 l/182 l/239 l/248 
Comparison ΔEN 1992-1-1/Δexp 0.68 0.64 0.38 0.41 

Experimental Failure moment Mf (kN) 53.10 46.20 76.65 74.40 

Note: Effective span length l=3000mm, l/x=Δ.  

 

Fig. 5 presents the development of experimental and calculated values of deflections for the beams 
with longitudinal reinforcement ratio of 2.01%, with the assignation that experimental deflection 
reaches the serviceability limit deflection ΔSLS= l/250=12 mm when a load level of M/Mf=0.49-0.50 
is obtained, whereas the calculated deflection reaches Δ= l/250=12 mm at M/Mf=0.57-0.66. For the 
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high strength reinforced concrete beams with 3.39% longitudinal reinforcement ratio (Fig. 6), design 
value of deflection in the serviceability limit state is obtained at a loading step of  M/Mf=0.84-0.87 
overestimating the experimental values, as the experimental deflection of 12mm is reached at a load-
ing ratio M/Mf=0.35-0.41. 

For beams with smaller longitudinal reinforcement ratio (ρl=2.01%), design deflections are close 
to the experimental values, the ratio ΔEN 1992-1-1/Δexp is kept approximately the same for the steel 
yielding as for beam yielding as shown in Table 3. Similarly the design values of deflection at steel 
and beam yielding were compared to the experimental values for the beams with a longitudinal 
reinforcement ratio of 3.39%, it was noticed that the calculated values were below 50% of the 
experimental values. 

4 Conclusions 
The following conclusions in relation to flexural behaviour of reinforced high strength concrete 
beams were drawn from this investigation. The steel reinforcement ratio ρ contribute to the load-
deflection characteristics of the beams. Higher longitudinal reinforcement ratio ρ cause a decrease of 
the calculated deflections according to the equations given by EN 1992-1-1. Experimental deflections 
present a linear variation up to the yielding of the beam, at a value of the ratio My/Mu between 
0.85 and 0.88. For a smaller longitudinal reinforcement ratio of 2.01%, the research shows that the 
experimental and design values of deflection are relatively close.  Along with the increase of rein-
forcement ratio, it can be observed an increase in design stiffness, therefore the difference between 
calculated values of deflection and real values of deflections is increasing. Author remarks that the 
longitudinal reinforcement ratio influence is major in the design of deflection according to EN 1992-
1-1, at a higher reinforcement ratio, higher element stiffness can be obtained, and also the experi-
mental deflection values are more than 1.5 times the calculated values.  
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Abstract 
In this paper, the shear capacity of reinforced concrete specimens without shear reinforcement loaded 
under multiple point loads with both continuously and simply supported boundary conditions is inves-
tigated. Various experiments have been carried out in the laboratory. The test results are compared 
with those obtained on similar specimens loaded by a single point load in the same research project. 
Besides, the test results are compared with design formulas suggested in design codes such as Euro-
code and fib Model Code 2010. Several recommendations are given with respect to the tested loading 
conditions. 

1 Introduction 
The shear capacity of reinforced concrete beams without transverse reinforcement is considered as a 
complex problem, being influenced by many factors. Among them, one pronounced phenomenon is 
that the loading condition has a significant effect on the shear capacity especially when the loading 
point is close to the support. This has been validated experimentally in the case of simply supported 
beams loaded by a single point load [1] and has been implemented in design codes, such as Eurocode 
[2]. However, when the structure is loaded under complex loading conditions, for example, in the 
case of statically indeterminate structures loaded by multiple point loads, the inner force distribution 
becomes more complicated. Several experiments reported in literature [3-6] have shown that uniform-
ly distributed load and multiple point loads would clearly change the shear behaviour of a simply 
supported beam such as the ultimate shear capacity, the crack pattern etc. On the other hand, such 
kind of complex loading conditions is often found in many structures such as the multiple span con-
crete bridges.  

Since reported experimental results with regard to complex loading conditions are quite limited in 
literature, additional experimental research is needed to get better insight into this problem. For that 
reason, a series of experiments with complex loading conditions have been designed and carried out 
in the Stevin Laboratory at Delft University of Technology upon request of the Dutch Ministry of 
Infrastructure and the Environment. As a part of the research program, the effect of single point load 
in case of continuously supported boundary conditions has been studied previously; see [7]. The 
research reported in this paper is a continuation of the research program. 

2 Experiment Program 

2.1 Test Setup 
In total four tests have been carried out. The test setup is illustrated in Fig. 1. The loads are generated 
by two hydraulic actuators denoted P1 and P2 with constant ratio P1/P2. Load P1 is split into two equal 
point loads by a steel beam. The distance between P1 and P2 is 2.4 m, and the centre to centre distance 
between the two loads split from P1 is 1.2 m. The setup is designed in such a way that it is compara-
ble with the other tests within the test program, in which the point load P1 is applied directly onto the 
beam, see [8]. Since the forces of the two point loads within the main span are always half of P1, P1 is 
referred to when indicating their load levels. During the test, the forces P1 and P2 were monitored. 
Other measurements include the deflection of the specimen at several points,(see Fig. 1), the defor-
mations of the side surfaces of the specimen with photogrammetry measurement and LVDT arrays. 
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The specimens are 8 m long, 0.5 m high and 0.3 m wide. Thus the effective height of specimens d is 
about 450 mm. The mean compressive strength of the concrete measured at testing date is fcm = 68 
MPa. As indicated in Fig. 1, three Ø32 mm ribbed bars are used as top and bottom reinforcement in 
the specimens, which makes the reinforcement ratio 1.79%. Stirrups for positioning of the bars are 
only used outside the regions where shear failure may occur. The specimens are tested at both ends. 
The crack level of the untested end was carefully controlled, to make sure the shear behaviour of the 
untested end would not be influenced. If there is a shear crack in the longer span between the last 
point load and the support that might influence the second test, additional strengthening is applied 
with a steel frame. For more details of the test program the test report [8] is referred to. 
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Fig. 1 Test setup and reinforcement configuration. 

The configurations of the four tests are summarized in Table 1. The specimens are identified accord-
ing to the rules explained in Fig. 3. Among the four tests listed, D17a151 and D18a121 are simply 
supported tests. Only P1 was applied on the specimen. In order to properly indicate the variables and 
the locations across the specimens, they are subdivided into several spans by the loads and supports, 
the inner forces within the spans are numbered respectively. An example is given in Fig. 2 based on 
D17b154. The numbering system remains the same when P2 is zero. 

Table 1 Test configurations, definitions of the variables can be found in Fig. 2. 

Test No. a [m] b [m] a/d M1/M0 P1/P2 V1/P1 V2/P1 V3/P1 V4/P1 M2/M0 M3/M0 

D17a151 1.5 0.9 3.33 0 - - 0.70 0.20 0.30 0.90 0.83 

D17b154 1.5 0.9 3.33 1 1.46 0.68 0.82 0.32 0.18 0.20 0.83 

D18a121 1.2 1.2 2.67 0 - - 0.76 0.26 0.24 0.60 0.84 

D18b152 1.5 0.9 3.33 1/3 3.17 0.32 0.76 0.26 0.24 0.70 0.83 

 

P1
P1/2 P1/2

M0

M2

M1

V2

V1

V3

V4

M3

P2

Shear force diagram
Moment diagram

Span 1Span 2Span 3Span 4

D17 15

 
 

Fig. 2 Moment and shear force distribution and 
definition of variables; the diagram is based 
on test D17b154. 

Fig. 3 Test numbering system 
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2.2 Experimental Results 
The failure modes of all the four tests can be considered as diagonal tension failure, which is defined 
by the opening of one or more inclined cracks under the shear force in that span. As indicated in 
Table 1, the maximum shear force occurs within Span 2 in the tests, so that the cracking process can 
be monitored by the deformation measurement arranged there during the test. As expected, the first 
inclined cracks developed in the second span in all four tests. Unlike tests with single point load, in 
which the inclined crack normally stops at the edge of the loading point, the cracks extend into Span 3 
along the top reinforcement in the specimens with multiple point loads. The crack patterns of the 
specimens after failure, illustrated in Fig. 4, show that the diagonal cracks stretched until the maxi-
mum moment, where the curvature of the specimen becomes zero. The shear force at which the in-
clined cracks developed is defined as inclined cracking force Vcr. If the beam has a diagonal tension 
failure, the value of Vcr normally equals to the ultimate shear force Vu. This was the case in test 
D17a151 and D18b152.  

However, in tests D17b154 and D18a121, the opening of an inclined crack in Span 2 did not re-
sult in failure. Compressive struts developed between the first loading plate and the support in both 
cases. Because of that, the load applied on the specimen could be increased further, until diagonal 
tension failures occurred in a different span. The shear forces in the spans at Pcr and Pu are summa-
rized in Table 2, the maximum M/Vd ratios in relevant spans are given as well. The spans in which 
the specific event occurred are shaded in the table. 

Table 2 Shear forces over the spans at critical load levels. The shaded cells indicate the critical 
span; Pcode is code prediction (upper one Eurocode, lower one Model Code). 

Test Variable Span 1 Span 2 Span 3 Span 4 P1 Pcode 
D17a151 M/Vd - 2.00 9.76 6.46   

 Vcr - 175.0 50.0 75.0 250.0   238.9 EC 

 Vu - 212.3 60.6 91.0 303.3   254.6 MC 

D17b154 M/Vd 2.00 1.67 3.52 6.46   

 Vcr 156.1 188.3 73.5 41.3 229.6  234.5 

 Vu 340.3 410.3 160.1 90.1 500.4  220.9 

D18a121 M/Vd - 1.33 6.56 6.46   

 Vcr - 190.3 65.1 60.1 250.4  330.9 

 Vu - 465.0 159.1 146.9 611.9  234.5 

D18b152 M/Vd 2.00 1.17 6.11 6.46   

 Vcr 104.5 248.3 85.0 78.4 326.7  376.2 

 Vu 104.6 248.3 85.0 78.4 326.8  271.3 
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D17b154

D18a121

D18b152

 
Fig. 4 Crack patterns after failure. 
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3 Evaluation of Design Codes 
In many design methods, such as the Eurocode and the ACI Code, the formula calculating the shear 
capacity of reinforced concrete structures without transverse reinforcement is in principle based on 
the regression of tests on simply supported beams with single point load. Thus, they usually do not 
concern the influence of the moment distribution. The estimated shear capacities with these formulas 
could be conservative in certain cases. In Eurocode, a force reduction factor  is introduced, which is 
applied to the point loads that are within a distance of av < 2d from the support.  equals to av/2d, so 
that the so-called shear slenderness effect found in simply supported beams [1] is taken into account. 
The formula works well in case of structures with only a sagging moment over the span. Once the 
moment distribution becomes more complex, for example in case of continuous beams, comparison 
between test results and code prediction showed that the Eurocode formula tends to underestimate the 
real capacity [7, 8]. Besides, the  factor is only allowed to apply to the forces in the vicinity of the 
supports. Once the maximum shear force is in the mid-span of the structure, it is not allowed to in-
crease the shear capacity anymore. In the previous research with regard to continuous beams [8], 
Yang et al. suggest that the Eurocode formula shall relate to the inclined cracking load Vcr of the 
specimens without shear reinforcement. Besides, the value of av/d in the shear reduction factor  = 
av/2d on the load side can be replaced with the maximum M/Vd. It can also be placed at the resistance 
side as an increase of the shear capacity under given load condition. In that way the value of Vcr in the 
span with the highest shear force (see Fig. 2) can be evaluated more accurately even in continuous 
structures. Formulas with better accuracy are quite welcome in the case of evaluating of the residual 
capacity of existing structures, where accurate evaluation of the loading capacity may save lots of 
structures from being demolished. 

The Vcr derived from the test program reported in this paper is plotted in Fig. 5 against the maxi-
mum M/Vd in the critical spans. The failure of tests D17b154 and D18a121, which occurred in Span 3 
and Span 4, respectively, was also defined as diagonal tension failure. Therefore these test results are 
plotted in the graph as well. The single point load test results reported in [8] are plotted in the same 
figure as reference. All specimens presented in Fig. 5 have the same concrete mixture and the same 
reinforcement configuration. Besides, the Eurocode prediction of the mean shear capacity is plotted in 
the graph to be compared with the test results. The values of VEC is calculated with the formula VRd,c = 
CRd,ck(100lfck)1/3bwd. The value of fck is replaced by fcm, and the value CRd,c = 0.18/c recommended in 
Eurocode is replaced by 0.15 according to the study of König [9], which was originally derived from 
a regression study on shear test results out of a selected test database covering large variety of test 
configurations. It is suggested to use this value in evaluating the average strength derived from exper-
iments. As an additional check, a linear regression study has been carried out with the test data shown 
in Fig. 5. As a result, the evaluated CRd,c based on the present test data is 0.144, which is very close to 
the recommended value. 
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Fig. 5 Comparison of experimental results and prediction for mean shear capacity based on 

Eurocode, Vcr versus M/Vd. 
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In Fig. 5, it turns out that even under complex moment distributions, as the presented test program 
shows, the values of Vcr are still closely related to the maximum M/Vd in the concerned span. If the 
value of M/Vd is smaller than 2.0 the shear force required to open an unstable inclined crack can still 
be increased. On the other hand, once the flexural cracks are fully developed (maximum M/Vd is 
relatively large), the expected Vcr becomes less dependent to M/Vd. The test results derived from the 
present test series turns out to be quite consistent compared to the single load tests with same speci-
men configurations. Even in complex loading conditions, the Eurocode prediction reflects the test 
observations well, with the proposed adoption. The average difference between the individual results 
and the Eurocode prediction is about 11%. 

On the other hand, the recently published Model Code 2010 [10] has introduced a quite different 
strategy with regard to the shear capacity, with which the shear capacity of a concrete structure can be 
calculated at three levels of approximation. A higher level formula asks for more complicated calcula-
tion and, as a reward, the prediction is supposed to be more close to the structures’ real capacity. All 
three calculation levels recommend to check the critical cross section at z = 0.9d from the support. 
With level 3 method, the calculation of the shear capacity of the structure is dependent on the average 
strain in the mid-height of the cross section x, which is determined by the moment and shear force at 
the section. With this method, the influence of the moment distribution is automatically taken into 
account. It also means that for structures loaded under complex load conditions, the calculated shear 
capacity will depend on the location. Consequently, there might be more critical cross sections other 
than the one at 0.9d from the supports. However, the test results available with relatively complex 
loading condition are really limited to give solid conclusions on the choice of cross sections. With the 
presented test series it is still possible to evaluate the procedure specified in the new Model Code. The 
shear capacity of the specimens over the whole length is calculated with level 3 method. As an exam-
ple, the results of tests D17a151 and D17b154 are plotted in Fig. 6. The shear forces along the speci-
men at Pcr are shown as a reference in the same graphs. 
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Fig. 6 Comparison of MC2010 prediction and tested results over specimen length 

Since in both cases the spans with highest shear forces are still in the vicinity of the support, the rule 
with regard to the critical cross sections seems still valid. Similar as Eurocode, the predicted results 
are quite close to the measured inclined cracking load, see Table 2 as well. At that load level, the 
expected shear capacities of all the other spans are still higher than the shear forces. Thus, at least in 
the tested cases, only the spans with the highest shear force needs to be checked. On the other hand, 
Fig. 6 shows that the MC2010 predicted shear capacity increases with the decrease of the moment in 
the span; see Fig. 2 for the moment distribution. In the simply supported beam D17a151 the calculat-
ed shear force at the specified cross section is the highest one in the span, since according to the code 
the design shear force between the design cross section and the support shall be taken as the value 
calculated at that section. Other choices would yield more conservative predictions. In the continu-
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ously supported beam D17b154 the point of inflection is located in the critical span and the calculated 
shear capacity at the specified section becomes the lowest one in that span. Consequently, if the for-
mula is able to give a close estimation at the design cross section, other sections in that span would 
show an overestimated prediction. In order to be consistent with the situation of simply supported 
beams, it would be more reasonable to set the control cross section of a continuous specimen at z 
from the point of inflection and assign the sections closer to the point of inflection with the same 
design shear force as the design cross section. 

4 Conclusions 
In this paper, the shear capacity of reinforced concrete specimens without shear reinforcement loaded 
under multiple point loads with both continuously and simply supported boundary conditions is inves-
tigated. Several experiments have been carried out in the laboratory. The test results are compared 
with those obtained in tests on similar specimens loaded by a single point load.  

It turns out that the shear capacity of a structure is closely related to the moment distribution 
along its length. In order to get a more accurate estimation of the shear capacity, the moment distribu-
tion shall be taken into account.  

In the case of Eurocode, it is suggested to replace the value of av/d in the shear reduction factor  
with M/Vd.  

With regard to Model Code 2010, the selection of the critical cross section shall be adjusted ac-
cording to the point of inflection in continuous supported specimens. 
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Abstract 
Steel fibers are very important in beams under shear loading, as evidenced from several scientific 
papers reported into the last decade journals. This paper reports some recent results of an experi-
mental campaign on FRC beams under shear loading tested at the University of Brescia, focusing on 
the size effect issue and the shear behavior of shallow beams. With the first regard, nine full scale 
beams, having a height varying from 500 to 1500 mm, were tested to analyze steel fibers influence on 
size effect. Concerning the shallow beams, eight beams (all having depth of 250 mm) with two differ-
ent widths, fiber content were tested for evaluating the shear response of typical structural members 
utilized in Southern Europe in residential buildings. Results show that a relatively low volume frac-
tion of fibers can significantly increase shear bearing capacity and ductility. The size effect issue is 
substantially limited and it is observed that, with a fairly tough FRC composite, it is possible to com-
pletely eliminate this detrimental effect. Shallow beams do not show the typical brittle failure also 
without any shear reinforcement and the effect of fibers is even more prominent than in deep beams. 

1 Introduction 
A significant change in the shear and punching shear provisions, included in the first draft of fib 
Model Code [1,2], referred to in the following as MC2010, which was officially presented during the 
fib Congress in Washington D.C., can be outlined. Four different approximation levels are proposed 
for designing shear members, incorporating statements and models well recognized such as Modified 
Compression Field Theory [3] and the variable truss angle theory. The equations have been defined 
with a basic structure that requires two significant parameters, namely the angle of inclination of the 
stress field, θ, and a coefficient for a concrete contribution kv (more often referred as β). The MC2010 
first draft provides three levels of approximation to calculate these terms with the first and third based 
on the MCFT and the second based on a strain-modified form of plasticity. As the level of approxima-
tion increases, the quality of the predictions improves, but with more complex calculations. Several 
reports published over the past 25 years [4,5,6] confirm the effectiveness of steel fibers as shear rein-
forcement. Fibers are used to enhance the shear capacity of concrete or to partially or totally replace 
stirrups in RC structural members. This relieves reinforcement congestion at critical sections such as 
beam-column junctions in seismic applications. Fiber reinforcement may also significantly reduce 
construction time and costs, especially in areas with high labour costs, and possibly even labour 
shortages, since stirrups involve relatively high labour input to bend and fix in place. Fiber concrete 
can also be easily deployed in thin or irregularly shaped sections, such as architectural panels, where 
it may be very difficult to place stirrups. This is of paramount significance for many secondary struc-
tural elements in which a minimum conventional reinforcement is not required for equilibrium. In this 
respect, nine experimental tests on full-scale SFRC beams (with a height up to 1.5 m) are firstly pre-
sented in this paper, which focus on the fiber’s role in delaying shear crack localization, in mitigating 
the size effect and in allowing a stable crack development with associated load and ductility increases. 
Experimental results will be evaluated in terms of strength, ductility, shear cracking, collapse mecha-
nism and effect of fibres. Secondly, further eight experiments on full-scale shallow beams will be 
briefly reported, aiming at investigating the shear behaviour of a very frequent structure in the resi-
dential buildings in Southern Europe, in which architectural needs require that beams have the same 
thickness of the floor (i.e. secondary floor beams and main beams should have the same depth). 
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2 Experiments 
All nine full-scale beams were tested under a three point loading system and a shear span-to-depth 
ratio a/d of 3. Beams were made with different amounts of steel fibers: 0, 50 and 75 kg/m3 (corre-
sponding to a volume fraction of 0, 0.64 and around 1%, respectively) and, for each fiber content, 
three beams with different depths were cast: 500 mm (beams H500), 1000 mm (beams H1000) and 
1500 mm (beams H1500). All beams had the same width of 250 mm and gross cover (60 mm). Dif-
ferent effective depths were therefore obtained: 440, 940 and 1440 mm, respectively for specimens 
H500, H1000 and H1500.  

In the case of shallow beams, all eight beams were tested under a four point loading system and a 
shear span-to-depth ratio a/d of 2.5. Beams were made with different amounts of steel fibers: 0, 25 
(FRC25 samples) and 35 (FRC35 tests) kg/m3 (corresponding to a volume fraction of 0, 0.32 and 0.45 
respectively) and, for each fiber content, two beams with different widths were cast: 750 mm (series 
W750) and 1000 mm (beams W1000). Moreover, for each width, one beam with the minimum 
amount of transverse shear reinforcement as required by EC2 (2005) was also produced (4Ø6@150 
mm stirrups for W750 MSR sample and 6Ø6@150 mm stirrups for W1000 MSR specimen). All 
beams had the same height of 250 mm and gross cover (40 mm), giving an effective depth of 210 
mm.  

Figure 1 illustrates the geometry of the specimens and the reinforcement details for all beams 
tested. In the case of deep beams, longitudinal reinforcement was positioned in two layers and the 
reinforcement ratio was approximately 1% for all test specimens. Eight longitudinal rebars having a 
diameter of 14, 20 and 24 mm were placed respectively in H500, H1000 and H1500 beams. For the 
wide shallow beams, the reinforcement ratio was again equal to 1%:  8Ø6 and 11Ø16, all disposed in 
one layer, were utilized respectively for series W750 and W1000. 

 

 
 

 
  

  

a) b) 
Fig. 1 Geometry and reinforcement details of deep (a) and shallow beams (b). 

A normal strength concrete, provided by a concrete supplier, was utilized for all beams. In the case of 
deep beams, the mean value of the compressive strength was 38.7 MPa for PC series, 32.1 MPa for 
the FRC50 series and 33.1 MPa for the FRC75 set of tests. For the shallow beams,  the mean value of 
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the compressive strength was 40.5 MPa for PC and MSR series, 38.0 MPa for the FRC25 series and 
36.9 MPa for the FRC35 set of tests. 

Hooked end steel fibers, having a length of 50 mm, a diameter of 0.8 mm (aspect ratio L/Ø of 
62.5) and a tensile strength of 1100 MPa were adopted for all FRC samples. The yielding and 
ultimate tensile strength of the longitudinal rebars were: 510 MPa and 588 MPa for Ø6 bars; 506 MPa 
and 599 MPa for Ø14 bars; 537 MPa and 630 MPa for Ø16 bars; 555 MPa and 651 MPa for Ø20 bars 
and 518 MPa and 612 MPa for Ø 24 bars, typical for S500 steel according to the current EC2 (2005). 

Concerning the test setup, an electro-mechanical screw jack with a loading capacity of 1500 KN 
for all specimens was utilized. A displacement-controlled test was therefore guaranteed, allowing for 
a suitable test control during critical steps such as in the case of abrupt cracking phenomena or load 
drops.  

With regard to the instrumentation, linear Variable Differential Transformers (LVDTs) were 
utilized for measuring deflections at midspan (front and back side) and support displacements. Also, 
potentiometric transducers were employed for measuring crack widths and strut shortening. 

3 Experimental results on deep beams 
The experimental results, reported in Figure 2 and Figure 3, represent the midspan-displacement and 
the shear-crack-width development as a function of the external load for H1000 and H1500 series. A 
shear failure was seen for all nine elements. However, in both the FRC shallowest beams (H=500 
mm), the maximum flexure load was reached, with clear yielding of longitudinal rebar and a rather 
significant ductility for beam H500 FRC50. 
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a) b) 

Fig. 2 Experimental curves load vs. deformation (a) and main shear-crack-width vs. load (b) of 
H1000 beams. 

Especially from both H1000 and H1500 test series, a significant enhanced post-cracking stiffness is 
observed for FRC beams, due to stiffening effect, in tension, which is due to the bridging effect of 
fibers (residual tensile stress at a crack) and to the smaller crack spacing, both in flexure and in shear. 
With increasing depth, the difference between the two fiber contents tends to become higher, i.e. the 
lowest content of fibers has less positive impact in diminishing the scale effect. 

The addition of fibers promoted a stable propagation and progressive development of several 
shear cracks, which led to a more ductile behaviour with vertical deflections 2-3 times greater than 
those recorded in the reference plain concrete beams, as clearly evidenced by the experimental plots. 
Concerning shear cracking, Figure 3 b) reports the crack development vs. the load, for the H1500 
series: note that the crack width evolution is better controlled in FRC: in particular, evident shear 
cracking begins at 320 kN for the reference sample, whereas it occurs at 570 kN and 890 kN for the 
FRC50 and FRC75 beams, respectively. While the plain concrete member fails at the emergence of 
the first shear crack, with a maximum shear crack width of 0.2-0.25 mm, multi-cracking (in shear) 
was seen for the FRC samples, with single shear crack wider than 1-2 mm and, even more important, 
still steadily propagating. The same trend can be seen for sample H1000 (Figure 2 b). 
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a) b) 

Fig. 3 Experimental curves load vs. deformation (a) and main shear-crack-width vs. load (b) of 
H1500 beams. 

Figure 4 depicts the final crack patterns of specimens H1000 and H1500, with the indication of the 
progression (see different load levels in the pictures). Note, once again, a much more distributed crack 
pattern for FRC samples. For the same load level, both flexure and shear crack are fairly different in 
the three materials: for low loads, the crack pattern is much more developed in the reference elements 
and the cracking phenomenon tends then to quickly stabilize. On the contrary, in FRC samples, the 
cracking process, after a quite postponed appearance, becomes more dynamic so that it is quite diffi-
cult to properly define a stabilized crack stage: a more distributed crack patter forms, with narrower 
closely spaced cracks (this aspect is quite significant under a durability point of view). Moreover, the 
development of new cracks continues up to the failure. 

 

 
Fig. 4 Crack evolution for specimens H1000 and H1500 (loads in kN). 

4 Experimental results on wide shallow beams 
Figure 5 reports the load-displacement curves for all eight shallow beams: a shear failure was seen 
only for plain concrete members. All members containing either fibers or the minimum amount of 
transverse reinforcement reached the maximum flexure load, with clear yielding of longitudinal rebar 
and a significant ductility.  
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Fig. 5 Load-displacement curves for W750 (a) and W1000 specimens (b). 

Table 1 Main experimental results about deep and shallow beams.  

Specimen 
Type of 
failure 

Vu,exp vu vu/(fcm)1/2 Mu,fl Mu/Mu,fl δu 

[kN] [MPa] [-] [kNm] [-] [mm] 

H500-PC Shear 116 1.05 0.17 254 0.60 3.70 

H500-FRC50 Shear* 240 2.18 0.38 285 1.11 34.95 

H500-FRC75 Shear* 235 2.13 0.37 293 1.06 9.14 

H1000-PC Shear 188 0.80 0.13 1210 0.44 6.26 

H1000-FRC50 Shear 272 1.16 0.20 1325 0.58 13.61 

H1000-FRC75 Shear 351 1.49 0.26 1356 0.73 16.78 

H1500-PC Shear 211 0.59 0.09 2511 0.36 7.03 

H1500-FRC50 Shear 484 1.34 0.24 2791 0.75 21.58 

H1500-FRC75 Shear 554 1.54 0.27 2864 0.84 23.46 

W750 PC Shear 237 1.50 0.24 169 0.74 11.37 

W750 MSR Flexure 335 2.12 0.33 169 1.04 61.28 

W750 FRC25 Flexure 355 2.25 0.35 186 1.00 85.39 

W750 FRC35 Flexure 360 2.28 0.36 189 1.00 97.03 

W1000 PC Shear 337 1.60 0.25 232 0.76 8.62 

W1000 MSR Flexure 441 2.10 0.33 232 1.00 51.64 

W1000 FRC25 Flexure 488 2.32 0.37 262 1.00 80.93 

W1000 FRC35 Flexure 517 2.46 0.39 266 0.97 89.20 

* Shear failure mode took place, but maximum flexure load was reached.  

 

Fibers were also able to increase the overall ductility under flexure, thanks to the positive effect in 
increasing the compression softening. The post-cracking stiffness was also higher. Moreover, 25 
kg/m3 of fibers were able to completely substitute the minimum  amount of transverse reinforcement 
in shallow beams. It results that either a minimum transverse reinforcement or a low content of fibers, 
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in the case of shallow beams with a classical reinforcing ratio (around 1%), is able to bring the mem-
ber up to a ductile flexure failure.   

Looking at the cracking phenomenon, the collapse, as one would have expected, did not appear 
immediately after the first shear crack: two different shear cracks formed in the front and rear side 
and developed in a quite stable fashion, without connecting one to the other trough the width of the 
element. Clearly, the different behaviour at front and back side allowed for a more stable response of 
the member (the stress field, due to the significant width, is far to be simply 2D). Also, the height of 
these beams is very small, and in addition the central core of the beam results well confined by the 
surrounding concrete: this determines an extra resisting mechanism in shear. This is a peculiar 
behavior that deserves a number of thoughts for its comprehension and, eventually, for the definition 
of suitable design implications. 

In conclusion, Table 1 reports, for all seventeen samples tested, the failure mode, the 
experimental shear capacity, the nominal shear stress and the ratio between the ultimate experimental 
moment, Mu, and the maximum flexural capacity of the member, Mu,fl (the latter evaluated according 
to MC10 in the case of the FRC samples). One should note the strong size effect in plain concrete 
members, whereas a significant decay con be outlined in the case of FRC. Note, once again, the 
beneficial effects of fibers in moving the collapse mode from brittle to ductile in the case of shallow 
beams. 

5 Concluding remark  
In the present paper, the beneficial effects of providing steel fibers as spread shear reinforcement have 
been scrutinized. Fibers, even in relatively low amount, greatly influence the shear behaviour of 
beams, basically by delaying the occurrence of the shear failure mechanism and, eventually, by alter-
ing the collapse from shear to flexure, with enhanced bearing capacity and ductility. Fibers allow, if 
supplied in sufficient quantity, a well distributed crack pattern in the critical area under shear, delay-
ing or even avoiding the formation of the single critical shear crack, which brings the member to a 
brittle failure. If this happens, it is associated with visible warning, cracking and deflections, unlike 
for plain concrete members. Steel fibers mitigate the size effect issue in shear, even if provided in 
relatively low amounts. Moreover, fibers might substitute the minimum shear reinforcement in shal-
low beams, typical structural typology, in Southern Europe, for residential buildings. 
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Abstract 
Typical shear failure modes that can occur in steel-reinforced concrete members are diagonal tension 
failure, shear compression failure, and failure by crushing of the concrete struts. Further failure modes 
upon testing a concrete beam with fiber-reinforced polymers as internal reinforcement are possible. 
The FRP shear elements can fail due to either a dowel action rupture or a concentration of stress at a 
corner in the reinforcement. 

This paper presents an experimental and theoretical study on shear performance of concrete I-beams 
with fiber-reinforced polymers (FRP) as internal reinforcement. A total of 24 beam tests were con-
ducted, including tests without shear reinforcement and tests with glass fiber reinforced polymer 
(GFRP) stirrups. In all specimens GFRP bars were used as flexural reinforcement. The test variables 
were the ratio of shear reinforcement and the concrete strength. In the test without stirrups, diagonal 
tension failure occurred. Failure due to rupture of the GFRP stirrups was observed in the tests with 
lower shear reinforcement ratio of 0.75%. In the beam tests with higher ratios of 1.26% and 2.26% 
respectively, depending on the concrete strength, either GFRP stirrup rupture or web crushing failure 
occurred. Based on the results, a modified approach for calculating the shear capacity of concrete 
beams with FRP reinforcement was developed. 

1 Introduction 
Most research has been undertaken to investigate the behavior of FRP-reinforced members without 
transverse reinforcement. However, also studies on shear behavior of concrete members with FRP 
stirrups were conducted [1]. Due to the lower modulus of elasticity of the FRP-reinforcement com-
pared to steel and the predominantly used rectangular cross-section of the test specimens, shear com-
pression and diagonal tension failure occurred in the most cases. Failure by crushing of the concrete 
struts has only rarely been observed. This Paper evaluates the shear performance of large-scale FRP 
RC I-beams focusing on the maximum shear capacity for analyzing the failure modes and subsequent-
ly deriving shear capacity equations. 

2 Experimental Study 

2.1 Test specimens 
The experimental program involved 24 shear tests on 12 concrete I-beams reinforced with FRP as 
flexural and shear reinforcement. The beam specimens were designed to fail in shear and were tested 
in two successive test phases shown in Figure 1.  

 

 Fig. 1 Specimens and test set-up.  
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In the first phase of testing (left diagram), two point loads were applied leading to rupture of the right-
hand beam section with low shear reinforcement ratio or without shear reinforcement. In the second 
phase (right diagram), the left-hand section with a higher shear reinforcement ratio was tested in 
three-point bending. To prevent failure, the middle beam section was strongly reinforced with steel 
stirrups. Thus, a total of 5 tests without and 19 tests with shear reinforcement were conducted. 

The beams had a total height of 650 mm and a web width of 100 mm. To ensure that a shear 
failure precedes a flexural failure, flexural reinforcement ratios (l = Afl/(bw·d) of 8.5 and 11.5 % 
respectively were required (six 32 mm resp. eight 32 mm GFRP bars) and steel reinforcement was 
added in the compression zone (Fig. 2). In the tests with shear reinforcement, transverse 
reinforcement consisting of either 12 mm GFRP stirrups or 16 mm GFRP headed bars was used. 
 

Fig. 2 Geometry and reinforcement details of test specimens. 

2.2 Material properties 
The stirrups and headed bars have a height of 600 mm. The mandrel diameter of the stirrups D is 
84 mm (7 where  is the bar diameter). Figure 3 depicts the used shear reinforcement that is com-
posed of three respectively four parts. The GFRP bars and stirrups exhibit surface deformations to 
enhance bond performance between reinforcement and surrounding concrete. 

To manufacture the beam specimens, a ready mixed concrete with a maximum aggregate size of 
8 mm was used. The properties of the test specimens summarized in Table 1 include mean values of 
compressive strength (fcm), mean values of splitting tensile strength (fctm,sp) and moduli of elasticity of 
the concrete (Ecm), diameters and moduli of elasticity of the flexural and shear reinforcement (øf, øs, 
Ef, Efw), spacings of shear reinforcement (s), effective depth of a cross-sections (d) and shear rein-
forcement ratios (fw=Afw/(bw·s)). 

 

Shear reinforcement A Shear reinforcement B Shear reinforcement C 

     
Fig. 3 Tested shear reinforcement. 
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Table 1 Concrete properties and reinforcement details of test specimens. 

Test specimen 

Concrete Flexural reinforcement  Shear reinforcement  

fcm 
(Mpa)

fctm,sp 
(Mpa)

Ecm 
(Mpa) 

øf  
(mm) 

d 
(mm)

Ef 
(Mpa) 

øs 
(mm)

s 
(mm)

fw  
(%) 

Efw 
(Mpa) 

S1AN-0-1 34.4 2.87 26200 6 x 32 566 59000 - - - - 
S1AN-1.3-2 38.4 2.87 27700 6 x 32 566 59000 12 180 1.20 56200 
S2AN-0.8-3 34.1 3.00 25600 6 x 32 566 59000 12 300 0.75 56200 
S2AN-2.3-4 33.5 2.84 24700 6 x 32 566 59000 12 100 2.26 56200 
S3AH-0-5 80.4 4.40 35200 8 x 32 556 59000 - - - - 

S3AH-1.3-6 82.0 4.37 35200 8 x 32 556 59000 12 180 1.26 56200 
S4AH-0.8-7 42.2 2.57 25500 8 x 32 556 59000 12 300 0.75 56200 
S4AH-2.3-8 42.6 3.19 26000 8 x 32 556 59000 12 100 2.26 56200 
S5BN-0-9 42.5 2.76 27300 6 x 32 572 62600 - - - - 

S5BN-1.3-10 42.8 3.20 27200 6 x 32 572 62600 12 180 1.26 57000 
S6BN-0.8-11 30.4 2.58 24600 6 x 32 572 62600 12 300 0.75 57000 
S6BN-2.3-12 30.7 2.65 25200 6 x 32 572 62600 12 100 2.26 57000 
S7BH-0-13 74.9 4.16 33200 8 x 32 561 62600 - - - - 

S7BH-1.3-14 75.7 3.74 33300 8 x 32 561 62600 12 180 1.26 57000 
S8BH-0.8-15 72.7 3.95 33400 8 x 32 561 62600 12 300 0.75 57000 
S8BH-2.3-16 69.9 3.85 31200 8 x 32 561 62600 12 100 2.26 57000 
S9CN-0-17 37.1 3.11 24900 6 x 32 572 62600 - - - - 

S9CN-1.3-18 37.7 3.03 25900 6 x 32 572 62600 16 160 1.26 63400 
S10CN-0.7-19 32.0 2.44 23200 6 x 32 572 62600 16 270 0.75 63400 
S10CN-2.2-20 33.6 2.44 25200 6 x 32 572 62600 16 90 2.22 63400 
S11CH-0.4-21 67.6 3.20 33300 8 x 32 561 62600 16 450 0.45 63400 
S11CH-1.3-22 71.0 3.08 32000 8 x 32 561 62600 16 160 1.26 63400 
S12CH-0.7-23 73.1 3.71 31400 8 x 32 561 62600 16 270 0.75 63400 
S12CH-2.2-24 73.9 3.62 30000 8 x 32 561 62600 16 90 2.22 63400 

 

The mean values of the modulus of elasticity of the flexural and shear reinforcing elements provided 
in Table 1 were determined in the laboratory of the Institute of Structural Concrete (IMB) according 
to test method B.2 and B.5 respectively (see ACI440.3R 04 [2]). 

2.3 Instrumentation, test set-up, and procedure 
The strains in the flexural and shear reinforcement were measured using electrical resistance strain 
gauges. To measure the deflection of the beam, Linear Variable Differential Transducers (LVDTs) 
were used. The shear crack width was monitored during the test by a non-contact optical deformation 
measuring system (Aramis) and by using crack gauges. The results of the crack width and defor-
mation measurements are not presented in this paper. In each test, the point loads were located at a 
distance of 2000 mm from the support, which corresponds to a shear-depth ratio of 3.50 up to 3.60. In 
the four-point bending tests, the load was applied through a spreader beam. The load was applied at a 
rate of 5.0 kN/min up to about 60% of the failure load. Then, displacement-controlled rates of 0.5 up 
to 1.0 mm/min were used to avoid a sudden shear failure. During the tests, all gauges and LVDT 
readings were recorded using data acquisition systems. 

2.4 Particular experimental results 
The results obtained for all of the beams tested are summarized in Table 2 and Table 3 which contain 
the shear force at the onset of diagonal cracking (Vcrack), the maximum imposed shear force (Vmax), the 
inclination angles of the diagonal shear cracks (r), average stirrup strains at failure (fw,average), and 
mode of failure. 
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Table 2 Results of tests without shear reinforcement. 
Test  

specimen 
r  
(°) 

Vcrack 
(kN) 

Vmax 
(kN) 

Failure 
mode* 

S1AN-0-1 24 91 126 DT 
S3AH-0-5 19 122 184 DT 
S5BN-0-9 23 85 136 DT 
S7BH-0-13 42 118 205 DT 
S9CN-0-17 40 86 122 DT 

* DT is diagonal tension failure 

Table 3 Results of tests with shear reinforcement. 

Test  
specimen 

r  
(°) 

fw,average 
(‰) 

Vmax
(kN) 

Failure 
mode*

 Test specimen r 
(°) 

fw,average
(‰) 

Vmax 
(kN) 

Failure 
mode* 

S1AN-1.3-2 40 7.6 427 WC S8BH-0.8-15 27 14.1 439 GR 
S2AN-0.8-3 30 9.5 332 GR S8BH-2.3-16 33 5.2 581 WC 
S2AN-2.3-4 36 6.8 486 WC S9CN-1.3-18 36 6.4 410 WC 
S3AH-1.3-6 31 10.6 571 GR S10CN-0.7-19 23 6.9 304 GR 
S4AN-0.8-7 32 9.5 326 GR S10CN-2.2-20 34 4.3 484 WC 
S4AH-2.3-8 34 8.3 544 WC S11CH-0.4-21 28 10.7 374 GR 
S5BN-1.3-10 37 6.3 439 WC S11CH-1.3-22 33 7.8 621 WC 
S6BN-0.8-11 33 8.5 302 GR S12CH-0.7-23 32 9.5 441 GR 
S6BN-2.3-12 37 5.2 448 WC S12CH-2.2-24 36 6.1 742 WC 
S7BH-1.3-14 31 10.3 626 GR      

* WC is web crushing failure, and GR is GFRP shear reinforcement rupture 
 

2.4.1 Shear-carrying mechanism in the tests without shear reinforcement 
At low load levels, only small vertical and slightly inclined flexural shear cracks appeared, so that 
shear transfer across cracks by mechanical interlock was ensured. As loading continued, large diago-
nal cracks developed and at the same time the deflections increased suddenly. The load was then 
carried by the concrete compression zone, and by the longitudinal bars in terms of dowel action. 
When the load was further increased, arch action occurred, and the horizontal component was ensured 
by the tensile flexural reinforcement. Finally, diagonal tension failure occurred, when the shear crack 
extended through the compressive zone towards the load points. 

2.4.2 Shear-carrying mechanism in the tests with shear reinforcement 
The crack pattern of the tested beams with FRP shear reinforcement corresponded to that of a steel-
reinforced beam, so that the truss analogy can be assumed. All specimens with shear reinforcement 
ratios of w = 0.45% and 0.75% and those with w = 1.26% and concrete strength of fcm = 75.7 and 
82.0 N/mm² failed due to rupture of the GFRP shear reinforcement. Because the FRP stirrups do not 
yield, the shear reinforcement contributed to the shear resistance up to failure. In contrast to beams 
with rectangular cross-sections, the bend portions of the stirrups were sufficiently anchored in the 
flanges of the tested I-beams. Consequently, the stirrups did not fail due to a concentration of stress at 
a corner in the reinforcement. In fact, they failed at the straight portion. The specimens with higher 
shear reinforcement ratios w = 2.22% and 2.26 %, and those with w = 1.26% and concrete strength 
up to fcm = 71.0 /mm² failed suddenly due to crushing of the concrete struts within the web. 

3 Shear design equations 
The shear design equations were derived from the results of the experimental work and further tests 
results provided in literature. For FRP RC members without shear reinforcement, the design value of 
the shear resistance VRd,ct (Eq. (1)) was empirically determined based on the Eurocode 2 [3].  

  dbfEV wckfllctRd  3/1

,
100

620

1   (1) 
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where  = 3/(a/d) is the factor for increased shear resistance of concrete near the supports, 
 = /d2001 is the size effect factor, l is the flexural reinforcement ratio, Efl is modulus of elastic-
ity of the flexural FRP-reinforcement, fck is the characteristic compressive cylinder strength of con-
crete, bw is the width of web and d is the effective depth. 

The design value of the total shear capacity of members with FRP shear reinforcement VRd was 
derived as the sum of the concrete contribution VRd,c (=VRd,ct) and the contribution from shear 
reinforcement VRd,f that was calculated using the truss analogy (Eq. (2)).  

VRd = VRd,c + VRd,f (2) 

In the performed shear tests, a linear relation between the resultant of the axial stiffnesses Eres and 
the load bearing and deformability behavior of the specimens was observed. Eres (see Figure 4) 
includes the extensional stiffness of the flexural and shear reinforcement without the concrete contri-
bution and can be expressed according to Equation (3). 

   22
fwwfllres EEE    (3) 

where l is the flexural reinforcement ratio, Efl is modulus of elasticity of the flexural FRP-
reinforcement, w is the shear reinforcement ratio and Efw is modulus of elasticity of the FRP-shear 
reinforcement.  

The components of the truss contribution truss angle (r = ) and the limiting stirrup strain (fw) 
depend on the resultant of the axial stiffnesses Eres as can be seen in Figure 5. The depicted diagrams 
include apart from the 19 performed shear tests further tests from literature. 
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Fig. 4 Resultant of the axial stiffnesses Eres. 

 
Fig. 5 Relationship between the resultant of the axial stiffnesses Eres and the crack angle (left) 

and the average stirrup strain at failure (right). 

Based on this relationship, the design value of the contribution from shear reinforcement VRd,f can be 
determined as follows: 

 



tancot

5,1
cot,, 


 ckw

wfdfwfRd
fzb

zfaV  (4) 

where afw is the cross-sectional area of the shear reinforcement, ffd,w is the design tensile strength of 
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the shear reinforcement (ffd,w ≤ Efw · fd,w, with fd,w according to Figure 5, right, and ffd,w ≤ ffd,w,exp, 
tensile strength derived from tests), z is lever arm of internal forces and  is the truss angle (=r 
according to Figure 5, left). 

To verify these equations, 151 tests on FRP RC beams without shear reinforcement and 73 tests 
on FRP RC beams with shear reinforcement described above and cited in the literature have been 
taken into account. In Fig. 6, the ratios Vtest / Vcalc calculated by Eq. (1) as a function of the flexural 
reinforcement ratio and Vtest / Vcalc calculated by Eq. (2) as a function of the shear reinforcement 
rations are plotted. For all calculations mean values instead of design values were used. The derived 
shear equations show a good agreement with results from literature. 

 

 
Fig. 6 Vtest / Vcalc as a function of the flexural (l) and the related shear reinforcement ratio (w*), 

respectively. 

4 Conclusions 
A total of 24 beam tests were conducted, including tests without shear reinforcement and tests with 
glass fiber reinforced polymers (GFRP) stirrups. In all specimens, GFRP bars were used as flexural 
reinforcement. The test variables were the ratio of shear reinforcement and the concrete strength. In 
the tests without stirrups, diagonal tension failure occurred. Failure due to rupture of the GFRP stir-
rups and headed bars, respectively, was observed in the tests with lower shear reinforcement ratio of 
0.75%. In the beam tests with higher ratios of 1.26% and 2.26%, respectively, depending on the con-
crete strength, either GFRP stirrup rupture or web crushing failure occurred. Based on the results, a 
modified approach for calculating the shear carrying capacity of concrete beams with FRP reinforce-
ment was developed. The components of the truss contribution, truss angle (r = ) and the limiting 
stirrup strain (fw) can thereby be appropriately determined by applying the resultant of the axial 
stiffnesses Eres. 
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Abstract 
Dapped-end beams are currently a common end in concrete structures, particularly in the field of 
precast concrete manufacturing. However, unacceptable diagonal cracks frequently occur at service 
loads in the vicinity of the re-entrant corner. There is a lack of experimental data and knowledge on 
the behaviour of dapped-end beams under service loads; the aim of this research is to analyze the 
influence of different variables on the crack width in dapped-end beams, such as the layout of steel 
bars, the amount of diagonal reinforcement and the geometric shape of the re-entrant corner. 

An experimental program is carried out on 18 dapped-end beams with 3.00 m length and a cross-
section of 25x60 cm, reduced to 25x30 cm at the ends. 

Experimental results help to conclude that dapped-end beams are usually conditioned by cracking 
service limit state instead of ultimate state (load-bearing capacity). Smaller crack width is observed in 
specimens with diagonal reinforcement than those with only orthogonal reinforcement; increasing the 
amount of the diagonal reinforcement regarding to the orthogonal one, greater effect in reduction of 
crack width occurs. Change in geometric shape bevelling the re-entrant corner also leads to crack 
reduction. 

1 Introduction 
Dapped-end beams (DEB) are currently a common end in concrete structures, particularly in the field 
of precast concrete manufacturing. These elements appear in the construction of bridges and building 
structures. Dapped-end beams are a common and inexpensive way to carry out expansion joints. 

From the structural point of view, the existence of geometric and static discontinuities, due to the 
change of depth and to the application of point load respectively, makes that concrete members with 
dapped-ends are classified as Discontinuity regions (D). A complex distribution of internal stresses 
appears in D regions, what disables Navier-Bernoulli’s hypothesis. These regions are usually 
designed using the Strut-and-Tie Method (STM), proposed by Schlaich et al. [1]. 

STMs is used to design components under ultimate loads since is supported in the lower limit 
bound theorem, remaining untreated service requirements such as opening of cracks or deformations, 
as pointed out by Bulletín 45 of the fib [2]. This lack is especially important in the study of dapped-
end beams, because at service conditions is generated a crack at the re-entrant corner under relatively 
low loads, being this fact particularly relevant in this case, since dapped-end beams are usually 
moisture concentration zones (Fig. 1), so the durability of the element may be compromised. 

Among the first studies on dapped-end beams should be highlight the investigation of Reynolds 
[3] as the first major experimental contribution to the behaviour of these supports, which was 
concluded on the importance of the diagonal reinforcement. Mattock and Chan’s investigations [4], 
lead to propose a formulation and design recommendations [5] that would be the most extended until 
the appearance of STM. Among the most recent researches on these elements should be highlighted 
the investigations of Clark and Thorogood [6] and Zhu et al. [7], since they are the only ones where it 
is discussed in detail the service crack width and it is proposed a methodology for its design. 
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Fig. 1 Dapped-end beams in overpass of CV-500 road near Valencia, with accumulation of 

moisture  

Given the problems indicated for dapped-end beams and due to the lack of detailed studies of crack-
ing in service, is especially relevant the experimental campaign presented in this work, which focuses 
in both, the ultimate load behaviour and the serviceability behaviour. 

2 Objective 
The aim of this research is to study the influence on the cracking of the total amount of reinforcement, 
the existence of diagonal reinforcement in different amounts, the cover of the vertical main tie, the 
prestressed of the horizontal main tie and the bevelled of the re-entrant corner. 

3 Methodology and parameters 

3.1 Design of the testing method 
Beam elements of 3.00 m length are tested, with 25x60 cm section, reduced to 25x30 cm at the sup-
ports. The width of the load bearing support is fixed at 15 cm. Anchor plates are disposed for the 
bottom reinforcement of the beam and the horizontal main tie, since the anchorage is not considered a 
variable of experimentation. The loading system and supports (Fig. 2) is such that it allows an inde-
pendent testing of each of the two supports that consists each specimen. 

The bearings are designed allowing the rotation and sliding, so can ensure that the load applied to 
the dapped-end beams has no horizontal component. This is achieved by a system of two plates of 
PTFE (Teflon) of 5 mm thickness, separated by a polished stainless steel plate of 5 mm thickness. 

 

 
Fig. 2 Geometry of specimens, test setup and reinforcement codification 
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3.2 Instrumentation and equipments 
The load is applied by a hydraulic actuator of 2500 kN with control of displacement speed constant, 
with a speed of 0.01 mm/sec. It is disposed a force transducer for controlling the applied load. 

It is used a total of 21 LVDTs and strain gauges with 3 mm long glued to the steel bars (in a vari-
able number depending on the type of reinforcement). In the concrete, near the re-entrant corner, are 
glued four strain gages with 50 mm long, which enable to accurately detect the cracking of the speci-
men. 

To measure crack openings are used 2 Canon EOS 5D Mark II of 21.1 MPx resolution and 35x24 
mm CMOS sensor with Canon EF 85 mm f/1.8 USM lens. It is also employed an optical microscope 
OPT-P2034-100M with 100 increases of Peak Optics for the redundant measuring of crack openings. 

3.3 Parameters 
The test results shown in this paper are part of a research project with a campaign of tests more exten-
sive. In order to achieve the objectives pointed out above, 18 specimens have been carried out. The 
different parameters of the specimens are listed in Table 1, and described and discussed after it. The 
two dapped-ends of each beam have been built with the same characteristics in order to have a total of 
two tests for each specimen. 

Table 1 Characteristics of the reinforcement of the different configurations tested 

Speci-
men 

Amount 
reinforc. 
-p- 

Layout 
rein-
force-
ment 

Reinforce-
ment hori-
zontal tie 
-A- (cm2) 

Reinforce-
ment verti-
cal tie  
-B- (cm2) 

Nº 
layers 
vertical 
tie 

Reinforce-
ment diag-
onal tie  
-C- (cm2) 

Bev-
elled 
corner 

DEB-1 49% LR-O.1 3.93 2.58 1 0.00 No 

DEB-2 49% LR-O.2 2.36 2.58 1 0.00 No 

DEB-3 49% LR-O.3 3.93 1.01 1 0.00 No 

DEB-4 49% LR-O.1 3.93 2.58 3 0.00 No 

DEB-5 49% LR-O.2 2.36 2.58 3 0.00 No 

DEB-6 49% LR-D.1 2.36 1.51 1 1.57 No 

DEB-7 100% LR-O.1 8.04 5.40 3 0.00 No 

DEB-8 100% LR-O.2 4.52 5.40 3 0.00 No 

DEB-9 100% LR-D.1 4.52 3.14 1 3.05 No 

DEB-10 71% LR-O.1 5.65 3.71 3 0.00 No 

DEB-11 71% LR-O.2 3.39 3.71 3 0.00 No 

DEB-12 71% LR-D.1 3.39 2.26 1 2.26 No 

DEB-13 100% LR-D.2 3.14 2.26 1 4.27 No 

DEB-14 100% LR-D.2 3.14 2.26 1 4.27 Yes 

DEB-15 100% LR-D.3 1.57 1.01 1 5.15 No 

DEB-16 100% LR-D.3 1.57 1.01 1 5.15 Yes 

DEB-17 100% LR-D.4 8.04 1.01 1 5.15 No 

DEB-18 100% LR-D.4 
8.04 - 
Prestessed 

1.01 1 5.15 No 

In order to analyse the ultimate load and the crack width in the re-entrant corner the next parameters 
are used in the study: 

 The amount of reinforcement “p” related to the referenced specimen (taken as 100%). There 
have been studied three different amounts of reinforcements, the maximum (p=100%), an in-
termediate amount (p=71%) and the minimum amount of reinforcement (p=49%). 
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 The layout of reinforcement. A total of seven different layouts of reinforcement are tested, 
four of them with diagonal reinforcement. The first reinforcement (LR-O.1) corresponds to an 
orthogonal reinforcement designed to simultaneously reach the yielding of the vertical and the 
horizontal ties; the second one (LR-O.2) is a variation of LR-O.1 with 40% less in the hori-
zontal tie; layout of reinforcement LR-O.3 is a variation of LR-O.1 reducing in this case the 
vertical tie in 60%. All the diagonal reinforcements mix the orthogonal ties with the diagonal 
tie; the first one (LR-D.1) is designed to carry about 50% of the load in the diagonal mecha-
nism and 50% in the orthogonal mechanism; the second one (LR-D.2) carries 65% of the load 
in the diagonal and 35% in the orthogonal; the third one (LR-D.3) carries 80% of the load in 
the diagonal mechanism and 20% in the orthogonal; the last layout (LR-D.4) is a variation of 
LR-D.3 with a lot of more horizontal reinforcement, about five times more. 

 Two different numbers of layers in the vertical tie are tested, one and three. 
 In order to divide the crack generated in the re-entrant corner and consequently reduce its 

width, it is placed a bevel of 4x4 cm in two of the specimens. 
 At last, in one specimen, the main horizontal tie is prestressed in order to generate a local 

compression concentration in the re-entrant corner that could lead to a delay of the cracking 
load. 

4 Results and discussion 

4.1 Results in ultimate state 
In Table 2 are summarized the main results of the tests, with Vu representing the ultimate vertical load 
which supports the specimen and with w representing the crack width, shown for loads close to the 
service level, which is defined as the range of 40% of the breaking load. The results shown in Table 2 
are derived from the average of the two tests done for each specimen. 

Table 2 Summary of test results 

Specimen fc (MPa) fct (MPa) Vu (kN) 
w (mm)  

35%·Vu 

w (mm)  

40%·Vu 

w (mm)  

45%·Vu 

DEB-1 41.1 3.15 193.56 0.38 0.52 0.65 

DEB-2 39.3 2.56 139,26 0.33 0.40 0.46 

DEB-3 39.9 2.98 127.05 0.08 0.17 0.27 

DEB-4 40.4 3.19 176,70 0.36 0.46 0.58 

DEB-5 40.8 3.05 125.30 0.32 0.40 0.47 

DEB-6 40.2 3.05 197.23 0.29 0.39 0.52 

DEB-7 31.1 3.19 309.22 0.41 0.47 0.54 

DEB-8 30.0 2.84 191.60 0.33 0.41 0.53 

DEB-9 33.3 2.98 325.79 0.31 0.40 0.48 

DEB-10 32.2 2.77 197.15 0.31 0.42 0.53 

DEB-11 31.9 3.19 143.61 0.24 0.31 0.38 

DEB-12 33.3 2.98 240.49 0.25 0.30 0.39 

DEB-13 36.9 3.67 310.68 0.31 0.39 0.45 

DEB-14 33.7 2.70 329.07 0.21 0.24 0.30 

DEB-15 37.1 2.84 280.00 0.24 0.27 0.32 

DEB-16 37.2 4.02 315.30 0.18 0.23 0.26 

DEB-17 38.3 3.19 328.09 0.30 0.38 0.45 

DEB-18 38.8 3.05 343.41 0.17 0.23 0.30 
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Analyzing the achieved ultimate loads (Table 2) it is shown that the specimens with maximum 
amount of reinforcement (p=100%) does not carry out double of ultimate load of those loads achieved 
by specimens with half amount of reinforcement (p=49%); only a load between 60% and 70% higher 
is reached. Also the ratio of ultimate loads is lower than the ratio of reinforcements in specimens with 
intermediate amount of reinforced (p=71%) regarding to those with minimum amount of reinforce-
ment (p=49%). Between the maximum and the intermediate amount of reinforcement the ratio of 
ultimate loads is quite similar to the ratio of reinforcements. 

The results of the ultimate loads pointed out are explained by a spalling of the upper concrete 
cover (Fig. 3 – left), that is generated for the maximum and the intermediate amounts of reinforce-
ment. This spalling is generated in the nodal zone delimited by the diagonal strut, the vertical princi-
pal tie and the horizontal strut that connects with the continuity region of the beam. The loose of this 
concrete cover involves that a different Strut-and-Tie mechanism with a lower ultimate load is gener-
ated. This aspect has to be considered when proposing simplified Strut-and-Tie models for dapped-
end beams with high amounts of reinforcements. 

In most cases the ultimate load is reached with the plastification of all main ties (vertical, horizon-
tal and diagonal). 
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Fig. 3 (left) Detail of test DEB-11_2 at ultimate load – (right) Crack width. Influence of pre-
stressed horizontal tie 

4.2 Serviceability behaviour 
The service load of the test is taken as around 40% of its ultimate load. At this load level is analyzed 
the influence of different variables in the crack width of the elements. For this loading level, crack 
widths are superior to 0.30 mm in most cases, indicating that the design of dapped-end beams is 
usually conditioned by cracking service limit state instead of ultimate state (load-bearing capacity). 

Regarding to the amount of reinforcement there are not significant differences in cracking at ser-
vice loads for the different specimens with different amounts analyzed.  

In the case of prestressing the main horizontal tie (Fig. 3 - right) appears significant differences 
since the cracking load is delayed up around the 20% of the ultimate load. Therefore, for the service 
level, approximately taken as the 40% of the ultimate load, the crack width is considerably lower than 
the analogous specimen without prestressing. 

Regarding to the presence of diagonal reinforcement, can be observed that its presence reduces 
cracking width at service loads (Fig. 4 - left). Increasing the amount of the diagonal reinforcement in 
reference to the orthogonal one, greater effect in reduction of crack width occurs. 

The last parameter analyzed that influences serviceability behaviour is the bevelled of the re-
entrant corner. By having a bevel of 4x4 cm on the corner are generated two cracks in the specimens, 
which lead to an appreciable reduction of crack width (Fig. 4 - right). 

 

DEB-17 = Non prestressed

DEB-18 = Prestressed
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Fig. 4 (left) Crack width. Influence of reinforcement configuration – (right) Crack width. Influ-
ence of bevelled of re-entrant corner 

5 Conclusions 
An experimental program on 18 beams with dapped-ends is carried out to analyze the influence of 
different configurations and amounts of reinforcement. The following conclusions are given: 

 It is generated for very low loads a crack at the re-entrant corner. Due to the crack widths ob-
tained, the dimensioning of the reinforcement of dapped-end beams are usually conditioned 
by cracking service limit state instead of ultimate state (load-bearing capacity) 

 Putting diagonal reinforcement it is considerably reduced the cracking in service. The crack-
ing also decreases as increases the importance of diagonal reinforcement in reference to the 
orthogonal one. 

 The bevelled of the re-entrant corner generates two cracks what reduces the crack width in 
service significantly. 

 Prestressing the horizontal tie leads to a delay of the cracking load in dapped-end beams, re-
ducing the crack width at service loads. 
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Abstract 
The goal of this research is to develop a design method for beam members consisting of Carbon Fiber 
Reinforced Polymer (CFRP) Laminates. Specimens with four laminate structures which consist of 
orthogonal laminas are employed, and four point bending tests are carried out. Finite element analysis 
is conducted to examine a dominant stress to failure. Results of the bending tests are discussed with 
the ones calculated based on beam theory and on results of the finite element analysis. The calculated 
results show that the proportion of longitudinal laminas in laminate structure can design displacement 
by bending and that flexural strength can be determined when dominant stresses to failure and materi-
al strengths are known, which is affected by the effect of the interaction between longitudinal normal 
and in-plane shear stresses. 

1 Introduction 

1.1 The motivation of this research 
Recently, Carbon Fiber Reinforced Polymer (CFRP) has been studied to develop durable beam mem-
bers because of its superior properties such as high strength and stiffness, and non-corrosive nature. 
However, the flexural behavior of beam members consisting of CFRP has not been fully clarified 
because CFRP is an anisotropic and a brittle material. 

Since CFRP is fabricated as a laminate composite, the way to stack and orient individual layers, 
called lamina, affects its material properties. The way to stack and orient laminas is called “laminate 
structure”. Namely, different laminate structures govern the mechanical properties of CFRP. There-
fore, it is important to understand the influence of different laminate structures to the flexural behav-
ior of beam members consisting of CFRP. 

Fig. 1 shows the outline of this research. Although beam members consisting of CFRP have been 
researched based on member-scale level [1], [2], the mechanical properties of CFRP are not fully 
utilized yet for a beam member. To achieve an efficient use of the mechanical properties of CFRP, a 
research based on laminate-scale level seems to be required. 

1.2 The goal of this research 
The goal of this research is to develop a design method for beam members consisting of CFRP lami-
nates. Namely, this research presents the possibility to develop a design method based on laminate-
scale level. In order to develop the design method, bending tests and structural analyses are needed 
with specimens which have different laminate structures. 

1.3 Key steps 
This research consists of three steps. First, specimens with different laminate structures are prepared 
to examine the flexural behavior of beam members consisting of CFRP, and four point bending tests 
are carried out. Second, structural analyses are conducted to understand the flexural behavior. Third, 
based on the two steps, design methods for displacement and flexural strength are developed. 
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Fig. 1 Outline of this research. 

Table 1 Laminate structures and material properties. 

No. Name Laminate structure 
E1 

(GPa) 

G12 

(GPa) 

f1
T 

(MPa) 

f1
C 

(MPa) 

τ12
U 

(MPa) 

1 L9T1 [02/90/09]/90/[09/90/02] 98.1 3.50 2353 674 71.1 

2 L1T1 [0/90]6/0/[90/0]6 81.0 3.56 1912 612 67.7 

3 L1T2 [903/0]3/90/[0/903]3 39.0 3.53 715 247 67.7 

4 L1T9 [0/9011]/0/[9011/0] 20.9 3.50 295 173 67.7 

 

In this paper, specimens with four laminate structures which consist of orthogonal laminas are em-
ployed with the same loading condition and cross section, and four point bending tests are carried out. 
Also, finite element analysis is conducted to examine a dominant stress to failure. Finally, results of 
the bending tests are discussed with the ones calculated based on beam theory and on results of the 
finite element analysis. 

2 Experimental Program and Finite Element Modeling 

2.1 Test specimens and setup for bending test 
Specimens with four laminate structures were employed to examine the effect of different laminate 
structures. One specimen was prepared for each laminate structure. The specimens consist of lami-
nates with 25 laminas fabricated from carbon fiber and epoxy resin. The specimens have a square box 
cross section with 100mm height, 100mm width, and 5mm thickness, and a length of 1000mm. 

Table 1 shows the four laminate structures and material properties in each specimen. The material 
properties were obtained from material tests in the past research [3]. Fig. 2 shows laminate coordinate  
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Fig. 2 Laminate coordinate system 1-2 

and lamina coordinate system x-y. 

 

 
Fig. 3 Setup for bending test. 

system 1-2 and lamina coordinate system x-y. The directions of 1 and 2 correspond to the longitudinal 
and transverse directions of the specimens, respectively. The rotation angle between direction 1 and x 
is defined as fiber orientation angle. In order to examine the influence of orthogonally stacked lami-
nates to the flexural behavior of beam members consisting of CFRP, fiber orientation angles, 0° and 
90°, were employed. For example, [0/90]6/0/[90/0]6, the first left side number means the fiber orienta-
tion angle of the first layer. The subscript six indicates that six [0/90] groups are continuously 
stacked. The four laminate structures are symmetric about the mid-plane. Specimen No.1, No.2, No.3, 
and No.4 are named L9T1, L1T1, L1T2, and L1T9, where L and T representing longitudinal and 
transverse, respectively. The numbers after L or T represent their proportions to the whole amount of 
laminas. 

Fig. 3 shows a setup for bending test. The specimens were tested under four point bending and 
under load control. The span, shear span, and flexural span were 850mm, 375mm, and 100mm, 
respectively. Loading and support plates consisting of steel were placed to the loading and support 
points, respectively. The loading condition was determined so as to prevent shear failure at the web 
from arising. Also, in Fig. 3, white and black arrows show displacement gauges and loading points, 
respectively. The loading was applied until the specimens failed. 

2.2 Material property and boundary condition for finite element analysis 
L1T1 was analyzed with MSC.Marc to understand a dominant stress to failure. The analytical model 
utilized three dimensional solid elements. The loading and support plates were modeled as steel (E = 
200 GPa; ν = 0.3). L1T1 was modeled as orthotropic materials. The in-plane properties were obtained 
from material tests in the past research [3] (E1 = 81.0 GPa; E2 = 81.0 GPa; G12 = 3.50 GPa; ν12 = 
0.080), while the out-of-plane properties were assumed values (E3 = 8.50 GPa; G23 = G31= 3.20 GPa; 
ν23 = ν13 =0.465). E3 was assumed from a transverse elastic modulus of a CFRP lamina [4], where 
subscript three representing the thickness direction. G23 and G31 were typical values of a lamina made 
of graphite-polymer composite [5]. ν23 and ν13 were estimated based on classical lamination theory [5]. 
L1T1 was simply supported, and a quarter analytical modeling was used because of a symmetrical 
condition of the bending test. Vertical loading was applied on top of the loading plate as pressure. 

3 Results and Discussions 

3.1 Displacement 
The influence of the different laminate structures to displacement in the specimens is discussed. Fig. 4 
shows total load-displacement relationships at the loading point in each specimen. Displacement at 
the loading point based on Timoshenko’s beam theory [6] is calculated and is given by 
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where P = total load; E1 = longitudinal elastic modulus; I = second moment of area; a = shear span; b 
= flexural span; G12 = in-plane shear modulus; A = cross-section; k = shear correction factor ( = Aw / A, 
Aw = cross section of the web). The first and second terms represent displacements by bending and by 
shear, respectively. Also, the first term corresponds to Bernoulli-Euler’s beam theory. Longitudinal 
and in-plane shear moduli shown in Table 1 are used for the calculation. Since the shear moduli in 
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each specimen show close values, displacements by shear among the specimens become almost equal 
at the same loading level. 

As a result, the displacements based on Timoshenko’s beam theory agree well with the 
experimental ones. On the other hand, the displacements based on Bernoulli-Euler’s beam theory 
underestimate the experimental ones. At about 20kN level, L9T1 shows the smallest displacement, 
followed by L1T1, L1T2, and L1T9. The displacements in each specimen seem to depend on the 
proportion of the longitudinal laminas. Therefore, it is thought that the displacements by bending in 
the specimens can be designed based on the proportion of the longitudinal laminas. Moreover, in 
order to design displacement by shear, using laminate structure with diagonal laminas such as the one 
with fiber orientation angles of ±45° can be an important focus because laminate structure with 
diagonal laminas can govern in-plane shear modulus of a laminate. 
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(b) L1T1 
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(c) L1T2 
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(d) L1T9 

Fig. 4 Total load-displacement relationships at loading point in each specimen with calculated 
displacements based on Timoshenko’s beam and Bernoulli-Euler’s beam theories. 

 
 

 
Fig. 5 Typical configuration of failure 

near loading plate. 
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Fig. 6 Distribution of in-plane shear stress 

in height direction of web in finite 
element analysis. 
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3.2 Dominant stress to failure 
In order to develop an equation based on beam theory to calculate flexural strength, a dominant stress 
to failure in addition to longitudinal normal stress is examined by finite element analysis. In the bend-
ing tests, flexural strengths in L9T1, L1T1, L1T2, and L1T9 are 82.0 kN, 78.9 kN, 66.3 kN, and 51.5 
kN, respectively. Upon reaching the flexural strengths, the specimens failed as a brittle behavior. Fig. 
5 shows a typical configuration of failure in the specimens. The failure took place near the loading 
plate in the side of the shear span where vertical cracking arose as shown in Fig. 5. 

In the analysis, a local shear deformation near the loading plate is observed. By resulting from the 
local shear deformation, a relatively high in-plane shear stress occurs. Fig. 6 shows distribution of in-
plane shear stress in the analysis at 30kN in height direction of the web and at 350mm and 187.5mm 
in longitudinal direction which are shown in Fig. 6. The distribution at 187.5mm agrees well with that 
in beam theory. On the other hand, in the case of the distribution at 350mm, a relatively high shear 
stress arises near the top. This seems to be caused by the effect of the local shear deformation due to 
the loading plate, and the relatively high in-plane shear stress can be a dominant stress to failure. 
Thus, in addition to longitudinal normal stress, the relatively high shear stress seems to be needed for 
calculating flexural strength in the specimens. 

3.3 Equation for flexural strength 
Based on the results of the dominant stress, an equation to calculate flexural strength in the specimens 
is considered, and the calculated flexural strength is compared to the experimental one. 

Longitudinal and in-plane shear stresses based on beam theory at the corner of the upper flange 
where the failure took place are given by 
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where σ1 = longitudinal normal stress; M = bending moment; h = height of the specimen; τ012 = in-
plane shear stress by beam theory; V = shear force; b = width of the flange. As the relatively high in-
plane shear stress near the loading plate is observed in the analysis, the effect is considered to the 
equation for flexural strength. The in-plane shear stress is assumed by 

AV 0
1212   (3) 

where τ12 = in-plane shear stress with additional in-plane shear stress due to the local shear defor-
mation near the loading plate. The second term represents the additional in-plane shear stress. 

In order to consider the effect of the interaction between the longitudinal and in-plane shear 
stresses, Tsai-Wu criterion [5] is employed. Tsai-Wu criterion consisting of the two stresses is given 
as 
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where F1 = Tsai-Wu’s coefficient for longitudinal normal stress in first-order term; F11 = Tsai-Wu’s 
coefficient for longitudinal normal stress in second-order term; F66 = Tsai-Wu’s coefficient for in-
plane shear stress in second-order term; f1

T = longitudinal tensile strength; f1
C = longitudinal compres-

sive strength; τ12
U = in-plane shear strength. The coefficients are calculated by using the material 

strengths shown in Table 1. When the left side equation becomes one, material failure takes place. It 
is assumed that the specimens fail when they satisfy Tsai-Wu criterion. By substituting equation (2) 
and (3) into equation (4), flexural strength in the specimens is determined. Also, as shown in Table 1, 
each specimen shows close in-plane shear strengths since they do not have diagonal laminas which 
contribute to in-plane shear strength of a laminate. 
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Table 2 Comparison of flexural strengths. 

Specimen L9T1 L1T1 L1T2 L1T9 

Experiment (kN) 82.0 78.9 66.3 51.5 

Calculation (kN) 85.1 80.6 59.4 49.2 

 

Table 2 compares the experimental flexural strengths with the calculated ones. As a result, the calcu-
lated flexural strengths agree relatively with the experimental ones. In the calculated flexural 
strengths, L9T1 shows the highest fllexural strength, followed by L1T1, L1T2, and L1T9. Namely, 
the laminate structures with larger proportion of the longitudinal laminas exhibit higher flexural 
strengths. It is concluded that the specimens failed as a material failure with satisfying Tsai-Wu crite-
rion and that the flexural strength can be determined when dominant stresses to failure and material 
strengths are known. Moreover, the influence of laminate structure with diagonal laminas to flexural 
strength can be a key issue when flexural strength is designed as laminate structure with diagonal 
laminas can govern in-plane shear strength of a laminate. 

4 Conclusions 
This paper presented the possibility to develop a design method for beam members consisting of 
CFRP, which is based on laminate-scale level. Specimens with four laminate structures which consist 
of orthogonal laminas were employed with the same loading condition and cross section, and four 
point bending tests were conducted. Results of the bending tests were discussed with the ones calcu-
lated based on beam theory and on results of finite element analysis. The conclusions are summarized 
as follows. 

The displacements in the specimens agree well with the ones calculated based on Timishenko’s 
beam theory, and the proportion of the longitudinal laminas in laminate structure can design 
displacement by bending. The calculated flexural strengths agree relatively with the experimental 
ones, which consider the effect of the interaction between longitudinal normal and in-plane shear 
stresses. The flexural strength can be determined when dominant stresses to failure and material 
strengths are known, and the proportion of the longitudinal laminas in laminate structure seems to be 
an important factor to design flexural strength. 

For the next step, the author plans to investigate the influence of laminate structure with diagonal 
laminas to the flexural behavior of beam members consisting of CFRP under the same loading 
condition and cross section. 
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Abstract 
Textile-reinforced concrete (TRC) is a cement-based composite material consisting of a fine-grained 
concrete matrix and non-corrosive high strength textile fabrics. Due to the orthogonal layout of the 
textile reinforcement TRC-composites exhibit a strong initial anisotropy. The cracking of the matrix 
leads to an additional damage induced anisotropy and to a pronounced strain-hardening response for 
tensile loading. In order to simulate the complex load-bearing behavior of TRC and yet allow for an 
efficient calculation of large structures the present work uses a smeared cracking approach with an 
implicit representation of the textile reinforcement. The implemented material model belongs to the 
class of microplane damage models. The microplane formulation gives the possibility to define direc-
tionally dependent damage functions reflecting the anisotropic characteristic of the material. The 
strain-hardening response under tensile loading can directly be captured by the damage functions. 
They can be calibrated using the results of TRC-tensile tests applying an automated calibration proce-
dure. The validation of the model is performed based on TRC-slab tests supported at the corners by 
hinge supports exhibiting a fine biaxial crack pattern in the tensile zone.  

1 Introduction 
Textile reinforced concrete (TRC) is an innovative composite material that has been the topic of 
current research within the collaborate research centre “SFB 532” at RWTH Aachen University for 
the last years. A main advantage of TRC compared to conventional concrete is, that it allows for very 
thin-walled structures which only need a minimum amount of concrete cover due to its non-corrosive, 
high strength textile reinforcement. Furthermore, due to the flexibility of the reinforcement the reali-
sation of double-curved shell geometries can be realized relatively easy. In order to demonstrate the 
potential of this new material an exhibition pavilion with a roof consisting of four double curved 
TRC-shells with a span of 7x7 m and a thickness of only 6 cm at its edges is currently realised at the 
campus of RWTH Aachen University.  

 

 
Fig. 1 Computer animation of a TRC roof structure currently realised within the collaborate 

research center “SFB 532” at RWTH Aachen University. 
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In [1] the dimensioning of the TRC roof structure has been described in detail. It is based on a linear-
elastic finite element analysis and an automatic dimensioning tool to evaluate the necessary number 
of reinforcement layers to resist the imposed stresses in the ultimate limit state.  

The aim of the present work is to realistically simulate the load bearing capacity of thin-walled 
TRC-shell and plate structures. Therefore, a  refined damage-based material model has been 
developed that is able to capture the anisotropic effects of TRC and yet allows for an efficient non-
linear finite element analysis. 

2 Anisotropic damage model for TRC 

2.1 Basic principle of the applied microplane approach  
The developed material model belongs to the class of microplane formulations [2, 3, 4] and is based 
on the microplane damage model introduced by Jirasek [5]. The basic concept of the microplane 
approach is to decompose the macroscopic strain  (or stress) tensor into a set of microplane strain 
(or stress) vectors applying a geometrical projection into different spatial directions. Based on the 
value of the maximum normal strain emax reached at each microplane the damage corresponding to 
this direction is evaluated. The damage state at each microplane is described by a scalar integrity 
variable denoted asi. A valuei = 1 reflects undamaged material and i = 0 a complete material 
degradation. Through the applied microplane approach a directional interpretation of the damage 
variables is explicitly given. Applying the principle of energy equivalence the damage contributions 
of all microplanes can be accumulated into an anisotropic fourth order damage tensor placing the 
applied microplane damage model into the context of classical damage mechanics (Eq. 1; De denoting 
the elasticity tensor). For an undamaged material the damage tensor  evaluates to the unit tensor and 
the model reproduces the linear-elastic response for arbitrary values of the Poison's ratio [6]. 

 

 ::: T
eD  (1) 

For homogeneous materials an isotropic distribution of the damage function can be assumed. Howev-
er, the specification of directionally dependent damage functions with specific characteristics in dif-
ferent directions makes it also possible to reflect an initially anisotropic material behavior. Elemen-
tary studies of the described model performed at the material point level for tensile loading and for 
varying orientation of the reinforcement with intuitively defined damage functions have been de-
scribed in [7].  

2.2 Automatic calibration of damage functions 
In order to apply the material model in the investigation of real TRC structures the model needs to be 
calibrated for the present material configuration, i.e. concrete mixture and textile reinforcement. For 
this purpose, an incremental calibration algorithm has been implemented that determines the damage 
functions of the material model based on the experimentally obtained uniaxial tensile response of the 
composite material. The geometry of the tensile specimens is depicted in Fig. 2 (left). 

In the calibration algorithm, the damage function of the material model is calibrated in such a way 
that the stress–strain curve returned by the numerical simulation of a material point subjected to pure 
tension reproduces exactly the measured response (Fig. 2 (right/top)). The resulting damage function 
is represented by a piecewise linear function with a resolution corresponding to the resolution of the 
time stepping procedure (Fig. 2 (right/bottom)). A detailed description of the calibration algorithm 
can be found in [8]. In the given example the stress-strain curve has been fitted assuming an isotropic 
distribution of the damage functions, which means that all microplane orientations have the identical 
form. In general, the textile reinforcement induces an anisotropic damage behavior along the yarn 
direction that needs to be taken into account. In the present case an alternating orientation of 10 layers 
of reinforcement has been used so that the anisotropy is not as pronounced. 
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Fig. 2 Geometry of the tensile specimens (left) and measured stress-strain diagram with iteration 

steps (right/top) and calibrated damage function (right/bottom). 

2.3 Implementation and application range  
In most cases thin-walled TRC shell and plate structures exhibit a fine and regular crack pattern. For 
the validity of described material model this is a prerequisite for the use of a smeared cracking model. 

Furthermore, the cracks in such structures develop mainly perpendicularly to the surface. Moti-
vated by this fact, only a two-dimensional version of the described model has been implemented. In 
this form it has been embedded into volume elements that have been extended with the decomposition 
of the strain and stress tensors into “in-plane” and “out-of-plane” components referring to the shell 
geometry. The two-dimensional damage model is then applied for the evaluation of the “in-plane” 
damage, only. In the thickness direction, e.g. the “out-of-plane”-direction, linear elastic behavior has 
been assumed. 

3 Validation of the model using TRC slab tests 

3.1 Experimental results 
In order to be able to validate the model with the damage function identified from the tensile tests, 
TRC slab tests have been conducted [9]. The setup for the slab tests is shown in Fig. 3.  The thickness 
and the reinforcement ratio of the slabs was the same as for of the conducted tensile tests depicted in 
Fig. 2.  

The edge length of the quadratic slabs was 1,25 m with a thickness of 3 cm. The loading was ap-
plied at the center of the slab. The hinge supports in the corners enabled free rotations. This test setup 
leads to a fine crack distribution at the bottom side of the slab as depicted for on quarter of the slap in 
Fig. 4 (left). While the center zone of the slab is cracked both in 0°- and 90°-direction, the pattern 
becomes coarser towards the edges. As stated above a fine crack pattern is a prerequisite for the 
application of the derived damage model. 
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Fig. 3 Test setup of the conducted TRC slab tests: top view (left) and side view I-I (right) 

3.2 Numerical results 
The simulation has been performed for a quarter of the slab exploiting two planes of symmetry in-
cluded in the setup. A discretization with 10 x 10 quadratic serendipity volume elements in the slab 
plane and two element layers in the thickness direction has been chosen. A 3x3x3 Gauss integration 
scheme has been applied yielding 9 integration points in the out-of-plane direction. In order to verify 
the finite element model, parametric studies have been conducted for varied element type, integration 
scheme and fineness of the discretization.  

As stated before, the thickness and the reinforcementratio of the slab tests and the tensile tests are 
identical so that the calibrated damage function in Fig. 2 (right/bottom) could be directly used in the 
non-linear finite element analysis of the slab tests. This is not necessarily the case for varying rein-
forcement ratios 

The damage distribution obtained from the simulation is shown in Fig. 4 (center) and Fig. 4 
(right). The visualized field in Fig. 4 (right) shows the profile of the fracture energy, i.e. the amount 
of deformation energy dissipated per unit volume at the bottom side of the slab. The energy dissipa-
tion is a cumulative indicator for multiple cracking of the matrix oriented in all directions. Further 
details about the calculated damage pattern can be extracted from the principle direction of the dam-
age tensor as depicted in Fig. 4 (center). 

 

     

 
Fig. 4  Qualitative comparison of the final crack pattern (left) with the evolution of damage on 

the bottom side of the slab indicated by the principle damage direction (center) and the 
fracture energy [MN/m] (right). 
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Fig. 5  Comparison between the load-deflection curves of the slab tests obtained in the experi-
ments (gray curves) and in the simulation (red curve). 

A comparison between the load-displacement curves as measured in the experiments with the non-
linear finite element simulation is depicted in Fig. 5. It can be noted that the initial cracking strength 
of the slab is overestimated whereas the stiffness of the cracked slab and the ultimate load-bearing 
capacity is still underestimated. The reason for an overestimated level of crack initiation can be seen 
in the fact that the shown example has been calculated using a damage function that did not account 
for the initial anisotropy of the material. As a result the deflection profile obtained in the simulation 
was identical for the 0°- and 90°-direction.In contrast to this, the experimental response exhibited 
significant differences in the deflection along the 0°- and 90°-direction revealing a significant effect 
of the initial anisotropy of the composite due to the orientation of the textile fabrics.  

The assumption of isotropy in the simulation has lead to a larger volume accumulating stresses 
reaching the damage threshold then in the experiment. This explains the overestimated level of load-
ing at the initiation of the first macroscopic crack. These considerations motivate the next step in the 
elaboration of the subject, studying the effect of initially anisotropy captured by the directionally-
dependent damage functions (cf. section 2.2) on the shape of the load-deflection curve of the slab. 

Furthermore, due to the fact that TRC exhibits a very ductile behavior large deflections could be 
observed in the slab tests. Once a certain deflection is reached second order effects become more 
important and need to be included in the formulation. This could be a possible reason for the underes-
timation of the load bearing capacity of the slab in the numerical simulation. 

4 Conclusions 
Summarizing, the model yields plausible results for initially anisotropic cementitious composites. The 
model provides a valuable tool for the realistic simulation of the load-bearing behavior of TRC struc-
tures taking into account the evolution of damage.  

The feasibility of the model has been demonstrated in the simulation of TRC-slab tests. Further 
adjustments of the introduced directional dependency of the damage specification for TRC including 
the coupling to the mesoscopic model are intended as the following steps [10, 11]. In particular, the 
kinematical behavior of the model during the localization process must be refined in order to reflect 
the meso-level damage mechanisms occurring in the tested material. 
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Abstract 
The aim of this article is to analyse the end-block of a high performance prestressed hollow core 
concrete slab. It especially focuses on the spalling cracks of the webs. The paper is trying to find the 
reasons of the spalling cracks in a design and also in a production point of view. From the side of the 
design, the results of the formulas calculating transmission length and spalling stress given by the 
Hungarian standards and FIB Bulletins, were compared with the results of the practical tests. From 
the side of the production the effect of the prestressing force to the angling of the end-cross-section of 
the slab was investigated. Existing additional spalling stresses causing by the tensed sawing blade was 
examined. Alternative practical solutions preventing the tensing of the sawing blade was researched. 

1 Symbols 
Latin upper case letters: 

P0 initial prestressing force just after release 
M prestressing moment 
E0 modulus of elasticity at time of release 
I second moment of the cross-section 

Latin lower case letters: 

lpt basic value of the transmission length 
fbpt bond stress at time of release 
fctd(t) design tensile strength at time of release 
bw thickness of an individual web 
e0 eccentricity of the prestressing steel 
fct tensile strength of the concrete at time of release 
f camber of the slab 
l length of the slab 

Greek lower case letters: 

α1 coefficient depending on prestress dispersion 
α2 coefficient depending on the type of the reinforcement 
ø nominal diameter of the strands 
σpm0 strands stress just after release 
ηp1; η1 coefficients that take into account the type of strand and the bond situation at release 
σsp spalling stress 
αe coefficient depending on the cross-section 
φcreep creep factor of the concrete 
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2 Description of the problem 
In our work the horizontal cracks in the webs above the strands of the hollow core slabs are exam-
ined. These cracks can cause really serious problems, because they can reduce the shear capacity of 
the slab. Since the production technology of the slabs restricts the use of shear reinforcement, cracked 
webs will not resist the shear stress but the undamaged webs. 

 

 
Fig. 1 Horizontal cracks in the webs above the strands of a HCS250 typed hollow core slab. 

3 Description of the process of the examination 
The goal of our paper is to find the reasons of these spalling cracks in a design and in a production 
point of view. 

In a design point of view the transmission length and the spalling stress were calculated according 
to the Hungarian standards MSZ EN 1168; MSZ EN 1992-1-1 (Eurocode 2) and FIB Bulletin 6th. The 
calculations were done by using software Cslab made by Consolis Technology and by using our own-
programmed application. The results of the two different applications were compared with each oth-
ers. In the next steps the results of the calculations were compared with the behaviour of the 10 pieces 
test slabs. Using the experiences of the test slabs the own-programmed application was modified to be 
able to approach the real behaviour of the slabs. 

In a production point of view the camber and the angling of the end-cross-section, which is the in-
fluence of the camber of the slab were considered. The camber and the end-cross-section angling 
were calculated also by using software Cslab and by using our own application. The calculated data 
were compared with the data measured on the test slabs. The own-programmed application was de-
veloped to be able to approach the real behaviour of the slabs. Knowing the actual value of the cam-
ber and the end-cross-section angling is important, because if this value exceeds a practical limit 
value, the concrete sawing blade will tense and will cause additional spalling stresses, which can be 
the production reason of these horizontal cracks. Finally, alternative practical solutions were re-
searched for preventing the tensing of the sawing blade. 

4 Description of the tested slabs 

4.1 Geometry and Reinforcement 
The type of the test slabs is HCS250, which means that it is a hollow core slab produced by 
slipformer technology width a depth of 250 mm. 

The designed geometry of this slab can be seen on figure 2. The difference between the designed 
and the produced geometry is close to zero percent, so calculating with the designed geometry is more 
than sufficient. 

The number of the strands in the examined cross-section is 10 from strand type of EN 10138-3-
Y1860S7-12.5-I-F1-C1. The initial prestressing stress is 1200 N/mm2. 

 

80



Analyses of the end-block of a high performance hollow core concrete slab 

 

 
Fig. 2 Designed geometrical values of the cross-section of HCS250 product typed hollow core 

slab. 

4.2 Used materials 
The type of the used materials of the produced test slabs perfectly fits to the type of the materials 
using day by day in the precast industry: 

 concrete: C40/50-XC2-12-F1-MSZ 4798-1:2004 
 strand: EN 10138-3-Y1860S7-12.5-I-F1-C1 

5 Design aspects of the spalling cracks 

5.1 Calculation of the transmission length and the spalling stress 

5.1.1 Theoretical basis 
The transmission length was calculated according to the Hungarian standard MSZ EN 1992-1-1 from: 

bpt
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During our calculation using eq. 1 sudden released 7-wire good bond conditioned strands were as-
sumed. Considering the tendon stress the initial prestressing stress was decreased with the prestress 
losses existing before release. The bond stress can be calculated from the following expression, where 
the value of the tensile strength was considered at time of release: 
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The spalling stress was calculated using the Hungarian standard MSZ EN 1168 and the FIB Bulletin 
6th. 
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According to the standards eq. 4 have to be verified in order not to have horizontal spalling cracks in 
the webs of the slab. 

ctsp f   (4) 

As above already mentioned the calculations were done by using software Cslab made by Consolis 
Technology and by using our own-programmed application. 
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5.1.2 Numerical results 
The final results of the calculations of the two different applications can be found in table 1. 

According to the Hungarian standard MSZ EN 1168 the tensile strength of the concrete at the 
time of release must be considered, which 2.85 MPa is. According to FIB Bulletin 6th the 5% fractile 
characteristic value of tensile strength of the concrete at the time of release must be considered, which 
2.0 MPa is. 

Since both value of the tensile strength of the concrete is higher, than the calculated spalling stress 
the webs will not have to be cracked. 

Table 1 Numerical results for the transmission length and the spalling stress of the two different 
applications. 

 Transmission length Spalling stress 

Cslab 476 mm 1.96 MPa 

Own application 488 mm 1.82 MPa 

5.2 Comparison of the theoretical values with the real behaviour of the test slabs 
10 pieces test slabs were produced by ASA Construction Ltd. (a company of CONSOLIS) for exam-
ining the spalling effect in a design and also in a production point of view. The measured values of 
the tensile strength of the test slabs at the time of release were at around 3.2 MPa. The summary of 
the behaviour of the test slabs can be seen in table 2. 

Despite of having smaller calculated values for spalling stress than the tensile strength, 70% of 
the test slabs were cracked. In order to get reliable results from the theoretical calculations, the own-
programmed application was calibrated using the test results. Mainly the values belonging to the bond 
conditions were modified considered the effect of the production technology, the concrete technology 
and the early development of the strength of the concrete, which is influenced by the curing process. 

Table 2 Real behaviour of the test slabs considering the spalling cracks with the measured values 
for the camber and for the end-cross-section angling (l.a.c.: loaded against camber) 

Number of 
test slab 

Appearance of 
spalling cracks 

Time of 
appearance 

Camber 
End-cross-section 

angling 
Remark 

TS_01 yes just after lifting 16.4 mm 0.0044 rad l.a.c. 

TS_02 yes just after lifting 17.0 mm 0.0046 rad l.a.c. 

TS_03 no - 15.8 mm 0.0042 rad l.a.c. 

TS_04 yes 1 day later 16.2 mm 0.0044 rad l.a.c. 

TS_05 no - 15.9 mm 0.0042 rad l.a.c. 

TS_06 yes just after lifting 16.4 mm 0.0044 rad l.a.c. 

TS_07 yes just after lifting 16.8 mm 0.0045 rad l.a.c. 

TS_08 yes 2 days later 16.7 mm 0.0045 rad l.a.c. 

TS_09 yes just after lifting 15.9 mm 0.0042 rad l.a.c. 

TS_10 no - 16.3 mm 0.0044 rad l.a.c. 

6 Production aspects of the spalling cracks 

6.1 Calculation of the camber end the end-cross-section angling 

6.1.1 Theoretical basis 
For the theoretical calculation model of the camber the simplest analysis has been taken: full linear 
elastic/plastic behaviour. According to the practical experiences this assumption fits very well for 
hollow core slabs. The basic expression of this model is the following: 
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The end-cross-section angling was calculated using the value of the camber on the basis of a graphic 
model. 

The calculations were done also by using software Cslab and by using our own application. 
Finally, the horizontal displacement of the top point of the end-cross-section was calculated with 

a simple trigonometrically function using the value of the earlier calculated end-cross-section angling 
and knowing the depth of the slab. 

6.1.2 Numerical results 
The final results of the calculations of the two different applications can be found in table 3. 

The practical limit value of the horizontal displacement of the top point is 1.0 mm. This value is a 
characteristic value of the concrete sawing blade using in the production. For the explanation of this 
effect please see figure 4 (left). Since the sawing blades can be different from plant to plant, this value 
must be revised in every new calculation belonging to a different precasting plant. Comparing the 
calculated values with the limit value, the sawing blade will not have to tense, so the webs will not 
have to crack. 

Table 3 Numerical results for the camber, the end-cross-section angling and the horizontal dis-
placement of the top point. 

 Camber End-cross-section angling Horizontal displacement 

Cslab 14.6 mm 0.0036 rad 0.9 mm 

Own application 14.2 mm 0.0034 rad 0.85 mm 

6.2 Comparison of the theoretical values with the real behaviour of the test slabs 
On the one hand the camber and the end-cross-section angling values of the 10 pieces produced test 
slabs were measured at the time of release. The measured values were above the calculated values, as 
can be seen in table 2. In order to be able to approach the real behaviour of the slabs with the calculat-
ed values, our own-programmed application was calibrated using the measured data. Mainly the value 
of the modulus of elasticity and the creep factor was fitted to the local circumstances, which is first 
influenced by the production technology the concrete technology and the curing process. 

On the other hand to examine the effect of the sawing blade 5 more pieces test slabs were sawed 
without loaded them against camber, because according to the 6.1.2 it is not necessary. The result was 
rankling. In two cases the sawing blade tensed so much so that it stopped, and damaged the slab. In 
three cases the sawing blade tensed, but it could saw the slab. After lifting the slab the horizontal 
cracks of the webs were perfectly visible. See figure 3. In spite of having smaller calculated values for 
the horizontal displacement than the limit value, the sawing blade tensed. The explanation is that the 
real values for the horizontal displacement of the 5 test slabs were above the calculated values and 
also above the limit values. 

 

  

Fig. 3 Damaged slabs caused by the stopped tensed concrete sawing blade (left). 
Horizontal cracked webs of a slab caused by the tensed concrete sawing blade (right). 
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If the calculated value for the horizontal displacement is above the limit value two main alternative 
solutions are theoretically useable. Either of them, the sawing of the slabs must be delayed until a 
higher concrete strength is reached. The problem is that this solution decreases the productivity, so it 
is not really useable in the production. The other one is the loading of the slab during sawing against 
camber, which is a useable and productivity solution. See figure 4 (right). 

 

 
 

Fig. 4 Explanation of the effect of the concrete sawing blade (left). Loading of the slab during 
sawing against camber (right). 

7 Conclusions 
In our work the design and production reasons of the horizontal spalling cracks in the webs of the 
hollow core slabs, which can reduce the shear capacity of the slab, were examined. In a design point 
of view the transmission length and the spalling stress, in a production point of view the camber and 
the end-cross-section angling were calculated according to the Hungarian, the European standards and 
FIB Bulletins using software Cslab and using our own-programmed application. 

10 pieces test slabs were produced for comparing the real behaviour of the slab, so the measured 
values with the theoretical calculated values. 

In both cases despite of having fulfilled theoretical requirements, the webs of the slabs were spall-
ing cracked. In order to get reliable results in the future approaching the real behaviour of the slabs 
from the theoretical calculations, the own-programmed application was calibrated using the measured 
values of the test slabs. 

The conclusion is that the expressions given by the standards can’t use perfectly without fitting 
them to the local circumstances. In our case first the values belonging to the bond conditions of the 
strands and the tensile strength of the concrete were modified considered the effect of the production 
technology, the concrete technology (e.g. the shape of the gravels, which influences the tensile 
strength of the concrete) and the early development of the strength of the concrete, which is influ-
enced by the curing process. 

To protect against the tensing of the sawing blade, which is the main production reason of the 
spalling cracks, the loading of the slab during sawing against camber was found as the only efficient 
solution. 
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Abstract 
Hollow core slabs are used in reinforced concrete structures to save material and dead load. Furthermore, 
larger spans can be realised. For slab thicknesses from 20 to 35 cm a flattened type with rotationally 
symmetric flattened forms of hollow cores has been developed. For these slabs, the shear force resistance 
has not been analysed up to now. In addition, the local punching capacity of the upper floor slab section 
and other structural behaviours have not been tested for example.  

Therefore the laboratory allocated to the institute did 16 tests for the shear force resistance and 80 tests 
for the local punching capacity up to today. There will be more tests for example about the special bound-
ary conditions of the new slim hollow core slabs. After the experimental tests, the different load bearing 
behaviours will be analysed and design concepts will be developed. 

1 Preamble 
Hollow core slabs are used in reinforced concrete structures to save material and dead load. Furthermore, 
larger spans can be realised. Consequently, substantial effects on resource conservation and reduction of 
CO2 emissions in the construction business can be achieved. Uniaxial hollow core slabs are state of the 
art.  

During the last years biaxial hollow core slabs became more commonly used. Used types of hollow 
cores are for example "Airdeck", "Beeplate", "BubbleDeck", “Cobiax”, "DONUT TYPE", "UBOOT” 
which are built in sphere, box or in rotationally symmetric formers. In Germany the only type with a 
general building approval [1] for slab thicknesses from 30 to 60 cm has a sphere formed hollow core. For 
slab thicknesses from 20 to 35 cm a new type with rotationally symmetric flattened forms of hollow cores 
has been developed. 
 

  

Fig. 1 Biaxial hollow core slabs: hollow cores in a box form (left), hollow cores with a spherical 
form (middle) and new hollow cores with a rotationally symmetric flattened form (right). 
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So far, there are no design rules for these types of hollow core slabs. The aim of the research project, 
supported by the Federal Ministry of Economics and Technology in Germany, is to develop a design 
concept for such hollow core slabs.  

The following aspects of structural behaviour will be analysed: 

 bending resistance 
 shear force resistance 
 local punching of the upper part of the floor slab section  
 shear reaction at the interface between concrete cast at different times 
 concreting 

For all effects of action experimental tests were and will be done to develop a design concept. The article 
includes the analyses of the shear force resistance and the local punching capacity of the upper part of the 
floor slab section. The testing program, the testing results and the design concept for both aspects of the 
structural behaviour are shown. 

2 Description of the slabs 
The new hollow bodies consist of two shells being not been possible to re-open them. The bodies are 
fixed in holding cages of reinforcing steel. They will be produced in heights from 10 to 22 cm in steps of 
2 cm for slabs from 20 to 35 cm. 

Special features of the design are summarized in Table 1. 
 

 
 


  
Fig. 2 Flattened Hollow body: Open (left), closed (middle) and in a cage (right). 

Table 1 Special features of the design 

Action Special feature Illustration 

bending reduced pressure zone 

 

shear force reduced core area 

 

local punching slim upper part of concrete floor 
slab section  

 

shear at pouring 
interface 

reduced interface zone 

 

concreting depending on the degree of 
flowability 

 

3 Shear force resistance 
Caused by the embedded hollow bodies, the shear resistance is reduced. This is not a big problem for 
normal slabs. The question is what load bearing capacity is left in the weakened slab? The holding cages 
provide a positive influence on the shear resistance. Moreover, the spacing of the hollow bodies and the 
thickness of the upper part of the floor slab section are factors influencing the shear resistance. 
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3.1 Testing program 
A testing program was established that covers the unfavourable situations. Four different situations were 
tested for three times and one reference test was done without hollow cores. We have examined the min-
imum and maximum slab thickness with two concrete strengths for each slab thickness (see Table 2). All 
tests were performed with minimum spacing of test bodies in both directions and the minimum upper part 
of the floor slab section minus an extra value for installation tolerances of 5 mm. In order to realize a 
practical longitudinal reinforcement ratio, we used a high-strength steel St 900/1100. At fig. 2 we see the 
testing specimen for the hollow bodies S-100. Two test runs were done with one testing body. 

Table 2 Testing Program 

Test No. Slab 
thick-
ness 
[cm] 

Slab 
width 

 
[cm] 

Hollow 
body 
height  

[cm] 

Concrete 
strength 

class 

Ratio for longi-
tudinal rein-
forcement 

Number 
of tests 

with 
hollow 
cores  

 Reference 
test 

(no hol-
low cores) 

V-Q-10-20 20 103,5 10 C20/25 0,74% 3 1 

V-Q-10-45 20 138 10 C45/55 0,95% 3 1 

V-Q-22-20 35 103,5 22 C20/25 0,57% 3 1 

V-Q-22-45 35 138 22 C45/55 0,74% 3 1 

 

 
Fig. 3 testing specimen for the smallest slabs. 

3.2 Testing results and design concept 
The hollow core slabs showed no unusual structural behavior. The load carrying capacity was as expected 
lower than such of the regular slabs. As reference the formula 6.2a out of the Eurocode 2 [2] was used. 
The pre-factor CRk,c=0.15 represents the 5% quintile of the shear force capacity. In order to compare the 
testing results, the average of the capacity with CRm,c=0.2 is used. Longitudinal stresses were not taken 
into account. The ratio f shows the ratio of the experimental test load to the average shear force of regular 
slabs. At figure 3 you can see a chart with the ratio f to the concrete strength and a photo of the sheared 
off  specimen with the shear crack running through and next to the hollow bodies. 
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Fig. 4 Reducing factor versus concrete strength (left); sheared off specimens (right)  

The aim of the investigations was to figure out a further pre-factor for the hollow core slabs produced 
with the new flattened type of hollow cores. This is to make the calculation easier for the structural engi-
neers. Figure 3 shows that the smallest ratio to the average shear force capacity was come down to 0.5. It 
is recommended to design the hollow core slabs with the following formula. This means that the design 
load is carried out with a pre-factor CRk,c,Slim Line=0.075 instead of CRk,c=0.15. Following a statistical anal-
ysis similar to the evaluation of local punching, a factor of CRk,c,Slim Line =0.09 would also be acceptable. 
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4 Local punching 
Point loads with small contact areas occur both during construction by formwork support and during 
service lifetime. The upper part of the floor slab section above the hollow bodies shall be formed in such 
way that the local punching is excluded. Since there are no design rules for the local punching resistance 
for this geometry available, small-scale tests were carried out. The tests were anticipated to analyze the 
structural behavior and to establish a design concept. Local punching shear may occur in the compression 
and tension zone. 

4.1 Testing program 
There was carried out a series of experiments to the local punching in the pressure zone and in the tension 
zone. Being on the safe side, the experiments for the compression zone were performed without longitu-
dinal normal stresses. In both series of experiments the following parameters were varied: 

 - Concrete strength (C20/25 and C45/55) 
 - height of the upper part of the floor slab section (ccb = 4.5 and 7.5 cm) 
 - loading area (Aload = 5 x 5 cm and 10 x 10 cm) 
 - hollow body height (hHK = 100 mm and 180 mm) 

The testing program for the local punching action without longitudinal normal stress includes a total of 72 
experiments, of which each 18 tests were performed on one test body, wherein this has been tested from 
both sides (see Fig. 4). 

The testing program for the local punching in the tension zone includes 16 tests. To produce a longi-
tudinal tensile stress in the upper floor slab section, a bending moment was applied with a collet (see Fig. 
4). The bending moment was chosen for a longitudinal tensile stress occurring in the reinforcement at 300 
N/mm². For the test program all minimum and maximum parameters were combined.  
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Fig. 5 Test setup: local punching without normal stress (left) and with tension (right) 

4.2 Testing results and design concept 
All punching tests resulted in a punching cone. The surface line of the cone was punching of the 
edges of the load footing plates starting tangential to hollow out (see Fig. 5). 

We examined various approaches to measure the local punching shear capacity. The best correlation 
between calculated and measured fracture load could be achieved by a design model of the surface of the 
punching cone. 

 

  
Fig. 6 Punching cones from above (left) and in section (right) 

For comparison of the calculated failure loads with the measured failure loads, the quotient of the calcu-
lated ultimate load to failure load is calculated for all experiments. The design is performed with the 5%-
quintile of the concrete strength, reduced by the material safety factor of 1.8, and a pre-factor determined. 
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The factor evaluating the quotient fcal, M is calculated as shown below. The factor ks, 95% is used here to 
determine the lower limit of the one-sided limited statistical area proportion with unknown standard 
deviation of 5%-quintile at a confidence level of 75%. 

5%, ;95%M x s xf m k s  

 

To determine the pre-factor mean value, standard deviation and 5%-quintile of the ratio of computational 
and experimental failure load for various groups in the test combinations are calculated and evaluated.  

As a result of this analysis and other considerations such as limiting the maximum load and the 
consideration of site design equation, the following tolerances are recommended. 

 
in the pressure zone without normal stresses: 

, , 5%, , ( , ) 50
cm mRd Mantle pressure M cal Mantle fF f F kN  

 

 
upper part of the floor slab section in the tension zone: 

, , , ,0,7 35Rd Mantle tension Rd Mantle pressureF F kN    

5 Summary 
Hollow core slabs with biaxial hollow bodies are used in reinforced concrete structures to save material 
and dead load. In addition, larger spans can be realized.  

Affected by the hollow bodies a variety of structural actions have to be analysed. The testing 
program, the testing results and the design concept for the shear resistance and the local punching 
capacity are shown. Further structural reactions are still under investigation. 

The studies indicate that the load-bearing capacity of slim biaxial hollow core slabs with flattened 
void formers are, as expected, lower than given by solid slabs. By considering the design concepts sug-
gested the hollow core slabs can be designed without lack of safety. 

References 
[1] Allgemeine bauaufsichtliche Zulassung Z-15.1-282: Hohlkörperdecke System "COBIAX", DIBt, 

Berlin, 5.2.2010. 

[2] DIN EN 1992-1-1:2011-01: Eurocode 2: Bemessung und Konstruktion von Stahlbeton- und 
Spannbetontragwerken – Teil 1-1: Allgemeine Bemessungsregeln und Regeln für den Hochbau; 
Deutsche Fassung EN 1992-1-1:2004 + AC:2010, Beuth Verlag GmbH, Berlin, 2011. 

90



Proc. of the 9th fib International PhD Symposium in Civil Engineering, July 22 to 25, 2012,  
Karlsruhe Institute of Technology (KIT), Germany, H. S. Müller, M. Haist, F. Acosta (Eds.),  
KIT Scientific Publishing, Karlsruhe, Germany, ISBN 978-3-86644-858-2 

Compressive membrane action in concrete decks 
Sana Amir 

Department of Design and Construction, Structural and Building Engineering, 
Technical University Delft,  
Stevinweg 1, 2628 CN Delft, the Netherlands 
Supervisor: J. C. Walraven, C. van der Veen 

Abstract 
One of the major challenges facing the designers today is to investigate if the old bridges are still safe 
for modern traffic. The current research deals with this question by taking into account compressive 
membrane action (CMA) in determining the capacity of reinforced and transversely prestressed 
concrete decks. CMA can significantly affect the flexural and punching shear strength of deck slabs 
but it is usually neglected for design and assessment purposes. Therefore, a flexural theory was used 
and a punching shear model was modified to fully utilize the effect of strength enhancement by CMA. 
Several experiments done by various researchers have been analysed by using these theories. It was 
concluded that considering CMA in the assessment shows that bridge decks can have a considerably 
larger shear capacity than assumed in the initial design. This is of high significance because in The 
Netherlands about 70 bridges have to be investigated, with very thin decks cast between the flanges of 
long prestressed beams. Using the actual design codes for the verification of the bearing capacity 
leads to values showing that the safety standards are not met. However, theoretical analyses show that 
nevertheless sufficient residual capacity might be available. In order to confirm the validity of the 
calculations large scale laboratory tests are carried out. Variables are the geometry of the deck, the 
confining effect on the punching shear capacity, and the role of transverse prestressing.  

1 Introduction 
In the Netherlands, there are a large number of bridges that were built around 50 years ago or even 
earlier using the design codes and construction methods of that time. Since then, not only the traffic 
loads have increased drastically but codes have also evolved with additional safety requirements 
being incorporated into them. It has been observed that bridge deck slabs in typical beam and slab 
type bridges have inherent strength due to presence of in-plane forces. This is typically defined as 
compressive membrane action (CMA) or arching action and it occurs in slabs with laterally restrained 
edges. This restraint induces compressive membrane forces in the plane of the slab enhancing the 
flexural and punching shear capacities. Therefore, it is possible that such bridges need not to be 
strengthened if CMA of concrete decks is taken into account while assessing their real capacities. 

2 Past research 
Traditionally concrete deck slabs have been designed for bending effects only, with the assumption 
that shear capacity is adequate. However, it has been generally observed that typical bridge deck slabs 
tend to fail in punching shear rather than flexure. A lot of research has been done in past on the 
flexural and punching strengths considering compressive membrane action focusing on reinforced 
concrete bridge deck slabs. CMA was first reported  by Ockleston [1] during tests on a 3-storey 
building in South Africa. Subsequent research in the bending strength area was done by Wood [2] and 
Park [3]. Research conducted at Queen’s University, Canada in the late 1960’s has led to compressive 
membrane action been incorporated in the current Ontario Highway Bridge design Code (OHBDC) 
[4] and the New Zealand Code [5].  

Another rational treatment of the compressive membrane action has been done in the UK 
Highway Agency standard BD81/02 [6] which resulted from the research done at Queen’s University 
Belfast [7-10]. However the UK Highway method is valid more for rigidly restrained decks and 
therefore for deck slabs with low restraint, Taylor’s approach [11] is used.  

The most significant contribution in punching shear considering CMA was made by Hewitt and 
Batchelor (H&B model) [12] who modified the Kinnunen and Nylander (K&N) punching shear 
model [13] by including an empirical restraint factor to show the impact of boundary restraint. Some 
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tests were done in Queen’s University, Kingston, Canada [14] on transversely prestressed concrete 
decks with steel girders and the H&B model was used to evaluate the punching shear capacity. 
However, the tests were done on small scale models and till today there has been insufficient research 
done to include CMA in current codes for prestressed decks with precast concrete girders. Therefore, 
this research aims to investigate transversely prestressed concrete decks after studying reinforced 
concrete deck slab methods in detail. 

3 Load capacity of reinforced concrete decks 

3.1 Flexural capacity 
The method used to calculate the flexural capacity considering CMA are Rankin and Long method. It 
is based on deformation theory and utilizes an elastic-plastic criterion for concrete. The loads carried 
by bending and arching are calculated separately and then added to give the ultimate load capacity 
[8].  

3.2 Punching shear capacity 
The methods used to calculate the punching shear capacity considering CMA are the UK Highway 
Agency standard BD81/02 [6], Taylor’s approach [11] and the modified Hallgren model. 

3.2.1 Modified Hallgren model 
In 1996, Mikael Hallgren proposed a mechanical model of punching based on the model by Kinnunen 
and Nylander [13]. The ultimate tangential concrete strain was the failure criterion in the K&N model 
and was based on a set of semi-empirical expressions developed from the strains measured in punch-
ing shear tests and no size effect was considered. In the Hallgren model, the main modification was 
the ultimate tangential concrete strain derived from a simple fracture mechanics model reflecting both 
the size effect as well as the brittleness of the concrete [15]. The model did not take into consideration 
the lateral restraint, however, it was open for further development by introducing forces from the 
boundary restraint and prestressing. 

Therefore, a modified form of the Hallgren model has been proposed in this paper and applied to 
relevant set of experimental data. In Fig. 1, boundary forces have been introduced into the Hallgren 
model of a slab with diameter or equivalent diameter, C and depth, h. An empirical restraint factor, η, 
proposed by Hewitt and Batchelor [12] is used in the Hallgren model to estimate the boundary forces. 

 

 
Fig. 1 Modified Hallgren Model for CMA  

3.3 Application of CMA theories to experimental data 
Several tests done by various researchers have been analysed by the CMA methods, both in flexure 
and shear but primarily focusing on punching shear as it is more commonly observed failure mode in 
rigidly restrained deck slabs.  

Table 1 and Fig. 2 show comparison of test data (less than rigid restraint slabs) and the ultimate 
capacity calculated by various methods. 
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Table 1 Tests by S. E. Taylor et al [11] 

Test Panel Pt PBS PBD81 Ptaylor  Pmh Pt/PBD81 Pt/Ptaylor Pt/Pmh 

  [kN] [kN] [kN] [kN]  [kN]      

D1 185 49.4 341.1 219.8  219.8 0.54 0.96 0.84 

D2 200 49.3 317.6 206.8  206.8 0.63 1.10 0.97 

D5 150 38 268 164.5  164.5 0.56 0.99 0.91 

D6 182 38.1 276 184.12  184.12 0.66 1.05 0.99 

D7 135 38.1 280.9 155.29  155.29 0.48 1.46 0.87 

D8 157 38.7 274 167.45  167.45 0.57 1.05 0.94 

      Average 0.57 1.10 0.92 

      St. deviation 0.06 0.18 0.057 

 

Table 1 shows that Taylor’s approach and the modified Hallgren model give good results as they 
incorporate deck slabs with less than rigid restraint. The UK Highway BD81/02 shows higher values 
confirming that it is more suitable for rigid boundaries. However, BS5400 gives very conservative 
estimates. Fig. 2 shows tests done on 1:3 scale model of an M-beam bridge deck. Both the modified 
Hallgren and BD81/02 show good estimation of failure loads with the latter being slightly conserva-
tive showing presence of adequate rigidity during tests. However, the flexural capacity method of 
Rankin and Long over estimates the failure load. 

 

 
Fig. 2 Tests by Kirkpatrick et al [9] 

Table 2 shows test results of experiments done on a real bridge. Each panel was intended to be loaded 
to three times the UK service wheel load (337.5kN), while not exceeding a midspan deflection of 
2.5mm. The BS5400 code, BD81/02 and the modified Hallgren were used to predict the capacity. It is 
interesting to observe that while the code methods only gave the ultimate loads, the modified Hallgren 
method could be used to estimate the load corresponding to a certain deflection as well.  

4 Punching shear capacity of transversely prestressed concrete decks 
The methods used to calculate the punching shear capacity considering CMA are the New Zealand 
code [5] and the modified Hallgren model. An equivalent steel ratio was used in place of the pre-
stressing steel ratio to find the capacity using the code. The modified Hallgren method was further 
adapted to include forces by prestressing.  

Table 3 shows results by modified Hallgren model and the New Zealand code applied on tests 
done in Queen’s University, Kingston, Canada. The method of superposition was used to calculate the 
punching load [14]. Both the methods show good results compared to the experimental loads and it 
can be observed that the punching load and hence the membrane action increases with the increasing 
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transverse prestress level (TPL). It is interesting to note that the New Zealand code over estimates the 
capacity at lower transverse prestress levels.  

Table 2 Tests by S. E. Taylor et al [16] 

Test 
Panel 

Deflection 

[mm] 

Pt 

[kN] 

PBD81 

[kN] 

Pmh 

[kN] 

PBS 

[kN] 

PBD81/PBS Pmh/PBS Pt/Pmh 

A1 2.5 333 570.1 401 128.3 4.44 6.75 0.83 

A2 1.5 428 600.8 426.4 178.3 3.37 5.70 1.00 

B1 2.15 344 563.6 381 66.5 8.48 11.07 0.90 

B2 1.15 428 610.4 445.2 92.3 6.61 9.60 0.96 

C1 2.6 333 588 406 66.6 8.83 11.58 0.82 

C2 1.2 428 588 427.5 92.2 6.38 9.24 1.00 

D1 1.85 368 553.5 365 127.9 4.33 5.51 1.01 

D2 1.75 428 568.3 412 177.3 3.21 5.35 1.04 

E1 1.95 392 632.8 484 202.1 3.13 3.89 0.81 

E2 1.6 428 648.7 484.7 280 2.32 3.36 0.88 

F1 1.9 371 566.5 415 199.5 2.84 3.56 0.89 

F2 0.75 428 601.2 464.2 275.2 2.18 3.19 0.92 

      Average 0.92 

      St. deviation 0.08 

5 Future tests 
In the Netherlands, about 70 bridges have to be investigated with very thin decks cast between the 
flanges of long pre-stressed beams. Using the actual design codes for the verification of the bearing 
capacity leads to values showing that the safety standards are not met. However, theoretical analyses 
show that nevertheless sufficient residual capacity might be available. In order to confirm the validity 
of the calculations large scale laboratory tests are carried out. Variables are the geometry of the deck, 
the effect of confinement or the restraint on the punching shear capacity, and the role of transverse 
prestressing.  

Fig. 3 shows the test setup of the 1:2 scale model of the van brienenoord bridge near Rotterdam. 
However, the scale model is still in the design stage and many variables are yet to be determined. To 
ensure adequate confining effect and the failure within the slab portion, girders have been over 
designed and a suitable overhang is provided to the external girders for the development of 
compressive membrane forces. It is expected that a restraint factor, η, of atleast 0.5 will be observed 
during the tests.  

6 Conclusions and recommendation 
The UK Highway Agency BD81/02 gives good results for rigidly restraint deck slabs. However, 
when the restraint is low, the results are unsafe. Also, this method does not allow for the effect of 
varying reinforcement ratio. For such situations, Taylor’s approach is a good tool especially because 
it incorporates both flexural punching and shear punching failures. The New Zealand code can be 
used for transversely prestressed decks.  However, it gives better estimation when the TPL is high. 
Modified Hallgren model gives excellent results both for reinforced and transversely prestressed deck 
slabs, therefore it will be used for future tests as well.  

It would be useful if the actual stiffness and restraint can be calculated as it could lead to better 
estimation of the compressive membrane action. Also, more tests on transversely prestressed decks 
could be done in future to verify results obtained from this research. 
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Table 3 Tests in Queen’s University, Kingston, Canada [14] 

Notations 
Φ Angle of sector element of slab 

B Width of loaded area 

Fb Boundary restraining force 

Mb Boundary restraining moment 

P, Pt Failure load in tests or applied test load 

PBD81 Predicted ultimate capacity from BD81/02 

PBS Predicted ultimate capacity from BS5400 

Ptaylor Failure load according to Taylor’s approach 

Pmh Predicted ultimate capacity from modified Hallgren model  

PNZ Predicted ultimate capacity from the New Zealand code 

PR&L Predicted ultimate capacity from Rankin and Long method 

Rct Horizontal force in concrete crossing the shear crack 

Rsr Horizontal force in reinforcement at right angles to the radial cracks 

Rst Horizontal force in reinforcement crossing the shear crack 

TPL Transverse Prestress Level  

Test 
Panel 

Ap 

[mm2] 

TPL 

[MPa] 

Pt  

[kN] 

Pmh  

[kN] 

PNZ  

[kN] 

Pt/Pmh Pt/PNZ 

SW-1A 0.0869 1.84 53.1 59.77 67.39 0.89 0.79 

SE-1B 0.0869 1.84 53.04 59.77 67.39 0.89 0.79 

CW-2B 0.105 2.15 54.82 64.16 70.45 0.85 0.78 

CE-2B 0.105 2.15 57.26 64.16 70.45 0.89 0.81 

NW-2A 0.1198 2.5 63.85 67.57 71.68 0.94 0.89 

NW-2B 0.1198 2.5 48.7 67.57 71.68 0.72 0.68 

CE-1B 0.14 2.91 74.43 72.08 74.74 1.03 1.00 

CW-1A 0.14 2.91 65.82 72.08 74.74 0.91 0.88 

SE-2B 0.1549 3.32 66.31 75.42 76.58 0.88 0.87 

SW-2A 0.1549 3.32 72.97 75.42 76.58 0.97 0.95 

NE-1B 0.176 3.88 80.54 80.15 79.65 1.00 1.01 

NW-1A 0.176 3.88 77.52 80.15 79.65 0.97 0.97 

CE-1A 0.19 4.37 94.12 83.42 80.87 1.13 1.16 

NE-2A 0.19 4.37 92.28 83.42 80.87 1.11 1.14 

NW-3B 0.19 4.37 80.11 83.42 80.87 0.96 0.99 

CW-4B 0.19 4.37 82.66 83.42 80.87 0.99 1.02 

SE-5B 0.19 4.37 87.3 83,42 80.87 1.05 1.08 

SW-6A 0.19 4.37 92.23 83.42 80.87 1.11 1.14 

     Average 0.96 0.94 

     St. deviation 0.10 0.14 

95



9th fib International PhD Symposium in Civil Engineering 

 
Fig. 3 The scale model test set-up (All linear dimensions are in mm) 
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Abstract 
Research with respect to robustness of (concrete) structures has gained wide interest due to the partial 
collapse of some case examples, such as the famous collapse of the apartment building in Ronan 
Point (UK) in 1968. A very important property of concrete structures with respect to robustness is the 
rigid connectivity with neighbouring elements. When a continuous concrete slab is excessively loaded 
or when a certain support is lost due to an accidental event, membrane forces can be activated in order 
to establish a load transfer to the remaining supports, which can considerably enhance its load-
carrying capacity compared to estimates obtained from small deformation theories. Thus, membrane 
actions can prevent a progressive collapse and increase the robustness of concrete structures.  

Finite element methods allow to simulate the behaviour of concrete plates under these large deforma-
tions. Currently, however, different questions remain unsolved in order to properly assess the mem-
brane actions under large deflections, i.e. the influence of the constitutive laws which are imple-
mented, the modelling of connectivity, fracture mechanical aspects under tensile membrane actions, 
etc. As currently only limited research has been focussing on tensile membrane actions, a novel real-
scale test set-up has been developed in order to assess these actions in real-scale concrete plates. The 
details of this test set-up will be explained and some experimental test results will be discussed. Fi-
nally, the results will be compared with numerical FEM analyses and the influence of different model 
assumptions will be evaluated. 

1 Introduction 
The interest in robustness of concrete structures emerged because of the complete or partial collapse 
of structures like the apartment building at Ronan Point (UK) in 1968 (Wei-Jian Yi et al. (2008)). Due 
to this accident, extensive research on progressive collapse has been established in order to develop 
related design guidelines. However, the explicit interest in the topic slightly decreased in the 1980s 
and the early 1990s. However, the bombing attacks on American buildings in several locations and 
the terrorist attacks on the World Trade Center in New York and the Pentagon in Washington in 2001, 
triggered a renewed interest in this research topic.  

The design of reinforced concrete slabs is usually based on small deformation theories. Regard-
less of which design method is used, deflections and crack widths should remain within acceptable 
limits under service conditions. Despite the large number of slabs designed and built, the advantages 
of the plastic behaviour of slabs are not always recognized or sufficiently taken into account. The risk 
of a structural failure increases in accidental situations, typically combined with large deformations. 
In this case the structural interaction between the different elements becomes important in order to 
provide alternate load paths. According to Li et al. (2007) very large deflections may be induced in 
the floor slabs of a building without causing the collapse of the structure. It was found that this advan-
tage is due to membrane action. Hence, such structural behaviour plays a considerable role in increas-
ing the load-carrying capacity of floor slabs in accidental load situations compared to considering 
only flexural behaviour. 

Previous experimental and theoretical research can be traced back to the early 1920s. Westergaard 
and Slater (1921) examined membrane behaviour in numerous full-scale tests on floor panels tested 
until structural collapse. However, an essential understanding of the membrane behaviour was pro-
vided in the 1960s when a significant amount of research was conducted following Ockleston’s land-
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mark paper of 1955, on the observed membrane action in the tests of the Johannesburg Hospital (Bai-
ley et al. (2008)). Consequently, Wood’s (1961) research resulted in the first systematic analytical 
approach for membrane actions in slabs. 

Fig. 1 illustrates a typical load – deflection curve taken from Park (1964). 
 

 
Fig. 1 Load-deflection curve of a slab with full edge restraint according to Park (1964). 

In case of a rectangular slab panel with perfect edge restraints against lateral displacement due to the 
stiffness of surrounding panels, it was discovered that compressive membrane action is induced as a 
result of restraining the outward movement along the slab edges in the early part of the loading range. 
This may offer a much higher flexural load than the maximum load predicted by Johansen’s (1962) 
Yield Line Theory. After the outermost flexural load has been reached in point B, the diagram shows 
a rapid decrease of the supported load with further deflection as a result of the reduction of compres-
sive membrane forces. Moreover, near point C, membrane forces being in the centre bay of the slab 
reach the stage where they change from compression to tension. The slab boundary restraints start to 
resist inward movement of the edges. Accordingly, cracks extend over the full thickness of the slab 
and the yielding of steel reinforcement is established due to the elongation of the slab surface. It is 
observed that beyond point C the reinforcement acts as a tensile membrane that enables carrying the 
load under increasing deflections. The carried load increases once more until the reinforcement finally 
starts to fracture at point D. Already in 1964, Park stated that knowledge of the region CD in Fig. 1 is 
of importance since, a snap through will occur in point B unless the tensile membrane strength of the 
reinforcement is high enough to absorb the load.  

However, Guice et al. (1989) state that the behaviour of reinforced concrete slabs is not entirely 
understood, in particular when large deflections occur. Researchers involved in case studies of fail-
ures in reinforced concrete slabs noted that an improved theoretical knowledge is necessary to charac-
terise the behaviour of slabs under excessive loading. 

2 Experimental program 

2.1 Test set-up 
In order to investigate the tensile membrane actions under accidental events in more detail, an ex-
perimental test set-up has been developed as illustrated in Fig. 2. The configuration basically con-
sisted of a 160 mm thick and 1800 mm wide reinforced concrete slab strip. The total length of the 
specimen was 14.30 m, whereas the distance of the inner supports and the central support was 4 m 
changing to one span of 8 m at the removal of the latter.  

2.1.1 Vertical support conditions 
Heavily reinforced, transverse edge beams (650 mm x 500 mm x 3200 mm) at the lateral outer edges 
of the concrete slab realised the requested support conditions in vertical and horizontal direction. At 
these edge beams, the specimen was vertically supported on two concrete blocks at each side. Uplift-
ing was prevented  by providing a steel rod (diameter 14 mm) in the centre of the edge beam which 
ran through a vertical hole to a guide rail anchored in the laboratory floor (hence allowing horizontal 
displacements of the end beams).  

Secondly, the slab was supported by a set of inner supports, consisting of concrete walls. The cen-
tre support, however, consisted of an I-beam placed on two concrete columns that in turn were posi-
tioned on an identical I-beam on the floor. In this way, the free space between the two I-beams could 
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be used to locate two identical hydraulic jacks in order to simulate an accidental failure, namely the 
collapse of the central support. Steel rollers with diameter 50 mm were positioned between each 
support and the slab specimen. 

 

 
Fig. 2 Test set-up 

2.1.2 Horizontal support conditions 
In addition, four identical concrete anchor blocks (1300 mm x 400 mm x 1600 mm) established the 
horizontal reaction forces in order to generate tensile membrane actions. A gap in between the edge 
beams and the concrete blocks was used to fix 2 load cells on one side. On the other side, 2 alumin-
ium cylinders with the same deformation behaviour as the load cells were placed in between the 
anchor blocks and the edge beam. The remaining small gap was filled up with thin steel plates at each 
connection point. Thus, the slab was allowed to elongate horizontally, yet was restricted to contract. 
Measurements of horizontal compression forces in the load-cells were recorded.  

2.1.3 Reinforcement 
The longitudinal reinforcement of the slab corresponded to a reinforcement ratio of ρ = 0.50 % (typi-
cal ratio for office buildings). The reinforcement bars were continuous over the entire length of the 
specimen and comprised of 16 bars diameter 10 mm for the bottom and top longitudinal reinforce-
ment, respectively, with a concrete cover of 20 mm. Moreover, the top and bottom reinforcement bars 
were bent at each end in order to properly anchor this reinforcement in the edge beams. A picture of 
the reinforcement in the edge beam is given in Fig. 3 (a) and (b).  

2.1.4 Loading and measurement equipment 
The load was applied by using two hydraulic jacks acting on mortar embedded spreader I-profiles 
over the entire width of the slab. Fig. 2 shows the test set-up with the loading equipment. The loads 
were measured by pressure sensors. The vertical reaction force of the jacks was taken up by an ad-
justable steel frame that was anchored in the strong floor (see also Fig. 2). In the centre span of the 
specimen, another two jacks were positioned between the two I-beams in order to lift up the slab and 
remove the central support.  

Various displacement transducers (LVDTs), strain gauges, potentiometers and dial gauges were 
located at various points in order to record vertical and horizontal displacements over the complete 
length of the specimen.   
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Fig. 3 Reinforcement edge beam           (a)                                                                 (b) 

3 Numerical program 
Considering accidental situations, the robustness related performance of reinforced concrete slabs is 
highly non-linear as a result of non-linear material behaviour and large deflections. The loading pro-
cedure of the test set-up as explained in the next section was numerically simulated by means of the 
FE code DIANA. The specimen had a rectangular cross section of 160 mm x 1800 mm and was 
symmetric to the central support regarding geometry and loading. Consequently, only one quarter of 
the specimen had to be modelled. The elements consist of isoparametric solid brick elements and a 3 
x 3 x 3 integration scheme was used.  

An interphase element enables to model the real boundary conditions between the load cell and 
the concrete specimen as elongation of the slab was not restricted. For the concrete, a fixed crack 
material model was used. For reinforcing steel, the actual stress-strain relationship based on labora-
tory tests was implemented. However, bond-slip behaviour between reinforcement and concrete was 
not yet taken into account. Fig. 4 shows the mesh of the finite element model. 

 

 
Fig. 4 Finite element model initial stage (left) and deformation right before failure [mm] (right) 

4 Test procedure and observations    
The loading procedure was split up into three different phases. During the first phase, the load was 
gradually increased up to a service load of 60 kN for the situation when the central support was pre-
sent. Subsequently, the load was reduced to 0 kN again. Measurements have shown a gradual increase 
of deflections under the two line loads ending up with an approximate displacement of 2.50 mm at 60 
kN. After unloading, deflections of 0.80 mm were measured.  

In a second phase, the central support of the specimen was gradually removed in order to simulate 
a failure of the support and to obtain valuable data regarding the robustness of the specimen. In order 
to remove the support, the hydraulic jacks under the central support slightly lifted the slab up so that 
the concrete spacers could be removed and reaction forces were taken over by these jacks. Thereafter, 
the stroke of those jacks was reduced very slowly, ending in the disconnection of the central support 
and the specimen. Accordingly, the two inner spans of 4 m each, changed to one span of 8 m. A 
reaction force of 42 kN was measured under the central support. 
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The specimen was allowed to bend progressively in the middle span of the slab. Under this simulated 
accidental situation, stresses were redistributed and an alternate load path was established distributing 
the emerging forces to the remaining supports. In summary, the removal of the central support in-
duced a deflection in the centre span of 14 mm.  

Finally, in the third phase, the load was applied again by two line loads as specified in phase one. 
However, unlike in the first phase, load was applied displacement controlled on the specimen until 
failure. Fig. 5 illustrates the load-displacement diagram for the real-scale test as well as for the nu-
merical simulation. The displacement measurements correspond to those under the line loads.  

With regard to the laboratory test, the slab initially elongated under the increasing load. Meas-
urements of horizontal forces could not be taken during this phase as the load cells between the con-
crete blocks and the specimen could only record compression forces. With increasing vertical deflec-
tions of the specimen, however, the slab started to contract again. At point 1 in Fig. 5 (left) the edge 
beam of the specimen and the load cells made contact again. From this point on, the slab was re-
strained against inward horizontal movements. Hence, horizontal forces could be measured in the 
load cells due to the so called catenary action. Considering the load-displacement curve obtained by 
the finite element calculation, this stage was reached slightly earlier compared to the real test situa-
tion.  

As tensile membrane forces developed, the load-displacement curve was increasing again until a 
load of 160 kN per jack and a deflection of 330 mm in point 2 (Fig. 5, left). The top reinforcement 
bars over the left support started to fail consecutively until only the bottom reinforcement of the 
specimen was active over this support. Point 3 designates the rupture of the top reinforcement over 
the right support. From this point on, only the bottom reinforcement established the tensile membrane 
forces until the bottom reinforcement failed as well over the last mentioned support denoted with 
number 4 in Fig. 5 (left) at a load of 180 kN and a deflection under the load of 520 mm. At that point, 
the deflection in the central span of the slab panel amounted to 645 mm.  

Thus, the ultimate load was found to be around three times the load that was calculated to be the 
service load for the two spans of 4 m. The finite element model predicted the load displacement curve 
until point 2 within an acceptable deviation. However, it failed to take the rupture of the top rein-
forcement bars over the support and hereby the development of very large cracks into account. The 
deflection when the failure of the slab occurred was predicted well.  

Fig. 5 (right) gives an overview of the load-displacement curve whereas the deflection was meas-
ured under the load (left axis) in comparison with the development of horizontal membrane forces 
(right axis). As mentioned above, the finite element program predicted the activation of tensile mem-
brane actions somewhat earlier. Nevertheless, the ultimate membrane force was predicted rather 
accurately with a value of 711 kN for the finite element model and 740 kN for the real test.  

 

 
Fig. 5 Load-displacement curve (left) and load-displacement curve in comparison with devel-

opment of membrane forces (right) 

Fig. 6 displays the load displacement behaviour of the specimen calculated by the finite element 
program when the slab was restrained against inward horizontal displacements as well as for a hori-
zontally unrestrained version of the specimen. According to the finite element model, the load-
carrying capacity of the unrestrained version of the specimen was not enhanced significantly due to 
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tension stiffening and, thus, the slab specimen deflected increasingly under approximately the same 
load. Thus, tensile membrane action can indeed favour the load carrying behaviour of reinforced 
concrete structures.  

Finally, Fig. 6 (right) shows a picture of the laboratory test conducted within this study. It gives 
an impression of the slab strip’s bending behaviour shortly before the collapse of the specimen.  

 

 

Fig. 6 Restrained slab model in comparison with unrestrained slab model (left) and picture of the 
laboratory test at a deflection of 635 mm (right) 

5 Conclusions 
The paper presents a novel real-scale testing procedure. The results as well as a numerical verification 
are presented. It has been demonstrated that the development of tensile membrane actions can indeed 
significantly favour the load-carrying capacity in accidental situations of a slab strip when very large 
displacements occur. The ultimate load was found to be around three times the load corresponding to 
the service load for the situation with central support. FE modelling is able to predict the increase in 
the load-carrying capacity due to tensile membrane forces. Although the numerical model is currently 
still being improved, the load-displacement curve until the rupture of the reinforcement bars as well 
as the ultimate membrane force was calculated within a reasonable tolerance.    
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Abstract 
Austrian infrastructure management companies face the problem that their bridge stock contains 
numerous concrete bridges which were built between 1950 and 1995. If these old bridges are re-
analysed according to current code provisions, in many cases the shear capacity is not sufficient. In 
the paper the results of comparative calculations on the shear capacity of old concrete bridges accord-
ing to Eurocode 2 [2] and the new fib Model Code 2010 [5] will be presented. Moreover, recalcula-
tions of tests on fifty year old bridge girders were carried out. It can be shown that current standards 
lead to an underestimation of residual shear strength of prestressed concrete members. Therefore, a 
mechanically consistent shear model is needed, which is able to predict the shear strength of existing 
structures more accurately.  

1 Introduction 
The shear strength of concrete members has been researched for more than 100 years. A mechanically 
consistent model, which makes it possible to predict the shear capacity of existing bridges in a safe 
way, has still not be found. This fact must be considered as problematic because shear failures can 
occur without warning. The behaviour of concrete members in shear is a particularly complex phe-
nomenon, which depends on many different physical parameters. The various bearing mechanisms in 
shear are known, but the mutual influence makes it quite difficult to formulate accurate equations.  
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Fig. 1 Age structure of Austrian highway bridges in 2008 [11] 

Austrian infrastructure management companies face the problem that the most part of their bridge 
stock contains bridges that are older than thirty years (see figure 1). They were designed according to 
ÖNORM B4200 [1], which required none or only little shear reinforcement. This code does not in-
clude any minimum shear reinforcement and the design shear resistance is based on principle stress 
calculations which are compared to allowable stresses. Today’s Austrian standards are based on the 
design provisions of Eurocode 2. Moreover, traffic loads have been increased over the last 50 years. 
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Therefore, assessment of existing bridges becomes more and more important for ensuring the bearing 
capacity and it will be one of the main tasks of structural engineers in the future. 

2 Comparative Calculations of Existing Bridges Concerning Shear Strength 

2.1 Considered Shear Design Approaches 
Within the framework of a research order, comparative calculations were carried out to predict the 
shear capacity of existing bridge structures. The shear strength of these old bridges was recalculated 
according to ÖNORM EN 1992-1-1 (Eurocode 2) and the new Model Code 2010 design procedure. 

All design approaches taken into consideration differ between members without or with shear re-
inforcement. The new Model Code 2010 represents various levels of approximation (LoA) for the 
design and assessment of concrete structures. The first LoA includes the simplest approach and can be 
used for preliminary calculations. In the higher LoA, physical parameters can be better estimated and 
thus the degree of accuracy increases. These equations can be used for designing new structures as 
well as for assessing existing structures such as old bridges. 

2.1.1 Members without Shear Reinforcement 
The shear resistance VRd,c for members without shear reinforcement according to Eurocode 2 repre-
sents a semi empirical equation, which includes the parameters of compressive strength, geometric 
percentage of longitudinal reinforcement, width of a member, axial forces and the inner lever arm.  

The first LoA of the Model Code 2010 is similar to the minimum shear resistance of Eurocode 2, 
since it only depends on compressive strength, width and inner lever arm. The shear resistance for 
members without shear reinforcement of the second LoA is influenced by the longitudinal strain εx at 
the mid-depth of the effective shear depth. These equations are based on the simplified modified 
compression field theory (SMCFT) [6]. 

2.1.2 Members with Shear Reinforcement 
Eurocode 2, as well as the first LoA of Model Code 2010 design approach for members with shear 
reinforcement, are based on a variable angle truss model approach. The second LoA represents a 
generalized stress field approach, which also depends on the state of strain in a concrete member [7]. 
The third LoA is based on the already mentioned simplified modified compression field theory 
(SMCFT). The shear resistance VRd according to SMCFT is composed of a part provided by the shear 
reinforcement VRd,s and a part attributed to the concrete VRd,c. Lower LoA do not include an implicit 
contribution of concrete.  

2.2 Calculative Shear Strength of Existing Bridges 
The comparative calculations aimed to predict the shear resistance of existing Austrian bridge struc-
tures. It shall be demonstrated that these old bridges, as far as shear strength is concerned, may be 
considered safe. Table 1 shows a summary of main parameters concerning these bridges. Seven rein-
forced and two prestressed concrete bridges were analysed. First, the calculation of the shear capacity 
was carried out separately for the main structure in longitudinal direction and subsequently for bridge 
deck slabs in transverse direction of the bridge.  

 

 
Fig. 2 Reinforcement drawing of a typical carriageway slab of a box-girder bridge 

The assessment was carried out with safety values for load and materials according to today’s stan-
dards. The extreme values for shear force were determined by dead load assumed by original static 
calculations and by traffic loads according to ÖNORM EN 1991-2 [4]. Dimensions of the structure, 
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strength class of concrete and reinforcement etc. were taken from the original construction drawings, 
respectively static calculations. Due to the continuous hydration process, the compressive strength of 
concrete increases significantly. The effect of the subsequent hardening of concrete was also taken 
into account. In case of a detailed assessment, the compressive strength should be determined on 
drilled cylinders taken from the considered bridges. Additional to the shear strength, the detailing 
provisions of the shear reinforcement were also checked. The shear resistance was always calculated 
at control sections at a location d from the face of supports or at curtailments of reinforcement.  

Table 1 Summary of parameters of selected existing bridges 

Ob-
ject 

Construc-
tion Height Total 

Length 
Bearing 
System Spans Cross 

Section fck fyk 

[-] [-] [m] [m] [-] [-] [-] [Mpa] [Mpa] 

1 RC 0,8 12,3 Ss 1 Sl 18,3 400 

2 RC 0,85 70 Cs 4 Sl 26,9 400 

3 PC 2,5 39,6 Ss 1 Tb 40 500 

4 RC 0,7 13,7 Ss 1 Sl 18,3 500 

5 RC 0,75 29,2 Fr 3 Sl 26,9 500 

6 RC 0,62 24,8 Ss 2 Sl 26,9 500 

7 PC 2,2 100 Cs 3 Bg 40 500 

8 RC 1,47 105,6 Cs 4 Bg 26,9 400 

9 RC 2,4 33,5 Ss 1 Sl 26,9 400 

Legend: 
RC Reinforced concrete Ss Single-span system Sl Slab 
PC Prestressed concrete Cs Continuous system  Tb T-beam 
 Fr Frame Bg Box-girder 

Table 2 Results of the shear capacity of bridge deck slabs in cross direction 

MC 2010 
 EN 

1991-2 EN 1992-1-1 
Level I Level II  Obj. 

No. Pos. 

d VEd VRd,c,min VRd,c η* VRd,c VRd,c η** 
[-]  [m] [kN/m] [kN/m] [kN/m] [-] [kN/m] [kN/m] [-] 

I 0,28 115 155 153 0,74 145 156 0,74 
3 

I 0,17 119 106 106 1,12 97 138 0,86 

C 0,37 95 154 165 0,57 146 119 0,65 
7 

I 0,19 120 98 111 1,08 88 122 0,99 

I 0,19 153 98 97 1,57 88 87 1,74 

I 0,30 152 127 116 1,19 119 96 1,27 

I 0,19 153 98 112 1,37 88 113 1,35 
8 

I 0,30 152 127 169 0,90 119 190 0,80 

9 I 0,17 132 87 103 1,29 80 123 1,07 

Legend: 
C Cantilever slab *  η = VEd / max(VRd,c,min;VRd,c) 
I Inner slab ** η = VEd / max(VRd,c,(LoA I);VRd,c (LoA II)) 
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The calculated shear capacity, according to Eurocode 2, is considerably lower compared to old Aus-
trian standards [1]. Deficiencies in the calculated shear strength occur especially at bridge deck slabs 
in transverse direction. This can be explained by the fact that carriageway slabs are thin and, in tran-
servse direction, slightly reinforced concrete members (see figure 2). Table 2 shows the results of 
comparative calculations of the shear strength of carriageway slabs in transverse direction according 
to Eurocode 2 and Model Code 2010 provisions. Both design approaches contain two possibilities to 
reduce design shear force:  

 reduction of point loads near supports  
 favourable contribution of inclined tension and compression chords (Vtd and Vccd).  

However, many of the calculated bridge deck slabs do not fulfil the requirements of the Eurocode 2 
design rules, which raises the question whether today’s design rules are too conservative. Tests also 
confirmed the discrepancy in shear capacity of bridge deck slabs [8,9]. The effect of compressive 
membrane action in slabs may lead to higher shear capacities than previously assumed in current 
design approaches. In most cases the new Model Code 2010 implies a higher calculated shear resis-
tance than the Eurocode 2 design approach, although the ULS check for shear cannot always be ful-
filled.  

The recalculation of the slab bridges as well as webs of T-beams and box-girder bridges has 
shown that in most cases, due to the inclined bars which were common at the time, the calculated 
shear carrying capacity of bridges in the longitudinal direction presents no problem.  

Another fact is that the detailing provisions in more or less all considered bridges do not fulfil the 
requirements. Non-compliance of the minimum shear ratio must be considered to be particularly 
problematic, since because of this the ductile behaviour of members cannot be regarded as certain.  

3 Recalculation of Tests on Fifty Year Old Bridge Girders 
Within the framework of the demolition of an underground railway station, the Institute for Structural 
Engineering at the Vienna University of Technology was given the opportunity to carry out large 
scale tests concerning the shear strength of three prestressed bridge girders. The test series were per-
formed in 2008 [10]. The T-beams had the original length of 17.5 m, a slab width of 3.3 m and a 
variable height of 1.15 to 1.40 m. The web contained 14 parabolic tendons St 75/105 Rg Ø 26 mm. 
Close to the support the shear reinforcement consisted of Ø 12 mm with a distance of 250 mm. 

 

 
 

Fig. 3 Test Setup (left) and cross section and reinforcement of web close to the support (right) 

Table 3 Mean values of material properties 

 fcm / fym 
[MPa] 

Ecm 
[MPa] 

Concrete 52,5 38000 

Reinforcement steel 450 209500 

Presstressing steel 780 210000 
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To obtain more information about the shear load carrying behaviour of the structure, the bridge gird-
ers were subjected to a four-point bending. The two loads were applied by hydraulic jacks in variable 
distances from 2.75 up to 3.5 m of the bearings. 

In determining the theoretical shear carrying capacity safety factors were omitted and measured 
mean values of material properties were used (see table 3). The shear strength of the test beams was 
calculated at a location d from the face of supports, which is in dependence to current code provi-
sions. The inclination of the tendons was on average 5 degrees at the critical section. Due to the fact 
that the bridge girders were more than fifty years old, the prestressing losses could not be ignored. 
They were determined according to Eurocode 2 with 30 per cent. The inner lever arm was taken to z = 
0.9·d. 

Table 4 outlines the recalculation results of test beams V2 und V3. Both tests displayed a typical 
flexure-shear failure. The theoretical shear carrying capacity in relation to the experimental shear 
failure load varies between 1.28 and 2.20. It is to be noted that at the load step VRm,test the stirrups 
started to yield. This is in accordance to today’s design approaches. It can be shown that the new 
Model Code 2010 design rules represent the best load prediction in the third Level of Approximation. 
When the stirrups started yielding, the maximum load had not yet been reached. At maximum load, 
the theoretical load carrying capacity in relation to the experimental load ranges between 2.6 and 3.1 
according to the Eurocode 2 approach and in this case the Model Code 2010 predicts the shear resis-
tance most accurately. 

Table 4 Results of the recalculation of the test according to Eurocode 2 [2] and the new Model 
Code 2010 [5] 

contribution of inclined tendons: 
Vpm = 225 kN 

Test V2  
VRm,test = 1373 kN* 

a = 3,25m 

Test V3  
VRm,test = 1572 kN* 

a = 2,75 m 

VRm,calc VRm,calc/ VRm,test VRm,calc VRm,calc/ VRm,test 
Code 

[kN] [-] [kN] [-] 

ÖNORM EN 1992-1-1 713,9 1,92 713,9 2,20 

Model Code 2010: Level I 918,6 1,49 918,6 1,71 

Model Code 2010: Level II 777,6 1,77 819,4 1,92 

Model Code 2010: Level III 1069,7 1,28 1124,8 1,40 

* VRm,test is the maximum load during the test minus the favourable contribution of inclined tendons 

4 Conclusions and Outlook  
This paper has shown that the assessment of existing bridge structures according to current shear 
design rules can be regarded as particularly problematic. Especially bridge deck slabs often do not 
fulfil the ULS check for shear. Also the non-compliance of detailing provisions complicates the ap-
plication of today’s design approaches.  

Recalculation of tests has shown that current standards lead to an underestimation of actual shear 
strength of prestressed concrete members. The predicted shear carrying capacity of current design 
approaches is too conservative. The favourable contribution of the inclined tendons seems to be much 
higher than previously assumed.  

Therefore, a mechanically consistent shear model is needed, which is able to predict the shear 
strength of existing structures more accurately. Then it may be possible to avoid expensive strength-
ening measures or high costs for reconstruction of bridges, which do not show signs that confirmed 
the expectation of a serious insufficiency of shear bearing capacity. Hence, further shear tests will be 
carried out at the Institute for Structural Engineering at the Vienna University of Technology to ob-
tain more information about the real structural behaviour of concrete structures according to shear.  
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Abstract 
The determination of the shear strength of structural concrete beams still is in discussion. Whereas for 
simple design cases code equations based on limit analysis may be used, the evaluation of existing 
structures demands more refined procedures. The Generalised Stress Field Approach (GSFA) enables 
a profound analysis and a general evaluation of a structure. It represents an equilibrium model with 
recognizable physical relevance of the used parameters but takes compatibility into account as well by 
adapting the parameters to the strain state. 

To prove the suitability of the GSFA approach, in this contribution, results of 97 reinforced concrete 
beam tests are evaluated and compared to calculated data. The experimental findings are described 
and the influence of parameters such as e.g. the effective shear depth z is discussed. An iterative 
procedure finally yields the stress band inclination θ and the effective concrete compressive strength 
fce. The calculated shear resistances are compared to the test results and overall, a good correlation is 
obtained. 

The inclination θ depends on the strain state and is usually limited to the range between a maximum 
value θmax and a minimum value θmin. As θmin is associated with steel rupture, it might be dispensable 
when using very high ductile steel. In the case of normal and high ductility steel, a suitable strain-
based definition of θmin is found. Furthermore, it is investigated in which cases an additional shear 
resistance that is attributed to the concrete could be accounted for. 

1 Introduction 
Stress fields enable visualisation of the force flow and provide an established foundation for shear 
design and assessment. They form a widely used method for describing the stress state within a struc-
ture at ultimate. Within this framework, there are different approaches with varying degree of com-
plexity and precision. Conservative results from calculations based on limit analysis are reasonable in 
the design process as the equilibrium solution is associated with low effort. The assessment of exist-
ing structures requires refined methods as the specific stress and strain states have to be considered 
for achieving a more precise result. 

The Generalised Stress Field Approach is an efficient method for assessment cases which yields 
accurate results with manageable effort. It combines equilibrium with implicitly incorporated compat-
ibility through strain dependence with reference to the Cracked Membrane Model [6]. The approach 
provides the background of the Level II and III calculations of the new Model Code [2]. In this con-
tribution, the GSFA is evaluated with the help of 97 selected reinforced concrete beam tests.  

2 Generalised Stress Field Approach 

2.1 Theoretical foundations 
The idea of the Generalised Stress Field Approach is to combine the plasticity based equilibrium 
models with compatibility considerations. Therefore, the generalisation comprises specific limits for 
the stress field inclination angle θ and the strain depending value of the effective concrete compres-
sive strength fce. The approach is presented and discussed in several publications, e.g. in [5]. 
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Fig. 1 (a) Splitting of a beam segment into compression chord, web and tension chord, 
(b) membrane element. 

Figure 1 shows a concrete beam that is notionally splitted into tension and compression chord and the 
web. The latter consists of a conjunction of orthogonally reinforced membrane elements. From equi-
librium and with the assumptions σsz = fyz and –σ2 = fce, the well known design equations for the re-
sistances attributed to the stirrup reinforcement VRs and the concrete struts VRc can be derived. With 
the help of τR = VR / (bw z) and ρz = Asz / (sz bw) the equations may be rearranged and solved for the 
shear strengths of the stirrups τRs and the concrete τRc: 

 cotRs z yzf     (1) 

 sin cosRc cef     (2) 

Asz denotes the cross sectional area of the stirrups with a spacing sz and yield limit fyz. bw represents 
the web width and z is the effective shear depth. The effective concrete compressive strength fce may 
be calculated from concrete cylinder strength '

cf  
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where the factor  1/3'30 / cf diminishes the strength for ' 30 MPacf  due to the more brittle behav-

iour of these concrete types in compression. The strength reduction factor ηc allows the strain state to 
be accounted for: 
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The principal strain ε1 may be calculated as   2

1 2 cotx x         from Mohr’s circle of strains. 

Principal strain ε2 is taken as the peak strain -εc0 at reaching fce where εc0 = 0.002 may be used as a 
suitable approximation. The longitudinal strain εx can be calculated from the longitudinal strain in the 
concrete compression zone and the strain in the longitudinal reinforcement; the value at mid-depth of 
the web shall be decisive. This is an arbitrary definition but harmonises design equations and the 
evaluation of shear tests. 

Limits of the stress field inclination θ can be derived from Mohr’s circle of strains where the rela-
tion 

 2

2

2tan
z

x  
 

  
 (5) 
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may be further deduced. The lower limit θmin is associated with stirrup rupture and therefore the max-
imum stirrup strain εz = εsmu applies. θmax comprises web crushing at the onset of stirrup yielding, so 
εz = εsmy prevails. It takes the consideration of bond to calculate the parameters [5]. As a simplification 
and depending on the steel ductility, a linear approximation is recommended. For normal ductility 
steel, θmin = 20° + 5000εx applies whereas θmin = 16° + 4000εx is appropriate for high ductility steel. 
As the upper limit, θmax = 35° + 5000εx may be used for both. 

2.2 Comparison to experimental findings 

2.2.1 Test beams 
 

 

Fig. 2 Typical setup of beam tests. 

In this contribution, 97 reinforced concrete beams of numerous experimental series [4] are analysed 
with help of the Generalised Stress Field Approach. T-beams as well as beams with a rectangular 
cross section are included. All beams are single span girders subjected to point loads Q at the distance 
a from the support axis. An example of a typical test setup is displayed in Figure 2. Shear strength is 
calculated for the control section at the distance d from the face of the loading plate of the point load. 

In order to avoid disturbing influences, the considered shear tests were filtered. Hence, beams 
with flexural failure were excluded. This criterion comprises obvious flexural failure that is declared 
in the test report. In addition, the plastic bending resistance and the corresponding maximum point 
load Qplast were computed for each of the beams; in the case of Qtest / Qplast ≥ 0.95, the beam was 
excluded. Moreover, a concrete compressive strength ' 15 MPacf  was presupposed to represent a 

common range of concrete strengths. With the assumption of a minimum ratio of a / d > 2.5 short 
beams with possible strut or arch action were eliminated and via a ratio of stirrup spacing to effective 
depth sz / d ≤ 0.65 sound detailing rules were ensured. Finally, a minimum shear reinforcement ratio 
according to the new fib Model Code [2] was considered 

 
'

,min 0.08 c
z

yz

f
f

   (6) 

2.2.2 Parameter variation and results 
Within the GSFA, adoption of several parameters is possible to customise the approach. In order to 
evaluate the beam tests, the relevant parameters have to be determined. 

For computing the effective shear depth z, different methods are possible. Calculation from the 
bending moment at the control section assuming a concrete stress block yields a realistic estimation 
with comparatively high effort. The approach z = 0,9 d is more simple and sufficient for a quick 
estimation on the safe side: z tends to be smaller and, as a consequence, θ as well as the ratio of ob-
served and predicted shear strength increases. Another possibility for T-beams is z = d – 0.5hf where 
hf denotes the depth of the compression chord. Depending on the geometry of the cross section, z is 
once again smaller than based on the two other methods. This is reasonable as the entire chord is 
assumed to account for the concrete compression zone this way. In summary, the difference in z is 
small, but noticeably affects the outcome. Expectedly, best correlation is obtained for the first method 
as it takes the actual configuration into account. 
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Fig. 3 (a) Comparison of predicted and observed shear strengths of 97 beam tests. The data refer 
to a specific selection of the database provided by K.-H. Reineck in [4]. A list of the 97 
beam tests may be requested from the author. (b) Example curves for the shear strength 
depending on the mechanical shear reinforcement ratio and different approaches for θmin. 

An example for the change in shear resistance with increasing mechanical shear reinforcement ratio is 
depicted in Figure 3(b). Note that as the curve depends on material properties and the strain state there 
would be a specific one for each of the test beams. The three parts of the curve that are associated 
with specific failure modes can clearly be identified and in addition, the minimum stirrup reinforce-
ment ratio is clearly apparent. The maximum shear strength is achieved with high stirrup reinforce-
ment ratios and implies web crushing without yielding of the stirrups. This horizontal branch of the 
curve is associated with the upper limit θmax. Instead of using the linear approximation mentioned 
above, the upper limit θmax was calculated from equation (5) with help of –ε2 = εc0 = 0.002 and 
εz = εsmy = 0.8 fyz / Es [5]. 

For medium reinforcement ratios, the curved line implies concrete crushing with yielding of the 
stirrups. θ increases nonlinearly from θmin to θmax with increasing shear reinforcement ratio. By equat-
ing (1) and (2), failure stress of the curved line may be calculated from 

   R z yz ce z yzf f f      (7) 

The lower limit θmin represents stirrup rupture and therefore depends on the yield limit and the ductili-
ty characteristics of the reinforcing steel. The higher the ductility, the lower the minimum angle can 
be chosen. As a simplification, the lower θ-limit may be expressed as a linear approximation. The 
recommended linear approximation in the case of high ductility steel is 

 min 16 4000 x      (8) 

As displayed with a dashed curve in Figure 3(b), the inclination of this linear branch is increased 
compared to the outcome for normal ductility steel. Hence, the affected range of reinforcement ratios 
decreases and simultaneously, the shear resistance for a given shear reinforcement ratio increases. 

The stirrup reinforcement ratio of many of the test beams is rather low and hence, θ tends to be ra-
ther small. Thus, the approach for θmin importantly influences the outcome. In all these tests high 
ductility stirrup steel was used, therefore equation (8) may be applied for ribbed stirrups and leads to 
best correlation between observed and predicted shear strengths. 

Whereas ribbed stirrups provide good bond conditions, in the case of plain stirrup reinforcement, 
concrete cracks and stirrup strains proceed (rather) independently due to the minor bond between steel 
and concrete. Plain stirrups were used in early test series as e.g. by Regan [3] or Bræstrup [1]. A large 
maximum steel strain follows from the used very high-ductile steel, thus, stirrup rupture was hardly 
ever controlling. Therefore, θmin can be neglected. Note that all test beams nevertheless have calculat-
ed stress band inclinations greater than 14°. Another effect of the minor bond is a lower strain impact 

112



Evaluation of shear tests using the generalised stress field approach 

 

on the concrete. Consequently, fce and ηc, respectively should not be that much reduced as with equa-
tions (3) and (4). This imprecision is well balanced by neglecting θmin. 

Especially for small reinforcement ratios, an additional concrete contribution VRc [2] could be ap-
propriate as with decreasing stirrup resistance concrete strength gains in importance. On a trial, this 
approach was used for those of the test beams with θ = θmin but the results did not improve due to the 
fact that θmin hardly ever occurred because the GSFA allows for very small θ-values. In other words, a 
separate concrete contribution is not necessary for cases with ρz > ρz,min as the effect is covered by the 
definition of θmin. Test beams with ρz < ρz,min were not considered. 

Figure 3(a) compares the observed shear strengths τR,exp and the predicted shear strengths τR,pre 
calculated from the GSFA as described above. The observed shear strength refers to the experimental 
results including dead load. An average value τR,exp / τR,pre of 1.11 and a coefficient of variation of 
18% are evidence of a good correlation and prove the accuracy of the approach. The longitudinal 
strains εx are in the range between 0.19·10-3 and 1.32·10-3 and the inclination θ varies between 14.2° 
and 39.0°. Most of the test beams cover the range of low and medium shear reinforcement ratios, the 
vast majority of the test beams refer to mechanical reinforcement ratios ' 0.2z yz cf f   which means 

that the upper limit of shear resistance is not equally approved. 

3 Conclusions 
Whereas classic shear design procedures neglect strain effects and yield conservative results, the 
Generalised Stress Field Approach implicitly incorporates compatibility. The approach forms a com-
promise between simple calculations based on limit analysis and a complex evaluation on the basis of 
the Cracked Membrane Model. As the results depend on the strain state, computation of the affected 
parameters is necessary and an iterative procedure is required. Compared to the results of 97 selected 
beam tests, the findings from the GSFA are remarkably consistent. For this reason, the method suits 
well for the assessment of structures. The influence of various assumptions for z and θmin was elabo-
rately discussed. 

Available shear tests mostly cover low or medium stirrup reinforcement ratios. Evaluation of 
more test beams with high reinforcement ratios would be important for further validating the ap-
proach. Moreover, beams with ρz < ρz,min might be evaluated with regard to the concrete contribution 
VRc. By means of prestressed test members, evaluation would be possible for a wider range of longi-
tudinal strains. The influence of member size ought to be discussed because the findings from small 
test beams are not smoothly transferable to big bridge girders where the strain state in the webs is 
more membrane-like. Previous evaluations [6] have shown that the GSFA also covers the shear be-
haviour of panels quite well but however, also more panel tests should be analysed to further confirm 
this result. 
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Abstract 
Many concrete bridges may be associated to a simple thick slabs structural system. With the increase 
in traffic loads and material degradation, some of these structures need to be strengthened in shear. 
The goal of this research is to study the behaviour of slabs strengthened with post-installed shear 
reinforcement and to provide an analytical method of design. The studied reinforcement methods 
consist in installing rebars into pre-drilled holes in the slab with different anchor systems. The first 
experimental results showed that shear-strengthened slabs can have failure loads 46% higher than an 
unstrengthened slab but 29% lower than the Canadian code prediction for conventional stirrups.   The 
VecTor2 finite element analysis tool will be used to study the parameters influencing the slabs behav-
iour. The first experimental results and associated numerical models outcomes will be presented. 

1 Introduction 
For simple structural systems such as thick slab bridges, it was commonly assumed that the concrete 
was able to resist shear stresses and that stirrups were therefore not required. However, due to the 
increase in traffic loads and material degradation, nowadays some of these thick slabs need to be 
strengthened in shear. In the past, shear strengthening methods have been examined and tested on 
beams. Among them, the addition of near surface mounted rods [1] and the addition of external car-
bon fiber reinforced polymer laminates [2,3] have been suggested. Although these methods can be 
effective on beams, the fact that the reinforcement is installed on either side of the concrete section 
raised the question of their effectiveness on the full width of large elements as slabs. More recently, 
the use of vertical rods anchored into thin slabs with epoxy adhesive to resist punching shear has 
proven to give good results [4]. However, very few studies were performed on thick slabs where the 
size effect can become important with regards to shear performance. Therefore, improved knowledge 
on shear strengthening methods for thick slabs through laboratory testing and numerical means has 
gained wide interest. 

In the present paper, the strengthening methods under investigation consist in steel rebars intro-
duced into pre-drilled holes with different anchor systems: epoxy adhesive, internal and external 
mechanical anchorage. Two series of tests performed on deep beams (slices of slabs) were conducted 
up to shear failure [5,6]. The first set of results showed that while shear-strengthened slabs can exhibit 
failure loads 46% higher compared with the ones of unstrengthened slabs, they showed failure loads 
29% lower than the Canadian code prediction values [7] related to conventional shear reinforcement 
(stirrups). One of the main objectives of the underway research is to adequately predict the increase in 
shear strength of thick slabs strengthened by various methods and to provide basis for a normative 
strengthening design method in light of the experimental and numerical results. To achieve this, the 
proposed finite element models should be able to reproduce the behaviour of the tested beams. Once 
this is achieved, these models will help to perform parametric analysis to study the most important 
parameters influencing the slabs behaviour. The finite element analysis tool, VecTor2, will be used 
herein to study the influence of the relative rigidity of components, material properties and type of 
post-installed reinforcements including their anchorage and geometry. Some of the studied anchorage 
systems exhibited slippage during loading, a phenomena which should be taken into account by the 
numerical models.  
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2 Review of experimental beams tests 
Experimental tests were performed on two (2) series of beams (slices of slab), identified as the PP and 
BC series. The dimensional properties and strengthening rebar arrangements of the tested beams are 
summarized in Table 1 and Figure 1. For both series, each beam had a 4 meters free span, a 610mm 
width “b” and was designed to allow shear failure.  

Table 1 Details of reinforced beams 

Beam  Anchor h 
[mm] 

d 
[mm] 

a/d ρ 
[%] 

s  
[mm] 

s/dv Av 

[mm²] 
fc 

[MPa] 
Ec 
[MPa] 

PP1 Epoxy 450 370 3.60 3.10 240 0.72 400 32.5 28 382 
PP2 Epoxy 450 398 3.35 2.06 260 0.73 200 35.2 30 580 
PP3 Epoxy 750 698 2.87 1.17 470 0.75 400 35.0 29 395 
BC1 Stirrups 750 694 2.88 1.65 380 0.61 400 33.3 25 704 
BC2 Epoxy 750 694 2.88 1.65 380 0.61 400 34.5 26 315 
BC3 Epoxy  750 694 2.88 1.65 380 0.61 400 32.6 25 029 
BC4 HSLG 750 694 2.88 1.65 380 0.61 292 31.5 24 144 
BC5 Bolt 750 694 2.88 1.65 1000 1.60 1290 31.2 25 333 

For all 3 PP beam categories (PP1, PP2 and PP3), 2 unstrengthened beams and 2 strengthened beams 
with the same overall dimensions were tested. In these PP series, the shear strengthening method 
consists in vertical post-installed rebars introduced into pre-drilled holes at specific locations along 
the beams and anchored by epoxy adhesive. This method is similar to that of the beam BC2 illustrated 
at Figure 1. The PP1 and PP3 specimens were strengthened with 2-15M rebars and PP2 specimens 
with 2-10M rebars respectively. The chosen spacing ratio of rebars, s/dv, is close to the maximum 
value of 0.75 allowed by Canadian standards for conventional stirrups. While all specimen where 
simply supported, the PP1 and PP2 specimens were loaded at one-third of their span, whereas the PP3 
specimens were loaded at mid-span. 

 
                    BC1                                  BC2                                 BC3                                BC4                                   BC5  

 
Fig.1 Specimens of BC series. 
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Fig.2 HSLG anchor used for BC4 

The BC series differs from the PP series in terms of reinforcement ratios, transverse reinforcement 
spacing and strengthening methods. The BC1 specimen had stirrups as prescribed by Canadian stan-
dards and therefore was the only specimen of the BC series reinforced in shear before concrete cast-
ing. Similar to the PP3 specimens, the BC2 and BC3 specimens were strengthened with post-install 
15M rebars anchored with epoxy adhesive into pre-drilled holes. The BC3 specimen has the particu-
larity that its rebars overlap at mid height of the beam, over 300mm. The BC4 specimen was 
strengthened with vertical rebars inserted into pre-drilled holes from the top of the beam down to the 
location of the longitudinal rebars. The shear reinforcement is restrained with an anchor plate on the 
top face of the beam and with a mechanical anchorage at the bottom of the vertical rebars (Fig. 2). 
When opened, the shell of the mechanical anchorage exerts lateral pressure on the internal surfaces of 
the hole, which produces a frictional force and anchors the rebar. The BC5 specimen was strength-
ened with one pair of high strength bars inserted in pre-drilled holes and anchored on both top and 
bottom faces of the beam with an anchor plate. Each of the 5 BC beams were loaded at their mid span 
up to failure. Once a side of the beam reached its ultimate loading, this side of the specimen was 
strengthened in shear with external stirrups (Dywidag bars) and the beam was reloaded in order to 
reach the ultimate load of the specimen’s other side.  

2.1  Materials 
The concrete mechanical properties presented in Table 1 were obtained according to standards 
ASTM-C39 and ASTM-C469. According to ASTM E08-04 and ASTM E111-04, the yield strength 
Fy, the ultimate strength Fu and the Young modulus Es of the rebars were 472MPa, 660MPa and 
178GPa respectively. The associate hardening strain was 23 mm/m and the ultimate strain was 114 
mm/m. As specified by the manufacturer, the yield and the ultimate strength of the high strength steel 
bars of the beam BC4 were 642MPa and 800MPa, respectively. The maximum load for the expansive 
mechanical anchor was 84.5kN. The yield strength and the ultimate strength of the Dywidag  bars 
used for the external shear strenthening of beam BC5 beam were 517MPa and 689MPa, respectively. 
A commercially available epoxy adhesive was used for all PP beam series as well as for beams BC1, 
BC2 and BC3. As specified by the manufacturer, the epoxy adhesive mechanical properties were: 
12.4MPa bond strength (ASTM C882-91), 82.7MPa compressive strength (ASTM D-695-96), 
1493MPa compressive modulus (ASTM D-695-96), 43.5MPa tensile strength and 2% elongation at 
failure (ASTM D-638-97).  

3 Numerical model 
The finite element numerical portion of the study is still underway. Up to now, the Vector2 numerical 
tool was used. This finite element software was developed at the University of Toronto for the analy-
sis of two dimensional finite element models of concrete structures with rotating smeared crack. The 
analyses are based on the modified compression field theory (MCFT) [8] and disturbed stress field 
model (DSFM) [9]. With VecTor2, many options are available to model the material’s behaviour. The 
basic options were initially selected. Therefore the steel behaviour is associated to a trilinear law as 
shown in Figure 3. For the tension behaviour of concrete, the σ-ε law is linear up to the tensile 
strength. Beyond this point, the tension softening effect is represented with a bilinear law. The tension 
stiffening effect is also included according to the model of Lee [10]. In compression, the cracked 
concrete behaviour includes compression softening effects and is modelled with equation (1).  

As shown in Figure 4, the beam BC1 was modelled with 2D membrane elements. Because of the 
symmetry of the geometry and loading, half of the beam was modelled. Boundary conditions are 
imposed as follows, X displacements are blocked at mid-span and Y displacements are blocked at 
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support. The supports and the loading plate surface were modelled to best represent the laboratory 
conditions. For the beam BC1, the longitudinal rebars and the stirrups were modelled with truss ele-
ments perfectly linked with the nodes of the finite element mesh. For the beams with epoxy adhesive, 
link elements (spring) may be used to model the potential slippage of the shear reinforcements.  
 

 
Fig.3 Behaviour of steel 
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4  Results and discussion 

4.1 Experimental results 
A summary of experimental results of the strengthened and unstrengthened beams is presented in 
Table 2 and Table 3 respectively. The designation of beam XXY-Z refers to the beam series XX, the 
beam specimens Y and the number of loaded beam (1 or 2 for PP series and Load or Reload for BC 
series). The predicted shear resistance VCSA was calculated according to the Canadian standard [7]. 
This standard is based on the MCFT to define the concrete shear strength Vc and the shear resistance 
provided by shear reinforcements Vs. The shear strength attributed to concrete is the product between 
the tensile strength of concrete and a constant β, which is a function of the concrete strain and the 
crack spacing. The shear resistance attributed to the shear reinforcement is the load which leads to the 
yielding of the reinforcements that intercepts the main shear crack. For the beam BC3, the overlap-
ping of the shear reinforcements is not considered for the calculation of the steel area Av. δult repre-
sents the ultimate deflection at mid-span. 

Table 2 Summary of results for the strengthened beams in shear 

Beam Vexp 

[kN] 
VCSA 

[kN] 
Vexp/ 
VCSA 

Vc-CSA 

[kN] 
Vs-CSA 

[kN] 
Vs-exp**
[kN] 

Vs-exp/ 
Vs-CSA 

δult 

[mm]  
PP1-1 476 603 0.79 214 389 262 0.67 13.6 
PP2-1 293 420 0.70 243 177 50 0.28 6.7 
PP2-2 321 420 0.76 243 177 78 0.44 9.7 
PP3-1 504 705 0.71 355 350 149 0.43 12.2 
PP3-2 519 705 0.74 355 350 164 0.47 11.4 
BC1-L 740 779 0.95 352 427 388 0.91 10.6 
BC1-R 801 779 1.02 352 427 448 1.05 39.5 
BC2-L 756 783 0.97 357 426 399 0.94 11.9 
BC2-R 783 783 1.00 357 426 426 1.00 22.1 
BC3-L 956 776 1.23 349 427* 607 1.42 15.5 
BC3-R 837 776 1.08 349 427* 488 1.14 37.4 
BC4-L 593 796 0.74 362 434 231 0.53 11.5 
BC4-R 604 796 0.76 362 434 242 0.56 16.7 
BC5-L 731 903 0.81 334 569 397 0.70 12.0 
BC5-R 983 903 1.09 334 569 649 1.14 24.3 

* This value is calculated with Av=400mm² ** Vs-exp=Vexp-Vc-CSA 
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Table 3 Summary of results for the unstrengthened beams 

Beam Vexp 

[kN] 
VCSA 

[kN] 
Vexp/ 
VCSA 

Vstrengthened/ 
Vunstrengthened 

δult 

[mm]  
PP1-1 329 275 1.19 1.45 7.5 
PP1-2 330 275 1.20 - 7.6 
PP2-1 283 271 1.04 1.03 6.7 
PP2-2 309 271 1.14 1.04 7.6 
PP3-1 357 375 0.95 1.41 5.0 
PP3-2 355 375 0.95 1.46 4.6 

 

With the results shown in Table 2, it can be observed that the current Canadian standard, as expected, 
does not adequately predict the shear capacity of beams strengthened with post-installed shear rein-
forcement. However, Table 3 shows that, with an average Vexp/VCSA of 1.08 for the unstrengthened 
beams, the Canadian standard adequately predict the shear strength of these beams. With a ratio  
Vs-exp/Vs-CSA between 0.28 and 0.67, the chosen rebar spacing and the anchorage system of strength-
ened beams PP1, PP2 and PP3 do not allow the development of the yield strength of rebars intercept-
ing shear cracks. By comparing the BC series (BC1 through BC4), it can be seen that the selected 
strengthening method has a significant impact on the beam shear strength and the involved shear 
mechanisms. As an example, the expansive mechanical anchorage in beam BC4 has developed only 
53% to 56% of the predicted steel strength. This situation is mainly due to the fact that the bars are 
linked to the concrete section at its top surface and at the expansion anchorage. The deformation of 
the bars is therefore redistributed across their full length rather than having a local deformation at 
crack locations which is the case with bonded rebars. The spacing ratio s/dv has also a significant 
influence on the shear strength. This phenomenon can be examined with the help of PP3 and BC2 
beams respectively. The spacing ratio of 0.75 for the beam PP3 has the effect of allowing main shear 
cracks to progress near the extremities of the shear reinforcements. The crack location enables the 
rebars to be properly anchored and to develop their full strength. The selection of a smaller spacing 
ratio of about 0.6, as for beam BC2, ensures that the rebars are anchored adequately as the main shear 
cracks intercept these rebars near their mid-length. This can also be observed by comparing the 
strengthened and unstrengthened beams of the PP series. With a little smaller spacing ratio, the ratio 
Vstrengthened /Vunstrengthened of the PP1 beams is greater than the PP2 beams. For the selected spacing of 
the beams PP2, the average of 1.04 means that the shear reinforcements have very small effect on 
shear strength. As anticipated, the code predictions are in good agreement with the experimental 
results involving bonded and adequately anchored rebars as it is the case for stirrups for which the 
code provisions are developed.  

4.2 Numerical results and corroboration with experimental tests 
For the loading stage of beam BC1, the finite element model and the experiments show a similar 
behaviour up to about 9.5mm of deflection. At the ultimate shear strength Vexp of 740 kN, the deflec-
tion δult of the beam is 10.6mm, while the FE model predicts a deflection of 15.1mm for an ultimate 
shear strength of 830kN. For the reloading of the beam BC1, one can observe that the maximum 
experimental shear strength obtained is 801kN. According to the FE model, the ratios of shear 
strength VFEM/Vexp are 1.12 and 1.04 for the loading and the reloading respectively. The Figure 4 
compares the cracking pattern obtained experimentally with the one from the FE model. In a smeared 
crack model, each finite element (integration point) that reaches the tensile strength will exhibit a 
crack. However in Figure 4, the cracks with greater openings are illustrated with a bold line. As 
shown, the path of cracks is very well predicted by the FE model. The crack that leads to shear failure 
of the beam is the one that passes through the rows of stirrups S3 and S4. With the recorded strain of 
stirrups well above 23 mm/m, it has been experimentally observed that stirrups S3 and S4 were in the 
strain hardening behaviour state. The FE model supports this information: at ultimate, the maximum 
steel stress at the crack are about 493MPa and 481MPa for the stirrups S3 and S4 respectively, which 
is well above the yield strength of 472MPa.  
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Fig.4 Cracking pattern of the beam BC1 (half beam). Experimental (top) and FE model (bot-

tom) 

5 Conclusions and future works 
The main goal of this research is to adequately predict the increase of shear strength of thick slabs 
subjected to various methods of shear strengthening. For the matter, many slab specimens (beams) 
with different thickness, shear strengthening spacing ratios and strengthening methods were loaded up 
to failure in the laboratory. While the current Canadian standard is not suited for the shear strength 
prediction of post-installed shear reinforcements in general, it can nevertheless provide a first good 
estimate of the ultimate shear strength provided that the rebars are bonded to the section and are 
adequately anchored up to the beam shear failure which is not the case for all tested beams in Table 2. 
In this regard, finite element models can provide useful information. Using the VecTor2 software and 
taking advantage of the symmetry of loading and boundary conditions, half of the beam BC1 was 
modelled. This beam has been cast with standard stirrups with shear reinforcement spacing well under 
the maximum spacing ratio permitted by the Canadian code (0.61 versus 0.75).  

While the numerical modelling part of the research is still underway, one of the first steps was to 
be able to replicate the BC1 beam behaviour. By comparing the experimental and numerical results 
associated to this beam, it appears that its behaviour and its ultimate strength are well evaluated by the 
model. Moreover, the experimental observations during the loading corroborate the crack pattern 
predicted by the model and its progression. As mentioned, the cracks’ progression and pattern have a 
major impact on the shear strength of beams, especially those strengthened with rebars link to the 
concrete section with an epoxy adhesive. Therefore, the next step will be to model this type of shear 
strengthening and compare the numerical outcomes to the experimental results to perform, thereafter, 
an in-depth parametric analysis involving the parameters influencing the shear resistance. The testing 
program has demonstrated that many shear strengthening methods can be used. However, based on 
practical aspects and effectiveness, the use of additional rebars linked to the concrete section with an 
epoxy adhesive seems to be promising provided that geometric constrains are satisfied in order for the 
rebars to remain adequately anchored up to the shear failure.  
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Abstract 
Connections between precast concrete panels are often established by use of protruding U-bars, which 
are interleaved in an in-situ cast joint. Such connections are referred to as loop connections. 

Loop connections can be used to create structural continuity in a bridge deck made of precast concrete 
panels. The capacity of a loop connection to transfer tension from panel to panel is governed either by 
yielding of the U-bars or by failure of the in-situ cast concrete. In present practice, calculation of 
tensile strength and prediction of failure mode are based on empirical formulas. Such formulas have 
the disadvantage that they can only be used when the design parameters are within the range covered 
by the empirical data.  

The goal of this research work is to establish an analytical and design oriented method for strength 
calculation of loop connections. For this purpose, an upper bound plasticity model has been 
developed. From the model it is possible to derive analytical solutions which depend on a number of 
important design parameters. This includes U-bar spacing and diameter; loop diameter; strength of 
lacer bars and strength as well as cross sectional area of the in-situ concrete.  

The model has been compared with experimental results. Satisfactory agreements have been found.    

1 Introduction 
This paper deals with a design-oriented model for calculation of the tensile strength of U-bar loop 
connections between precast concrete panels. 

Loop connections are for instance used in steel-concrete composite bridges where they ensure 
structural integrity between the precast deck elements. Loop connections are established by use of 
protruding U-bars, which are interleaved in an in-situ cast joint. From this a flattened cylindrical 
concrete core confined by the interleaved U-bars is created. 

In practice the engineers will always seek to design the connections in such a way that the yield 
strength of the U-bars is decisive for the tensile strength. However, yielding of U-bars is only possible 
if the connection is secured against premature failure in the concrete core. For the case of concrete 
failure only empirical formulas are available in the literature. Thus an application-oriented and 
analytical model is needed in this case. Such a model will make it possible to design the connection to 
avoid premature concrete failure. 

The model presented in this paper is a plasticity upper bound model. This means that upper bound 
solutions for the ultimate load are developed on the basis of geometrical possible failure mechanisms. 
The model shows that the transverse reinforcement (also called lacer bars) has a great influence on the 
tensile strength of the connection. The model also shows that the tensile strength of the connection is 
greatly influenced by the distance between the U-bars and the cross-sectional area of the concrete 
core.  

As usual when applying plastic theory to structural concrete, it is necessary to introduce the so-
called effectiveness factors for reduction of the concrete compressive strength [1]. In this paper a 
modified version of the effectiveness factor for beam shear will be used as the failure in the concrete 
core of a loop connection is very similar to the shear failure in a continuous beam. 
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The solutions derived are compared with tests found in the literature [2; 3; 4]. These tests confirm that 
the transverse reinforcement, the distance between the U-bars and the area of the concrete core 
influence the tensile strength of the connection in a manner similar to that predicted by the model. 

2 Mechanism analysis and upper bound solution 

2.1 Failure mechanisms with multiple yield lines 
Consider a loop connection as shown in Fig. 1. 

The U-bars protruding from each of the two precast elements are uniformly distributed at spacing 
2a. In the joint adjacent U-bars overlap by H and the distance between overlapping bars is a. A 
transverse lacer bar is placed in the center of the joint, which is filled with in-situ cast concrete. The 
joint is assumed to transfer a tensile force N from one precast element to the other. 

In the case of concrete failure, the mechanism indicated in Fig. 1 is assumed to develop. The 
system of yield lines comprises of diagonal yield lines running between the ends of adjacent U-bars 
and splitting yield lines running from the end of each U-bar toward the nearest surface of a precast 
element. Finally, two yield lines are assumed to develop at the interfaces between the in-situ concrete 
and the precast elements. The system of yield lines divides the in-situ concrete into a number of 
segments that undergo rigid body movement.  

 

          
 
 
Fig. 1 Cross section (a) and plan view (b) of a loop connection with indication of failure 

mechanism 

The plastic energy dissipated in the yield lines is calculated by considering concrete as a modified 
Coulomb material without tensile strength (i.e. ft = 0). 

The splitting yield lines undergo, due to symmetry, pure separation failures. Hence, no energy is 
dissipated in these yield lines as ft = 0 is assumed. For the two yield lines formed in the interfaces 
between the precast elements and the in-situ concrete, it is assumed that the interfaces are smooth 
with a cohesion that is neglectable (at least when subjected to tension). So, in these two yield lines 
energy dissipation is also neglected.  

It appears that only diagonal yield lines need to be considered. This means that it is justifiable to 
simplify the problem to that shown in Fig. 2, where the in-situ concrete outside the overlapping length 
H as well as the concrete cover is neglected. The diagonal yield lines then only cut through the 
concrete core with cross sectional area Ac. The relative displacement between the concrete segments 
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shown in Fig. 2 may then be described as follows. In the direction of N, adjacent segments are 
displaced un relative to each other. This displacement is accompanied by a transverse displacement (in 
the t-direction) causing the segments to be pushed away from the centerline. As indicated in Fig. 2, 
adjacent segments are displaced ut relative to each other in the transverse direction. This means that 
the absolute transverse displacement of the segments gets larger the further away a segment is from 
the center line. The transverse displacement will be counteracted by the transverse reinforcement, 
which is assumed to be rigid-plastic and thus in a state of tensile yielding.  

Dowel action in the U-bars is neglected. The relative displacement vector u = (ut , un) in the 
diagonal yield lines can now be determined by energy minimization. 

It appears that it is only necessary to analyze yield lines emerging from one single U-bar. Then, 
the ultimate load of an entire connection can be determined simply by multiplying the results by the 
number of U-bars.    

 
 

 
 
 
 
Fig. 2 Displacement of the concrete segments 

2.2 Basic solution for one U-bar 
Consider an internal U-bar as shown in Fig. 3. The tensile force, Tu, required to cause sliding failure 
in the two yield lines emerging from the end of the U-bar and resulting in the pull-out of one concrete 
segment will be determine in this section. 

The displacement vector in the yield lines is denoted u = (ut , un) and is inclined by an angle α to 
the yield line. 

The internal work for both yield lines is calculated as follows: ூܹ = 2൫ ஺ܹܣ௦௨௥௙௔௖௘ + ௦்ܣ ௬்݂ݑ௧൯     (1) 

The first term in this formula represents the dissipation in the yield lines and the second term is the 
reinforcement contribution, where AsT and fyT are the area and yield stress of the transverse 
reinforcement, respectively.  

WA is the dissipation per unit area, which for a modified Coulomb material appears as follows, 
[6];   

஺ܹ = ଵଶ ߥ ௖݂ሺ1 − sin  (2)  |࢛|ሻߙ

Where ν is the effectiveness factor (see below) and fc is the uniaxial compressive strength. Finally 
Asurface is the surface area of one diagonal yield line and may be calculated as follows: ܣ௦௨௥௙௔௖௘ = ஺೎ୡ୭ୱఉ  (3) 

Where the angle β is shown in Fig. 3 and Ac is the cross-sectional area of the concrete core and is 
calculated as: 

௧࢛ ௧࢛  ௧࢛  ௧࢛  ௧࢛  ௧࢛   
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௖ܣ = ቐగସ ൫ܦ + 2߶௟௢௢௣൯ଶ + ൫ܪ − ܦ − 2߶௟௢௢௣൯൫ܦ + 2߶௟௢௢௣൯																					for						ܪ ≥ ܦ + 2߶௟௢௢௣ቀ஽ଶ + ߶௟௢௢௣ቁଶ ሺߠ − sin ;					ሻߠ ߠ					 = 2	Arccos ൬1 − ு஽ାଶథ೗೚೚೛൰ 					for						ܪ < ܦ + 2߶௟௢௢௣					(4) 

Here, ߶௟௢௢௣  is the diameter of the U-bars.  
From geometrical considerations, see Fig. 3, the following relations apply: |࢛| = ௨೙ୡ୭ୱሺఈିఉሻ							 ; ௧ݑ							 = ௡ݑ tanሺߙ −   ሻ  (5)ߚ

The external work is: ாܹ = ௨ܶݑ௡ (6) 

An upper bound solution can be found by the work equation, WI = WE, where the relations in (5) 
replace |u| and ut. As a result, an upper bound for Tu that depends on α is obtained. The solution is 
minimized with respect to α. The angle is found to be: 

ߙ = ߚ + Arcsinቌଵିଶ஍/ఔටቀಹೌቁమାଵቍ   (7) 

Here Ф is the transverse reinforcement degree: ߔ = ஺ೞ೅௙೤೅஺೎௙೎   (8) 

 
 

 
 
Fig. 3 Yield lines for a single U-bar 

It is seen from Eq. (7) that α=β when Ф/ν=½ which means that the displacement vector is directed in 
the n-direction. This is the situation where there is no yielding of the transverse reinforcement, and 
the angle obviously cannot be smaller than this.  

By inserting Eq. (7) into the upper bound solution, the optimal solution for a single U-bar is found 
to be: 

௨ܶ = ߥ ௖݂ܣ௖ ቆට4஍஝ ቀ1 − ஍஝ቁ + ቀ௔ுቁଶ − ௔ுቇ								 ; 							஍஝ ≯ ଵଶ  (9) 

2.3 Tensile strength of symmetrical connections 
The term symmetrical connection refers to the definitions of joints given in [3]. A symmetrical 
connection is a connection with the longitudinal reinforcement (the U-bars) placed symmetrically 
about the longitudinal centerline. This implies that the number of U-bars from one precast element is 
ξ while, from the other element the number of protruding U-bars is ξ +1. Hence the tensile strength of 
an entire loop connection may be written as:  
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௨ܰ = minቐߥߦ ௖݂ܣ௖ ቆට4 Φ

ν
ቀ1 − Φ

ν
ቁ + ቀ௔ுቁଶ − ௔ுቇ								 ; 							Φν ≯ ଵଶܣߦ௦௘ ௬݂௟																																																																																  (10) 

Here Ase is the cross sectional area of one U-bar and fyl is the yield stress of the U-bars. 

3 Comparison with test results 
The theory has been compared to test results found in the literature. The tests with symmetrical 
connections include three series with 27 tests [2; 3; 4]. Details of the tests and calculations are 
summarized in [5]. In the published tests, no particular attention was paid to the anchorage of the 
lacer bars. Therefore when calculating the transverse reinforcement contribution, the yield stress fyT is 
reduced by the factor li / lb. Here, li is the distance from the end of the bar to its intercept with yield 
line number i and lb is the anchorage length. Obviously fyT is used when li ≥ la. The anchorage length 
lb is determined according to the Eurocode 2 [6]: ݈௕ = థ೅ସ ௙೤೅ଶ.ଶହ௙೎೟ 							 ; 						 ௖݂௧ = 0.3ሺ ௖݂ − 8ሻଶ/ଷ										for						߶் ≤ 32݉݉  (11) 

Eq. (11) is somewhat conservative because it does not take into account the confinement effects from 
the U-bars. The reduction factor for the strength of the transverse reinforcement is therefore expected 
to be in the interval between one and li / lb. The calculations with and without the reduction factors li / 
lb are compared with the tested strength of loop connections in Figure 4 (a) and (b), respectively. 
 

 
Fig. 4 Comparison of calculated and tested tensile strength of loop connections. Left: 

calculations with strength reduction from the anchorage length. Right: calculations 
without strength reduction of the transverse reinforcement. 

As mentioned, an effectiveness factor ν must be introduced when applying plastic theory to concrete 
structures. The considered failure mode consists of diagonal yield lines and therefore is similar to a 
beam shear mechanism. The formula for the effectiveness factor for beam shear, [1], is: ߥ௕௘௔௠ = ଴.଼଼ඥ௙೎ ቀ1 + ଵ√ுቁ ሺ1 + ሻ்ߩ	26 ≯ 1 (12) 

Here fc is in MPa, H in meters and ρT = AsT / Ac.  

It has been argued that the factor (1+26ρT) accounts for dowel action in the critical cracks, see [7]. 
However, a contribution from dowel action is not possible when the tensile yielding capacity of the 
transverse reinforcement is fully utilized. For that reason the factor (1+26ρT) is not included in the 
calculation of the effectiveness factor for a connection with U-bars. The effectiveness factor is then 
calculated by: ߥ = ଴.଼଼ඥ௙೎ ቀ1 + ଵ√ுቁ ≯ 1 (13) 
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The test series from [4] consisted of 15 specimens having one U-bar overlapping two U-bars (i.e. ξ = 
1). The other two series consisted of multiple U-bar connections with three and two U-bars 
overlapping four and three U-bars, respectively (i.e. ξ = 3 and 2). 

The concrete compressive strength varied from 28.5 – 64.0 MPa. The aspect ratio a/H varied from 
0.25–2.0. The inner bend diameter of the U-bars was D = 47.7mm in the test series from [2] and D = 
80mm in the test series from [4]. In the test series from [3] the diameter D varied from 96-155mm. 

A positive correlation is seen between the calculated and the tested ultimate tensile strength. 
However, when the overlapping length of the U-bars is very small (H<<D) the strength is 
underestimated by the theory (see the two tests from [5] having the largest deviation from the theory).  

The mean value and the standard deviation for the ratio Nu,cal / Nu,test, when accounting for the 
anchorage length as described in Eurocode 2, are 0.88 and 0.17, respectively. However, if only the 
tests with ܪ − 2߶௟௢௢௣ >  are taken into account (i.e. all specimens except the two tests with 2/ܦ
H<<D) the mean value and the standard deviation change to 0.92 and 0.13, respectively. If the 
strength is calculated using the yield strength without any reduction factor the mean value and 
standard deviation is calculated to 0.96 and 0.13, respectively (when not taking the two tests with 
H<<D into account). 

4 Conclusions 
An upper bound solution for the tensile strength of loop connections between precast concrete panels 
has been presented. The solution covers the situation where concrete failure is governing. Positive 
correlation between the solution and test results found in the literature was seen. However, when the 
overlapping length of the U-bars is considerably smaller than the bend diameter of the U-bars, the 
tensile strength is underestimated by the model.  

It was found from the upper bound solution that the transverse reinforcement has a significant 
influence on the tensile capacity. It was also found that the ratio a/H and the size of the concrete core 
confined by the overlapping U-bars are important for the tensile capacity.  

5 Future work 
Since only 27 tests could be found from the literature, and only 16 of these tests failed as concrete 
failure, there is a need for additional tests. The new test series should be made with varying transverse 
reinforcement degree (i.e. varying the area of the concrete core and the transverse lacer bars) to 
investigate if the effect of the transverse reinforcement is as high as the model predicts.  

This paper deals with the situation of symmetric loop connections. Since asymmetric connections 
are also used in practice it could be interesting to find a solution for asymmetric connections as well.  

Furthermore connections subjected to combined bending and tension forces should also be 
investigated since such combined loading is often seen in connections between bridge deck elements. 
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Abstract 
Although early-age thermal–moisture effects are believed to be typical for massive concrete struc-
tures, thermal–shrinkage cracking may develop even in medium-thick structures if they are externally 
restrained. The goal of the research was to assess the cracking risk of such structures on the example 
of an RC wall cast against an old set foundation. A numerical model was prepared allowing of a 
multi-parameter investigation of thermal–moisture effects. The influence of concrete mix composition 
and curing conditions was analysed. The analysis confirmed that thermal–shrinkage cracking is a 
problem in early-age externally restrained concrete structures, yet it was proved that proper choice of 
mix composition and curing technology can reduce cracking risk to a great extent. 

1 Introduction 

1.1 Development of cracks in RC wall 
Exothermic nature of cement hydration leads to development of significant temperatures in early-age 
concrete structures accompanied with moisture removal out of the structure. As a result, additional 
stresses occur in the element due to the consequent non-uniform volumetric changes. These stresses 
can reach significant values and may lead to early-age cracking of the structure, which has a signifi-
cant influence on its durability. 

The problem of thermal–shrinkage cracking of early-age concrete structures is well-known in 
massive concrete elements [1], however, cracks are also observed in newly constructed medium-thick 
concrete elements with limited possibility to deform [2] such as RC walls cast against an old set 
foundation (tanks walls [3], retaining walls, abutments [4]), walls being in contact with ground (tun-
nel walls) or walls cast in stages (massive containers walls [5]). Cracks, especially deep or through 
cracks, may adversely affect the serviceability, lifespan or even bearing capacity of a concrete struc-
ture. Cracking of liquid tanks walls endangers their tightness while in nuclear containers may promote 
leakage of radioactive elements into the environment during service life of the container. Early-age 
cracking also reduces the element’s capacity and may lead to structural collapse as a result of unfore-
seen overpressure. 

The thermal–shrinkage cracks in RC walls are non-structural cracks which occur because of a re-
straint of volume change. There are two main types of restraints: internal and external. The internal 
restraint is generated as a result of temperature and moisture gradients within the volume of the ele-
ment and leads to formation of self-induced stresses. The external restraint is a limitation of defor-
mation of the wall caused by more mature and stable concrete of previously cast foundation and as  
a result restraint stresses occur. Although considerable temperatures may develop in RC walls, be-
cause of relatively small thickness of the elements there are small temperature and moisture gradients 
in the elements sections. Nevertheless, walls (especially tanks walls) represent a high length-to-height 
ratio which causes relatively large restraints, thus developing stresses are of the restraint origin [6]. 

In newly constructed RC walls a uniform distribution of vertical cracks develops along the entire 
span of the structure. A typical pattern of cracking due to the edge restraint of a wall is shown in 
Fig. 1, assuming that the base is rigid. Restraint horizontal forces develop along the construction joint 
as a reaction to instantaneous deformation of the wall due to thermal–moisture effects. The observed 
cracks are vertical in the midspan of the wall and tend to splay towards free ends where a vertical 
force is required to balance the tendency of the horizontal force to warp the wall. A horizontal crack 
may occur at the construction joint at the ends of the wall due to this warping restraint. It is worth 
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noticing that although cracks start to develop at the construction joint between the wall and the foun-
dation, the maximum width of crack occurs at some height above the joint [4, 8]. 

 

Fig. 1 Typical cracking pattern in an externally restrained RC wall. 

1.2 Factors affecting the risk of early-age cracking and methods to reduce it 
The goal of the research was to investigate the role of various factors in development of thermal– 
shrinkage stresses leading to crack formation of externally restrained medium-thick concrete struc-
tures on the example of an RC wall cast against an old set foundation. 

The most important factor when analysing early-age thermal–shrinkage stresses in concrete ele-
ments is the temperature development in the element. The complex variables that affect the tempera-
ture increase rate and the maximum temperature as well as the temperature difference are [2]: 

 thermal properties of concrete dependent on the amount and properties of concrete compo-
nents, especially the amount and kind of cement (total amount of hydration heat, heat evolu-
tion rate, specific heat, thermal conductivity); 

 conditions during casting and curing of concrete (initial temperature of concrete, type of 
formwork, the use of insulation or cooling); 

 technology of concreting (e.g. segmental concreting); 
 environmental conditions (ambient temperature, wind, humidity); 
 dimensions and geometry of the concrete structure. 

Potential solutions to minimise high temperatures and temperature differences in early-age concrete 
are referred to factors listed above. Currently used methods include optimal concrete mix design, 
concrete cooling before or after placement, the use of smaller placements as well as insulation.  

Mechanical properties of maturing concrete such as strength development or elastic and viscous 
behaviour of concrete subjected to high levels of stresses and elevated temperatures are also of great 
importance in development of early-age stresses. Moreover, in case of restrained structures such as 
walls the degree of restraint also influences distribution of stresses [7, 8]. 

2 Research methodology 

2.1 Strategy 
The influence of various factors on development of thermal–shrinkage stresses and cracking risk in 
RC wall was investigated in a multi-parameter numerical analysis. A numerical model was developed 
at the Department of Structural Engineering of the Silesian University of Technology and implement-
ed in a set of programs [9, 10]. The wall was modelled with use of the software and analysed consid-
ering different parameters, such as the ambient temperature, the difference between the ambient and 
the initial concrete mix temperature, the time of formwork removal and a fresh concrete mix composi-
tion – especially the type and amount of cement. The resultant values of stresses were compared.  

 
Fig. 2 Axiatoric section of failure surface. 
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The cracking risk was expressed by means of the damage intensity factor. The possibility of crack 
occurrence was defined on the basis of the location of the point representing the stress state with 
respect to the failure surface. This location was referred to as the damage intensity factor and de-
scribed as sl = τoct/τfoct acc. to Fig. 2. The damage intensity factor equal to 1 is equivalent to the stress 
reaching the failure surface and signifies failure of the element. Character of this failure depends on 
the location where the failure surface is reached [9, 10]. In the further presented examples reaching 
the failure surface always occurred within the range of hydrostatic tensile stresses which was equiva-
lent to crack formation in the plane perpendicular to the direction of the maximum principal stress. 

2.2 Numerical model 
The presented numerical model can be classified as a phenomenological model. The influence  
of mechanical fields on temperature and moisture fields was neglected, but thermal–moisture fields 
were modelled using coupled equations of thermodiffusion. The complex analysis of a structure 
consists of three steps. The first step is related to determination of temperature and moisture devel-
opment, in the second step thermal–shrinkage strains are calculated and these are used as an input for 
computation of stress in the last step. For the purpose of determination of the stress state in early-age 
concrete structures a viscoelasto–viscoplastic model with a consistent conception was proposed. With 
respect to the engineering application of the theoretical models, the computer programs were devel-
oped: TEMWIL for determination of thermal–moisture fields, MAFEM_VEVP for determination of 
stress states and MAFEM3D user interface for data preparation and presentation of results [9, 10]. 

3 Analysis of the RC wall 

3.1 Basic case 
The analysed wall was assumed to have 20 m of length, 4 m of height and 70 cm of thickness, sup-
ported on a 4-m wide and 70-cm deep strip foundation of the same length. The wall and the founda-
tion were assumed to be reinforced with a near-surface reinforcing nets of ø16 bars (RB400 steel). 
The wall was reinforced at both surfaces with horizontal spacing of 20 cm and vertical spacing of 
15 cm. The foundation was reinforced with 20 cm × 20 cm spacing at the top and bottom surfaces. 
Due to double symmetry of the structure the model for finite element analysis was created for ¼ of 
the wall. Final geometry of the wall with a mesh of finite elements is presented in Fig. 3. 

 
Fig. 3 Geometry of the wall with the finite element mesh. 

The material properties of the foundation were assumed as for 28-day concrete, i.e. the compressive 
strength fcm = 35 MPa, the tensile strength fctm = 3 MPa and the modulus of elasticity Ecm = 32 GPa. 
For the wall, development of material properties was assumed according to CEB-FIP MC90. Detailed 
material, environmental and technological parameters for the basic case were taken as: 

 composition of fresh concrete mix: cement CEM I 42.5R – 375 kg/m3, water – 170 kg/m3, ag-
gregate (granite) – 1868 kg/m3; 

 ambient temperature Tz = 25°C, initial concrete mix temperature Tp = Tz = 25°C; 
 wooden formwork of 1.8 cm plywood at side surfaces, removed after 28 days, protection of 

top surface with foil. 

131



9th fib International PhD Symposium in Civil Engineering 

The values of parameters taken in numerical analysis are presented in Table 1. The initial temperature 
of the foundation concrete was taken as equal to the ambient temperature Tz. The parameters connect-
ed with temperature and moisture migration in the wall after formwork removal were assumed as for 
a free, unprotected surface. 

Table 1 Thermal–moisture parameters assumed in numerical analysis  

 

Fig. 4 (left) shows stress development in time for the interior and the surface of the wall. A typical, 
two-phase (compressive–tensile) character was observed. It must be noted that greater stresses oc-
curred in the interior of the wall because the wall was detained in formwork until it cooled down. The 
difference between the internal and surface stresses results from self-induced stress component caused 
by temperature and moisture differences in the section [6]. Fig. 4 (right) presents stress distribution in 
the internal mid-span cross-section of the wall after 19 days of curing. A characteristic stress distribu-
tion can be observed which results from the restraint exerted by the foundation [8].  

 

 
Fig. 4 Stresses in the RC wall: development in time (left) and distribution at the height of the 

wall, in its mid-span section after 19 days of concrete curing (right). 

3.2 Parametric study 
The impact of various parameters on cracking risk was investigated. As the measure of cracking risk 
the maximum value of damage intensity factor was taken. It should be noted that in each of the ana-
lysed cases the character of the observed stress development in time as well as the stress and damage 
intensity factor distribution at the height of the wall complied with the diagrams presented in Fig. 4. 
The maximum cracking risk was observed at the height of 0.9÷1.5 m above the foundation; in more 
loaded walls it concentrated closer to the foundation joint. 

thermal fields moisture fields 

λ, [W/(m·K)] 2.52 qv, [W/m3] acc. to equation: ܳሺܶ, ሻݐ ൌ ܳஶ݁ି௔௧೐షబ.ఱ (1) cb, [kJ/(kg·K)] 0.95 

ρ, [kg/m3] 2413 K, [m3/J] 0.3·10-9 

αTT, [m2/s] 7.29·10-7 αWW, [m2/s] 0.6·10-9 

αTW, [(m2·K)/s] 9.375·10-5 αWT, [m2/(s·K)] 2·10-11 

αp, [W/(m2·K)] 6.00 no covering(2) 

5.80 foil 

3.58 formwork 

βp, [m/s] 2.78·10-8 no covering(2) 

0.10·10-8 foil 

0.18·10-8formwork 

αT, [1/°C] 0.00001 αW 0.002 
(1) the value of Q∞ = 508 kJ/kg and coefficient a was described as a = 513.62te

–0.17, which complies 
with test results of heat development for CEM I 42.5R 
(2) without considering the influence of wind 
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Firstly, the influence of the ambient temperature and the temperature difference was checked. The 
following cases were taken into consideration: external temperature of 15, 20 and 25°C, without pre-
cooling of concrete mix, and additionally in each case lowering of the mix initial temperature by 5 
and 10°C. Diagrams in Fig. 5 (left) present juxtaposition of maximum damage intensity factor values 
in all the analysed cases. It is visible that lower ambient temperature posed smaller risk of cracking, 
although this difference was not significant. Pre-cooling of concrete mix was very beneficial for the 
structure. Lowering of the initial temperature by 5°C and 10°C reduced the cracking risk in the interi-
or by as much as 17% and 30% while on the surface by 25% and 35%, respectively. 

Then it was investigated how the time of formwork removal influences the cracking risk of the 
wall. Under the assumption of the external temperature being 15, 20 and 25°C and without initial 
cooling of concrete mix two cases were compared: the first in which the wall was detained in form-
work for the whole analysed time and the second in which the formwork was removed after 3 days. 
Comparison of cracking risk is presented in Fig. 5 (right). Early formwork removal resulted in accel-
erated heat and moisture removal out of the structure and led to significant increase in stresses, espe-
cially in near-surface areas. That is why damage intensity factor increase was observed. Although not 
so considerable in the interior, the risk of cracking almost doubled on the surface of the wall.  

 

 
Fig. 5 Cracking risk: the influence of temperature (left) and time of formwork removal (right). 

The influence of concrete mix composition was also analysed focusing on the type and amount of 
cement. In each case a mix was designed under the assumption that the final values of mechanical 
parameters of mature concrete were the same. Considered mixes are shown in Table 2. 

Table 2 Composition and thermo-physical parameters of concrete mixes 

 

Fig. 6 (left) shows the damage intensity factor development in time for concrete mixes with different 
types of cements while Fig.6 (right) presents the comparison of cracking risk depending on the type 
and amount of cement. For concrete mixes with the same type of cement there was a direct correla-
tion: greater amounts of cement generated more heat and exerted greater stresses on the structure thus 
posing higher risk of cracking. When different types of cements were used, the relationship was not 

 Mix 1 Mix 2 Mix 3 Mix 4 Mix 5 

Cement  CEM II B-S 42.5R CEM III/A 42.5N CEM V/A 32.5R CEM I 42.5R 

[kg/m3] 375  375 375 325 425 

a 480.51te
–0.115 475.70te

–0.093 473.72te
–0.091 513.62te

–0.17 

Q∞ [kJ/kg] 466  469 396 508 

Water [kg/m3] 170 170 151 147 193 

Aggr. [kg/m3] 1868 1868 1918 1973 1762 

Adm.[kg/m3] - - 8 8 7 

λ [W/(mK)] 2.52 2.52 2.53 2.45 2.57 

cb
 [kJ/(kgK)] 0.95 0.95 0.92 0.99 0.92 
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that straightforward because there are two factors of importance: total amount of heat together with its 
development rate and the rate of mechanical parameters development. Cements with lower hydration 
heat generate lower hardening temperatures, however, they usually have lower rate of mechanical 
parameters development. Therefore, until the concrete hardens, the value of the elasticity modulus of 
the element is lower comparing to the elements made of cements with fast strength development. It is 
a serious issue in restrained concrete structures where stresses arise mainly as a result of an external 
restraint such as a stiffer foundation (greater foundation-to-wall moduli ratio [7, 8]).  

 

 

Fig. 6 Influence of mix composition on cracking risk in the wall: development in time for differ-
ent cement types (left) and max. values for different cement types and amounts (right). 

4 Conclusions 
The phenomenon of crack development in young concrete structures is not only the problem of mas-
sive concrete structures but also externally restrained structures of smaller dimensions. The paper 
discusses the cracking risk of RC walls by means of a numerical analysis with the original software. 

It was proved that adequate choice of technology and curing conditions can reduce the risk of 
cracking of RC walls. Application of lower hydration heat cements may also have a positive effect on 
reduction of heat generated in young concrete elements but special attention must be paid to the rate 
of strength development in the elements as there is a direct correlation between the two. 
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Abstract 
The general aim of this work is to define the framework for predictive modeling of coupling beams 
made of or retrofitted with High Performance Fiber Reinforced Cementitious Composites HPFRCCs. 
This will be done by verifying the accuracy of different modeling techniques at different modeling 
scales. In details two approaches will discussed: 1) a “material level based approach and 2) a “struc-
tural element based” one. The first provides a detailed description at the material level and the latter a 
reasonable accuracy at the level of global response under complex loading paths and higher efficiency 
in terms of time running.  Finally, the second model will be used to predict the performance of poorly 
designed coupling beams reinforced with HPFRCC layer.  

1 Introduction 
Coupling beams as interconnection of shear walls in earthquake-resistant structures have to be de-
signed with the purpose of transmitting the forces resulting from earthquake excitation between the 
different shafts the wall consists of. In practice, achieving a realistic transfer of force requires careful 
arrangement of the reinforcement, which may result in details difficult to be executed. During the last 
decade several promising studies have been conducted (Canbolat et al. 2005; Lequesne 2011) aimed 
at improving the structural behavior of coupling beams using HPFRCC as an alternative replacement 
of the traditional concrete, allowing the reinforcement reduction and a simplified detailing. Such an 
alternative has also been shown to drastically improve energy dissipation capacity, besides highlight-
ing a simpler constructability. 

Progressive deterioration of existing r/c structures is highlighting the urgent need of repairing and 
strengthening structural elements in order to make the structure to perform as intended or anticipated 
or simply to make it complying with updated and, not seldom, more rigorous and stringent design 
provisions. Because of this, the use of High Performance Fiber Reinforced Cementitious Composites 
(HPFRCCs) has become an attractive solution within the research community, particularly for reha-
bilitation of slender beams and columns (Martinola 2010; Shin 2011). As a matter of fact reliable 
approaches to predict the behavior of HPFRCC coupling beams and transfer the garnered knowledge 
into reliable design prescriptions are so far lacking, also because of this still ongoing evolution of 
code prescriptions concerning structural applications of Fiber Reinforced Concrete. 

This paper focuses on the predictive modeling of coupling beams made of or retrofitted with 
HPFRCCs. The problem has been first of all investigated at the “material level”, employing the 
“Crush-Crack” damage model (di Prisco and Mazars, 1996; Ferrara and di Prisco, 2001) to model the 
behavior of HPFRCC, as experimentally identified by means of a dedicated experimental campaign 
(Ferrara et al. 2012). The tensile behavior of HPFRCC has been described by piecewise linear func-
tions consistent with prescriptions contained in Model Code 2010. The same numerical approach has 
been then applied to model the behavior of HPFRCC coupling beams under monotonic loading, mak-
ing reference to the experimental campaign performed by Canbolat et al. (2005) on 4 individual cou-
pling beams, cast with either conventional reinforced concrete or HPFRCCs and different reinforce-
ment arrangements. Continuum Damage Modelling allowed a deeper insight to be cast into local 
phenomena occurring in the tested specimens along the loading path.  

Finally a fiber Timoshenko beam element, incorporating reliable description of unilateral effects 
of concrete cyclic behavior as well as suitable assumptions resulting from the previous modeling 
phase, has been adopted to predict the cyclic behavior of coupling beams made of or retrofitted with 
HPFRCCs. This work has to be intended as a preliminary step, though limited to a peculiar case, 
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towards the incorporation of high performance fiber reinforced cementitious composites into design 
of new and retrofitting of either damaged or poorly designed earthquake resistant structures. 

2 Material properties  
The strengthening material herein investigated consists of a self leveling high strength mortar rein-
forced with 100 kg/m3 steel fibers (lf = 13 mm; df = 0.16 mm). Its tensile behavior has been character-
ized by using an innovative testing technique known as Double Edge Wedge Splitting (DEWS – Fig. 
1 a; see di Prisco et al., 2010). To this purpose, 18 DEWS square tiles have been extracted from a 
slab, 1000 mm long 500 mm wide and 30 mm thick, cast with the material at issue, where the wedge-
preordained fracture planes were either normal or parallel to the casting flow lines (Fig. 1b- Ferrara et 
al., 2012). The experimental results, shown in Fig. 1-c in terms of tensile stress vs. Crack Opening 
Displacement (COD), highlight that the same material can exhibit either hardening or softening post-
cracking behavior in tension due to flow induced alignment of the fibres to the applied tensile stress. 
For numerical investigations the curves with highest and lowest tensile capacity have been chosen. 
 

 
(a) 

 
 

 
(c) 

 (b) 

Fig. 1 DEWS test setup (a); cast slab and DEWS specimen cutting (b); stress-COD curves (c) 

3 Constitutive laws for HPFRCC 
Experimental results have shown that the orientation of fibers, triggered by the casting flow, may 
generate an orthotropic material behavior. Based on these considerations, a different procedure has 
been herein adopted to describe the mechanical response of cementitious composite in tension, 
whether strain softening (for unfavorable fiber orientation) (Fig. 2-a) or hardening (for favorable 
orientation) (Fig. 2-b). The constitutive curves are modeled by valuable reduced number of parame-
ters assigning the points of peak (fct) and residual stresses (fR,1 and fR,3) at crack opening displace-
ments equal to 0.25 mm and 1.25, such threshold being absolute or referred to the COD value at peak 
in case of a strain softening or hardening material respectively. 
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(a) (b)  
Fig. 2 Stress-strain relationship for: a) strain softening and b) strain hardening HPFRCCs 

4 Numerical modeling approaches 

4.1  HPFRCC behavior: continuum damage modeling 
The behavior of the HPFRCC, experimentally identified as above, has been first of all back analyzed 
by means of the “Crush-Crack” damage model, implemented in finite element code Cast3M (di Prisco 
and Mazars, 1996; Ferrara and di Prisco, 2001). The model features the possibility of assigning any 
kind of constitutive law both in tension and compression, with no need to comply with pre-arranged 
built in options. The two options for tensile constitutive behavior of HPFRCC, as illustrated in (Fig. 2 
a-b), have been employed to reproduce the experimental results obtained from DEWS tests, by em-
ploying the mesh shown in Fig. 3-a. Whereas in the pre-peak regime (i.e. before unstable crack locali-
zation), strains were calculated as the ratio between the measured crack opening and the gauge length, 
in the post-cracking regime the element size helement was used as a characteristic length parameter to 
convert crack opening into strain. This furthermore allowed mesh independent numerical solutions to 
be obtained (Figure 3b). The reliability of the identification procedure clearly appears from results 
shown in Fig. 3-c. 

Interestingly, from damage patterns shown in Figures 4 a-b, it can be observed that whereas in the 
case of a strain softening material an immediate unstable localization occurs after the formation of the 
crack along the ligament, in the strain hardening case a significant spreading of the damage has been 
correctly predicted in the pre-peak regime, which corresponds to stable multiple cracking, consistent-
ly with experimental evidence. All along the softening stage, which is when a major crack unstably 
localizes and propagates along the ligament, the width of the damaged zone spreading no longer.  

 

 
(a)   (b)    (c) 

Fig. 3 Mesh employed for numerical analyses (a); mesh independence(b) and numerical vs. 
experimental comparison (c) 
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   (a)     (b) 
Fig. 4 Computed evolution of damage for strain softening (a) and hardening (b) HPFRCC 

4.2 Coupling beams: damage modeling 
The numerical model calibrated as above has been employed to reproduce the behavior of a HPFRCC 
coupling beam (Canbolat et al., 2005). The constitutive behavior of HPFRCC has been described as 
from experimental results provided by the authors, coherently with Fig. 2-b assumptions. A monoton-
ic load path was considered, which matches reasonably well with the envelope of the experimental 
cyclic load-drift response (Fig. 5-a). The computed damage pattern at the maximum drift interestingly 
reproduces the experimental crack pattern (Fig. 5-b), furthermore highlighting the high level of dam-
age which the material can tolerate before localization of a major unstable crack. 

Numerical analyses further showed that, at 4% drift, which can be consistently assumed as the 
ULS deformation demand to such structures, the principal tensile strain nowhere exceeds a threshold 
corresponding to a crack opening equal to 0.5 mm beyond the peak strain. This supports the assump-
tion of an elastic-perfectly plastic description of HPFRCC tensile behavior in further “structure level” 
modeling, with a “plateau” stress assumed equal to the residual stress corresponding to the aforemen-
tioned strain threshold, as hereafter detailed. 

 

  
  (a)             (b)   (c) 
Fig. 5 HPFRCC coupling beam: a) load-drift experiments vs. numerical and b-c) damage pattern 

vs. experimental crack pattern experimental at 4% drift. 

4.3 Coupling beams: Timoshenko-beam fiber modeling 
A fiber beam model based on Timoshenko beam theory implemented in Cast3M (Guedes et al., 1994; 
Mazars et al., 2006) has been used for structure level modeling. Compressive behavior for both con-
ventional concrete and HPFRCC has been described by means of a parabola, up to the peak stress, 
followed by a linear softening. The tensile behavior of conventional concrete has been described as 
linear elastic up to tensile strength, followed by a post-peak linear softening. Suitable description of 
the cyclic behavior is provided, in order to take into account the stiffness degradation and crack clo-
sure effects (Guedes et al., 1994). As for the behavior of HPFRCC in tension, a simplified bilinear 
elastic-perfect plastic stress-strain relationship has been adopted, according to aforementioned as-
sumptions, with a “yield” strength equal to the residual strength corresponding to a crack opening 
value equal to 0.5 mm beyond the peak. Because of lack of data about the cyclic behavior of 
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HPFRCC, this has been assumed equal to that of a conventional concrete having the same compres-
sive and tensile strength. Experimental evidence about the cyclic behavior of HPFRCC is very lim-
ited: anyway it has been shown that its cracking behavior under cyclic loadings is comparable to 
behavior under monotonic loading and there is no influence on the ultimate strain level 
(Mechtcherine, 2012). Steel behavior has been assumed to be elastic-hardening and perfectly bonded 
to concrete. 

The numerical approach has been validated based once again on the experimental tests  performed 
by Canbolat et al. (2005), with reference to coupling beams made of either conventional r/c or 
HPFRCC when subjected to reversal shear loading, under increasing amplitude cycles. The tested 
coupling beams has length and height equal to 600 mm, and width equal to 200 mm and 150 mm for 
r/c and HPFRCC respectively (they were designed at a ¾ scale to the full scale case study).  

The compressive strength of regular concrete was assumed equal to 41 N/mm2, as from experi-
mental paper; other parameters needed for the analysis, such as tensile strength and fracture energy, 
were computed from MC2010 formulae. The yielding strength of the steel was equal to 450 N/mm2, 
with a 726 N/mm2 tensile rupture strength, once again accordingly to what reported by the authors. As 
for HPFRCC its compressive strength was assumed equal to 63 N/mm2, and its post cracking tensile 
strength equal to 5.5 N/mm2, both as reported. Perfect bond was assumed between steel and either 
concrete or HPFRCC. The influence of transverse reinforcement that provides confinement can be 
considered by assigning a non-zero residual strength in compression:  actually 20 % of the compres-
sive strength was chosen in this study. A relatively good agreement between numerical prediction and 
experiments is observed for the case of conventional concrete (Fig. 6-a), where also the influence of a 
residual compressive strength, in the aforementioned sense, can be appreciated. 

With reference to HPFRCC coupling beams, the elastic-perfect plastic description of the material 
tensile behavior, has proven to be a reliable assumption to have a satisfactory agreement between 
experimental and numerical predictions (Fig. 6-b). 

 
 

 
Fig. 6 Experiments vs. Numerical a) R/C coupling beam and b) HPFRCC coupling beam 

5 Retrofitted coupling beams  
With the same approach previously calibrated, numerical analyses have been performed in order to 
understand the effectiveness of using HPFRCC as a retrofitting solution for poorly designed coupling 
beams and design a dedicated experimental campaign. The beam dimensions were scaled by a 1:2 
ratio to full scale size, to comply with the maximum capacity of available loading actuators to be 
employed in the experimental stage of this research: this resulted in a length equal to 450 mm and a 
rectangular cross section 300 mm high and 100 mm wide. Grade B500 longitudinal reinforcement 
was considered (310 bars at the top and at the bottom). Class C20/25 concrete was chosen for the 
beam; the other parameters for the constitutive laws were obtained according to MC2010. The retro-
fitting HPFRCC material, consistently with tests described in § 2, has a compressive strength of 115 
N/mm2; the residual tensile strength at 0.5 mm crack opening is equal, as from experiments, to 7.11 
N/mm2 and 1.8 N/mm2, respectively for favorable and unfavorable fiber orientation.  

Perfect bond between the old concrete and the HPFRCC overlay has been assumed. This assump-
tion, mainly due to the lack of suitable experimental reference data, is debatable, because of the influ-
ence that both the surface treatment of the existing structural element and its pre-existing damage 
conditions may have on the interface behavior 
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In Fig. 7 a-b the response of retrofitted beams is shown in terms of load-drift curves, in monotonic, 
for the different investigated retrofitting options. The jacketing has been modeled along two or three 
sides of the cross section, that might be the real situation during execution; two different repairing 
thickness have been evaluated, also considering the effects of the residual strength of HPFRCC, as it 
may be affected by the flow induced orientation of fibers. The effectiveness of the retrofitting is 
shown, also through the comparison with the performance of a r/c jacketing, which, assuming a 
6@200mm welded wire mesh skin reinforcement, should be at least 40 mm thick on each side. 

6 Conclusions: addressing research needs 
In this paper, a numerical framework to model the behavior under lateral loads of coupling beams 
retrofitted with HPFRCC jacketing, as instrumental to the design of a dedicated experimental cam-
paign. The effectiveness of HPFRCC as a retrofitting material has been numerically assessed, predict-
ing satisfactory performance which will be assessed through forthcoming experiments. A number of 
limitations still existing in the approach described above can be highlighted. The interface interaction 
between HPFRCC and existing concrete has not been considered, mainly because of the lacking test 
results to calibrate the interface model itself. A dedicated experimental campaign is ongoing to pro-
vide these data. Last but not the least, the orthotropy of HPFRCCs resulting from flow induced orien-
tation of fibers and its outcomes on the cyclic behavior of the material, have to be both experimentally 
characterized and properly described by means of advanced constitutive models, in order to correctly 
predict the cyclic behavior of elements made of or strengthened with this kind of materials. 

 

  
   (a)    (b)  
Fig. 7 Predicted behavior of coupling beams of retrofitted with different arrangements the 

HPFRCC layer: unfavorable (a) and favorable orientation (b). 
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Abstract 
Ultrahigh-performance concrete (UHPC) has been used successfully since the early 1990s. Mean-
while concrete-technological developments have allowed production of UHPC with a compressive 
strength of more than 150 N/mm². Thus, the field of application of reinforced concrete constructions 
currently in use can be extended. In particular, the cross-sectional dimensions required for highly 
stressed compression members can be reduced. However, in many cases this positive development 
increased the trend to even more slender and therefore likelier to buckle structural systems. Hence, it 
is to be expected that under certain conditions the safety level of such construction elements decreas-
es. Because of this, the reliability of slender UHPC structural members is being investigated in a 
research project, supported by the Deutsche Forschungsgemeinschaft (DFG), at the Technische Uni-
versität Darmstadt. The purpose of this project is the calibration of safety factors in order to achieve 
the target reliability for safe and efficient design. Realistic modelling of the load-bearing behaviour of 
slender UHPC columns requires material and geometric nonlinearities to be considered. Due to the 
load-dependent material behaviour, a sudden stability failure may occur long before the material’s 
strength is exceeded. An adequate analysis of this phenomenon calls for realistic material laws. In this 
context a special FE-tool which takes into account this phenomenon was developed for stochastic 
simulations. As a first step, calculation results at cross-sectional level can be used to identify the 
sensitivity of the parameters. Therefore, specific moment-curvature-diagrams, which are based on 
stochastic simulation methods, are being developed to identify the influence of concrete compressive 
strength on the load-carrying behaviour of a structural member with rectangular cross-section. More-
over, the FE-Model is verified by experimental test results of slender columns. By applying the simu-
lation method of adaptive importance sampling (AIS), preliminary results of the reliability analysis 
are presented in this paper. On the basis of the results of this research project, innovation potentials 
and limits of application of UHPC will be pointed out. 

1 Modelling of slender UHPC columns 

1.1 General 
Realistic modelling of the load-bearing behaviour of slender reinforced concrete columns requires 
material and geometric nonlinearities to be considered. Material nonlinearity describes stiffness re-
duction with increasing load intensity while geometric nonlinearity results from second order effects. 
Due to the load-dependent material behaviour (moment-curvature-relationship) a sudden stability 
failure may occur long before the material’s strength is exceeded. In this case, we talk about stability 
failure due to load-dependent stiffness reduction. Correct analysis of this phenomenon calls for realis-
tic material laws both for the stress-strain-relationships of concrete and reinforcing steel as well as for 
the variation of the modulus of elasticity. The stochastic finite element program developed within this 
research project takes this phenomenon accurately into account and has been checked by comparison 
of numerical and experimental results. 

1.2 Material 
Concerning the probabilistic model of ultrahigh-performance concrete it has to be mentioned that in 
the past statistical information about the scatter of concrete compressive strength was rarely available. 
Differing from data in the assessment report UHPC [1] the results of investigations under the DFG 
priority programme SPP1182 point to a larger scatter with increasing compressive strength. Investiga-
tions of several experimental test series at the research laboratory for concrete structures at the Tech-
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nische Universität Darmstadt confirm these results. Based on the results of the experimental test 
series, idealized stress-strain-relationships were formulated for two different mixtures of UHPC (cp. 
Fig. 1). The scatter in the area of increasing stress-strain-relationship can be neglected, but in the area 
of decreasing stress-strain-relationship the scatter is distinctive. Therefore, mean stress-strain-
relationships were formulated with limit points cu/c1=0,125 and cu/c1=2,305 for UHPC with fine 
grain aggregate and cu/c1=0,183 and cu/c1=2,136 for UHPC with basalt aggregate. 

 

 
Fig. 1 Standardised stress-strain-relationship of UHPC with fine grain aggregate and with basalt 

aggregate 

In addition to this assumption, the following relationship between the secant modulus of elasticity Ec 
at approximately ~0.4·fc and compressive strength fc has been used. 
 

1/ 3 c E cE f  (1) 

The mean value of the parameter E was set to 9.350 [-] for both concrete mixtures. A lognormal 
distribution with a coefficient of variation of vE = 0.05 [-] for UHPC with fine grain aggregate and 
vE = 0.045 [-] for UHPC with basalt aggregate was used to fit the test results. The basic variable E 
thus represents the scatter of modulus of elasticity Ec independent of compressive strength fc. 

The yield strength of reinforcing steel fy is described by a lognormal distribution with a coeffi-
cient of variation of vfy = 0.06 [-]. The mean value for steel grade S500 amounts to fy = 550 [MPa]. 
The distribution type is normal according to the recommendation of the JCSS Probabilistic Model 
Code P.3 [2]. The nominal cross-sectional dimensions hnom/bnom correspond to their mean values h,b. 
The standard deviation depends on the size of the cross-sectional dimensions and is assumed to be 
h,b = 5 [mm]. A normal distribution with a mean value equal to the nominal value and a standard 
deviation of 5 [mm] was used as stochastic model for the concrete cover. 

1.3 Modelling of loads 
Due to the strong scatter of live loads, their influence on the structural reliability is large compared to 
the influence of dead loads which can be easily predicted over the service life of the structure. Most 
standards and guidelines require that the characteristic value of the extreme value distribution of 
imposed loads does not exceed the 95%-ile in an observation period of 1 year. This means that the 
code value can statistically be exceeded only once in 50 years. 

According to the Probabilistic Model Code P.2 [2] the weight density of a structural part is as-
sumed to be Gaussian distributed and a coefficient of variation of vG = 0.1 is chosen for the reliability 
analysis. In the case of imposed loads the distribution of the extreme values is represented by a Gum-
bel distribution (EV I) with a coefficient of variation of vQ = 0.4. 
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1.4 Stochastic parameters 
Table 1 shows the statistical parameters and adopted probabilistic density functions of the basic vari-
ables. UHPC-specific parameters were determined by experimental testing. All remaining parameters 
were modelled according to the Probabilistic Model Code [2]. Model uncertainty is one of the most 
important influence parameters. Initial results of the test evaluations suggest that due to the accuracy 
of the FE model developed, the coefficient of variation may be reduced to 0.07. According to the 
Probabilistic Model Code [2] a coefficient of variation of vm = 0.1 was selected. 

Table 1 Statistical parameters of the basic variables 

class Variable Distribution Mean value Std.-deviation Var.-coefficient 

concrete 

fc
fine LN >150 N/mm² - 0,06 

fc
basalt LN >150 N/mm² - 0,06 

c
fine LN -3,80 ‰ - 0,10 

c
basalt LN -3,92 ‰ - 0,075 

cu
fine LN -8,79 ‰ - 0,326 

cu
basalt LN -8,40 ‰ - 0,258 

ct
UHPC LN 0,45 - 0,15 


fine LN 9.350 - 0,049 


basalt LN 9.350 - 0,045 

reinforcement 
fy LN 550 N/mm² - 0,06 

As N As,nom - 0,02 

geometry 

h N hnom 5 mm - 

b N bnom 5 mm - 

c N anom 5 mm - 

load 
G N Gm - 0,1 

Q Gumbel Qk/1,746 - 0,4 

model uncertainty  N 1,00 - 0,10 

1.5 Finite element model 
The calculation method acc. to Tran [5], developed for stochastic analysis, is based on a combination 
of finite element method, transfer matrices method, deformation-based method and an algorithm of 
cross-section calculation. The numerical method at cross-sectional level is based on an optimised 
Gaussian-Integral cross-section calculation which takes into account the UHPC-specific material law. 
The stress-strain-relation of concrete for tensile strength is implemented by the model of Quast [6].  

The finite element method used at system level is adapted by the procedure of field transfer ma-
trices which allows a significant reduction of computational time. The great benefit of this procedure 
lies in the flexibility of load arrangement and boundary conditions for slender columns. In the case of 
non-linear stiffness distribution in the column’s longitudinal direction, a realistic determination of 
stiffness can be achieved by appropriately dividing the slender column lengthways. Division by itera-
tive steps is done adaptively as a function of stiffness gradients.  The system of equations is solved by 
means of the Newton-Raphson iteration method. 

2 Verification of the finite element model 
Accompanying the numerical calculations, experimental tests were carried out on slender columns. In 
order to test columns with a high ratio of slenderness (  80) the cross-sectional dimensions have to 
be relatively small (h/b/l = 12cm/12cm/278cm) due to the capacity of the laboratory’s mechanical 
equipment. The columns are loaded in a position-controlled component test by a hydraulic cylinder. 
During the test, deflections and compressions of reinforcement, concrete and structural system are 
measured with strain gauges and displacement sensors at more than 20 measuring points. In addition 
to these tests, investigations of compressive strength, flexural strength and modulus of elasticity of 
UHPC were carried out. 
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Based on recorded measurements of the experimental tests, the results of the FE-Model have been 
verified. Taking into account all measurable material and geometric parameters of the testing system, 
the recalculation shows an excellent approximation of the computational results to the experimental 
data (cp. Fig. 2). 

 

 
Fig. 2 Comparison of the computational results and the experimental data 

3 Identification of important basic variables 

3.1 General 
In order to identify the sensitivity of important variables, a parametric study was carried out at cross-
section level. The study was split into three parts. In part 1 specific moment-axial force diagrams 
were constructed to analyse the scatter of m-n-interaction. In part 2 moment-curvature-relationships 
were calculated to identify important variables for structural members made of UHPC. Finally the 
calculation results were compared with results based on material laws according to EC-2 Part 1-1 [3]. 
The study was carried out for structural members with rectangular cross-section and will be enhanced 
to members with circular and hollow cross-section. In the following section the results of part 3 will 
be presented in detail. 

3.2 Parametric study at cross-section level 
The analysis of part 3 is based on the concept of part 2 of our investigations. It must be mentioned 
here that the intention of part 2 was to identify important variables in the m--behaviour of structural 
UHPC members. For this purpose, a calculation of scattering moment-curvature-diagrams was carried 
out with the help of stochastic finite element calculations (cp. Fig.3). The following variables have 
been modelled as random: concrete strength, yield and tensile strength of reinforcement, section 
height, cross sectional-width, concrete cover, diameter of reinforcing bar, maximum concrete strain 
and the modulus of elasticity of concrete. The diagram has been drawn for  = -0.4. The solid line 
ellipses around the characteristic points (compressive yield point, concrete crack point, yield point, 
bearing capacity limit) define the 95%-fractiles. To start with, only one basic variable per sample was 
considered as random and different scattering diagrams were calculated for each variable. 
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Fig. 3 Scattering moment-curvature-diagram ( = -0.4) 

In order to compare these results and estimate the influencing variables, two parameters were calcu-
lated. The first parameter (VRmax) is the coefficient of variation of the bearing capacity limit. The 
second parameter (VMmax) is the coefficient of variation of the maximum moment.  

Figure 4 illustrates exemplarily the coefficient of variation of the bearing capacity limit VRmax for 
NSC, HSC and UHPC. It can be seen, that at cross-sectional level the variations of concrete strength, 
concrete cover, cross-sectional width and section height are much more significant with UHPC 
compared to NSC and HPC. Considering all variables as random emphasizes the importance of 
concrete strength, because VRmax is approximately the same when all variables or concrete strength 
alone are taken as random. 

 

 
Fig. 4 VRmax for NSC, HSC and UHPC 

4 Reliability analysis 

4.1 General 
As previously described, it has to be expected that the load-dependent material behaviour of UHPC 
may cause a sudden stability failure long before the material’s strength is exceeded. Because of this 
phenomenon, a reduced reliability level is to be expected as already shown by Schmidt/Six [7] for 
HSC. This case of failure is not considered in the current design concept for concrete columns. In 
order to identify the reliability level, stochastic analyses at system level were carried out considering 
the characteristics of UHPC. The reliability analysis concentrates on short (slenderness ratio  = 0) 
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and slender (slenderness ratio  = 100) UHPC columns with a nominal compression strength of 
fck = 150 MPa. 

4.2 Adaptive importance sampling method 
A fundamental result of the reliability analysis is determination of the reliability index . This re-
quires calculation of the failure probability pf . Due to the great number of basic variables as well as 
the non-linear limit-state function, failure probability pf cannot be determined analytically.  Therefore, 
with the help of the Monte Carlo simulation, an estimated value for pf is determined, which tends to 
the exact answer given an appropriately large number of samples. Since in the case in question pf  
10-6 is to be expected, an extremely high number of samples are required.  By contrast, the method of 
adaptively weighted simulations (adaptive importance sampling = AIS) allows an estimate of pf with 
a markedly reduced sample size. The estimator for pf can then be expressed as follows: 

 1 ( )
ˆ ( ) 0

( )

N
x i

f i
i x i

f xp I g x
N h x

   (2) 

where I[g(xi)] is the indicator function for failure related to the limit state function g(xi), fx(xi) de-
scribes the original distribution and hx(xi) the distribution of the importance sampling function (IS) of 
the basic variables xi. By dividing the calculation of pf into several steps, the estimator function can 
be adapted after every step. For this purpose equation 3 gives the adaptive expectation vector in the 
failure range.  
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Fig. 5 illustrates how the AIS method functions using an example with two normally distribution 
basic variables and Xid as design point. 

 

 
Fig. 5 Example of adaptive importance sampling 

4.3 Preliminary results of the reliability analysis 
Figure 6 shows preliminary results of the reliability analysis for a short (slenderness ratio  = 0) and a 
slender (slenderness ratio  = 100) column of NSC and UHPC. The geometric parameters of the 
column and the cross-section are given on the right-hand side. The results show precisely the ex-
pected effects of decreasing reliability with increasing slenderness. The minimum value of the relia-
bility index can be determined, given a reference period of 1 year, as MIN,1a = 4,1. In the case of NSC 
the minimum value is adhered to both at cross-sectional and at system level.  The UHPC slender 
column reaches lower reliability indices even at an eccentricity of e/h = 0.7, which fall short of the 
standard safety level required. This finding from initial results of the reliability analysis thus justifies 
further investigations of other systems with different column cross-sections. 
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Fig. 6 Reliability index  depending on eccentricity e/h for an NSC and a UHPC column 

5 Conclusions 
This paper deals with probabilistic modelling and experimental testing of UHPC columns. The relia-
bility analysis of slender UHPC columns considered new statistical parameters concerning UHPC 
compressive strength and concrete strain, as well as the modulus of elasticity. Stochastic simulations 
were carried out, taking into account the special characteristics of UHPC at cross-sectional level. As 
expected, the results of the parametric studies identified concrete strength as highly sensitive, while 
the variables of reinforcement are insignificant. After that, a finite element model for extending the 
results from cross-sectional to system level is presented. The finite element method used at system 
level based on the displacement method and is adapted by the procedure of field transfer matrices. 
The reliability analysis is realized by the Adaptive-Importance-Sampling-method (AIS) in combina-
tion with a stochastic finite element method. First results of a reliability analysis on slender columns 
show, that slender UHPC columns do not achieve the required safety level according to EN 1990 [4]. 
After completion and verification of the stochastic model at system level, the relevant influencing 
factors will be identified and a proposal for the design of slender UHPC columns will be presented. 
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Abstract 
The verification of critical details of existing structures is generally performed with strut-and-tie 
models. An alternative widely used in some countries, such as Switzerland or Denmark, is the rigid-
plastic stress fields (RPSF) method (based on the lower bound theorem of plasticity) which allows for 
the consistent and systematic analysis of a variety of structural elements and details.  It however 
requires a certain level of experience to be applied to a wider range of cases and in order to consider 
the various load-carrying actions.  Therefore, the verification of existing structures requires a more 
systematic method.  The elastic-plastic stress field method (EPSF) was developed at EPFL in order to 
overcome the limitations of the rigid-plastic stress field method.  It takes into account the resistance 
of the concrete as a function of the deformations and has proven to give good estimates of the strength 
of reinforced concrete members. 

In the framework of this project it is intended to study the applicability of the EPSF and the RPSF for 
the assessment of certain complicated details specific for concrete bridges.  In order to do that, a large 
amount of performed tests available in the literature will be analysed with the two methods.  Some of 
the details that are studied are zones of introduction of concentrated forces, cantilevers with dapped 
ends, diaphragms, and the extreme ends of beams with poor anchorage of the reinforcement which 
can simulate the behaviour of prefabricated beams.  The results will then be used to develop guide-
lines for the choice of the coefficient accounting for the reduction of the compressive strength of the 
concrete due to transversal strains and the angle of the inclination of the compressive struts. 

1 Introduction 
Critical details in bridges can be regarded as the potentially weakest members of a structure, thus 
governing its strength.  This is typically the case of geometrical discontinuity of the cross section or 
the reinforcement provided or the action of concentrated loads (fig 1).  In order to better understand 
the behaviour of such regions a large number of tests have been performed over the decades and 
simple strut-and-tie models have been proposed by many researchers.  More refined analysis of the 
discontinuity regions can be performed with RPSF accounting for the actual reinforcement layout.  
However, the concrete strength is still modelled based on rules.  The EPSF allows for the detailed 
modelling of both the reinforcement and the concrete, and is a promising tool for such analysis. 
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 a)

b) c)

 
Fig. 1 Discontinuity regions typical for concrete bridges a) dapped end b) insufficient anchorage 

c) concentrated forces due to prestressing and traffic  

It is the goal of this research, by using the EPSF method, to develop RPSF models to be solved by 
hand of common for concrete bridges details, to verify the applicability of the EPSF method for these 
details and to provide guidance for the development of more accurate strut-and-tie and RPSF models.   

2 Numerical modelling with EPSF method 
The Elastic Plastic Stress Field (EPSF) method was developed at EPFL, Switzerland and was imple-
mented in a computer program - jconc [1], [2].  The access for students at EPFL and practicing engi-
neers is free (http://i-concrete.epfl.ch) and the source code of the program can also be downloaded.  
This program provides an accurate and quick solution for 2D engineering static problems and for the 
analysis only two parameters are required - the strength and the modulus of elasticity of the materials.  

The main assumptions of the elastic-plastic stress field method (EPSF)(fig. 2) are: 

 Mohr-Coulomb yield surface for plane stress with tension cut-off 
 elastic perfectly plastic behaviour of concrete in compression 
 perfect bond between concrete and reinforcement 
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Fig. 2 a) constitutive model for the concrete b) Mohr-Coulomb yield surface c) constitutive 

model for the steel 

To account for the brittleness of the concrete (fig 2a) the effective plastic concrete strength in com-
pression is calculated as: 

fcccp ff   (1) 

with the coefficient ηfc, as introduced by Muttoni [3] : 

1
30

3/1











ck
fc f

  (2) 

154



Verification of details of existing structures with the elastic-plastic stress field method 

 

The effect of the transversal strains ε1 on the compressive struts in the concrete is accounted for with 
the coefficient kc, as introduced by Vechio and Collins [4]: 

1
1708.0

1

1





ck  

(3) 

For the steel a bilinear constitutive law is introduced in the program with the possibility to account for 
strain-hardening. 

3 Applicability of the EPSF method 
In order to validate the applicability of the EPSF method a wide range of test specimens were select-
ed.  In the following paragraphs some of the selected test programs are discussed and the results 
obtained with the program jconc, based on the EPSF method are presented in Table 1. 

Kuchma performed a total of 20 tests on high-strength prestressed bulb-tee girders [5].  The re-
sults from specimens G10E and G10W (which were strengthened with FRP sheets) and specimen 8E 
(in which an interface in the concrete was done by steel plates) are not discussed in the statistics 
because at present they are out of the scope of the program jconc. 

Kaufmann and Ramirez performed tests on a total of 3 AASHTO Type II and 6 Type I prestressed 
girders [6].  The goal of the test program was to validate the current provisions for the use of high-
strength concrete.  The specimens failed due to insufficient anchorage, shear and bending. 

Leonhardt and Walther tested a total of 15 T-beams with high amount of shear reinforcement and 
the anchorage length of the longitudinal reinforcement beyond the support was varied [7].  The results 
from specimens TA7 and TA8 are not included in the statistics because almost no longitudinal rein-
forcement was provided at the support. 

Sagaseta and Vollum tested a total of 14 rectangular beams [8] (four of the beams were without 
shear reinforcement and they are not included in the final statistics).  The main parameters varied in 
the test were the aggregate size and the loading arrangement.  The goal of the experimental program 
was to investigate the effect of the compression zone and to compare the results with similar tests on 
T- and I-sections. 

Table 1 Statistical analysis of the results from the analysis of specimens from literature with EPSF 

Selection   
Bulb-Tee Girders # specimens included 17 
 Average 1.08 
 COV, % 4.75 
AASHATO Type I and II Girders # specimens included 9 
 Average 1.09 
 COV, % 9.96 
T-beams # specimens included 13 
 Average 1.10 
 COV, % 6.58 
Rectangular beams # specimens included 10 
 Average 1.04 
 COV, % 7.97 

 

For the assessment of the applicability of the EPSF method, the ultimate strength of the element was 
not the only parameter investigated.  Additionally, a detailed analysis of the distribution of the angle 
of the compression struts θ and the coefficient kc (Eq.3) is performed, as well as comparison with 
observed failure modes and measurements.  The results of a test specimen from the test campaign [5] 
obtained with the program based on the EPSF method are presented in Figure 3.  The mesh was re-
fined so no change in the ultimate load was observed as the element size was reduced.   

155



9th fib International PhD Symposium in Civil Engineering 

0.10.8 0.7 0.6

0.5 0.4 0.3 0.2 0.1

0.9

0.30.2 0.4 0.5 0.60.1

0.95
0.90

0.85
0.80 0.75

0.70 0.650.70
0.65

0.60
0.55

0.60
0.65

0.70
0.80

0.85

0.95
0.90

0.75

30
35 40 45

50
55 6025

<20

30
35

40
45

50
55

60 25<20

reinforcement yielding

reinforcement in tension

reinforcement in compression

strands in tension

strands

θ, 

kc

σc/kcfcp

a)

b)

c)

d)

e)

f)

 
Fig. 3 Girder 1 East End, [3] a) cracking pattern and loads; b) direction of principal compressive 

stresses c) stresses in the reinforcement and the strands d) degree of use of concrete 
strength e) distribution of the coefficient kc f) angle of principle compressive stresses in 
the concrete 

156



Verification of details of existing structures with the elastic-plastic stress field method 

 

4 Development of RPSF models 
In order to present the development of the RPSF models an example of a specimen tested by Rainer 
and Elbadry [9] will be discussed.  In this experimental program a total of seven dapped end speci-
mens with inclined and straight shear reinforcement were tested.  The ultimate load bearing capacity 
of all specimens was calculated with a strut-and-tie model and the average ultimate load predicted 
was approximately 70% of the actual one. The reinforcement layout and the strut-and-tie model used 
for the analysis of specimen A are presented in Figure 4. 
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Fig. 4 Dapped End A a) reinforcement layout; b) strut-and-tie model used for the analysis 

The specimen A was analysed with the program jconc and the results are presented in Figure 5a.  It 
can be observed that the load transfer path obtained with the program differs from the one originally 
proposed in [9].  The additional concrete strut can be accounted for only if the detailed reinforcement 
layout is considered. The presence of this additional load-transfer action can be observed also in the 
crack pattern of the specimen. 
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Fig. 5 Dapped End A a) model in jconc; b) refined strut-and tie model 

Based on the refined strut-and-tie model (fig.5b) a RPSF model was developed (fig.7b), where a 
coefficient of kc equal to 0.6 as usually adopted for such design was taken.  The presence of wide 
crack openings in the region between the nib and the beam was observed during the test.  From the 
analysis of the distribution of the coefficient kc with jconc (Figure 6a), it can be concluded that the 
program can accurately predict the large transversal strains in this region which lead to wider crack 
openings (kc=0.3).   
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Fig. 6 Dapped End A a) distribution of the coefficient kc; b) RPSF model 
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5 Conclusions 
From the analysis of the results it was concluded that for certain critical details (such as insufficient 
anchorage of prestressed girders with sufficient shear reinforcement) the EPSF can accurately predict 
not only the load bearing capacity but also the mode of failure.  Additionally, the computer program 
jconc, based on the EPSF method, is a valuable tool which allows for the development of rigid- plas-
tic stress field models for common details. 

Future work consists of analysis of a wider range of typical for reinforced concrete bridges details 
and investigation of different parameters such as concrete strength, reinforcement ratio and layout, 
type of loads, etc.  
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Abstract 
This research study includes the development of an analytical model for the optimization of invest-
ment and operation costs of energy supply solutions for climate-neutrally operated buildings. Investi-
gations presented in this study include photovoltaic, solar thermal and geothermal technologies. In 
addition, location conditions will be considered. The solution to the optimization problem will be 
developed in two steps. In a first step, the three technologies (photovoltaic, solar thermal and geo-
thermal) are merged into a verified tool which enables the simulation of processes of renewable ener-
gy plants. The developed simulation tool will be used for modeling of realizable energy supply con-
figurations for different locations. In a second step, dependencies between the costs for the technolo-
gies and their contribution to meet the total energy demand will be considered for each technology. 
These dependencies will be established with parameters which are as well independent as dependent 
from the local conditions. Based upon these considerations, this article will describe the implementa-
tion of an analytical model for the optimization of costs. All necessary intermediate steps will be 
explained using examples of geothermal plants. 

1 Introduction 
Motivation of this research study is the political climate protection targets of the European Union. By 
the year 2020 the "climate-neutral building standard" will be required for all new erected buildings. 
Already existing buildings have to be almost climate-neutral by the year 2050. The implementation of 
these demands means a more rational use of primary energy for buildings of tomorrow. Beside an 
energy-optimized building envelope and an intelligent building technology, a renewable energy sup-
ply and an interaction with the energy infrastructure at the site is particularly required. In addition, to 
ecological advantages of buildings which are operated in a climate-neutrally way, a holistic view of 
the target comprises economic aspects as well. Therefore, the goal of this research study is to find 
economic optimized energy supply solutions for operating office and administrative buildings in a 
climate-neutral way. Furthermore, related requirements of the building services engineering should be 
identified.  

2 Methodology 
This research study involves the development of an analytical model for the optimization of costs for 
climate-neutrally operated buildings in two steps. Step one includes the development and validation 
of a simulation tool for photovoltaic, solar thermal and geothermal plants. The development and 
validation required a diligent collection and evaluation of the basis of computation [1]. In order to 
model photovoltaic, solar thermal and geothermal plants by using a simulation tool, the plant-specific 
behavior of photovoltaic generators, inventers, solar collectors, stratified buffer storages, geothermal 
probes and heat pumps has to be described by algorithms. These algorithms can be used to determine 
the exact plant condition time stepwise [2]. The advantage of implementing all technologies in one 
simulation tool is that the basic conditions, such as climate data sets and the extent of used climate 
parameters, are identical. This is important for subsequent comparative examinations. The developed 
simulation tool can be then used to model renewable as well as realizable energy supply configura- 
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tions for different locations. In addition, the simulation tool calculates and assesses the site-specific 
contribution of renewable energies which are available to cover the respective energy demand. 

For the coverage of the total energy demand of a building it is necessary to find the optimal 
combination of the photovoltaic, solar thermal and geothermal technologies. Instead of performing 
many iterative calculations for the simulation, it would be an advantage to use parameterized 
equations. In order to describe a technology sufficiently by using a parameterized equation, all 
parameters have to be analyzed and all essential site-dependent and site-independent variables have to 
be determined. These parameter studies can be performed using the developed simulation tool. The 
impact of each identified variable has then to be evaluated. Results of these parameter studies, e.g. 
linear, potential or exponential correlation of the single variables and the respective impact for the 
energy demand, have then to be summarized within a non-linear equation.  

In a further step, the correlation of the single variables and their impact on investment and 
operating expenses of the respective technology must be defined to be able to optimize all arising 
costs. The result is a relation between the percentage contribution of a technology to the coverage of 
the energy demand and the investment and operating expenses depending on the given parameters. 
The optimization of costs while using a combination of photovoltaic, solar thermal and geothermal 
technologies can be derived from considering the extreme values of the costs as a function of the 
proportion of the total energy demand delivered by each technology. By taking all these conditions 
into account for the implementation of an analytical model it would be possible to give site-specific 
recommendations for an economical optimized combination of renewable energies.  

3 First results using the example of geothermal plants 
The implementation of the analytical model requires the evaluation of the variables of each 
technology by performing parameter studies. Prior to these studies for photovoltaic, solar thermal and 
geothermal plants, boundary conditions have to be defined. The type of net energy demand, which 
differs for heating, ventilation, cooling and illuminating, as well as the total amount of the existing net 
energy demand have to be considered as boundary conditions. It also has to be taken into account that 
the net energy demand depends on the building size and the energetic standard. By using the 
developed simulation tool, the fraction of the net energy demand for heating can be calculated for 
solar thermal plants while for geothermal plants the fraction for heating and cooling can be calculated. 
Furthermore, the fraction of the net energy demand for illuminating as well for operating power for 
heating, ventilation and cooling can be calculated for photovoltaic plants. Prior to the evaluation, all 
boundary conditions must be specified to ensure well-structured parameter studies. For the simulation 
of a geothermal system an annual energy demand of a building (based on the net floor area) was 
considered as presented in Table 1. These values are comparable to the passive house standard.  

Table 1 Annual energy demand for heating, ventilation, cooling and lighting; climatic region 
Germany as a function of the net floor area 

 Dimension Heating Ventilation Cooling Lighting 

Net energy demand [kWh/(m²a)] 12,0 - - 10 

Generator net energy supply [kWh/(m²a)] 13,9 - - 10 

Auxiliary energy [kWh/(m²a)] 0,6 2,7 - - 

 

After the boundary conditions have been specified, the essential variables of each technology have to 
be identified. Additionally, parameter studies have to be performed to determine the impact of each 
variable. The essential variables for geothermal plants are location, number, length and order of the 
geothermal probes, as well as the performance number of the heat pump.  
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Fig. 1 Simulation of a geothermal system for the energy demand of a lowest-energy building 

with 5.000 m² net floor area located at the climatic region Mannheim; temperature at the 
top and bottom of the geothermal probes for 30 years of operation. The figure shows the 
modeled 30th year of operation.  

The climate-dependent net energy demand, the temperature of the intact soil and the thermal soil 
properties belong to the site-specific parameters.The test reference year data set of the Geman 
Weather Service (Deutscher Wetterdienst) for the climate region Mannheim was used for the climate-
specific parameters. Furthermore, the heat conductivity of E = 1,5 W/(mK) and a combined value 
from heat capacity and density of cp,E·E = 2,0 MJ/(m³K) was applied for the soil properties. These 
values represent approximately the limiting case between a substratum existing of dry sedimentary 
rock and a substratum existing of normal bedrock or saturated sedimentary rock. Figure 1 shows the 
result of modeling for a building having a net floor area of 5.000 m² and a configuration of 
geothermal probes consisting of a probe field with 2 × 6 boreholes. The geothermal probes show a 
bore diameter of 125 mm and a length of H = 170 m each. The ratio of probes’ distance (B) and 
length equals B/H = 0,1. The performance number of the heat pump amounts to COPB0,W35 = 4,3. The 
cold spell recorded in the used data set of the German Weather Service for the months January and 
February shows a significant impact and becomes to the design criterion as the operation of 
geothermal probes should be avoided within the freezing zone.  

In a first parameter study, the useful energy demand, the respective fraction of the geothermal 
plant, as well as the number of probes and their placement are varied in order to analyze the single 
variables for geothermal plants. The required probe length, the actual performance number of the heat 
pump, the abstraction capacity of the geothermal probes and the necessary operating power can be 
derived as results from the simulation tool.  

For the development of a parameterized equation an appropriate relation between the results and 
the parameter study has to be found. Especially, the placement of the geothermal probes within the 
probe field has to be considered: using the same number of boreholes the length of the probes varies 
with the order. A linear alignment of the probes results in less length than for a square or rectangular 
alignment. In order to compare results calculated for different borehole alignment a shape factor has 
to be implemented. It is proposed that this shape factor can be derived from by taking the actual heat 
transfer circumferences and a theoretical heat transfer circumferences and by building a geometrical 
ratio (cf. Fig. 2).  
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Fig. 2 Shape factor of borehole alignment. The shape factor was geometrically determined by 

comparing the heat transfer circumferences with a radius, or a distance respectively, from 
the probe field by the value of half the probe spacing. 

By applying this implemented shape factor, the comparison of the results of the parameter study for 
different borehole placements is possible. Figure 3 shows the average annual abstraction capacities of 
probe fields as a function of the shape factors. Taking the shape factors into account, the highest 
determinateness was found by assuming a potential correlation between probe length-specific annual 
abstraction capacity and shape factor.  

 

 
Fig. 3 Average length-related annual abstraction capacity against the shape factor; 

E = 1,5 W/(mK), cp,E·E = 2,0 MJ/(m³K), B/H = 0,1, COPB0,W35 = 4,3 

A further step will be to extend the parameter studies to the variation of site-specific parameters, the 
evaluation of their impact on the potential abstraction capacity and the determination of the respective 
course of function. The impact of the varied parameters on the course of function has to be analyzed 
and to be considered for the determination of the coefficient and exponent, in order to establish a 
generally valid function. The required geothermal probe length, dependent on the borehole alignment 
as well as on the needed annual abstraction capacity, can be then calculated. The needed annual 
abstraction capacity can be derived from the generator net energy supply and the performance number 
of the heat pump.  
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In the following, the correlation between the single variables and their impact on investment and 
operating expenses was defined in order to develop an analytical model for the optimization of costs, 
which can already be used for geothermal plants. Furthermore, the model will be extended to the 
photovoltaic and solar thermal technologies which will enable the user to determine the optimal 
combination of the fractions of photovoltaic, solar thermal and geothermal energy supply for covering 
the total energy demand.  

4 Conclusions and Outlook 
This research study is based upon the political climate protection targets of the European Union. A 
tool was developed in order to model the optimal energy supply for climate-neutrally operated 
buildings. The analytical model has the ability to give recommendation for the coverage of the total 
energy demand by using a combination of photovoltaic, solar thermal and geothermal plants. 
Beforehand, no elaborate simulations have to be carried out. Identical boundary conditions were 
applied for all technologies during the implementation of the model. This ensures that the weighting 
of technologies was accurately considered.  

The impact of site-specific parameter was comprehensively analyzed and implemented so that by 
taking individual boundary conditions into account realistic result could be obtained. Besides the 
photovoltaic, solar thermal and geothermal technologies this model for renewable energy supply for 
buildings could be extended in future by additional plants, e.g. power-heat and power-heat-cooling 
coupling plants.  
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Abstract 
In Hungary there are no methods commonly used for controlling and investigating stone masonry 
arch bridges in bad and deteriorative condition. The old and simpler method does not give adequate 
results in many cases, and the new modern methods are usually very complicated or their practical 
adaptation is difficult. 

The aim of my project is to find a way to assess simply and accurately enough the condition of such 
stone structures which is applicable in practice. 

In order to see clearly the effects of each condition parameters on the stability preliminary investiga-
tions and modeling are necessary. My presentation demonstrates some case studies of Hungarian 
stone bridges through which the different stability analysis and the diagnostics will be compared. In 
conclusion there will be a few words about the future of this project, and the required roles further on. 

1 Introduction 
Stone masonry arches are one of the most ancient forms of the engineering structures. Their modeling 
and analysis bring up many questions even today. Although in these days new stone masonry arch 
bridges are not built, the maintenance and restoration of the old ones represent a special challenge at 
the present time as well. There are more than 1500 stone masonry arch bridges in Hungary [6]. These 
bridges were built mostly in the 18th and 19th century. Unfortunately these kinds of structures get 
low attention in Hungary and the condition of most of them increasingly deteriorates. Since the con-
struction of these bridges the traffic and related load has increased significantly, thus these old bridges 
have to fulfill the new expectations (Table 1). Their stability control and the verification of their load-
bearing capacity became necessary in many cases. 

Table 1 Change of vehicular load [5] 

150-200 years ago Today Ratio 

six horse drawn artillery (~50 kN) 
the heaviest possible load according to the Hungarian 
standard (800 kN) 

16 

passing farm-wagons (~2.53 m) passing buses (~3.75 m) 1.5 

2 Advancement of modelling 
However the structural behaviour of masonry vaults seems to be simple at the first sight, in fact their 
mechanical behaviour and modelling is very complex. These inhomogeneous structures behave non-
linearly under loading and their failure occurs in plastic state. These kinds of structures can be re-
sisted only minimal tensions and this speciality influences especially the behaviour of the masonry 
structures. The stresses are usually low, thus the failure of the material is rare in masonry arches. 
Masonry vaults must satisfy three main structural criteria: strength, stiffness and stability. The struc-
ture must be strong enough to carry whatever loads are imposed, including its own weight. It must not 
deflect unduly, and it must not develop large unstable displacements, whether locally or overall [9]. 

In the history there were lot of different methods to control and design arches. In the antiquity and 
in the beginning of the Middle Ages thumbs of rules and simple geometrical rules were used. After-
wards methods advanced a lot. For instance Coulomb made a great progress in the practical use of 
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statics with the development of his graphic method and Gaudi, the famous Catalan architect, elabo-
rated an empiric method to design arches and domes [10]. Nowadays these methods are not sufficient 
because of the increased requirements, therefore more specific methods were developed such as thrust 
line analysis, rigid-block method, finite element and discrete element method. These methods are 
capable of taking into account many different influential effects, thus the failure load can be calcu-
lated with great accuracy in theory. On the other hand in practice these modern methods are not appli-
cable so easily. In these models certain effects and attributes are taken into consideration by factual 
mechanical model parameters. These parameters often can be measured only with difficulty on exist-
ing structures, or it is difficult to characterize them with one factual value. The other primal trouble is 
the consideration of the failures. The aim of my project is to find a solution to these problems so that 
the condition of such stone structures can be assessed simply and accurately enough in practice. In 
order to see clearly the effects of each condition parameters on the stability previous investigations 
and modeling are necessary. In this article I will show some examples and give a conclusion from 
these preliminary analyses. 

3 Analysed bridges 
So far in the preliminary investigations I analysed 4 bridges with 3 different methods. Because of the 
limited size of this paper I cannot demonstrate detailed and complete analysis in all 4 cases, but brief-
ly the descriptions of the bridges and the review of the analyses with conclusions will be presented. 

3.1 Bridge over the Bükkös brook 
The bridge is a 6.0 m span vehicular bridge and it was built in 1900 (Fig 1 left). It is located near 
Szentendre (North Hungary).The rise at mid-span of the segmental arch is 1.6 m (Fig 1 right). The 
bridge was made of Hárshegy sandstone. The sandstone is in a good condition despite of the fact that 
the blocks are constantly wet. The condition of mortar joints is disadvantageous, but there are no 
serious damages on the bridge. 

Fig. 1 Bridge over the Bükkös brook (left), Basic dimensions to the MEXE method (right) 

3.2 Bridge over the Derék brook 
The bridge built in 1799 stands in the main road of Patak village (North Hungary). It is arching over a 
local brook with three 3.6 m long segmental barrels. The full length of the structure is 22 m. The 
bridge consists of different types of sandstones, thus the compressive strength of the blocks are quite 
different. The blocks and the mortar are also in a disadvantageous condition. There are serious mortal 
losses on the spandrel walls, and averagely 1 cm on the arches. There are no serious damages on the 
bridge. (Fig 2) 
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Fig. 2 Bridge over the Derék brook (left), Mortal loss on the bridge (right) 

3.3 Bridge over the Lókos brook 
It is a Baroque style three-span stone bridge in North Hungary which was built in 1790. For few 
decades the traffic uses a new bridge and the brook was regulated as well. Thus at the present time the 
bridge serves pedestrian traffic only. The full length of the structure is 17.8 m. The arches are 2.6, 2.8, 
2.6 m long. The blocks were made of fine grained sandstone. The structure is in a good condition at 
all points. (Fig 3) 

 

Fig. 3 Bridge over the Lókos brook (left), West side of the bridge (right) 

3.4 Bridge over the Rédey-Nagy brook 
The bridge stands in a North Hungarian village, Gyöngyöspata. It is a vehicular bridge, which pro-
vides passage possibility in the south-west border of the village. The bridge arches over the Rédey-
Nagy brook with two 7.5 m long barrels (Fig 4 left). The bridge was built from different types of 
igneous lithologies, which are typical in this region. The main dimension stone of the bridge is ande-
site tuff with larger lapillis. Additionally there are pink vitreous rhyolite with flow structure, grey 
rhyolite with vuggy fabric, and black andesite. The blocks are carven, and their sizes are different. 
Due to the moisture there are several blocks which are weathered and their strength is decreased. 
These changes were measured in situ by using Schmidt hammer. The condition of mortar joints is 
disadvantageous. On several part of the bridge there is a mortar loss, with a depth of less than 5 cm. 
Beyond the mortar loss and the impact of the weathering some part of the structure is damaged. Sev-
eral blocks of the barrel, of the spandrel wall and of the wing wall are missing partly or entirely. Part 
of the North East spandrel wall was damaged seriously, the stone blocks were disrupted and in the 
cracks the backfill can be seen [4] (Fig 4 right). 
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Fig. 4 Gyöngyöspata Bridge (left), Damaged, cracked spandrel wall (right) 

4 Methods 
The Hungarian standard of masonry arch bridges defines three different levels of the investigations. It 
begins with approximate calculations like MEXE method. On the 2nd level it suggests a simple 2D 
modelling (thrust line analysis, rigid block method), and the top level of structural analysis advises 
more difficult 2D and 3D modelling (rigid block method, FEM, DEM) [10]. The expected accuracy of 
the analysis determines which method is suggested to be used. During the preliminary investigations 
thrust line analysis were used with Archie-M (demo), and rigid block method with using the program 
developed by the University of Sheffield, named Ring. The traditional MEXE method is still widely 
used for assessing the carrying capacity of masonry arch bridges. For this reason approximate calcula-
tions were carried out by the MEXE method to compare the results. 

The parameters, which were necessary for the models, were derived from site investigations and 
from laboratory tests. The site investigations included the inspections and recording of geometrical 
parameters, photo documentation. Lithotypes of the dimension stones were also determined and the 
differences between the strength of the blocks were measured in situ by using Schmidt hammer. 
Moisture content was also recorded on site. Some petrophysical properties such as compressive 
strengths, unit weights were identified under laboratory conditions and some model parameters were 
derived from suggestions of case studies. In the models of the bridges the above mentioned damages 
were taken into consideration. 

4.1 MEXE method 
The calculation is built on empiric coherences, and it takes in account the different effects by using 
modifying factors. It is a strongly approximate method, but it calculates fast and simply. It was devel-
oped in England during the World War II. The aim of this method was to calculate if a cruiser-tank 
can cross over a bridge or not. The provisional axle load (PAL) is obtained by using the values of the 
thickness of the arch barrel adjacent to the keystone, the span, the average depth of fill at the quarter 
points of the transverse road profile, between the road surface and the arch barrel at the crown, in-
cluding road surfacing. The provisional axle load is obtained then modified by the modifying factors 
(span/rise factor, profile factor, material factor, joint factor) and the condition factor [10]. 

The MEXE method can not be used if the bridge is a multi-span bridge, the span is longer than 18 
m, the skew of the bridge is bigger than 15 degree, the backfill above the extrados is bigger than 1 m, 
and the structure has remarkable damages. From the 4 analysed cases only 1 is acceptable at all 
points. The other 3 bridges are multi-span briges. Despite the calculations were accomplished in these 
cases as well because in theory if the piers of multi-span bridges are short (not slender), then the 
arches work separately. A pier is short if the heigth/width ratio is smaller then 2. This condition is true 
in these cases. The method has more deficiencies. It underestimates significantly the carrying capacity 
of long span bridges, and it overestimates the carrying capacity of short span briges. 

4.2 Thrust line analysis 
The basis of equilibrium analysis is set out by Heyman. It is based on the plastic theorems which were 
first developed in Hungary, but which were brought to Britain by Baker [14]. The thrust line analysis 
was carried out on the bridges by the Archie-M software. The program can take into account multi-
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span bridges, masonry strength, masonry unit weight, mortal loss, and the angle of friction of the fill 
unit. The program gives the line of the thrust according to a given load with a given position. Thus the 
load bearing capacity can be easily determined (Fig 5). The load carrying capacity of the bridge is 
adequate in case the line of the thrust does not leave the cross-section under the loads. With using this 
method the control can be carried out easily. In the case of the crossing over of the heaviest possible 
load according to the Hungarian standard (from now on load type “A”) the load bearing capacity of 
the bridges was adequate (Fig 6). While a load is crossing over the bridge, there is a chance to see 
which part of the structure is under strain. 

 
Fig. 5 Emerged thrust line if the failure load is at the worst position (Bridge over the Derék br.) 

 
Fig. 6 Load type “A” is crossing over the Lókos Bridge 

4.3 Rigid block method 
The main principle of the method was set out by Heyman (1982) as well as Gilbert and Melbourne 
(1994). The method uses the upper-bound theory of plasticity in conjunction with geometrical com-
patibility criteria to obtain solutions to problems involving single- and multi-span arch [7]. 

Ring 3.0 can identify the critical failure load factor and associated failure mechanism and distri-
bution of internal forces. This allows the safety of the bridge to be assessed. The software can take 
into account multi-span bridges, compressive strength of the blocks, masonry unit weight, mortal loss, 
the angle of friction and cohesion of the fill unit, the favourable effect of passive pressure, angle of 
dispersion and a few damages. The bond between the blocks is taken into account by the help of 
friction coefficients. The span/rise rate of masonry arch bridges influences significantly the emergent 
failure mechanism. The results of the models verified this as well. In case of lower rise arches 
(span/rise > 4.0) generally a 3 hinges mechanism emerges with sliding. In case of higher rise arches a 
4 hinges mechanism is expected. And there is a third failure mechanism when there is a shear failure 
with sliding. On Figure 7, 8, 9 the analysis of the bridge over the Rédey-Nagy brook can be seen.  

 
Fig. 7 Failure mechanism 2D and moment diagram 
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Fig. 8 Failure mechanism of repaired bridge by the load type “A” and shear force diagram 

 
Fig. 9 Failure mechanism of repaired bridge 3D, and the moment diagram 

5 Results and conclusions 
To calculate the permissible axle load the value of the failure load has to be divided by a safety factor 
with a value between 2 and 3 according to the Hungarian standard [10]. The results of the different 
types of analyses were determined accordingly (Table 2). 

Table 2 Results of the different analyses 

Permissible axle load [t] Bükkös Derék Lókos Rédey-Nagy 

MEXE method 52.4 37.1 35.6 23.7 

Thrust line analysis 62.9 55.3 20.8 23.0 

Rigid block method 109.6 70.5 26.6 23.2 

In the table the results of the thrust line analysis and of the rigid block method are average values. 
These values due to the problematical attributes of the structures such as friction coefficients, disper-
sion of live load, passive pressures, inner components, damages, could change 5-20 % in either direc-
tion. If there is a new bridge and every parameter is known these models work perfectly. But in prac-
tise in case of an existing bridge it is almost impossible to measure some required parameters, for 
instance the friction coefficients between the blocks of the arch barrel. It is also difficult to character-
ize some properties such as the compressive strength or the masonry strength with one factual value, 
especially if the bridge consists of different types of stones with different level of weathering. Neither 
the loads nor the effects of the damages are simple. The diagnostic has difficulties also, because it is 
hard to see what is inside an old bridge. Although a backing, the surface fill depth, the properties of 
the backfill could change the outcome significantly. 

It is noticeable that the MEXE method assesses the results quite well in case of the multi-span 
bridges with short pier as well. In fact it overestimates the carrying capacity of short span bridges. 
The difference between the levels of the investigations is conspicuous. 

Although the masonry structures are ancient, we can see they bring up many questions at the pre-
sent time as well. My purpose is to bring closer these methods to the practise and develop the diag-
nostics to get closer to an effective modelling. 

These above used modern numerical design methods can be used primarily to determine the fail-
ure load with 2D modelling. With using these methods the stability control can be made quite fast and 
accurately enough to a simple control. To get more precise and detailed results or to get data about the 
stuctural behaviour under loading FEM and DEM methods can be used. In these methods almost 
every effect and circumstances can be taken into consideration but the applicability of these methods 
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are quite difficult and the modelling takes a lot of time. Assessment of serviceability is becoming 
more and more important with increasing traffic volumes on masonry arch bridges. At present time 
there is, however, neither a suitable method for the serviceability assessment of masonry arches nor 
any criteria according to which such an assessment could be carried out [11]. These assessments of 
serviceability bring the more difficult 3D analyses into prominence. Therefore I plan to carry out 3D 
FEM and DEM modelling in the near future. At these preliminary analyses I wanted to compare the 
different methods to know what are they capable of and see clearly the differences between them. My 
intention is to compare the results of the numerical analyses with some factual behaviour of the struc-
tures. And I also plan to conduct experiments on a small scale laboratorial models which I hope even-
tually will help to reach my aim. 
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Abstract 
Experimental testing of a masonry structure consists in building up the masonry corner, including the 
pre-stressing bars, into the prepared steel structure. The masonry structure of the brick corner is im-
posed on the vertical load and pre-stress is applied through the bars. The values of deformation from 
pre-stressing are sensed by potentiometer sensors. Mathematical modeling of the brick corner is based 
on the finite element method using appropriate software, and then  the results are compared with 
those of experimental testing. The goal of testing is to contribute to improving the masonry structure 
numerical models while more closely approaching an accurate yet simple procedure for design of pre-
stressed masonry. 

1 Motivation 
Due to underground mining as well as construction of tunnels and collectors in urban areas, terrain 
subsidence occurs with characteristic effects on building structures. In such an area it is often neces-
sary to strengthen an affected structure with post-tensioning of walls and foundations, so that the 
structure is able to bear the load caused by horizontal terrain deformation and the effects of terrain 
curvature. 

Post-tensioning of a damaged structure brings forth horizontal stiffening and increases stability,, 
preventing generation of new cracks and sometimes causing closure of existing cracks while gener-
ally extending structural service life.  

The post-tensioning design procedure is elaborated for reinforced concrete structures, but for ma-
sonry structures is not given in detail [1]. Pre-stressing force design is especially problematic because 
it is necessary to appoint existing masonry material characteristics with regard to material strength 
and possible occurrence and extent of damage. The experiment in situ considers as a safe value 1/10 
masonry compressive strength perpendicular to bed joints [2]. 

2 Experimental testing 
Excessive damage of masonry is particularly expected in the corner of the object because of tri-axial 
stress and local deformation in the anchoring area, where there is extreme strain due to transfer of pre-
stressing.  

To understand better the behavior of masonry structures when post-tensioning occurs during re-
construction, experimental measurements have been performed on laboratory equipment. On such 
equipment it is possible to accomplish a number of tests for different input parameters, e.g., using 
various materials (brick, mortar), layout and number of pre-stressing cables, value of pre-stressing 
force, size and shape of anchor plate, value of vertical load, number of brick layers or the thickness of 
bed joint, brick bond and the support type of the masonry corner (simple, with slide joint and others).  

2.1 Measurement procedure 
Testing equipment, Fig. 1, has the plan dimensions 900 × 900 mm, wall thickness of 450 mm, height 
870 mm. Masonry, pre-stressing bars and loads correspond to the real structure in a proportion of 1:1.  
During walling the specimen pre-stressing bars are placed into the bed joint at a height of 370 mm in 
one direction (direction A) and at a height of 520 mm in the second direction (direction B), Fig.1.  

The masonry specimen is made of clay bricks CP 290 × 140 × 65 and lime cement mortar M10. 
Extra specimens for laboratory strength testing were made both from bricks and from mortar. 
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Fig. 1 Testing equipment  

Strength of the mortar was determined to be fm = 9.8 MPa according to CSN EN 1015-11 [3] and 
strength of bricks fb = 20.88 MPa according to CSN EN 1052-1 [4]. Characteristic strength of ma-
sonry is then  fk = 7.6  MPa, [1].  

Vertical load value was 0.12 MPa. Vertical load was applied using a hydraulic cylinder which 
was located between the I-profile and the steel plate with a thickness of 12 mm, strengthened with 
ribs, and placed in the mortar joint to spread the load as uniformly as possible. Pre-stressing was 
initiated with two pre-stressing steel bars and square anchoring plates with dimensions of 300 × 300, 
200 × 200, and 150 × 150. Horizontal load was 50 kN and 100 kN. The specimen was loaded first in 
one direction and released, then in the second direction and released, and finally in both directions. 
Measurement of deformation was performed in the regular network of measuring points, with poten-
tiometer sensors, identified from M20 to M25. Fig.2 shows the placement of measuring points in 
direction A; the location of measuring points was analogous in direction B.  

 

   
Fig. 2 Network of deformation measuring points in direction A 
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2.2 Measurement results 
Fig.3 and Fig.4 show the graphs with measured deformations in direction A in section A; in section B, 
(according to Fig.2); the vertical load was 0.12 MPa and pre-stressing force  was 100 kN. In both 
graphs the deformations are displayed for the arbitrary anchoring plates 150 × 150, 200 × 200, and 
300 × 300. A horizontal line indicates the location of the pre-stressing force.  
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Fig. 3 Deformations for pre-stressing 100 kN in direction A, section A 
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Fig. 4 Deformations for pre-stressing 100 kN in direction A, section B 

In both graphs the deformation for the 300 × 300 anchoring plates  is smaller than for the 200 × 200 
plates, because greater stress occurs under the smaller anchoring plate. Deformations for the 150 × 
150 plate are almost identical with the 300 × 300 plate. The same deformation could be caused mainly 
by the location of the potentiometer sensors, which are not in direct contact with the anchoring plate.  

This could be due to the location of potentiometric sensors, which are not in direct contact with 
the anchoring plate 150 × 150 as well as the anchor 200 × 200 plate, see Fig. 2. Stress at a point with 
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the potentiometric sensor is probably smaller than under the anchoring plate. The deformation could 
also be influenced with deformation of anchoring plates exposed to a concentrated load.  

The results also show that the deformations are higher in the part above the anchoring plates. The-
se waveforms of deformations could be caused by imperfect adherence of the anchoring plate to the 
masonry, although the masonry was underplayed with mortar.  

In direction B there are similar resulting deformations.  

3 Numerical model 
Numerical models of a tested masonry corner were created in ANSYS software, which is used for a 
comparison with experimental measurements. 

Masonry is a heterogeneous and anisotropic material which consists of bricks and mortar. Both of 
these components have different physical and material properties. Hence homogeneous properties in 
the entire masonry structure cannot be guaranteed. .  In other words, creating a suitable model that 
expresses the real material and physical properties of masonry is difficult. The mathematical model-
ing process must take into account different material properties of basic components, geometrical 
arrangement of bricks, interaction between components, quality of manufacturing, environmental 
influence, etc. 

There are two basic possibilities of modeling the masonry structure: a micro model, which por-
trays the actual arrangement of masonry units, including liaison and bed joints mortar, or a macro 
model without resolution of individual elements and masonry joints [5].  

The tested masonry corner is performed in both ways, modeled by element SOLID45. Pre-stress 
is applied in the model using the 3D element LINK8, anchoring plates for insertion of tensile forces 
are modeled with the finite element SOLID45, Fig.5. 

 

  
Fig. 5 Micro model (left) and macro model (right) of the post-tensioned masonry corner 

The numerical model was created according to the experiment. We used CP 290 × 140 × 65 bricks 
and  M10 mortar, input parameters of the micro model according to Tab.1 and parameters for the 
macro model according to Tab.2. Parameters for the macro model were derived from macro modeling 
of masonry, 3.1.   

Section masonry, in Fig. 6, is located in place of pre-stressing bars, for better representation of the 
concentric preload and its effects on the resulting deformation of the wall. All input values were 
entered into the program as characteristic values (without the introduction of coefficients according to 
the applicable standards).  

We found differences when comparing the two types of stress models, as was expected. The mi-
cro model usually demonstrated greater local maximum values than the macro model did in the areas 
of greatest stress. Deformation in these critical areas had the greatest influence on mortar and bricks 
that were in contact with the anchor plate. Only a small degree of deformation appeared in the other 
elements. This situation corresponds to practical experience where bricks and mortar in close prox-
imity are crushed during the pre-stressing, while they are affected less by the preload at greater dis-
tance.  
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Fig. 6 Micro model (left) and macro model (right) – deformation in section in place of bottom 
pre-stressing bar 

The homogenized model is, with its properties and resulting deformations, closer to the behavior of 
concrete. The deformations interfere with a larger area in the macro model, in micro model the de-
formations interfere only with local bricks. The resulting values, when compared with experimental 
measurements, are not the same but correspond in the decimal order,, which can be considered a very 
good result.  

Table 1 Input parameters for illustrative example 

Material Modulus of Elasticity [GPa] Shear modulus [GPa] Poisson's ratio 

Bricks 290/140/65 15  0.15 

Mortar 10 MPa 10  0.2 

Table 2 Output parameters for illustrative example 

Material Modulus of Elasticity [GPa] Shear modulus [GPa] Poisson's ratio 

Masonry x direction 13.96 3.65 0.202 

Masonry y direction 14.00 5.56 0.198 

Masonry z direction 13.84 4.30 0.197 

3.1 Homogenized properties for macromodel 
Homogenization is performed by creating a fictitious material which replaces the actual material. The 
homogenized material is to express the orthotropic characteristics which correspond to behavior of 
masonry in two natural directions – parallel and perpendicular to bed joints, [6].  

When creating homogenization of the material it is important to make a micro model first. Input 
values are the modulus of elasticity and the Poisson's ratio of bricks and mortar (Tab.1). Determina-
tion of the modulus of elasticity in three directions is done using a model of the wall, loaded on one 
side with constant deformations and supported on the other end. From the resulting response F, area 
A, length L and deformation u, the values of the modulus of elasticity for masonry E are determined in 
all three directions x, y and z, [6]. Shear modulus G is determined analogously to the modulus of 
elasticity.  
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4 Conclusions 
In this paper the authors introduce the experimental testing of a masonry corner exposed to tri-axial 
load and partial measured deformations. Masonry as heterogeneous and anisotropic material requires 
a specific way of mathematical FEM modeling. The micro model and macro model of a tested ma-
sonry corner are introduced.  

This experimental measurement simulates cases of strengthening and rehabilitation of masonry 
buildings. The reason the resulting deformation is so small is due to overly cautious selection of 
relatively small tensile force values, which were intentionally conservative for these early experi-
ments. 

The resulting deformation of the masonry can be influenced by imperfect adherence of the an-
choring plate to the masonry or deformation of anchoring plates due to the concentrated load from 
pre-stressing.  

In the upcoming year, the authors plan to build new masonry specimens with lower mortar and 
bricks strength, allowing the measured deformation to be larger and more distinctive.  

We will develop further numerical models for the experimental measurements, which we expect 
to refine during the experimental testing so the new models will closely match the actual behavior of 
masonry. The result should be a simple (homogenized) model which allows us to avoid modeling the 
individual components of masonry. In other words, sufficient for obtaining accurate results without 
performing time-consuming experiments. 
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Abstract 
Bacteria induced calcium carbonate precipitation nowadays is a widely examined process being a 
possible alternative for traditional stone conservation methods. Thus application connected, in situ 
experiments are recommended by researchers engaged in bioconsolidation. In our experiment, meth-
od and materials developed by a French research group were applied on Hungarian porous limestone 
specimens in situ. Different from the original method samples were immersed into the liquid com-
pound, instead of spraying the curing solution onto their surface. According to their apparent porosity 
characteristics and fabrics, samples were divided into four groups. Changes in mass-properties, com-
pressive strength and Young’s modulii of the specimens due to the biodeposition were measured, 
respectively. Cured specimens gave better results for all the examined properties, comparing to the 
non-cured ones. Due to previous recommendations and practical reasons, color changes induced by 
the biomineralization were also measured. Changes of the shade were evaluated by comparing images 
taken before, during and after the treatment. As result, some degree of darkening was observed.  

1 Introduction 
Biomineralization is based on the phenomena, that different bacteria strains are capable of producing 
calcium-carbonate crystals in adequate environment. Bacterially induced carbonate precipitation has 
been explored for the protection and consolidation of ornamental stone for more, than twenty years. 
Nowadays there are two main trends in biomineralization [1]. Biodeposition is an organic originated 
and highly compatible method for restoration and conservation of porous stone materials, especially 
porous limestone or lime-bound sandstone. It results in a deposition of a carbonate layer on the sur-
face, and a few centimeters under the surface of building materials. Crystals produced during the 
precipitation integrate themselves into the matrix of the stone material in a high extent. This method 
was first used for conservation purposes by a French research group [2]. The other use of microbially 
induced carbonate precipitation (MICP) is biocementation, used for the generation of binder-based 
materials such as mortars and concrete. 

In our experiment, method and materials developed by the French research group were applied on 
Hungarian porous limestone specimens in situ. Our aim was to determine the expectable changes in 
mass-properties, uniaxial compressive strength, Young’s modulus and colour of the spe-cimens due to 
the biodeposition.  

2 Materials and preparation of the specimens 

2.1 Experimental circumstances 
Upon previous recommendations of the researchers engaged in biomineralization, our experiment was 
carried out in situ [1]. With one exception we applied a one-week treatment on the limestone speci-
mens following the instructions of the French Calcite Bioconcept company. Different from the origi-
nal method, the samples were immersed into the liquid compound, instead of spraying the curing 
solution onto their surface. The treatment was carried out between the 23th and the 29th of August, 
2011. Specimens were exposed to intensive sunlight during half of the day. Daily temperature fluctu-
ated between 16 and 36 oC, while the temperature of the wet stone surfaces fluctuated between 25,0-
42,5oC in the morning and 22,9 - 26,8oC at night. 
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2.2 Bacterial isolates and culture media  
In our experiment curing materials developed by the French company Calcite Bioconcept were ap-
plied on the porous limestone specimens. With the desired aim of obtaining homogenously, in-debt 
cured specimens, the samples were immersed into the liquid compound instead of spraying the curing 
solution onto their surface. The bacterium strain applied in the compound is Bacillus cereus, which is 
an aerobe, Gram-positive and non-pathogen soil-bacterium. Germination of this strain occurs between 
15 and 50oC [3] ,  thus it is ideal for outdoor treatments in calmer weather. Bacillus cereus is a spore-
forming bacterium, therefore it is capable for survival and revitalization depending on the accessibi-
lity to nutrition. 

2.3 Stone material 
The stone material used in our experiment is Hungarian porous limestone of two different types. The 
first one has ooidic texture with finer grains (a), the second one has an ooidic-bioclastic texture with 
coarse grains, bioclasts and larger pores [4]. Two blocks of the finer, as well as five blocks of the 
coarse lime-stone, altogether seven (marked with capital letters A-G) were drilled and cut in order to 
prepare the specimens. 

2.4 Group and preparation of the samples 
The porous limestone specimens were prepared according to the requirements of the MSZ EN 1926 
standard (April, 2007). Thus diameters and heights of the specimens are 50±5 mm. The blocks were 
classified according to their textures (two types) and their mass density values (measured on the 
specimens). This classification resulted in the establishment of four groups: I. - blocks A and D; II.-
blocks B, C and E; III. - block F; IV.- block G. Half of the specimens were cured, the other half was 
used as controls. In the uniaxial compressive strength test eventually only five blocks were involved. 

3 Methods and experiments 

3.1 Mass properties 
During the measurement of mass properties we examined the changes of dry and water-saturated 
weight, apparent porosity and density. Measurements were carried out before and after the treatment, 
respectively. Subjecting the specimens to saturation with water and drying until constant weight could 
not affect the results. As result of the biomineralization we expected increase of dry mass and density, 
as well as decrease of the apparent porosity. 

3.2 Uniaxial compressive strength and Young’s modulus  
Generally a stone material with high ultimate compressive strength is more durable, than other ones 
with lower values. Therefore in each group we measured the average uniaxial compressive strength of 
cured and non-cured specimens. Measurements and evaluation were done according to the regulations 
of the MSZ EN 1926 standard. Young’s modulus (also known as modulus of elasticity) (E) was cal-
culated according to the MSZ EN 14580:2005 standard. On each σ-ε diagram we marked the linear 
range, and Young’s modulus was calculated from the values of this range. Idealized σ-ε diagrams of 
the specimens were drawn using the values of modulii of elasticity and of the ultimate strength. As 
result of the newly grown crystal-capsules due to the biomineralization, we expected strengthening of 
the stone matrix. 

3.3 Colour changes 
Appearance of the cured surface should not differ from the original, non-cured surface in a great 
extent. Using organic originated material, small degrees of discolouration or changes in shade are 
likely to occur. Nevertheless these changes should not result in complete discolouration, or darkening 
of the surface in an aesthetically unacceptable scale. 

As the curing compound has a yellowish colour due to its urea-content, some degrees of darken-
ing and colour-changes towards yellow were expected. Changes in colour and shade of the specimens 
were examined by images taken three times: before the treatment (Phase I.), after the treatment (Phase 
II.), and eventually after washing the cured specimens. Each image was taken in a dark room from the 
same distance, angle and lighting. Manual settings of the Kodak camera were: f/2.8, exposition time: 
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1/250 s, focus: 6mm, and without flash.  In order to determine the changes of colours we analysed and 
compared the histograms of images in Photoshop CS3. 

4 Results and discussion 

4.1 Mass properties 
During the consolidation process a few amount of new material (bacteria and nutrition) was added to 
the specimens. This resulted in the changes of mass properties, thus apparent porosity, density, and 
mass of the stones. Biomineralization induced the reduction of pore-diameters, thus increase in densi-
ty and decrease in apparent porosity. The total amount of solid material used for the preparation of the 
curing liquid was 125 grams. This amount was distributed among 34 specimens and 3 smaller pieces 
of porous limestone. Consequently relatively low percentage of mass-increase was expected. In order 
to avoid miscalculations due to small grains remained unbound or unsolved in the porous matrix, 
specimens were washed in a vessel. Material losses during the measurement and transportation of the 
specimens are at a degree of tenthousandth, which is negligible. We measured increase in average 
masses. Relative differences were calculated by the following formula: Diff.rel. = (Pcured – Pnon-

cur)/Pnon-cur *100  [%], where P stands for the examined property (Table 1).  
While dry mass of the specimens increased, the capability of water-uptake and the saturated mass 

decreased due to the biodeposition. An average amount of 0.459 grams of solid material in form of 
calcium-carbonate crystals was added to each specimens, which is equal to an average of 0.22 m/m %  
increase in mass. As result, mass-densities increased in a same extent. Change of the mass noticeably 
affected the apparent porosity, which decreased with 9.18 % (Table 2). Consequently the treatment is 
capable to provide higher resistance to the stone against water-related deterioration, such as freezing-
thawing and salt crystallisation.  

Table 1 Changes in dry and saturated masses between the non-cured, and the cured-and-washed 
phase. 

Mark of block; 
Mark of group 

Dry mass average [g] Saturated mass average [g] 

Non-
cured 

Cured 
and 

washed 

Relative   
difference [%] 

Non-cured
Cured 
and 

washed 

Relative     
difference [%] 

A 194,90 195,41 +0,26 230,53 228,11 -1,05 

B 197,91 198,34 +0,22 229,09 227,73 -0,59 

C 205,24 205,71 +0,23 233,67 231,29 -1,02 

D 196,44 196,99 +0,28 231,84 229,15 -1,16 

E 200,43 200,87 +0,22 229,38 227,79 -0,69 

F 188,28 188,55 +0,14 221,43 221,36 -0,03 

G 210,37 210,78 +0,20 237,23 235,13 -0,89 

I. (A+D) 195,67 196,20 +0,27 231,19 228,63 -1,11 

II. (C+D+E) 201,19 201,64 +0,22 230,71 228,94 -0,77 

III. (F) 188,28 188,55 +0,14 221,43 221,36 -0,03 

IV. (G) 210,37 210,78 +0,20 237,23 235,13 -0,89 
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Table 2 Changes in density and apparent porosity between the non-cured and the cured-and-
washed phase. 

Mark of 
block 

Density average [g/cm3] Apparent porosity average [%] 

Non-cured
Cured and

washed 
Relative   

difference [%] 
Non-cured 

Cured and 

washed 
Relative   

difference [%] 

A 1,638 1,643 +0,31 30,07 27,55 -8,37 

B 1,647 1,651 +0,21 26,01 24,52 -5,72 

C 1,695 1,699 +0,23 23,54 21,18 -10,04 

D 1,628 1,633 +0,29 29,40 26,71 -9,15 

E 1,664 1,668 +0,22 24,09 22,40 -7,00 

F 1,525 1,535 +0,67 30,53 27,17 -11,00 

G 1,739 1,742 +0,20 22,25 20,17 -9,36 

4.2 Compressive strength 
Uniaxial strengths of five blocks (A,C,D,E,G) were evaluated. For each block we measured higher 
average compressive strength for the cured specimens, than for the non-cured ones. Results are shown 
in Table 3, and plot in Figure 1. B. Connection between the type of texture and the ultimate strength 
of the limestone specimens is noticeable. Finer fabrics gave higher results, than more uneven ones 
with coarse structure. Standard deviations of the results are higher, than the differences of compres-
sive strengths between the cured and non-cured specimens. Therefore experiments should be carried 
out on more homogenous porous materials, for example on mortar specimens. 

Table 3 Differences between the average compressive strengths of the non-cured and the cured-
and-washed blocks and groups of specimens 

Mark of block 
or group, fabric  

Compressive strenth 
[N/mm2] Relative 

difference 
[%] 

 Standard deviation [%] 

Non-cured 
Cured and 

washed 
Non-cured 

Cured and 
washed 

A-fine 6,42 7,99 +24,59 7,44 30,75 

C-coarse 3,84 4,54 +18,38 24,97 30,68 

D-fine 6,35 6,53 +2,78 22,50 10,50 

E-coarse 3,40 3,55 +4,40 14,34 18,85 

G-coarse 4,21 4,54 +7,99 18,44 26,74 

Average 4,84 5,43 +11,63 17,54 23,51 

I. (A,D) - fine 6,39 7,26 +13,74 14,97 20,63 

II.(C,E) - coarse 3,62 4,05 +11,81 19,66 24,77 

IV.(G) - coarse 4,21 4,54 +7,99 18,44 26,74 

4.3 Young’s  modulus 
Young’s modulii of the cured specimens are higher than non-cured ones. In four blocks of five the σ-ε 
diagrams shown higher modulus of elasticity. Exact values and differences compared to the values of 
the non-cured groups are shown in Table 4. Plot of the values for the block A is shown in Figure 1. 
A. An average relative difference of +24,196 %, thus increase was evaluated. Increase of the Young’s 
modulus indicates that the stone material became more rigid, with the newly precipitated calcium-
carbonate crystals. This also indicates that the capsules bound strongly to the original material, while 
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they could hamper deformation inside the stone. Thus they decrease the specimen’s overall rate of 
deformation during the loading. While unbound grains were washed out of the specimens, it can be 
also declared, that the solid material left inside the stone mostly transformed into rigid crystals around 
the bacteria. 

Table 4 Changes of Young’s modulus between non-cured and cured-and-washed specimens 

Block 
 Young’s modulus [N/mm2] Relative difference 

Non-cured Cured and washed [%] 

A 1524,05 2101,18 +37,87 

C 623,77 1001,60 +60,57 

D 1826,51 1986,17 +8,74 

E 844,23 743,76 -11,90 

G 628,12 783,26 +24,70 

 

A. B. 

Fig. 1 A. Idealized σ-ε diagrams of the cured and non-cured specimens of block A. B. Changes 
of compressive strength in each group. 

4.4 Colour changes 
During and after the treatment colour changes of the specimens were noticeable. Original colour of 
our limestone specimens is light beige – yellowish, approximately RGB (153;124;94), with a mean 
luma component of 129. Changes of colour and their values are presented in Table 5. Original and 
altered colours of the specimens can be seen in the images of the second column. Mean values of the 
image histograms are also presented in grayscale in the third column. According to these columns the 
darkening and brightening of the specimen is noticeable. Histograms of all colour channels show the 
shift towards the darker shades (left side) comparing cured and non-cured specimens. After washing 
the specimens some degrees of widening of the histogram can be noticed with an almost similar mean 
value. This refers to almost no change in shade, but discoloration due to changes of pixel values, thus 
the shift of the RGB channels’ histograms. Some degrees of darkening of the yellow colour can be 
seen in the last column. Yellow colours’ histograms are plot where histograms of red and green chan-
nel overlap, without disturbance of the blue channel’s histogram. While histograms are the density 
functions of shade of pixel values between 0 and 255 (0 for black, 255 for white), reading the last 
column darkening of the yellow component is noticeable. For more exact determination of the colour-
changes, mathematical counting of the pixel values is necessary. 
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In practice color-changes between the non-cured and the cured-and-washed (final) phase is important. 
Considering faşcades exposed to rainwater, washing of the stone surfaces is possible. According to 
this measurement no change in shade, but higher significance of the yellow color should be expected 
comparing the non-cured, and the cured and washed phase. 

Table 5 Colour of specimen, equivalent of mean value in grayscale, histograms of all the colours 
and change of the colour yellow. 

State Colour of 
specimen 

(~1cm*1cm) 

Shade of mean 
value in gray-

scale 

Histogram of 
all color chan-

nels 

Histogram of 
luminosity 

Changes of 
the yellow’s 

shade 

Non-
cured 

mean value:120,20 mean value:125,89 

Cured 

mean value: 87,73 mean value:93,37 

Cured 
and 
washed 

mean value: 118,14 mean value:125,39 

5 Conclusion 
In our experiment, method and materials developed by a French research group were applied on 
Hungarian porous limestone specimens in situ. Our aim was to determine the expectable changes in 
mass-properties, uniaxial compressive strength, and colour of the specimens due to the biodeposition. 

We measured an average of 0.22 m/m % increase of masse, which noticeably affected the appar-
ent porosity, which relatively decreased with an average of 9.18 %. Relative increases of the com-
pressive strengths (11,63%) and the Young’s-modulii (24,20%) were evaluated. As result of the 
treatment some degree of darkening and changes of the yellow’s shade were observed. 

The treatment turned out to be capable to provide higher resistance to the stone. Further experi-
ments will be carried out in order to determine the effects of biodeposition on the compressive 
strength and the durability of porous materials. 
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Abstract 
Every year several big earthquakes like in Italy (L’Aquila 2009), Chile (2010) and Japan (Fukushima 
2011) are causing high damages and collapses especially on masonry buildings. The 10 biggest earth-
quakes led to a total damage of 351 billion USD [4]. But also human losses like in L’Aquila where an 
earthquake with a comparable low 6,3 magnitude caused 260 losses, 1000 injured and 28.000 home-
less are the main motivation to retrofit old masonry buildings. 

The work is about different strengthening techniques with new materials like ductile polyurethane 
glues, cement based mortars and textiles with different fibre orientations. Two special developed 
systems for masonry retrofitting are tested on different kinds of laboratory specimen like 6-stone-
masonry, 1.25 m x 1.25 m walls, 2,4 m x 2,6 m walls and a full 5,8 m high masonry building.  

Results on a masonry building with the same material and the archetype like buildings in the re-
gion from L’Aquila showed in a shaking table test an increase in the maximum load capacity of more 
than 50% (peak ground acceleration) after strengthening.  

  

1 Introduction 
Fibre materials reinforcement are one out of several strategies to retrofit or strengthen existing ma-
sonry buildings. The benefit is the additional high tensile strength for masonry, while the weight 
compared to other materials is very low. This is the most important point for earthquake loads which 
are related to the mass of a building. The effects to masonry structures are trough the failure mecha-
nisms very different and dependent on the orientation. The load bearing of walls can happen in the out 
of plane and in plane direction. Therefore all researchers divided the both loading scenarios in their 
experimental campaigns in the two different cases and conducted tests on out of plane specimens and 
in plane specimens.  

In the first mentioned direction conducted Velazquez and Ehsani [11] wall tests with b/h ratio of 
14 and 28 and reinforced with glass fibre stripes and epoxy glue. The maximum possible increase in 
the load bearing capacity was 650% compared to the unreinforced walls. Tumialan [10] conducted 
out of plane tests with hollow bricks and concrete block masonry which were reinforced with glass 
and aramid fibre reinforcement. He additionally determined the bonding with special putty. Further 
work was done by Hamilton and Dolan [7], Reinhorn and Madan [8],  and Hamoush et al [6]. All of 
them used a static loading and stiff glues like epoxy resign.  

Also for in plane loading different authors made several tests on walls. Schwegler [3] one of the 
first researchers in this field tested 1994 masonry walls with different fibre materials and different 
reinforcement strategies. Wallner [2] considered the existence of openings in walls with windows in 
his work. Other fibre reinforced materials were conducted by Hohlberg and Hamilton [9] and Münich 
[5] in static cyclic tests. Only El Gawady [12] tested his walls under dynamic conditions on a shaking 
table. He used hollow bricks, carbon stripes, glass and aramid fibre textiles. The possible increase in 
the load bearing capacity was between 30% and 150%. 

Studies in the past showed the good possibilities of the fibre materials in the field of application 
masonry. But there is still missing the knowledge about the real behaviour under dynamic and full 
building conditions. This work shows two new reinforcement techniques which were tested under 
static, dynamic and full building conditions. 
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2 Two new developed reinforcement systems 
Two different fibre reinforcement systems have been developed at KIT. The first consists on a high 
ductile and breathable polyurethane glue on water base and a biaxial, alkali resistant glass fibre fabric. 
The adhesive is applied directly on the existing plaster surface on a wall in which the fabric is fixed. 
This has the advantage that the plaster must not be removed from the wall and no cleaning of the 
building after the work is needed. On the other side before the application the sufficient bonding 
capacity from the plaster to stone has to be found out. This system was developed for indoor use and 
the out of plane safety on non-structural walls. The system is called “eq-top” (see figure 1). 

 

 
Fig. 1     Biaxial glass fiber textile – eq-top (left), Cracking fibers (right) 

The second fibre reinforcement system is applied directly to the stone surface in a special mortar 
textile sandwich configuration.  The mortar as matrix for the bonding to the stone consists on three 
components: A = cement powder, B = epoxy resign, C = hardener. As fibre material a 425 g / m² 
heavy glass fibre/ polypropylene fabric was developed that takes into account all possible failure 
causes of masonry. It is woven in four fibre directions in angels of 0°, 90° and +/- 30° with the two 
different fibre materials. In a sandwich structure consisting of a layer of high-strength epoxy mortar, a 
layer fibre fabric and a covering layer of the same mortar, the whole system is applied flat to the 
outside surface of a building. The system is called “eq-grid” (see figure 2). 

 

  
Fig. 2     Fabric in the first mortar layer (left), Eq-grid fabric with four fibre directions (right) 

3 Experimental campaign – Out of plane 
The two most important parameters for the out of plane bending behaviour of masonry walls is the 
compression strength of the stones and the mortar, because unstrengthend masonry carries the load 
only over compression in the vertical and horizontal bending direction. In existing buildings it is not 
possible to change these parameters. Therefore the only solution is to increase the tensile strength 
with additional external fibre reinforcement systems. Like reinforced concrete the fibre reinforcement 
carries tensile forces and the stones together with the mortar the compression forces on the other side.  
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3.1         Static bending tests 
While in the literature no normal force or only self-weight has been used, here was developed a test 
assembly with force controlled hydraulic pistons. The following figure shows the test configuration 
for small 6-stone-masonry specimens. The vertical piston is applied displacement controlled and 
running 0,05 mm/sec in the MTS 1000 machine. The force and the displacement are recorded and 
displayed in the next diagrams. The two horizontal pistons hold constant the given stress of 0.2, 0.4 or 
0.8 MPa.   
 

 
Fig. 3    Bending test in with bricks (left), Sand lime brick specimen tested (right) 

       

The results show a different behaviour dependent on the used stones. At Brick stones were observed 
an increase in the maximum force over 64%. The sudden collapse of the unreinforced masonry 
(URM) equal with or without plaster is for earthquake loads very unfavourable. Therefore much more 
important was the after cracking behaviour trough the reinforcement which the maximum displace-
ment has nearly quadrupled. The failure occurred by stone cracking, while no damage of the textile 
was visible. 

Sand lime bricks with their higher compression strength led not to a stone failure. Instead the tex-
tile was utilized till the fibre broke. The increase in the maximum force was four times the URM and 
the displacement by maximum force three times higher. 

This pilot study on reinforced masonry (RM) showed clearly the benefits for the out of plane 
bending behaviour. Further dynamic studies are presented in the next chapter.           

                         

 
   Fig. 4        Bending test results for brick stones. Unreinforced vs. eq-top reinforcement 
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Fig. 5        Bending test results for sand lime bricks. Unreinforced vs. eq-top reinforcement  

3.2        Dynamic bending tests  
The dynamic testing was conducted on a uniaxial shaking table with the size 3 m x 3 m in a special 
constructed steel frame. Two tests were conducted in each case one 2,4 m x 2,6 m wall with only 
plaster and a second wall with plaster and the eq-top reinforcement. The difference in the second test 
was the inserted door opening and the two diagonal steel crosses for frame stiffening. 

The stones were hollow bricks with tube orientation in the horizontal direction. To the stone sur-
face was applied a typical in Istanbul used cement based plaster typically in Istanbul used. All walls 
were hold at three sides, while the top side could move freely. 

In the first test cracks occurred early at the URM wall and led to a collapse of a part (see figure 
9). The total collapse happened at 3.8 g acceleration in the wall. At the synchronous tested RM wall 
no crack after the maximum capacity of the shaking table was visible. 

The door opening led to first cracks at the door corners and resulted in a collapse of the top part 
from the URM wall. While collapsing of the unstrengthend wall first cracks in the textile on the other 
wall were visible at the door corner location. The maximum accelerations at the URM wall was 2.4 g 
before collapse and 4.5 g at the RM wall. 

 

 
 

Fig. 6    URM wall without opening is collapsing URM wall with opening is collapsing (right) 
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4 Experimental campaign – In plane 

4.1 Static cyclic wall tests 
Scaled wall tests were conducted with different test specimens to select the best materials for the 
matrix-fibre-system. The shear loading in-plane was in the strong inertia force direction with a verti-
cal stress of 0.2 MPa. For the horizontal cyclic displaced head beam the displacement and the hori-
zontal force were measured.  

Representative results of unreinforced masonry (URM) and reinforced masonry (RM) tests 
(1.25 m  x 1.25 m) are shown below in figure 7. Both walls were built with sand lime bricks in 4 DF 
formate. The maximum resistance force of the URM wall was 98 kN and the maximum load of the 
RM structure was 232 kN. This is an increase of 136%. But the more important effect is the increase 
of ductility of more than 200%. Further dynamic studies are presented in the next chapter.         

   

  
Fig. 7      Hysteresis for the URM wall  (left), Hysteresis for the RM wall (right)              

 

4.2 Dynamic tests on a full building 
Motivated by buildings damaged in the L'Aquila earthquake (2009) a building with the typical arche-
type with natural stones and a size from 5.8 m high, 5.8 m long and 4.4 m width was built on a shak-
ing table in Pavia (Italy) at the EUCENTER. A uniaxial shaking table simulated an earthquake and in 
five increasing amplification steps from 0.05 g  peak ground acceleration (PGA) to 0.4 g. After the 
last earthquake loading the building was nearby destroyed and had several big cracks (see figure 8).  

The test of the URM structure exhibited common failure modes. The very soft wooden slab at the 
ground level led to out of plane bending failures in the front side (failure no. 1 and no. 2 in figure 8). 
Diagonal bending/tension cracks trough the mortar joints (no. 5) over the window locations were the 
most important failures, due to the fact that the front corner in figure 8 was shortly before collapse. 
Only the wooden beam held this part together with friction and the roof load. A joint sliding (no. 3), 
for the “in-plane” walls occurred in the cross between windows and doors and on the bottom between 
the doors (no. 6). The shear cracks at the “beam”-part (no. 5) resulted in the most moving point at the 
front and was the reason for the high deformation in this corner area. An existing eccentricity though 
the asymmetrical arrangement of the wall stiffness led to an additional torsion moment which was 
increased after cracks in the front side and shear point shift toward the walls without openings. This 
led to very high accelerations in the point A of about 0.9 g. High local deformations in this area cau-
sed different orientated cracks in this corner region (no. 4) 

After repairing the displaced roof and the wooden slab as retrofitting tool the eq-grid system was 
used to repair all the cracks in the masonry which occured in the tests before. The tests of the repaired 
building showed no cracks after 0.4 g PGA, the maximum level of the URM building. Further tests at 
0.5 g led to small micro cracks at the window locations. The maximum possible PGA for table was 
reached after 0.6 g. At this stage cracks in the glass fibres occured local under both windows at the 
front side which is seen in figure 8. Also delamination between the first layer mortar and textile was 
observed, but the total building was in good shape. Further information have been written in [1]. 
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Fig 8    Cracked URM building (left), Reinforced building in the laboratory (right) 
 

5 Conclusions 
Both presented fibre systems provide  the engineer with a new tools for the seismic retrofit of unrein-
forced masonry structures. In this study the test results for out of plane, in plane, static, dynamic and 
on full masonry structures are presented, but much more knowledge was collected with additional 
small test samples and much more parameters. Together all results show the significant increase in 
strength and ductility which is the key for many old existing buildings in earthquake risk zones. The 
combination of both systems which are designed for indoor and outdoor application could be a new 
technology for the future in earthquake engineering. 
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Abstract 
The objective of my research is the development of standardized specifications for design and verifi-
cation of frame structures employing diagonal Buckling Restrained Braces (BRB). BRBs are dis-
placement dependent anti-seismic devices capable of significant energy dissipation when subjected to 
extensive cyclic loading. A series of cyclic loading tests were performed at BME and an element level 
BRB model has been developed and verified with experimental data. It is being used to create numer-
ical models of several braced frame archetypes. These frames are subjected to a set of ground motions 
using nonlinear incremental dynamic analysis. As a result, the probability of failure for each structural 
archetype is evaluated and eventually an appropriate design procedure is developed. 

1 Introduction 
Buckling Restrained Braces (BRB) are displacement dependent anti-seismic devices (Fig. 1). [1] 
BRBs are used as diagonal members of frames designed for lateral load resistance. The advantageous 
dissipative properties of the steel material are taken with these devices to the structural level, resulting 
in structures capable of significant energy dissipation. [2] Under seismic excitation the axial load on 
the diagonal BRB members of Buckling Restrained Braced Frames (BRBF) is resisted by the slender 
steel core of the braces. The cross-section of the steel core is reduced in its middle so-called yielding 
zone in order to ensure early yielding and thus efficient ductile behaviour. In order to prevent global 
buckling of such a slender beam under compressive loading, the steel core of the braces is surrounded 
by a concrete filled steel hollow section providing continuous lateral support. The steel core and the 
supporting concrete surface is decoupled by a layer of air, therefore the concrete section cannot par-
ticipate in the axial load resistance. 

The concept of BRBs had been developed in Japan at the end of the 1980s. It appeared in the 
United States at the end of the last century and by now its design is regulated in engineering standards 
as a displacement dependent dissipative lateral load resisting solution [3]. Eurocode 8 (EC8) [4] – the 
European Standard for Seismic Design of Structures – does not include specifications regarding the 
design of such devices. Instead they are controlled by a separate standard for anti-seismic devices, the 
EN 15129 [5]. This document focuses only on experimental analysis and quality control, leaving 
practicing European earthquake engineers without a simplified – behaviour-factor based – standard-
ized design procedure for structures with BRBs.  Thus, currently these dissipative structural systems 
practically have to be verified with nonlinear analysis as per EC8. This requires more computational 
resources and engineering expertise, which limits the applicability of BRBs and other innovative anti-
seismic devices. 

The objective of the presented research is to propose a design procedure of BRB-based structural 
solutions. The procedure shall be compatible with the existing elastic modal response spectrum analy-
sis and capacity design principles in EC8. Therefore an appropriate behaviour factor (represents the 
energy dissipation capability) and a set of capacity design rules regarding the design of elements and 
connections in Buckling Restrained Braced Frames (BRBF) is to be developed. Evaluation of the 
design procedure is based on a numerical BRB model validated by laboratory experiments. Capacity 
design rules and the corresponding behaviour factor are determined by performing global nonlinear 
static and dynamic analyses and calculating the probability of failure for typical building configura-
tions (so-called archetype structures). 
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Fig. 1 Main components of buckling restrained braces are illustrated on longitudinal sections 

 
Fig. 2 Displacement dependent load protocol used for testing the EWC 800 specimens 

2 Element level numerical model 

2.1 Laboratory tests 
A total of six laboratory tests have been performed on BRB specimens at the Budapest University of 
Technology and Economics (BME). Table 1 summarizes the main characteristics of the specimens. 
The quasi-uniaxial cyclic load tests were designed in accordance with EN 15129 specifications. Rec-
ommendations of ECCS [6], AISC [3] and US professionals familiar with the BRB system [7] were 
also taken into account. Braces were loaded in a custom loading frame by hydraulic jacks using a 
displacement controlled loading protocol (Fig. 2). Note that the top of the specimen is moved 50 mm 
in the horizontal direction, therefore the brace is not perfectly vertical (Fig. 3 (left)). This measure 
takes the second-order moments into account, which act on BRBs due to the impeded rotation of their 
connections. The loading protocol significantly surpasses the requirements of EN 15129 to enhance 
the evaluation by subjecting BRBs to a more diverse set of load cycles, thus simulating actual seismic 
excitation in a more realistic manner. Fig. 3 (right) shows experimental force-displacement curves for 
two tested specimens. Results confirm the stable, plastic hardening behaviour with significant ductili-
ty and energy dissipation capabilities.  

Table 1 Main characteristics of tested BRB specimens 

specimen(s) EWC 500 A 
EWC 500 B 

EWC 800 A 
EWC 800 B 

600 BCE 825 BCE 

total brace length [mm] 2960 2960 2760 3120 

yielding zone 
length [mm] 2000 2000 1802 2198 

cross-section [mm] 20 x 25 20 x 40 15 x 40 15 x 55 

core material S235 S235 S235 S235 

actual load bearing capacity 
tension/compression [kN] 

199.5/232.1 323.7/442.0 230.9/270.9 317.3/392.3 
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Fig. 3 Photo of the loading frame (left) and two typical experimental force-displacement rela-

tionships (hysteresis loops) (right)  

2.2 Numerical BRB model 
The objective at this phase was to develop a numerical model in a Finite Element Modelling (FEM) 
environment that can represent BRB behaviour accurately while sparing computational resources. A 
complex BRB model made of solid elements has already been developed for detailed analysis, but it 
was too expensive computationally to be applicable in the global analysis of frame structures. There-
fore a simple beam model was made, where the BRB characteristics are simulated with a complex 
nonlinear material applied at simple beam elements (Fig. 4). Due to its simplicity, this latter approach 
can be used for the analysis of large frame structures with reasonable computational capacity, while 
accurately capturing the following important behavioural characteristics: 

 Bauschinger effect 
 plastic strain hardening under tension and compression 
 cyclic hardening for a large number of load cycles at different displacement levels 
 asymmetric hardening under tension and compression 
 monotonic loading curve 

The numerical model was developed in the OpenSEES FEM environment [8]. A complex material is 
created by connecting three separate materials in parallel. The parallel placement means that strain in 
the finite element equals strain in each material component, while stress is the sum of the stresses in 
each material component. The components are described in Table 2. 

The model was calibrated with data from one experiment and validated with the other experi-
mental results. The experimental and numerical hysteresis curves on Fig. 5 illustrate how accurately 
the developed model is able to follow real behaviour. 
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Table 2 Individual material components of the complex artificial BRB material 

material type characteristics 

Steel 02  

- strain hardening models behaviour under monotonic loading 

- isotropic hardening models asymmetric cyclic behaviour 

- configurable smooth transition from elastic to plastic behaviour 

Hardening  

- symmetric combined kinematic and isotropic hardening 

- isotropic hardening is used to model the symmetric part of cyclic 
hardening 

- kinematic hardening is not used 

Pinching4  

- designed to represent degradation under cyclic loading 

- used to model the pinching (increasing stiffness) effect under large 
  strains in compression 

- practically negligible tensile resistance 

 
Fig. 4 Numerical model of BRB with simple beam elements  

 
Fig. 5 Comparison of numerical and experimental hysteresis curves to validate the BRB model 
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3 Design procedure development 
The developed element level numerical model is used to analyse the global behaviour of frame struc-
tures with diagonal BRB elements. The methodology for this analysis is based on the recommenda-
tions of FEMA 965 [9]. The objective is to develop a framework that can evaluate different design 
procedures. The key steps of this procedure are explained in the following. 

3.1 Assembly of structural archetypes 
First, the typical structural configurations and their main parameters need to be assembled. Accurate 
description of a frame structure for global analysis requires 10-15 attributes like number of stories, 
bay size, storey height, steel material type, brace topology etc. The numerous parameters define a 
large problem space where a discrete number of specific archetypes that represent the typical applica-
tions of the system shall be identified. The archetypes are analysed in detail in the following steps. 
The number of selected archetypes is limited by time and computational constraints and is usually not 
more than 30. 

3.2 Assembly of ground motion sets 
The next step is the assembly of a statistically independent set of ground motion records that is repre-
sentative of the seismic characteristics of the region under examination. Currently a set of 22 records 
included in FEMA 965 is used for the analysis while the framework is still under development. This 
set will be revised by the author with the help of seismologists to better describe European ground 
motion features. 

3.3 Seismic design procedure 
A design procedure is defined and each structural archetype shall be designed with it. The procedure 
is based on elastic modal response spectrum analysis included in EC8. Dissipative structures are 
designed with the help of system-specific capacity design specifications. The applicable seismic load 
reduction due to energy dissipation (the behaviour factor in practice) depends on how strictly these 
specifications are followed. Currently there are no specific capacity design rules for BRBFs in EC8, 
thus the initial design procedure is based on design on conventional braced frames, but modified to 
take the special characteristics of BRBs into account.  

3.4 Incremental Dynamic Analysis (IDA) 
During the IDA each designed archetype is subjected to each ground motion record. IDA is a nonlin-
ear time-history analysis, therefore unlike modal response spectrum analysis it provides accurate 
internal load levels, stresses and strains at each time step and it can determine the plastic deformations 
of the structural members. IDA is incremental, because the intensity of each ground motion is in-
creased incrementally from a sufficiently low level (where all of the structural members remain elas-
tic during the entire earthquake event) to a maximum that the structure can resist without exceeding 
force or deformation limits of the applicable standard.  

Phenomena leading to structural damage and eventually collapse shall either be included in the 
numerical analysis (e.g.: P-Δ effect), or evaluated after each analysis separately (e.g. BRB failure due 
to extensive plastic deformation). Fig. 6 shows an example of IDA results. The spectral acceleration 
levels (acceleration experienced by a single degree of freedom system with the same natural period as 
the BRBF under consideration) are plotted versus the maximum interstorey drift values from each 
analysis on Fig. 6 (left). Each curve on the figure represents the structural response to different inten-
sities of one ground motion record. Note how increasing ground motion intensity introduces inelastic 
behaviour (increasing drift increments for the same acceleration increment). Also note how the same 
acceleration level leads to very different responses and thus different interstorey drift levels. This 
highlights the inherent uncertainty when acceleration alone is used to define an earthquake event. 

This uncertainty is expressed by calculating the fragility curve of the structure that describes the 
probability of failure for the given archetype depending on spectral acceleration. (dashed curve on 
Fig. 6 (right)) The fragility curve is a cumulative distribution function of a lognormal distribution 
with the same median value (highlighted on Fig. 6) as the analysis results. Variance of the fragility 
curve due to the uncertainty in earthquake events is currently taken as 0.4 according to the recom-
mendation of FEMA 965 [9]. 
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Fig. 6 Acceleration-interstorey drift relationship of one archetype for different ground motion 

records (left) and the calculated fragility curve (right) 

Other sources of uncertainty in the methodology (numerical model, experimental data, design proce-
dure etc.) are taken into account by increasing the variance of the lognormal distribution. The solid 
line on Fig. 6 (right) shows how an increased variance affects the results. Note the significant increase 
in the probability of failure at low acceleration levels. 

Fragility curves are used for design procedure evaluation. An appropriate design procedure shall 
ensure that the probability of failure for the designed structure at the design spectral acceleration level 
is below a certain threshold that is in agreement with acting European Standards. The design proce-
dure shall be improved in an iterative process until it reliably fulfils this requirement.  

4 Concluding remarks 
The presented IDA methodology for global BRBF analysis is being implemented into an application 
based on the OpenSEES environment. This application is going to be used to analyse the seismic 
performance of several BRBF configurations. The expected result is a proposal for a standardized 
BRBF design procedure and the applicable seismic design parameters (e.g.: behaviour factor). 
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Abstract 
The aim of this research is to investigate the effect of different degrees of corrosion on the ultimate 
strength, ductility and failure mode of Reinforced Concrete (RC) bridge piers subject to earthquake 
loading using experimental and analytical studies on medium scale bridge piers at the Earthquake 
Engineering Research Centre (EERC) of the University of Bristol.  

The experimental studies in this project have three stages: a) testing of corroded reinforcement to 
investigate the effect of corrosion on the nonlinear stress-strain behaviour of reinforcing bars under 
monotonic and cyclic loading, b) monotonic compression tests on corrosion damaged well-confined 
RC short columns to investigate the effect of corrosion on confined concrete behaviour and the over-
all stability of corroded bars under high compression loads in the column and c) reaction wall tests on 
scaled bridge piers to investigate the response of corrosion damaged bridge piers subject to cyclic 
loading. Based on the experimental tests at stages (a) and (b) new constitutive material models are 
being developed to take into account the effect of long-term material deterioration. Finally these 
material models will be incorporated in the numerical simulation of experimental tests at stage (c) by 
developing a multi-mechanical nonlinear finite element code using fibre-section discretization tech-
nique. 

A selection of the experimental results of the monotonic tests on the corroded reinforcing bars in 
tension and compression (including buckling) and its effect on inelastic section response (moment-
curvature) of corrosion damaged RC bridge piers are reported in this paper.  

1 Introduction 
Over the past couple of decades researchers have made significant efforts to improve the general 
knowledge of seismic design and analysis of structures in earthquake prone regions. As a result of 
these efforts the Performance-Based Earthquake Engineering (PBEE) framework has been developed 
which is currently very well stabilised among researchers and practising engineers around the world. 
Based on the observed response of existing structures in recent large earthquakes, it is clear that most 
structures designed and constructed after 1990 have performed well. However there are a significant 
number of older major infrastructure artefacts that are located in an aggressive environment and are 
suffering from the material aging and deterioration. In order to provide a durable and reliable solu-
tion, the functionality, safety and the service life of various infrastructure artefacts must be estimated 
based on scientific and engineering knowledge. Therefore for existing deteriorated infrastructure a 
rational maintenance plan should be employed in accordance with their current condition. Climate 
change, sustainability issues and limited funding in the recent years means there is a need for a new 
bridge management system that can capture all this complexity into a single comprehensive frame-
work. This has led researchers around the world to consider extending the existing performance based 
earthquake engineering framework to include the long term material performance. 

Among the different deterioration mechanisms, corrosion of reinforcing steel is the most common 
reason for the premature deterioration of RC structures in a chloride laden environment. This leads to 
loss of the steel cross section and weakening of the bond and anchorage between concrete and rein-
forcement, which directly affects the serviceability and ultimate strength of concrete elements within 
a structure. This will increase the probability of failure of deteriorated structures in big earthquakes. It 
can also result in significant permanent damage in smaller earthquakes which will increase the whole 
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life cycle cost (WLCC) of the structure. In the following sections a solution procedure to this complex 
problem is discussed.  

2 Effect of Corrosion on Nonlinear Stress-Strain Behaviour of Reinforcing Steel 

2.1 Effect of Corrosion of Tensile Properties of Corroded Bars 
In order to simulate the corrosion of embedded steel reinforcement in concrete a total of 5 reinforced 
concrete specimens were cast. Two specimens dimensioned 200x150x500, designed for tension tests, 
incorporated 8mm and 12mm diameter reinforcing bars and three specimens dimensioned 
250x250x500, designed for buckling tests, incorporated 12mm diameter reinforcing bars. An acceler-
ated corrosion process was employed for corrosion simulation. This comprised an electrochemical 
circuit using an external power supply. The reinforcing bars act as an anode in the cell and an external 
material acts as the cathode. A schematic arrangement of test setup is shown in Fig. 1 (left) and rein-
forcing bars after corrosion are shown in Fig 1 (right). The percentage of corrosion is calculated using 
averaged measured mass loss along the reinforcement in relation to the uncorroded bars and the stress 
is calculated based on the mean reduced diameter relative to average mass loss (Mean Stress) [1]. The 
properties of reinforcement used in the experiment are Es = 210GPa, fy = 524MPa, εu = 0.0466 for 
8mm diameter bars and 0.06 for 12mm diameter bars and the average fu/fy = 1.2. 
 
 
                                                                                                                            

 

 

 

 

   

 
 

Fig. 1 Accelerated corrosion setup in the laboratory (left) and reinforcing bars after corrosion 
(right) 

The results of tension tests show that corrosion levels up to about 15% don’t have a significant effect 
on stress-strain curves. However, once the corrosion level is greater than 15% a significant drop 
occurs in plastic deformation capacity and the residual capacity of the corroded bars. This is similar to 
the results from previous studies which used British manufactured reinforcement [1]. Fig. 2 shows the 
observed stress-strain curves of tension tests based on average reduced areas and the relevant code 
requirements for ductile design (BS 4449-2009). It should be noted that a 100mm gauge was used to 
measure the bar extension in these tests. In many cases the rebar fracture occurred within this gauged 
section but because the point of fracture depends on the pitting corrosion the fracture sometimes 
occurred outside the gauge, as indicated in the Fig. 2, which affected the strain recorded at failure. 
 

 
Fig. 2  Mean Stress-Strain Curves of Tension Tests for the 8mm Diameter Bars (IG = Failure 

Inside the Gauge, OG = Failure Outside the Gauge) 
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2.2 Effect of Corrosion on Inelastic Buckling of Corroded Bars 
A total of 57 compression tests were carried out on corroded bars with different effective lengths. The 
buckling lengths of bars (slenderness ratios) considered in the experiment were chosen based on the 
ratio of spacing of horizontal ties in common construction of RC columns (L) to bar diameter (D) 
known as L/D ratio. The L/D ratios tested in this experiment are 5, 6.5, 8, 9.5, 12, and 13.5. 

As expected reinforcement of the group of L/D=5 and 6 showed more stable behaviour compared 
to those with greater L/D ratios. Almost all the rebars were quite stable up to the yield stress and 
instability started after yielding which was then followed by buckling and softening behaviour. Un-
symmetrical corrosion resulted an uneven reduction of cross section along the length of the corroded 
bar. This produced an imperfection which caused an additional stress in the bar due to load eccentrici-
ty. Therefore a corroded reinforcement yields earlier and its buckling load is reduced compared to 
uncorroded reinforcement. In addition, the cross sections of corroded bars are not circular any more. 
This unsymmetrical shape of cross section creates strong and weak axes in the reinforcement and 
changes the radius of gyration of corroded bars in different axes. This directly affects the theoretical 
buckling load of bars. As a result, different buckling collapse mechanisms were observed in each test 
relative to the distribution of pitting corrosion along the bar. Fig. 3 shows an example of the response 
of 12mm diameter corroded bars in compression with slenderness ratio of L/D=12.  

 

 
Fig. 3  Mean Stress-Strain Curves of Corroded Bars in Compression  

3 Effect of Corrosion on Confined Concrete and Stability of Reinforcement 
Reinforced concrete bridge piers exhibit inelastic response when they are subjected to large lateral 
forces during major earthquakes. Therefore a very important design/assessment consideration is the 
ductility of structures when subjected to seismic-type loading. This is because the seismic design 
philosophy relies on energy absorption and dissipation by post-elastic deformation for survival in 
major earthquakes. It is well known that confinement associated with hoop reinforcement will in-
crease the ductility and energy absorption capacity of RC bridge piers. In addition, as discussed in the 
previous section, buckling of vertical bars is a very important damage parameter in seismic design 
and it can be avoided by providing adequate hoop reinforcement.  

However the corrosion of vertical bars and hoop reinforcement can change the behaviour of con-
fined concrete and result in instability in the vertical bars under high compression loads. Fig.4 shows 
buckling of vertical bars during an experiment on scaled bridge piers in the US [2].  The effect of 
corrosion damage on confined concrete and stability of vertical bars has not been explicitly studied to 
date. Accordingly in this research some experimental tests on short confined columns are introduced. 
The accelerated corrosion of columns is now completed and the columns will be tested in the near 
future.    
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Fig. 4  Experimental test on corrosion damaged bridge pier  

The interaction between core and cover concrete, vertical bars and hoop reinforcement is shown in the 
predicted model of the test specimens in Fig. 5. The results of the experiments will be used to modify 
the existing analytical confined concrete models to include the corrosion damage. This will then be 
incorporated in the analytical model that is explained in the following sections of this paper. 

 

 

Fig. 5  Predicted Behaviour of corrosion damaged well confined RC column: a) Buckling Model 
b) Damage Model c) Test Specimen and d) Corrosion induced Volumetric Loss of Confining 
Steel 

4 Experimental Modelling of Corrosion Damaged RC Bridge Piers 
Columns are first subjected to an accelerated corrosion process by applying anodic current of speci-
fied intensity and time as previously shown in Fig. 1. Only the part of column which is immediately 
above the base (800mm above base level) is immersed in 5% NaCl solution in a tank. A data acquisi-
tion system is set up to monitor the current and voltage applied to the column. After completion of 
accelerated corrosion the columns are cast into a reaction block. The columns are 250mm by 250mm 
in section and 2500mm high and are designed to EC2 criteria. One column is a control specimen and 
the next three are being corroded at different levels. The lateral load will be applied by a 50KN actua-
tor as shown in Fig. 6. Lateral deflection and at the top of the column, rotation at the base and strains 
in the concrete and steel will be measured through internal and external stain gauges and external 
displacement transducers.  
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5 Analytical and Numerical Modelling 
In recent years, for nonlinear analysis of RC structures subject to seismic loading, a lot of attention 
has been given to the development of the fibre element technique. In this method the member cross 
section is discretized into a number of steel and concrete fibres at selected integration points. The 
material nonlinearity is then considered through a uniaxial constitutive material model of steel (ten-
sion and compression) and concrete (confined core concrete and unconfined cover concrete). More 
recently, other researchers have attempted to investigate the effect of reinforcement corrosion on the 
behaviour and response of RC bridges subject to seismic loading through nonlinear finite element 
analysis using fibre-based section discretization technique [3]. However, due to lack of available data 
and constitutive nonlinear material models of corroded reinforcing bars their analytical model 
couldn’t represent the real behaviour of corroded structure. This is more critical in compression zones 
where buckling of bars and confined concrete behaviour make an important contribution to the re-
sponse of the structure.  

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 

Fig. 6  Experimental Test Procedure and Setup 

In the fibre-based section discretization technique the element response is greatly influenced by the 
moment-curvature response of cross section. Therefore, a moment-curvature analysis has been done 
for the proposed experimental specimens for both uncorroded and corroded conditions. The moment-
curvature analysis is developed based on the fibre-base section discretization technique using MAT-
LAB computer code. An unconfined concrete model is used for cover concrete and a confined con-
crete model is used for the core concrete [4]. The mechanical properties and cross sectional area of 
longitudinal reinforcement in tension have been modified using existing mathematical models avail-
able in the literature and experimental data [2]. The Dhakal-Makeawa buckling model has been modi-
fied based on the experimental tests on corroded reinforcement in compression and is included in the 
code to model the effect of reinforcement buckling [5] as shown in Fig. 7.  The effect of corrosion 
induced cracking of cover concrete in the compression zone is also considered in the analysis [6]. 
This analysis is the basis of a multi-mechanical nonlinear finite element code for push-over analysis 
of corroded bridge piers using a fibre element technique which can account for corrosion damage.  

6 Discussion and Conclusion 
The effect of corrosion on the stress-strain behaviour of corroded reinforcement has been investigated 
experimentally. The experimental results show that corrosion has a significant effect on the ductility 
and residual strength of corroded bars in tension. Corrosion also changes the buckling collapse 
mechanism of compression reinforcement. Furthermore, unsymmetrical corrosion will cause yielding 
of the weakest cross section along the length of the bar followed by premature buckling. This is a 
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very complex behaviour which also has interaction with cover concrete and horizontal ties (which 
may also be corroded). Further experimental and analytical work is needed to study this interaction. 

The effect of corrosion on the inelastic response of a corroded RC section has been studied 
through moment-curvature analysis of the section. The analysis shows that corrosion has a significant 
effect on the ductility of the section under large strain demands as shown in Fig. 8. This is an impor-
tant finding and further study is needed in order to provide guidelines for practicing engineers. The 
effect of corrosion should also be included in seismic assessment codes.  

 
 

 

 

 

 

 
 
 
 

 

 
 
 
 
 
 

Fig. 7  Non-linear uniaxial material model of corroded reinforcing steel 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
 

 
Fig. 8  Moment-Curvature plot of corrosion damaged RC section 
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Abstract 
In this work, a new model for predicting the inelastic shear behaviour of joints is suggested that can 
be used with existing commercial programs and can reasonably accurately capture the shear behav-
iour of joints. An extension to pivot hysteretic model parameters is developed that can, with only two 
parameters, capture the hysteretic behaviour of RC frame structures including joint distortion. Both 
the models have been validated against experimental results at joint and structural level. The model is 
further extended for analysing the joints retrofitted with a practical retrofitting scheme using fully 
fastened haunch elements. All the models have been validated against experimental results. 

1 Introduction 
Non-conforming reinforced concrete (RC) frame structures under the action of seismic forces often 
display undesirable failure modes such as shear failure of beam-column joints combined with bond 
failure of reinforcing bars of beams framing into the joints. The deficiencies of joints are mainly 
caused due to (i) inadequate design to resist shear forces due to inadequate transverse and vertical 
shear reinforcement and (ii) due to insufficient anchorage capacity in the joint. Under the action of 
seismic forces, beam-column joints are subjected to large shear stresses in the core. The axial and 
joint shear stresses result in principal tension and compression that leads to diagonal cracking and/or 
crushing of concrete in the joint core. These stresses in the joint core are resisted by the so-called strut 
and tie mechanism [1]. To prevent the shear failure of the joint core by diagonal tension, joint shear 
reinforcement is needed, which is therefore prescribed by the newer design codes [2, 3, 4]. Moreover, 
these codes prescribe a large anchorage length of the bars terminating in case of exterior joints, so that 
a bond failure may be avoided. However, a vast majority of the structures worldwide consist of struc-
tures designed prior to the advent of seismic design codes. For the correct assessment of such struc-
tures against seismic forces, modelling the inelastic behaviour of joints is essential. 

Various models for the joints are proposed by several researchers but the models are generally too 
complex to be implemented at the structural level, and therefore joints are mostly modelled as rigid. 
Similarly, associating a hysteretic rule that is not too complex but is still realistic enough is very 
important. In this work, practically usable and accurate models are reported to realistically model the 
inelastic response of the structures considering joint distortion. A model to consider the inelastic 
behaviour of the joints of poorly detailed structures is developed and presented. A practical hysteretic 
rule based on the extension of “Pivot hysteretic model” is developed for members and beam-column 
joints and the same is also reported. The analytical models are validated against the experimental 
results and the efficiency of the models in predicting the seismic response of structures considering 
joint distortions is shown.  

Fully fastened haunch retrofit solution (HRS) has been recently investigated as a viable alterna-
tive for retrofitting of beam-column joints of reinforced concrete (RC) frame structures. Certain 
guidelines for design of haunch elements are available in literature [5]; however, it is of utmost im-
portance to have numerical models to predict the behaviour of the retrofit considering various failure 
modes possible. In case of fully fastened HRS where the haunch elements are connected to the beams 
and columns using post-installed anchors, the numerical modelling of joint core as well as of anchors 
is highly important. This paper presents a method of modelling the beam-column joints of RC frame 
structures retrofitted with fully fastened HRS. The model has been explained and the results of nu-
merical analysis have been validated with experimental ones. 
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The paper focuses on the numerical modelling procedure and hence detailed description of the exper-
iments is out of scope of the paper. However, cross-references are mentioned for each experiment and 
the detailed information can be obtained from the same.  

2 Joint Model 
The model proposed in this work uses limiting principal tensile stress in the joint as the failure criteria 
so that due consideration is given to the axial load on the column. The spring characteristics are based 
on the actual deformations taking place in the sub-assemblage due to joint shear distortion. Due to the 
joint shear deformation, γj, the column experiences a relative shear displacement of γjhb, where hb is 
the total depth of the beam. This deformation can be divided into two as Δc = γjhb/2 for the column 
half above the beam centre line and Δc = γjhb/2 for the column half below the beam centre line. Also, 
the beam experiences a rotation of γj due to which the beam tip displacement is equal to Δb = γjLb, 
where Lb is the length of the loading point from the face of the column. The contribution of joint shear 
deformation to overall storey drift is considered as shown in Fig. 1 where shear springs in the column 
portion and a rotational spring in the beam region are assigned [6]. Thus, in a frame analysis by soft-
ware packages, in addition to hinges assigned at the ends of the members (beams and columns), a 
joint core may be modelled and hinges are provided in the core region to consider the shear defor-
mations of the joint. The failure criteria for a typical joint is shown in Fig. 2. 
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Fig. 1 Joint Springs Fig. 2 Principal tensile stress-shear deformation relation  

The proposed model was validated with experiments. Nonlinear static pushover analysis was per-
formed to get the load-displacement behaviour of the joints that was compared with the envelope of 
the hysteretic loops obtained from the experiments. Fig 3 shows the results of a full-scale beam-
column joint tested with beam bars on top and bottom face bent-in [7], while Fig. 4 shows the same 
for another joint [7] with top beam bar bent in and bottom beam bar embedded to 150mm inside the 
joint. The beam section was 300mm X 400mm and the column section was 350mm X 300mm. The 
total height of joint sub-assembly was 3.0m and the beam length was 1825mm. The complete details 
of the experiment can be obtained from the reference [7]. Two types of analysis were performed, one 
considering the joint springs as per the joint model and another assuming joint as rigid. 
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(a) Load-deflection curves   (b) Failure mode of the joint assembly 

Fig. 3 Results of joint with beam bars bent in 

210



Inelastic seismic analysis of as-built and retrofitted RC frame structures considering joint distortion 

 

In Fig. 3(b) and 4(b), the experimental and numerical failure modes are given. The red coloured cir-
cles show the hinge in collapse region, while the green one shows the hinge to be in near collapse 
region. The pink coloured circles show the hinge state close to yield. Fig. 3 and 4 clearly show that 
analysis without considering joint nonlinearity may lead to quite un-conservative results whereas the 
results obtained for “with joint model” case are very close to experimental results. 
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(a) Load-deflection curves   (b) Failure mode of the joint assembly 

Fig. 4 Results of joint with top beam bars bent in and bottom bars straight   

After validation of the model at joint level, the same model was applied at the structural level. A full-
scale experiment was performed by author [8] on RC frame structure under monotonically increasing 
lateral pushover loads. Fig. 5 shows the general geometric arrangement of the structure. Typical beam 
sizes were 230mm X 1000mm, while the column sizes varied from 300mm X 700mm to 400mm X 
900mm. The slab thickness was 130mm. Inverted triangular lateral load pattern was applied on the 
structure and the test was performed under load control till failure. The major failure modes observed 
included flexure and flexure-shear failure of beams and columns, torsional failure of transverse 
beams, joint shear and bond failures. The complete details of the experiment can be obtained from the 
reference [8]. 
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In the numerical model, flexural hinges, shear hinges, torsion hinges and joint hinges following the 
joint model were modelled. The typical joint of a structure with springs is shown in Fig 6. Three 
different analyses were performed for the model. In the first case, only the flexural and shear hinges 
were considered for the members. In the second case, additionally torsion hinges were considered and 
in the third case, joint hinges in addition to flexural, shear and torsional hinges were considered. Fig. 
7 shows the comparison of experimental and numerical results for the structure. It can be observed 
that the model with the joint hinges modelled along with other hinges (flexural, shear and torsion) 
yields the best results not modelling the joint hinges can yield to significantly un-conservative results. 
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Fig. 7 Validation of model at structural level  Fig. 8 Pivot hysteresis law 

3 Pivot hysteresis law 
In order to capture complete inelastic behaviour of structures subjected to seismic loads, modelling of 
hysteretic behaviour of members as well joints is essential. The pivot hysteresis law that was original-
ly developed for circular bridge columns [9] was extended in this work for application on rectangular 
members and beam-column joints [10]. The experimental observations show that the unloading, back 
to zero force from any displacement level is generally guided towards a single point in the force-
displacement plane, on the idealized stiffness line. Also, all force-displacement paths tend to cross the 
elastic loading line at approximately the same point. The first point was named as “primary pivot 
point” and the second point was named as “pinching pivot point”. Thus, the model basically needs to 
define only two parameters, α and β (Fig. 8). 

Based on curve fitting of the test data of large number of experiments, using regression analysis 
and the method of minimum sum of the square of residues, the equations defining ‘α’ and ‘β’ for 
rectangular sections were obtained as [10] 

α = 0.170 kα+ 0.415  (1) 
β = 0.485 kβ + 0.115 (2) 
kα =  pt /ALR (3) 
kβ = (ALR)0.25 x (psh)

0.2 4) 
pt = percentage longitudinal reinforcement, 
psh = percentage volumetric shear reinforcement 
ALR = Axial load ratio  

Similarly, the relations for ‘α’ and ‘β’ parameter for poorly detailed joints with beam bars bent in 
were obtained as 

α = 4.4 – 25.38*(ALR); for 0 ≤ ALR ≤ 0.13, and (5) 
α = 1.0 for ALR > 0.13 (6) 
β = 0.125 + 0.44*(ALR)  (7) 

To demonstrate the efficacy of the model in predicting the cyclic hysteretic behaviour of non-
seismically detailed RC structures, the results on a frame structure as tested by Calvi et al [11] were 
used. Fig 9 shows (a) experimental hysteretic loops as obtained for the structure and (b) shows the 
analytical hysteretic loops. This shows that the analytical predictions for the hysteretic behaviour are 
very close to the experimentally observed ones. Thus, the hysteresis law with suggested parameters is 
able to capture the hysteretic behaviour of members, joints as well as of frame structures quite well. 
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Fig. 9 Validation of hysteresis law at structural level 

4 Modelling of haunch retrofit solution 
Fully fastened haunch retrofit solution (HRS) was tested by author to verify its efficacy in preventing 
the brittle joint shear failure [12].  Fig. 10 shows (a) experimental setup, and (b) modelling of joint 
retrofitted with HRS as tested by the author [12]. The geometry of the joint was same as that shown in 
Fig. 3 and the HRS was connected to the joint members using post-installed bonded anchors. In nu-
merical model, in addition to the springs for joint panel and member hinges, axial springs were used 
to model the anchor group behaviour, with the typical characteristics as shown in Fig. 11.  

 

  

(a) Test setup (b) Numerical model    

Fig. 10 Joint with fully fastened HRS  Fig. 11 Modelling characteristics of 
      anchor group behaviour 

To develop the characteristics for anchor springs, the following assumptions are made: 

 Only tension loads are critical for the anchorage system.  
 Anchor system spring loaded in compression can be considered as stiff and linear elastic 
 The ultimate load carrying capacity and failure mode can be calculated using CC Method [13] 
 Unless special provisions are made, cracked concrete shall be assumed 
 The model is applicable only for anchors suitable for cracked concrete 

The value of ‘N’ corresponding to point B and C is equal to load carrying capacity (Nu) evaluated by 
the CC method [13], while that for point A is considered as 0.8 Nu and for point D as 0.2 Nu. The 
values of ‘d’ corresponding to these points depend on the type of failure predicted by the CC method. 
To consider the behaviour of anchorage system in cracked concrete, the peak load carrying capacity 
of the anchorage system in cracked concrete can be considered as 70% of the peak load carrying 
capacity of the anchorage system in uncracked concrete, i.e., Nu,cracked = 0.7*Nu,uncracked [13]. Fig. 12 
shows the comparison of experimental and numerically obtained results of the joint retrofitted with 
fully fastened HRS [12] using bonded anchors. The comparison shows that the model is able to nicely 
predict the behavior of joints retrofitted with fully fastened HRS. 
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5 Conclusions 
In this work, models are presented to (i) predict inelastic shear behaviour of joints, (ii) capture the 
hysteretic behaviour of RC frame structures including joint distortion, and (iii) analyse joints retrofit-
ted with a practical retrofitting scheme using fully fastened haunch elements. All the models are 
validated against experimental results and the comparison shows their efficacy in realistically predict-
ing the seismic behaviour of as-built and retrofitted structures considering joint distortion.  
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(a) Load-deflection curves (b) Failure mode of the joint assembly 
Fig. 12 Results of joint retrofitted with fully fastened HRS tested by Genesio and Sharma [12]  
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Abstract 
Residual seismic deformations are computed for cyclic force-deformation relations typical of RC 
structures. 729 historic seismic motion records are used as input and lognormal probability distribu-
tions are fitted to the residual deformation expressed as ratio to the peak inelastic or the 5%-damped 
elastic deformation of the response. The force-deformation relation and the reduction of the lateral 
force resistance have a strong influence on the probability distributions. The ratio of residual defor-
mation to the peak 5%-damped elastic deformation is affected by the fundamental period of the sys-
tem in the short period range. Velocity pulses in the ground motion also influence the residual defor-
mation ratio in certain of the cases studied. Theoretical results were compared to residual displace-
ments in several hundred cyclic or seismic tests on concrete members or systems that entailed abrupt 
changes in the response due to local or global failure. 

1 Introduction 
With the emergence of performance-based seismic design, assessment or retrofitting as a focal point 
of research, codification and practice, the interest of the structural earthquake engineering community 
in residual deformations has increased. Collapse prevention and life safety do not monopolize our 
attention anymore; reparability and usability of our structures are also important. Residual deforma-
tions are therefore important, because it is hard to reverse them if they are large. 

In this paper the question of the magnitude and prediction of residual deformations of SDoF sys-
tems is investigated with the emphasis on the effect of hysteresis rules that represent the cyclic degra-
dation of stiffness, strength and energy dissipation typical of reinforced concrete structures, and on 
the effect of the presence of velocity pulses in near field records.  

2 Calculation of residual deformations of SDoF systems  
with hysteresis typical of RC structures 

The strong dependence of residual deformations on the hysteresis model (notably on the rules govern-
ing the unloading/reloading stiffness and the post-yield degradation of strength) has emerged as the 
most notable outcome of past studies (Riddell and Newmark (1979), Mahin and Bertero (1981), 
Pampanin et al. (2002)). The most comprehensive of them have dealt with the standard case of a 
bilinear oscillator (Garcia and Miranda (2005, 2006), which suits well steel structures but is far from 
representative of RC ones. The present study addresses exclusively concrete systems and aims to 
capture a range of cyclic behaviors typical of them. To this end, it has adopted the versatile modelling 
approach of Erberik and Sucuoglu (2004) and Erberik (2008, 2011), which has been tuned to different 
categories of RC structures, ranging from new earthquake resistant ones to existing substandard con-
struction, with intermediate situations. Erberik has categorized RC buildings as follows: 

- Group A comprises those which exhibit very little cyclic strength degradation, without pinching 
and are representative of recent good quality RC construction conforming to modern codes. 

- Group B stands for RC structures with moderate cyclic strength degradation and limited pinch-
ing. It represents RC construction of fair quality with certain engineered earthquake resistance, but 
without full conformity to modern-day seismic codes. 

- Group C includes RC systems with dramatic cyclic strength degradation, clearly pinched loops 
and therefore limited energy dissipation capacity. They are typical of RC structures without engi-
neered earthquake resistance and/or serious deficiencies. 
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The afore-mentioned features of the corresponding modelling are adapted to fit within an extension of 
the Bouc-Wen model by Sivaselvan and Reinhorn (2000). The model is modified for the present 
purposes to suit the modeling of strength and stiffness degradation and of pinching according to Er-
berik (2011). The model with degradation of strength and stiffness but without pinching consists of 
two springs in parallel: an elastic spring and a hysteretic one with: (a) smooth transition from elastic 
loading to a horizontal monotonic post-yield branch, and (b) straight unloading at a stiffness. 

Strength degradation is modelled via a reduction of the force at the initially horizontal monotonic 
post-yield branch of the hysteretic spring. Pinching is modelled by adding a three-parameter “slip-
lock spring” in series to the hysteretic spring. Its tangent flexibility is proportional to the range of 
inelastic deformations experienced times a Gaussian function of the spring’s force. 

Implicit in the use of the above hysteresis model to the end of the seismic response is the assump-
tion that there is no abrupt failure that may cause the system to deviate from the gradual loss of stiff-
ness or strength in the Erberik model. 

Non-linear time-history analyses of SDoF oscillators with the above hysteresis model are carried 
out under 729 historic records. According to Mavroeides and Papageorgiou (2003) and Mavroeides et 
al (2004), 36 of these records exhibit a velocity pulse. The oscillators have periods, T, from 0.1 to 2.5s 
(at intervals of 0.1s) and a yield force equal to the peak elastic force that they would develop for 5% 
damping divided by a force reduction factor, R, with values from 2 to 8 at intervals of 1. For consis-
tency with the elastic response and its peak force and displacement, viscous damping equal to 5% of 
critical is used in addition to the intrinsic hysteretic one of the model. One set of runs is carried out 
for each one of Erberik’s groups. 

  

 

 
Fig. 1 Residual-to-peak-elastic displacement ratio for 36 records with velocity pulse. Median 

(top); coefficient of variation (middle); and 90%-fractile of lognormal distribution (bot-
tom) - (Left column) Group A; (Middle column) Group B; (Right column) Group C. 
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3 Probability distribution of ratio of residual to peak  
inelastic or elastic deformations 

As computed residual deformations have much larger record-to-record scatter than peak inelastic 
values, for each set of parameters (i.e., the oscillator’s T and R, its Group per Erberik and the presence 
or not of a pulse), a lognormal distribution is fitted to the time-history results for the suite of records.  

Figures 1 and 2 depict the median (top row), the coefficient of variation (middle row) and the 
90%-fractile (bottom row) of the ratio of residual deformation, ures, to the peak elastic displacement of 
the oscillator, Sd(T), (i.e., the 5%-damped elastic spectral displacement). Each column (left, middle, 
right) refers to one of Erberik’s Groups A, B and C. Figure 1 refers to the 36 records with a velocity 
pulse per Mavroeides and Papageorgiou (2003) and Mavroeides et al (2004); Figure 2 is for the 693 
records without a pulse. Figures 3 and 4 repeat the exercise for median and coefficient of variation of 
the ratio of residual deformation, ures, to the peak inelastic displacement of the response, umax. 

To see whether the difference between Figures 1 and 2 and Figures 3 to 4 is not due to the veloc-
ity pulse per se but to the distance from the source, analysis results have been also grouped according 
to the closest distance from the fault. No systematic difference can be identified between the results 
for distances of less than 5 km from the source, or from 5 to 20 km, or beyond 20 km, which complies 
with Garcia and Miranda (2005, 2006) and Kawashima et al (1998). Therefore, the pulse and not the 
distance seems to be the reason for the difference. 

 

 

 
Fig. 2 Residual-to-peak-elastic displacement ratio for 693 records without velocity pulse Median 

(top); coefficient of variation (middle); and 90%-fractile of lognormal distribution (bot-
tom) - (Left column) Group A; (Middle column) Group B; (Right column) Group C. 
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Fig. 3 Residual-to-peak-inelastic displacement ratio for 36 records with velocity pulse Median 
(top); coefficient of variation (middle); and 90%-fractile of lognormal distribution (bot-
tom); - (Left column) Group A; (Middle column) Group B; (Right column) Group C. 

 

 

Fig.4 Residual-to-peak-inelastic displacement ratio for 693 records without velocity pulse Me-
dian (top); coefficient of variation (middle); and 90%-fractile of lognormal distribution 
(bottom); (Left column) Group A; (Middle column) Group B; (Right column) Group C. 
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4 Residual displacement in cyclic tests of RC members leading to abrupt failure 
It has been assumed in the present analyses of the seismic response that the Erberik model, with its 
gradual loss of stiffness or strength with cycling, holds until the end of the response. This precludes 
an abrupt failure that may cause the system to deviate from its hitherto pattern of behavior. Indeed, 
RC members designed and detailed for earthquake resistance normally do not fail abruptly in cyclic 
loading. Their failure is normally in flexure and is gradual, governed by the progressive deterioration of 
the compression zone. Such behavior is consistent with the present modelling. However, sometimes at a 
certain point during a cyclic test the macroscopic pattern of hysteretic behavior changes abruptly. Nor-
mally, changes are due to fracture (of a significant part) of the tension or shear reinforcement, or to 
almost full disintegration of the compression zone in flexure or of the web in diagonal compression, etc., 
which are typical of members not well designed and detailed for earthquake resistance. The modelling 
adopted in Erberik (2011) and herein for Group C does not capture such abrupt failures. It is more in 
tune with a gradual strength decay that may or may not exceed the conventional ultimate deformation, 
normally identified with a 20% drop in peak resistance. 

An abrupt change in the macroscopic pattern of behavior is often associated with a nearly complete 
loss of lateral force resistance. Hence, it may lead to a residual displacement that well exceeds the pre-
dictions of a hysteretic model that provides only for a gradual decay of stiffness, strength and energy 
dissipation capacity. To check whether this may be the case, a total of about 270 cyclic tests were identi-
fied in the databases of flexural or shear failures in (Biskinis and Fardis 2010) or (Biskinis et al 2004), 
respectively, as having an abrupt change in the hitherto pattern of behavior, leading to an almost full loss 
of lateral force resistance. The ratio of residual deflection to the maximum one experienced before this 
type of failure has a mean and a median of about 0.64 and a coefficient of variation (CoV) of 34%. The 
ratio of such an experimental post-failure residual deformation to the predicted ultimate one according to 
Biskinis and Fardis (2010) and Part 3 of Eurocode 8 has mean and median of about 0.68 and CoV of 
68%. (The larger mean is because the conventional ultimate deformation at a 20% drop in peak resis-
tance is normally lower than the peak deformation just before abrupt failure; the larger CoV is due to the 
scatter of the prediction). However, these experimental post-failure residual deformations are on the high 
side, because a cyclic test is typically stopped soon after such a failure. In the cases it continues, the 
amplitude of imposed deflections does not diminish, as in a real seismic response. Indeed, residual-to-
maximum displacement ratios in shaking table or pseudo-dynamic tests simulating such a response are 
in the order of the present analytical results, notwithstanding occurrence of events normally associated 
with abrupt member failure. Further study of this aspect is due. 

5 Conclusions 
Results allow the following conclusions for the ratio of residual displacement to the 5%-damped 
spectral displacement: 

The median and 90%-fractile of the ratio are almost independent of the period, T for Group C 
while for Groups A or B their dependence on T resembles the pattern of the ratio of inelastic-to-
elastic displacements (with lower values, of course). 

There is a marked reduction of residual displacements from Erberik’s Group A to B to C. There-
fore, the better stability of the Group A loops and their higher energy dissipation is of no benefit for 
residual displacements. By contrast, systems belonging to Group C seem to profit from the self- cen-
tering effect of the pinching. The CoV of residual displacement is almost the same across the three 
groups, with very high values. 

On average, residual displacements are a small fraction of the peak elastic ones. However, owing 
to quite high values of the coefficient of variation (CoV) at a 90%- fractile level they may well exceed 
the peak elastic ones. 

The presence of a velocity pulse increases residual displacements essentially uniformly across Er-
berik’s groups and periods T. For Groups A and B the increase is more marked for R- values of 3 or 
more. The velocity pulse increases also slightly the CoV, maybe owing to the smaller sample, which 
increases also the CoV’s volatility across periods. 

Increasing the relative lateral strength, R, i.e., the level of inelasticity, from 1 to 2 or 3 increases 
the residual displacement ratio; a further increase in R has a limited effect on the residual deformation 
of systems belonging to Groups A or B but almost no further effect on those of Group C. The sensi-
tivity to the R- value is larger for records with a velocity pulse. 
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The same conclusions apply qualitatively for the ratio of residual to peak inelastic displacement, but 
with every effect and influence quantitatively reduced: 

The median ratio is almost independent of the period, of the exact R-value, for R greater than 2 
for Groups B and C or above 3 for Group A and of the presence of a pulse. 

Owing to the larger CoV-value if there is a pulse, the 90%-fractile of the residual to peak inelastic 
displacement ratio increases due to the pulse.  

The Group per Erberik has a marked effect yet much less than on the absolute value of residual 
displacement, as peak inelastic displacements decrease also from Group A, to B, to C. 

The analysis discounts an abrupt failure that may cause the system to deviate from the gradual 
loss of stiffness or strength in the Erberik model and lead to nearly full loss of lateral force resistance 
(as happens in members not well designed and detailed for earthquake resistance, owing to fracture of 
a good part of the tension or shear reinforcement, or to almost full disintegration of the compression 
zone in flexure or of the web in diagonal compression, etc.). Cyclic tests with such failures lead to 
residual displacements which, on average, are 4- to 5-times higher than the present analysis results. 
However, this large magnitude is not confirmed by shake table or pseudodynamic tests under realistic 
ground motions and may be due to the imposed cyclic displacement history.  
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Abstract 
Rockfall protection galleries usually consist of a reinforced or prestressed concrete slab covered by a 
cushion material. The advantage of the cushion layer is the ability to dissipate the impact energy.  

The goals of this research are preparing principles of examination and design of remedial 
interventions as well as structural design and dimensioning of rockfall protection galleries.  

This paper describes the planned research, which focuses on analytical, numerical and experimental 
investigations. With the help of the Discrete-Element-Method (DEM), the behaviour of the cushion 
material due to rockfall impact will be numerically simulated in order to analyse the loading 
characteristics. A full-scale test is proposed to be carried out on a replicated rockshed. Findings of 
analytical investigations of the dynamic response of structures by an equivalent single-degree-of-
freedom (SDOF) analysis are given. The presented approximate methods are important, because 
rockfall impacts involve significant uncertainties, particularly with regard to loading characteristics, 
where rigorous solutions obtained by complex methods are often not justified.  

1 Motivation and relevance 
In mountainous regions, rockfall protection galleries are significant elements of the infrastructure and 
assure efficient functionality of the traffic system and the safety of its participants.  

The existing Swiss Guideline for the design of rockfall protection galleries [1] provides empirical 
formulations for calculating the maximum penetration depth and the maximum design forces acting 
on the structure. Significant improvements have been made with modeling techniques for the 
structural design of rock sheds in the last decades, resulting in advanced numerical and analytical 
models for evaluating and predicting the structural behaviour. At the Institute of Structural 
Engineering, ETH Zurich, research in the field of rockfall protection galleries started in 2006. 
Schellenberg developed a mass-spring-damper-model [12], which is based on a two-degrees-of-
freedom-system developed by Eibl et al. [6] for analysing aircraft impacts on reinforced concrete 
structures. This model, which takes into account global bending failure and local punching failure, 
was adopted and enhanced for rockfall protection galleries by adding a further degree of freedom for 
the behaviour of the cushion material. Ghadimi Khasraghy examined the dynamic load-bearing 
behaviour of rockfall protection galleries by means of finite element analysis and proposed an 
analytical model with an uncoupled evaluation of the dynamic behaviour of the cushion layer from 
the structure [7]. 

The above-mentioned projects, [7] and [12], indicate that there are significant modelling 
uncertainties mainly related to the dynamic behaviour of the cushion layer. The possibility of 
uncoupling of the dynamic behaviour of the cushion layer and the structure has to be verified for 
specific design situations.  

The following research questions have been arised:  

 Are the developed models applicable for rockfall protection galleries with arbitrary boundary 
and loading conditions?  

 Can uncertainties related to the dynamic behaviour of the cushion layer due to impact be 
reduced through systematic analysis of the most significant parameters? 

 Can the dynamic behaviour of the cushion layer be evaluated independently from the 
structural behaviour? 

An optimal cost-efficiency-analysis is necessary in order to predict the actual structural safety of 
rockfall protection galleries. For this purpose, it is necessary to: 
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 comprehend the influence of the characteristics of the cushion layer (material, thickness, layer 
structure) on the load-time-function, dependent on the loading position, -area and impact 
velocity, 

 validate the existing numerical models with full-scale tests, and 
 prepare principles of examination and design for remedial interventions as well as for 

dimensioning and structural design of rockfall protection galleries. 

2 Research program 
The approach and methodology of this research was defined with regard to optimal achievement of 
the goals. The main focus of this research addresses numerical, experimental and analytical 
investigations. 

2.1 Discrete Element Method 
The models for rockfall protection galleries developed in recent studies at ETH Zurich, show large 
uncertainties regarding the modelling of the cushion material [7], [12]. In order to better understand 
the behaviour of the cushion material due to rockfall impacts, numerical simulations of boulder 
impacts on sand cushion shall be performed by means of a 3D Distinct Element Code (PFC3D, Itasca 
Consulting Group, Inc, 2003) [8], which is based on the Discrete Element Method (DEM) [5]. The 
mechanical behaviour of the granular material used in the modelling approach is characterised by its 
porosity, a simplified grain-size curve, the assumption of round particles (no rotation) and an 
appropriate choice of the mechanical micro-macro relations [4].  

First, field tests [10] are reproduced; then, the numerical model is used to study different 
characteristics of the cushion layer such as porosity (ratio of the volume of voids to the total volume 
of the soil), water content, thickness, layer structure, etc. on the time history of the impact force, 
penetration depth and velocity of the boulder, and the vertical stresses acting on the concrete plate as 
a function of the distance from the impacting location for different falling heights and masses of the 
boulder.  

The aim of the numerical analysis by DEM is to establish practice oriented correlations for the 
impact force, penetration depth and the stresses acting on the structure depending on the cushion 
characteristics and different falling heights and masses of the boulder.  

2.1.1 Blind prediction of field tests 
A blind prediction of field tests on the absorbing performance of sand cushion layers conducted in 
Japan [10] by means of the 3D Distinct Element Code (PFC3D) is planned to be carried out. 
Relationships between impact force and time, transmitted force and time, and penetration depth and 
time were examined in the field tests. The modelling approach [4] adopted for the simulation uses 
spherical elements with simple elasto-plastic contact constitutive laws, characterised by the 
interparticle friction angle (μ) and normal and tangential contact stiffnesses (kn and ks) as shown in 
Fig. 1, and relies on the proper reproduction of the mechanical material behaviour characterised by 
the porosity and the grain-size curve. The DEM model is intended to be as simple as possible in order 
to minimise the micromechanical parameters needed in the calibration process rather than attempting 
to reproduce the real grain-to-grain interaction. 

 

 
Fig. 1 Contact model in PFC3D (kn: normal contact stiffness, ks: tangential contact stiffness, μ: 

interparticle friction angle). 

The field tests were carried out on a rigid concrete plate (5 m x 5 m x 0.5 m) covered by a cushion 
layer of sand. The plate was supported by a steel structure, and its deformability can be disregarded. 
A top view of the experimental device and the shape of the boulder are displayed in Fig. 2. The mass 
of the falling weight was 5 t; Impact tests have been performed from 1.0 m up to 15.0 m. Hence, the 
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energy domain ranges between 49 kJ and 736 kJ. Three cushion thicknesses, 0.3 m, 0.5 m and 0.7 m, 
were used. The measuring devices used for recording the data were accelerometers mounted on the 
falling block, with 29 load cells placed on the concrete plate according to the arrangement shown in 
Fig. 2.  

 

               
Fig. 2 Experimental setup: a) top view and b) dimensions of the falling weight. Dimensions in 

mm. 

2.1.2  Parameter study and prediction for full-scale test 
Once the test results are reproduced by the numerical model, parameters such as porosity, thickness 
and interparticle stiffness and friction angle of the cushion material, and falling height, mass and 
impact angle of the boulder will be adjusted and their influence on relations, such as impact force vs. 
time, impact force vs. displacement, transmitted force vs. time, loading area vs. time as well as 
contact stresses acting on the gallery will be evaluated. 

Additionally, a prediction of the planned full-scale test (see section 2.2) with respect to the 
dynamic loading characteristics will be conducted prior to the test.  

2.2 Full-scale test 
A full-scale test is planned to be carried out on a replicated rockfall protection gallery. The concrete 
slab will be supported by a wall at the back side and by three columns at the front side as shown in 
Fig. 3. The span of the gallery is 8.7 m and the thickness of the slab is 0.7 m. Three different cushion 
systems, sand, gravel and a three-layered system (TLAS) [9] consisting of a polystyrene layer, a 
reinforced concrete slab and a sand-layer, will be tested.  

The slab will be designed for an impact mass of approximately 2 tons, falling from a height of 
about 5 m. The thickness of the sand cushion is 0.9 m. The dimensioning of the gallery will be 
obtained by a 3D elastic structural analysis. 

 

 

Fig. 3 a) General view of the gallery, b) elevation and c) sectional view. Dimensions in mm. 

a) b)

Sand cushion layer

a) b) c)
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Emphasis will be placed on crack propagation, the behaviour of the reinforcing bars (strain), the stress 
distribution on the concrete plate, and the deceleration of the impacting block during penetration into 
the cushion material.  

The following measurement devices are going to be used. Accelerometers will be mounted on the 
impacting boulder to record the accelerations along three orthogonal directions. The accelerations will 
be used to compute the forces acting on the boulder and may be integrated to obtain the velocity and 
penetration depth of the boulder. The forces obtained by the accelerations (force = mass x 
acceleration) correspond to the impact forces exerted by the boulder acting on the surface of the 
cushion layer. Accelerations are also measured in the reinforced concrete slab (top and bottom slab). 
Gages will be used to measure the strains at the upper surface of the reinforced concrete slab and 
within the bending reinforcement. It is not appropriate to equip the lower surface of the reinforced 
concrete plate because cracking would arbitrarily influence the strain measurements. Loading cells 
will be placed on the concrete slab in order to evaluate the stress distribution on the slab. 

The testing program will be conducted as follows: Firstly, the gallery will be loaded within the 
elastic, cracked range of the structure for different loading schemes with all three cushion materials 
tested one after another. The thickness of the single-layered cushion material will be varied. As the 
experimental results correlate with the prognoses, the expected ultimate load will be applied on the 
gallery covered by sand. If the prognoses do not comply with the measured data, the prognoses will 
be revised. The structural and the deformation behaviour will be investigated up to failure.  

The evaluation of the structural behaviour due to impact and the detailed test procedure are now 
in progress. 

3 Analytical investigations 

3.1 Elasto-plastic single-degree-of-freedom-system 
It was shown in [3] and [11], that the ratio of the load duration to the natural period of the structure 
(tF/T) has a significant influence on the structure’s response behaviour. Depending on this ratio, one 
can evaluate if the response at the margin is similar to a very short loading pulse or, at the other 
extreme, similar to that in static domain behaviour. For a ratio tF/T between these two limits, a 
dynamic analysis is required [11]. In the following, these theoretical solutions will be examined for a 
SDOF system with an elasto-plastic resistance function (Fig. 4) for two different load-time-functions 
with comparable pulse shapes for rockfall impacts. 

 

 
Fig. 4 Scheme a) Mass-spring-model (damping neglected), b) Bilinear resistance function with 

hardening and c) Load-time functions (sinusoidal load and triangular load).  

The solution of the differential equation of motion for a SDOF system is obtained by the numerical 
integration procedure ‘central difference method’. The derived response spectra for undamped elasto-
plastic systems with a bilinear resistance function, shown in Fig. 5, account for responses beyond the 
linear range. 

Usually, the structural designer is interested only in the maximum displacement and not in the 
complete response as a function of time. From these maximum response charts, one can determine the 
ratio of maximum displacement to the elastic displacement ymax/yel, dependent on the ratio tF/T and 
the ratio of yield resistance to peak load Rel/F. Each curve represents a different yield resistance to 
peak load ratio Rel/F. The quotient Rel/F has the character of an elastic/plastic coefficient of impact. 
For very short durations of impact (tF very small compared to T), the structural responses (ymax/yel) for 
a sinusoidal load and a triangular load are similar. However, for ratios tF/T approaching 1.0 the 
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influence of the pulse shape becomes more important and hardening (e.g. k2 = 0.3k1) has an influence 
on the maximum response of the structure (ymax/yel). 

Approximate design methods were analysed for structures loaded with rectangular and 
asymmetrical triangular short-duration loading [2], [3]. It was shown that, by means of energy 
consideration, the complicated response behaviour of reinforced concrete structures due to very short 
loading pulses can be simplified. This limiting case is valid if the deflection of the structure is small 
during the loading duration. In this case, the inner resistance of the structure R can be neglected, since 
it increases only with increasing deflection. 

 

 
Fig. 5 Maximum response of elasto-plastic SDOF system (undamped) with (dashed line, 

assumption k2 = 0.3k1) and without hardening (solid line, k2 = 0) a) sinusoidal load and b) 
triangular load. Modified after [3]. 

Consequently, the differential equation can be simplified; the inertia forces are in equilibrium with the 
short-duration load. Integration of the differential equation leads to the impact velocity, which is a 
function of the impulse I (area under the load-time function). The required resistance is obtained by 
equalizing the kinetic energy with the total energy absorbed by the system (deformation energy equal 
to the area under the resistance curve). 
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Whereas μ is the ductility, defined as the ratio of the yield deflection to the maximum deflection and 
ω is the eigenfrequency. By rearranging the equation above for a half-sinusoidal load and an equal-
sided triangular load respectively, the ratio F/Rel can be obtained (impulse loading): 
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The other limiting case of an inelastic response is the maximum deflection of a system subjected to a 
long-duration loading relative to the natural period (quasi-static loading): 
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The approximate solutions (impulse loading, quasi-static loading) for half-sinusoidal loading and 
equal-sided triangular loading are given in Fig. 6. The evaluation of the percentage difference 
between the exact and approximative solution for very short loading shows that for tF/T < 0.35 the 
accuracy for an equal-sided triangular loading lies in the range of 10%. The accuracy for a half-
sinusoidal loading lies in the range of about 20% for tF/T < 0.25. Consequently, in these mentioned 
ranges, approximative solutions for very short loading pulses are appropriate, since the deformation 
of the structure during the loading duration is small. 
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Fig. 6 Comparison of approximate (impulse loading, quasi-static loading) and exact elasto-

plastic SDOF system solution for a half-sinusoidal loading and equal-sided triangular 
loading a) Ductility  = 1 and b) Ductility  = 5. Modified after [2]. 

4 Conclusions  
The presented approximate solutions obtained by analysis of an SDOF system are important, because 
rockfall impacts involve significant uncertainties, particularly with regard to the dynamic behaviour 
of the cushion material. Therefore, rigorous solutions obtained by complex methods are often not 
justified. The possibility of uncoupling the dynamic analysis of the cushion layer and the structural 
behaviour due to impact was shown with the help of approximate methods. Uncoupling is justified for 
ranges of tF/T where the approximate impulse loading solution is equal to the exact solution obtained 
by the SDOF system (small deformations during loading time). Considering rockfall protection 
galleries, however, characteristics of the boulder (mass, shape, velocity and angle of incidence) as 
well as of the cushion material (thickness, layer, stiffness, etc.) have an influence on the duration of 
the impact and the shape of the load-time-curve. The structural response behaviour, depending on the 
location of impact, geometry and support conditions, influences the natural period of the structure. 
Hence, all these parameters have an influence on the ratio tF/T and need to be analysed in more detail. 
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Abstract 
The present research work focuses on the study of vortex-induced vertical vibrations of bridge sec-
tions through some basic configurations: rectangular single section, twin boxes in tandem arrange-
ment, and H-shaped section. The main purpose is to identify their susceptibility to this type of excita-
tion as well as to propose an analytical expression that provides a good estimation of the maximum 
oscillation amplitudes. The excitation mechanisms are described and some basic recommendations to 
prevent or minimize such effects are given. Numerical simulations of existing bridges, which have 
suffered from such excitation phenomena, are carried out using a CFD code based on the Vortex 
Particle Method. Results are compared to those obtained in wind tunnel tests on sectional and full-
bridge models. 

Such methods are gaining popularity in the field of civil engineering because of their growing relia-
bility provided by the implementation of new computational methods and the availability of more 
powerful computational resources. 

1 Introduction 
In January 2006 a vortex-induced vertical vibration episode was observed on the Alconétar Bridge 
(220 m of main span, Cáceres, Spain) after the completion of one arch. Two rectangular variable 
depth boxes in tandem arrangement braced by X-trusses form each of the two arches. The wind began 
to blow at an average horizontal speed not exceeding 30km/h and continued for more than two hours 
with almost no turbulent component. The maximum amplitude reached up to 80cm in the vertical axis 
and seriously threatened the structural stability of the arch, which could resist the wind action through 
the braces. Aerodynamic studies were conducted – sectional models on wind tunnel tests - and a 
number of deflectors were added along the whole arch to avoid such problem. Vibration episodes do 
not have occurred again since the bridge was completed. 

 

 

 

 

 

 

 

 

 
Fig. 1 The Alconétar Bridge: overview during erection (left), diagram of the whole unit formed 

by arch, metal piers and deck (top, right) and antimetrical vibration mode (bottom, right) 
[1] 

  

229



9th fib International PhD Symposium in Civil Engineering 

2 Vortex shedding excitation 
When the airflow impinges on a bluff body with a dimension D normal to the velocity vector U, two 
separated shear layers are generated giving rise to wake instability along the body. This results in the 
generation of vortical structures on both sides of the body, which are shed with a frequency fv and 
transported downstream. To balance the pressure difference caused by the alteration of the flow in the 
wake, the body begins to oscillate in transversal direction according to its natural vibration frequency 
fn which depends on its mass and stiffness. If the vortex shedding frequency, which depends on the 
geometry of the body and the wind speed, is within a range of values close to the natural vibration 
frequency, coupling occurs and their formation and release is “adapted” to the body transversal oscil-
lation according to its natural vibration frequency. This resonance phenomenon is known as "lock-in". 

ݐܵ  = ௩݂ܷܦ 

St is the Strouhal number, which relates vortex shed-
ding frequency fv with horizontal component of wind 
speed U, and transversal dimension of the body, D. For 
coupling to occur, the average wind speed should be 
maintained for a certain time. Also the absence of a 
turbulent wind flow favours the process. If oscillations 
reach high amplitudes – close to D -, vortex shedding 
behind the body becomes unstable and resonant effect 
disappears. Vortex shedding can be considered as self-
limiting phenomenon.  

2.1 Rectangular section 
For small aspect ratios - B/D -, the boundary layer is 
detached from both corners of the body and the Kar-
man vortex street pattern arises immediately behind the 
body. This type is the so-called leading edge vortex 
shedding (LEVS). For side ratios greater than 4, 
streamlines cannot go over the section width and are 
reattached to its surface, giving rise to smaller vortex 

formations that configure a distinct shedding wake pattern known as impinging leading edge vortex 
(ILEV). Finally, for side ratios above 10, vortex shedding phenomenon is governed by the trailing 
edge of the body, resulting in smaller and weaker vortex structures that are shed downstream. 

For side ratios between 2 and 4, there is a transition zone where streamlines reattach 
intermittently and more than one vortex shedding pattern can be observed. The vortex shedding 
frequency does not have a well-defined value in this range and shows a clear jump in the Strouhal 
number as depicted in Fig. 3, given by Deniz & Staubli [3]. Different cases of vortex-induced 
excitation associated with three basic geometries are compared attending to the Strouhal number.  
Numerical simulations of twin boxes in tandem arrangement with an aspect ratio B/D=½ are carried 
out using a CFD code based on the Vortex Particle Method developed by Morgenthal [4]. Reynolds 
numbers are close to 2·106. Also the Strouhal numbers of sectional wind tunnel tests of H-shaped 
section at low Reynolds numbers (between 60 and 1000) are shown herein.  

2.2 Rectangular section in tandem arrangement 
Fig. 4 shows the CFD simulation of vortex shedding process in a rectangular prism with an aspect 
ratio B/D=½, and its interaction with another twin section situated downstream. The vortex pattern for 
both sections corresponds to LEVS. For a specific spacing ratio, vortices shed from upstream prism 
coalesce with those being formed on the downstream prism leading to a resonance phenomenon. 
Conducting some wind tunnel tests and using numerical simulation techniques two different phases 
have been distinguished:  
  

Fig. 2 “Lock-in” characterization 
of VIV ([2], p. 60)
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1. Vortex formation and shedding (Fig. 4, 1 to 5). This phase lasts half of the vortex shedding period: tଵ = T୴2 = 12f୴ 

where Tv=vortex shedding period; fv=vortex shedding frequency. 
Vortex size is similar to the prism from which it has been shed. Its centre is situated at a distance 

of s1=B=D/2 from the trailing edge. 

2. Vortex convection in the flow wake. (Fig. 4, 5 to 9) The horizontal component of vortex 
convection speed is defined by the following expression: 

 vୡ = 4StU = 4 ቀ୤౬ୈ୙ ቁU = 4f୴D 

where St=Strouhal number; U=horizontal wind speed component.  
Convection flow speed depends on the wind speed and the Strouhal number, being the latter 

dependent of the aspect ratio B/D. 
 

In order for the vortex shed from the upstream prism to engage in phase, i.e. synchronously, with the 
one being formed in the downstream prism, the overall time must be equal to the vortex shedding 
period, Tv. If the first phase takes t1=Tv/2, the second phase should last t2=Tv/2. The distance covered 
by the vortex in the horizontal axis is:  sଶ = vୡtଶ = 4f୴D ൬ 12f୴൰ = 2D 

Then, the total between the trailing edge of the upstream prism and the leading edge of the 
downstream prism to make the coupling effective should be: s୘ = sଵ + sଶ = D2 + 2D = 2.5D																		(W − 2B) = 2.5D 

Fig. 3 Effect of aspect ratio from various section geometries on the Strouhal number, St, after [3] 
with present results added.
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There is a range between 2D and 3D where it is possible to have a coupling effect, being the vortex 
shedding frequency close to the natural frequency of vibration. This fact must be taken into account in 
the design of rectangular sections in tandem arrangement. If vortex coalescence occurs on every 
double vibration period, 2Tv, instead of one, Tv, the spacing is: tଶ = 2T୴ − tଵ = 2T୴ − T୴2 = 3T୴2 						sଶ = vୡtଶ = 4f୴D ൬ 32f୴൰ = 6D					s୘ = sଵ + sଶ = D2 + 6 = 6.5D 

 

However, the coalescence between the two prisms is no longer produced as effectively since they are 
very separated and the tandem effect 
disappears as distance increases. The 
upstream prism dominates the vortex 
shedding pattern as isolated and the 
downstream prism acts as an obstacle 
against the vortex street in the near-wake, 
thus being the coupling process more 
difficult to occur. On the other hand, if both 
sections are located in close proximity – less 
than 3D – it behaves like a single prism with 
a side ratio B/D = W/D and the vortex flow 
pattern is of ILEV type. 

2.3 H section 
This represents a transition between 
rectangular section and prisms in tandem 
arrangement. In this case, the vortex 
shedding pattern presents a peculiar 
behaviour as described below and depicted 
in Fig. 5. For small side ratios the central 
spacing between section borders do not 
have any influence and H-shaped section 
behaves as an equivalent rectangular 
section. For side ratios greater than 2, 
vortex shedding mechanism responds to the 
ILEV type. That is due to the appearance of 
convection cells in the upper and lower gap, 
which maintains the detached boundary 

 Fig. 4 VPM flow visualization of two rectangular prisms in tandem 

Fig. 5 VPM flow visualization and Strouhal 
number for different H-section side ratios 
(After [5], p. 129), with present results 
added 
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layer and favours the formation of impinging leading edge vortices along the surface (ILEVcc). This 
effect is less important as aspect ratio increases. Furthermore, according to Fig. 5, with side ratios 
between 2 and 4, a transition zone between normal ILEV and ILEVcc pattern gives rise to a dual 
vortex shedding frequencies. Thus, resonant effects may occur for two different horizontal wind 
speeds. 

3 Case study. The Alconétar Bridge 
Previous considerations are especially important and help to explain vortex-induced vertical 
vibrations on Alconétar Bridge. The box depth corresponding to the maximum amplitude value is 
D=2.41m, the box width is B=1.20m and the total width W=7.74m, thus giving a side ratio of 
W/D=3.21. The first vertical vibration frequency is fn=0.70Hz. According to Fig. 4, this configuration 
belongs to the transition zone, thus having two different Strouhal numbers: Stu = 0.205 corresponding 
to the upper curve and Stl = 0.125 to the lower curve. Critical resonant wind speeds associated are: St୳ = f୴DU 			 	⇒			 Uୡ୰,୳ = f୴DSt୳ = 0.70 · 	2.4110.205 = 8.23m/s ≈ 30km/h 

 St୪ = f୴DU 			 	⇒			 Uୡ୰,୳ = f୴DSt୪ = 0.70	 · 	2.4110.125 = 13.50m/s ≈ 48.6km/h 

Measured wind speeds during the Alconétar Bridge vibration episode did not exceed from 30km/h 
which corresponds to a Strouhal number close to 0.205. If wind speeds around 50 km/h had been 
achieved, another resonant situation would have happened, the latter according to the vortex shedding 
pattern associated to a Strouhal number of 0.125. 

The Alconétar Bridge does not have a conventional H-shaped section because X-braces 
connecting the two boxes do not occupy the whole space in between. It can be thought that vortex 
shedding mechanism typical from tandem configuration, having a spacing ratio of (W-2B)/D=2.21. 
The Strouhal number is 0.14, corresponding to a side ratio B/D=½, and hence the critical wind speed 
is: Uୡ୰ = f୴DSt୳ = 0.70 ∗ 2.4110.14 = 12.1	m/s ≈ 43.4	km/h 

Furthermore, a perfect coalescence effect between the vortex detached from the box upstream and the 
one being formed on the box downstream could exist, since the gap between the twin boxes is very 
close to 2.5D. However, some arguments suggest that the vortex shedding pattern is closer to H-
shaped section rather than tandem configuration: 

 Braces partially occupy the gap between the two boxes, interceding in the vortex convection 
process and thus hindering the coalescence phenomenon. In addition to that, the varying depth 
of the boxes results in different shedding frequencies, not excited by the same wind speed. 

 Critical wind speed below 30 km/h, as measured during the excitation episode, does not 
correspond to the critical wind speed estimated for tandem configuration. 

 Aerodynamic sectional tests were carried out resulting in a measured Strouhal number of 
0.15, corresponding to a tandem configuration flow pattern. However, it is necessary to point 
out that three-dimensional effects must be considered: the fact that the wind speed is not 
homogeneous along its axis, the varying depth  (D=3.20m in abutments and D=2.20m in the 
central point) and the bracing configuration. 

4 An analytical model for VIV 
Let us consider a one-degree-of-freedom simple oscillator. The 
equation that describes the behaviour of the physical system in 
terms of its vertical movement as a function of time is: 						݉(ÿ + ሶݕ௦߱଴ߞ2 + ߱଴ଶݕ) = (ݐ)௬ܨ =  (ݐ)௒ܥܦଶܷߩ12
where m=effective mass; ζs=structural damping ratio; ω0= 
natural angular frequency; ρ=air density; U=wind speed; 
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D=dimension normal to wind flow; and CY(t)=force lift coefficient. The main purpose is not only to 
find a solution to the previous equation, but also to provide a good expression that defines CY(t). 
There are a number of analytical models regarding experimental results from vortex-induced vertical 
vibrations to estimate the maximum amplitude thresholds [6]. The model proposed by Vickery & 
Basu [6,7] and the other by Ruscheweyh [7] are two of the most well known. The model used herein 
by the author is the one proposed by A. Barrero [6]. It has been found to give quite good amplitude 
estimations. This is the so-called nonlinear model based on amplitude-modulated delay-time quasi-
static hypothesis [6]. ݎ ≈ ௥ܷ଴ଶ4ܵܿ ቆ|ܽଵ|௥ܷ଴ + ௒்ቇܥ cos  ݎ

where r=y/D=non dimensional amplitude, y=maximum oscillation amplitude, Ur0
2 =1/(2St)=reduced 

wind speed, Sc =m/D2=Scruton number, a1 is a factor depending on the drag coefficient and CYT is 
a term depending on lift coefficient. This simple two-dimensional model uses aerodynamics 
parameters obtained through static wind tests and considers the nonlinear evidence of such 
phenomenon. 

5 Conclusions 
Vortex-induced vertical vibration mechanisms have been identified in some bridge sections. 
Alconétar Bridge, composed by two steel boxes, is studied herein. The more homogeneous the bridge 
is, the more representative the sectional wind tunnel tests are. Specifications previously mentioned 
cause the vortex shedding mechanism to have a significant three-dimensional component which must 
be taken into account. As a consequence, a full-bridge wind tunnel test should be conducted to 
consider all of these properties and experimentally corroborate the above results arisen. 

It is also important to study the influence of the aspect ratio of the horizontal strip that braces the 
two sections in tandem arrangement, since this parameter determines the force coefficient and 
therefore influences greatly in the oscillation amplitude. 

The behaviour of bluff bridge sections against vortex-induced vibrations could be simplified 
attending to the basic mechanisms presented herein, thus predicting their effects and avoiding them 
with the corresponding countermeasures. The effect of barriers on a bridge deck could be compared to 
the H-section configuration with an impinging vortex pattern developing on the upper surface. 

Presently some research works are being carried out in order to propose a newer analytical model 
to account three-dimensional effects such as the correlation length parameter used by Ruscheweyh 
and others [6,7]. Simulation techniques based in the Vortex Particle Method are also a helpful tool to 
continue the present work. 
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Abstract 
Load cycles which occur throughout the service life of building structures are characterised by differ-
ent loading frequencies and magnitudes of loads. The influence of loading frequency on the fatigue 
behaviour of high-strength concrete has not yet been sufficiently investigated. In addition, most re-
search was concerned with the effect on the numbers of cycles to failure without including detailed 
analyses of strain development. The fatigue behaviour of a high-strength concrete under compressive 
loading is investigated with respect to loading frequency within the scope of a research project. The 
test results are analysed considering the numbers of cycles to failure and particularly with regard to 
the strain development of concrete and thus damage development. In this paper, selected test results 
and the corresponding analyses are presented. 

1 Introduction 
New developments of lightweight structures and recent developments in the wind energy sector have 
led to increasing magnitudes of fatigue relevant loads, making fatigue design more important. Fatigue 
loading, especially with high maximum stress levels Sc,max, or rather high amplitude levels Sa, causes 
considerable damage. For this range of fatigue loading, also called low-cycle fatigue, different re-
searchers have found that the loading frequency or rather the rate of loading has a significant influ-
ence on the numbers of cycles to failure for normal strength concretes [1], [2]. This increases the 
susceptibility of concretes in the low-cycle fatigue range when exposed to lower loading frequencies. 
Only limited data exists for high-strength concrete concerning the influence of frequency. Further-
more, the topics covered in most literatures concentrate mainly on the influence of frequency on the 
numbers of cycles to failure. Systematic analysis of strain development under fatigue loading has 
hardly been conducted. Even today, the root causes and mechanisms of failure leading to lower num-
bers of cycles to failure with decreasing loading frequency are not well-established. Thus, the design 
concepts of CEB-FIP Model Code 90 [3] and of fib-Model Code 2010 [4] do not cover frequency 
effects sufficiently. 

Within the scope of a research project [5], the static, cyclic, uniaxial, and multi-axial material 
behaviour of a high-strength concrete was investigated using small-scale test specimens [6]. One of 
the main focus areas of these investigations was the fatigue behaviour under uniaxial compressive 
loading. Furthermore, the influence of the loading frequency on the fatigue behaviour was of special 
interest. As a first step towards a more mechanism-orientated analysis of fatigue behaviour, 
investigations are being carried out to determine the effects of loading frequency on the numbers of 
cycles to failure and on the strain development of concrete. In this paper, selected test results and 
analyses concerning the influence of loading frequency on the fatigue behaviour of high-strength 
concrete are presented. 

2 Experimental program 

2.1 Concrete and specimens 
The experimental investigations on fatigue behaviour under uniaxial compressive loading were con-
ducted on a high-strength concrete with an average 28-day compressive strength of fck,cube = 115 MPa 
after storage in water. The maximum grain size was 8 mm. Cylindrical specimens with the dimen-
sions d/h = 60 mm/180 mm were used for the tests. The specimens were cast to a height of 
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h  250 mm and later cut at both ends to the required height of 180 mm to achieve a more uniform 
concrete quality along the height of the specimens. The PVC-formworks were removed after 48 hours 
and the cylinders were then stored in standardized conditions (20°C/65% R.H.) until testing. It is 
absolutely crucial, especially in fatigue testing, to ensure a centric loading in order to attain a uniform 
stress distribution. Very slight deviations can affect the test results to a high extent. In order to 
achieve a more uniform stress distribution, the loading surfaces of the cylinders were first plane-
parallel ground and later polished.  

2.2 Experimental setup 
A servo-hydraulic universal testing machine with a 1 MN actuator was used for the experimental 
investigations presented in this paper. The test frequencies applied were fP = 0.1, 1.0 and 10.0 Hz. 
The fatigue loading was applied using a force-controlled system in such a way that, at first, the axial 
force was increased constantly up to the mean stress level, and afterwards, the sinusoidal fatigue 
loading was applied. The full amplitude was applied in the first load cycle. The minimum stress level 
was kept constant with Sc,min = 0.05 for all test series, while the maximum stress level was varied 
between Sc,max = 0.95, 0.90 and 0.80. During the tests, the axial deformations were measured continu-
ously using three laser distance sensors which were positioned at 120° from one another. In addition, 
the temperature of the specimen’s surface, the axial force and the axial stroke of the actuator were 
measured. The sampling rate was chosen in the range of 60 to 600 Hz, depending on the test frequen-
cy. All experimental tests were conducted using specimens with a minimum concrete age of 28 days. 
The static compressive strength of the high-strength concrete was tested just before conducting the 
fatigue tests, using three specimens from the same batch having the same geometry as the specimens 
used in the fatigue tests. The reference compressive strength which is required to determine the axial 
forces was calculated as the mean value of those static compressive strengths. Since the maximum 
test duration for each set of test series was 10 days, the strength increment due to subsequent harden-
ing was negligible and thus it was not deemed necessary to determine the compressive strength at the 
end of each test series. Table 1 presents an overview of the experimental tests conducted. 

Table 1 Overview of the experimental investigations conducted 

Batch Frequency fP 
[Hz] 

Number of tests for  

maximum stress levels Sc,max 

0.80 0.90 0.95 

B12 
0.1 7 6 6 

1.0 6 - - 

B14 1.0 7 6 6 

B13 
1.0 6 - - 

10.0 6 - - 

 

Each test frequency was investigated using the specimens from one batch in order to examine the 
fatigue behaviour for different maximum stress levels Sc,max, thereby eliminating undesirable batch-
related influences. In addition, the maximum stress level Sc,max = 0.80 with a frequency of fP = 1.0 
was applied for all three batches, B12, B13 and B14, in order to make comparisons of test results 
between these batches.  

3 Results and analyses 

3.1 General remarks 
Most of the research projects dealing with the fatigue behaviour of concretes focus mainly on the 
investigation of the numbers of cycles to failure as one criterion for analysing the effects of frequen-
cy. The developments of strains under fatigue loading have often been measured with varying degrees 

236



Influence of loading frequency on the fatigue behaviour of high-strength concrete 

 

of accuracy. However, research work with regard to systematic analyses of the developments of 
strains with respect to the influence of loading frequency can hardly be found in literature. Assuming 
that the development of strains under fatigue loading is connected to the induced damage, the analysis 
of these fatigue strains with respect to the influence of loading frequency might be the first step in the 
direction of a mechanism-oriented investigation of fatigue behaviour and fatigue damage. On the 
basis of this principle, the experimental investigations have been planned, conducted and analysed 
taking the numbers of cycles to failure and the development of strains into consideration. 

3.2 Numbers of cycles to failure 
Here, in contrast to other usual test procedures, the total amplitude was applied with the first load 
cycle. Therefore, the numbers of cycles to failure were counted, starting with the first load cycle. In 
Figure 1, the correlation between the maximum compressive stress level Sc,max and the numbers of 
cycles to failure Nf is shown. For simplicity, the numbers of cycles to failure are plotted on the axis of 
abscissa on a logarithmic scale. The test results are presented as single values as well as mean values. 
The minimum stress level in all tests was Sc,min = 0.05. Statistical analyses of the results obtained for 
Sc,max = 0.80 show that the differences between the three batches are not significant. Therefore, the 
mean value at this stress level was calculated considering the test results of all three batches.  

The Woehler curves from fib-Model Code 2010 [4] and CEB-FIP Model Code 90 [3] are also in-
cluded as reference. The background information regarding the Woehler curves in [4] is described in 
[7] and [8]. This material model was developed based on experimental investigations conducted on an 
ultra-high-strength concrete with a test frequency of fP = 10 Hz. The Woehler curves found in [3] are 
based on research work from [9]. Those experimental investigations were conducted on concretes 
with compressive strengths of fc < 100 N/mm² and a test frequency of fP = 1.0 Hz. As specified in 
both codes, the Woehler curves are applicable for maximum stress levels of Sc,max < 0.9 and frequen-
cies of fP > 0.1. Besides, [3] is only valid for concrete grades of up to C80, while [4] is valid for con-
crete grades of up to C120. Despite these requirements, both curves are used for comparison with the 
experimental test results obtained for the high-strength concrete. 

 

 
Fig. 1 Numbers of cycles to failure for different loading frequencies and maximum stress levels 

Fig. 1 clearly demonstrates the influence of frequency. It is obvious that the number of cycles to 
failure increases with decreasing maximum stress level Sc,max and with increasing loading frequency. 
In addition, the influence of frequency seems to be smaller for Sc,max = 0.80 than for the two higher 
maximum stress levels. Insofar, the results obtained for the high-strength concrete correspond to those 
for normal strength concretes presented in [1] and [2].  
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Comparison of the test results with the Woehler curve in [3] shows, that all numbers of cycles to 
failure – single values and mean values, even those for fP = 0.1 Hz – are higher than the curve speci-
fied. The Woehler curves in [3] are, therefore, deemed to be quite conservative. The gradient of the 
curve in [4] is smaller than in [3]. Hence, the number of cycles to failure is higher for the same maxi-
mum stress level. The test results lie to the left side of the curve in fib-Model Code 2010 for a maxi-
mum stress level of Sc,max = 0.80 and a test frequency of fP = 0.1 Hz. All mean values and most of the 
single test results for fP = 1.0 Hz and fP = 10.0 Hz are higher than the values given in [4]. The test 
results for Sc,max = 0.90 and Sc,max = 0.95 are underestimated by both approaches. This inaccuracy is 
typically related to the common approach in approximating the logarithmic numbers of cycles to 
failure by a straight line intersecting at Sc,max = 1.0 [5]. Considering the limitations of applicability, 
the Woehler curve of [4] approximates the test results very well. 

3.3 Development of strains 
It is assumed that the development of strain under compressive fatigue loading can give reference to 
the development of damage. Therefore, a precise analysis can be helpful in acquiring new knowledge 
about the development of damage. Here, the main objective is to investigate the influence of loading 
frequency and maximum stress levels on the fatigue behaviour, respectively damage development 
under compressive fatigue loading. Precise measurements of deformations with high sampling rates 
are thus prerequisites for this analysis. The accuracy with regard to strain measurement has increased 
considerably in the last years. Moreover, nowadays, higher computing capabilities enable the gather-
ing and handling of large measurement data.  

Prior to the analyses, the measurement data were processed in such a way that the axial displace-
ments recorded at the peak points of maximum stress (c,max) and minimum stress (c,min) were gath-
ered in the first step. Afterwards, the corresponding strain developments at these maximum and min-
imum stress levels were generated and the data were further evaluated. In Fig. 2, the strain develop-
ments with respect to normalized numbers of cycles to failure N/Nf are presented exemplarily for 
Sc,max = 0.80 , Sc,min = 0.05 and fP = 1.0 Hz. In general and similar to normal strength and ultra-high-
strength concretes, the strain development can be divided into three phases. The first and third phases 
with the rapid strain increase each amount to approximately 5 % of the service life and are thus short-
er than those observed for normal strength concretes [5], [6].  

 

 
Fig. 2 Development of strains (Sc,max = 0.80; Sc,min = 0.05; fP = 1.0) 

The relevant parameters that describe the characteristics of strain developments have to be defined 
prior to any detailed analyses and to comparison for different loading conditions. Different parameters 
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are currently under investigation. In this paper, the results of the analyses of the strain gradient in the 
second phase of the strain development (from now on referred to as “secondary strain gradient”) are 
presented in relation to the loading frequencies investigated. Following [7], the secondary strain 
gradients at maximum stress levels are evaluated for the range N/Nf = 0.20 to N/Nf = 0.80 (cf. Eq. 1). 

f f

f f

0.80 N 0.20 N
II

0.80 N 0.20 NN N
 

 

   
     

 Eq. 1 

The logarithmic secondary strain gradients are calculated as follows: 
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 

 

   
     

 Eq. 2 

In Fig. 3, the logarithmic secondary strain gradients calculated at different maximum stress levels 
with their numbers of cycles to failure are presented with respect to the test frequencies investigated 
in double-logarithmic scale. The different maximum stress levels are distinguished by means of the 
data point colour. A strong linear correlation between secondary strain gradient and number of cycles 
to failure was found for the test frequencies fP = 0.1 Hz and 1.0 Hz. The two almost parallel regres-
sion lines are also shown in Fig 3. Furthermore, with increasing maximum stress levels Sc,max, the 
logarithmic secondary strain gradient decreases and thus, the secondary strain gradient increases. 
Similar strain gradients can be identified for Sc,max = 0.90, fP = 0.1 and Sc,max = 0.95, fP = 1.0, or rather 
for Sc,max = 0.80, fP = 0.1 and Sc,max = 0.90, fP = 1.0. Thus, the same strain gradient might be obtained 
for decreasing frequencies by increasing the maximum stress level. The experimental tests using 
specimens of batch B12 and B13 for Sc,max = 0.80 and fP = 1.0 confirm the fact that the results ob-
tained are not only due to batch dependency. 

 

 
Fig. 3 Logarithmic secondary strain gradient at different loading frequencies and maximum 

stress levels 

Sparks and Menzies [2] report on static and fatigue tests on three normal strength concretes with 
different coarse aggregates. The fatigue tests were conducted applying a triangular loading at different 
rates of 0.5 N/(mm²·s) and 50 N/(mm²·s). The loading frequency was adjusted depending on the 
maximum stress level in such a way that the loading rate remained the same for all tests. The maxi-
mum stress level ranged between Sc,max = 0.90 and Sc,max = 0.70, based on static tests at a loading rate 
of 5 N/(mm²·s). The minimum stress level was maintained at Sc,min = 0.33 based on static tests at a 
loading rate of 0.25 N/(mm²·s). Similar to the results presented here, a frequency dependency of 
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numbers of cycles to failure, as well as a linear correlation between the secondary strain gradient and 
the numbers of cycles to failure, is presented in [2]. However, contrary to the results presented here, it 
is stated in [2] that the loading rate has no influence on the secondary strain gradient. The reason for 
this might be the triangular cyclic loading. Unfortunately, the results shown in [2] cannot be assigned 
to the different loading rates and thus a verification of these test results is not possible. 

4 Conclusions and outlook 
Experimental results concerning the influence of loading frequency and maximum stress level on the 
fatigue behaviour of high strength concrete are presented in this paper. Within the scope of this re-
search, their effects on the numbers of cycles to failure and especially on the development of strains 
are under investigation. Only selected test results and analyses are included in this paper. It is shown 
that the number of cycles to failure increases with a decreasing maximum stress level and increasing 
loading frequency. This influence seems to decrease for a maximum stress level of Sc,max = 0.80. 
Therefore, these results are compatible to results documented in literature for normal strength con-
cretes. Furthermore, the strain development is generally analysed and with respect to the secondary 
strain gradient as one reference parameter. A strong linear correlation exists between the logarithmic 
secondary strain gradient and the logarithmic number of cycles to failure. In addition, the secondary 
strain gradient depends on the loading frequency and the maximum stress level. A higher frequency 
leads to smaller secondary strain gradients. A similar effect can be obtained by decreasing the maxi-
mum stress level. 

The test results are currently under further examination. In addition to the first test results 
presented here, further analyses including additional parameters are underway. Additional tests will 
be conducted with respect to the influence of rate of loading. Based on these investigations, new 
knowledge will be obtained concerning the influence of frequency or rather rate of loading on the 
fatigue behaviour of concrete. Hereby, the basis shall be established for including the influence of 
frequency into the fatigue standards.  
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Abstract 
The behaviour of normal strength concrete under projectile impact has not been investigated in detail 
until now. A generally accepted criterion has not yet been established to describe this local damage of 
concrete. Thus, the main goal of this research project is to describe the aforementioned behaviour for 
normal strength concrete. Therefore, different concrete mixtures were used with varying w/c-ratios 
and maximum aggregate diameters. This investigation is based on an energy balance, which consid-
ered different energy forms such as kinetic energy and fracture energy. The kinetic energy of the 
projectile before and after perforating a concrete specimen was determined in projectile impact tests. 
Furthermore, the surface area of the resulting craters and fragments was analysed utilizing a combina-
tion of a 3-dimensional laser scanner and a photo-optical particle analyser. In order to obtain the 
fracture energy EV the specific fracture energy of the concrete mixtures GF was determined using a 
standard fracture test. Additionally, the fracture areas of the broken specimen were analysed. This 
surface analysis was used to describe the fracture behaviour. One finding of this study is that a design 
code has to consider the concrete mix design for a reasonable description of the impact behaviour of 
normal concrete specimens under impact. Especially the maximum aggregate diameter is decisive for 
the impact resistance. 

1 Introduction  
Concrete behaviour under projectile impact has rarely been determined until now. Often, the com-
pressive strength is the only concrete property considered in a design process of protective barriers 
[1]. In recent years some studies have shown that other parameters such as the concrete composition 
need to be considered in a design code. These studies [e.g., 1-4] were mainly focused on high strength 
concrete mixtures. A basic study of the behaviour of normal strength concrete is still missing. There-
fore, five different concrete mixtures were developed to determine the effects of w/c-ratio and maxi-
mum aggregate diameter with respect to the resistance of concrete against projectile impact.  

Many empirical formulas were generated to describe the impact behaviour. An overview can be 
found in Li et al. [5]. Usually these formulas use one (or more) of the following four measurements to 
quantify the impact behaviour: penetration depth, scabbing limit, perforation limit and / or ballistic 
limit. Another arising effect is not considered in these models: the fragmentation of the specimen 
within the range of the scabbing craters. Fragments occur as a result of the projectile impact. These 
fragments are ejected of the specimen and form fragment clouds. Dinovitzer et al. [6] developed a 
model to predict the number of fragments caused by impact. They used an energy balance which 
considered different energy forms such as kinetic energy of the projectile and fragments, deformation 
energy and heating energy. In our study an energy balance was utilised as well. The change of energy 
forms is described as a result of different concrete mixtures. Thereby, the focus is on the fracture 
energy EV, which creates fracture surface areas. By means of standard tests and newly developed test 
procedures the fracture energy and the fracture surface was determined. 
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2 Experimental Investigation 

2.1 Concrete Mixture and Properties 
The basic concrete was a normal strength concrete with a w/c-ratio of 0.60 and a maximum aggregate 
diameter of 16 mm. The binder was German CEM I Portland cement with a minimum compressive 
strength of 42.5 N/mm2 at an age of 28 days. The aggregate was limestone gravel from a local quarry, 
which followed the grading curve A/B 16 according to DIN 1045 [7]. Further concrete mixtures were 
developed by changing only one parameter of the basic concrete mixture at a time: the w/c ratios 0.45 
and 0.35 were chosen and the other maximum aggregate diameters were 8 mm and 4 mm, respective-
ly. Details of the concrete mix designs are given in Table 1. 

Table 1  Mix design 

Test 
series 

W/C [/] Water 
[kg/m3] 

Cement 
[kg/m3] 

Sand 0/4 
[kg/m3] 

Gravel 4/8 
[kg/m3] 

Gravel 8/16 
[kg/m3] 

BC 0.60 185 310 847 364 680 

C045 0.45 166 370 847 364 680 

C035 0.35 148 425 847 364 680 

C8 0.60 185 310 1268 619 0 

C4 0.60 185 310 1879 0 0 

 

Ten specimens were cast for each test series. The specimens were stripped after one day and stored 
subsequently in lime-saturated water for 27 days until testing.  

The mechanical properties were measured at an age of 28 days. Compressive strength and 
Young´s modulus were determined in each case on three cylindrical specimens (d/h = 150/300 mm) 
according to DIN EN 12390 [8]. The results of these tests are presented in Table 2.  

Table 2 Mechanical properties 

Test series Density  

ρ [kg/dm3] 

Compressive strength  

fc [N/mm2] 

Young´s modulus  

E [GPa] 

BC 2.489 46.7 32.6 

C045 2.485 57.8 36.7 

C035 2.523 75.6 39.8 

C8 2.404 48.8 29.6 

C4 2.277 49.4 27.2 

 

2.2 Fracture Mechanics Investigation 
The fracture mechanics investigation aimed at determining the specific fracture energy GF [e.g., 9, 
10]. Therefore, the fracture behaviour of notched beams was studied in three point bending tests 
according to a method described by RILEM [11]. The specific fracture energy is defined as the 
amount of energy necessary to create one unit area of a crack. According to RILEM [11], GF can be 
calculated as the quotient of the energy W0 represented by the area under the load-deformation curve 
and the projection of the fracture zone on a plane perpendicular to the beam axis.  

Additionally, the fracture area was measured with a three-dimensional laser scanner. On the one 
hand the fracture area measured was used to determine more accurately the specific fracture energy. 
This specific fracture energy GF,3D is calculated as the quotient of the energy W0 and the fracture area 

242



Analysing the concrete behaviour under projectile impact  

 

measured A3D. On the other hand the fracture area was used to describe in a more precise way the 
fracture behaviour of concrete.  

2.3 Impact Investigation 
The impact investigation was conducted in the ballistic laboratory at the Universität der Bundeswehr 
München. A detailed description of the test set-up used is given in Werner et al. [12].  

The concrete specimens were slabs with a quadratically loaded surface area of 30 x 30 cm2. This 
size was necessary to minimize edge effects. The slab thickness of 5 cm was only small in order to 
ensure a perforation. 

The parameters measured to describe the impact load are the projectile velocities before and after 
perforating the specimens. They are used to calculate the kinetic energy of the projectile at these two 
points in time (Ein and Eout). The velocity of the projectile before impacting was approx. 870 m/s for 
all tests. It was measured with a photoelectric barrier. After perforating the specimen the velocity of 
the projectile was determined with a double exposed picture of a digital camera. The velocity could 
be calculated from the time difference of two flashes (here: 0.1 ms) and the distance covered by the 
projectile within this time difference (Fig. 1). 

The fracture energy EV of the specimen is described as the product of specific fracture energy 
GF,3D and fracture surface area A3D. The fracture area consists of different parts: the crater surfaces on 
the front and rear side of the specimen and the fragment’s surface.  

 

 
Fig. 1 Double exposed picture of a projectile after perforation  

2.4 Surface Determination 
Three different methods were used to determine the fracture areas which consist of different parts. 
The applied methods were a laser scanning system, a particle analysing system and a photographic 
technique. A detailed description of the different methods is given in Werner et al. [12]. 

The laser scanning system was applied to investigate the fracture areas that result from the frac-
ture mechanics tests. Additionally, the crater areas on the front and rear side of the specimens, which 
were caused by projectile impact, were scanned as well. This system uses laser triangulation (see, 
Winkelbach et al. [13]).  

Millions of fragments occur as a result of the projectile impact. The surfaces of the fragments 
provide a main part of the fracture area. An automatic computer particle analyzer (CPA) was used to 
determine the number, the size and the shape of the fragments. The CPA is based on digital pro-
cessing of images taken by a high resolution digital line scan camera. Additionally, a mathematical 
model was used to idealise the surface area of the fragments. It is predicated on an elliptic elementary 
form. 

Since the original surface in the range of the craters before impacting was not caused by fracture, 
it was subtracted from the total fragments surface. These surface areas were detected using the photo-
graphic technique.  

243



9th fib International PhD Symposium in Civil Engineering 

3 Experimental Results 

3.1 Energy of the projectile 
The kinetic energy of the projectile before perforating the specimen Ein is nearly the same for all test 
series. It ranges between 3579 J and 3643 J.  

The energy after perforating the specimen Eout is one of the decisive parameters to evaluate the 
resistance of the material against projectile impact. Figure 2 shows the mean values of Eout and their 
normal distribution depending on the w/c-ratio (left) and the aggregate size (right). It can be seen that 
the energy increases with an increasing w/c-ratio and decreases with an increasing maximum 
aggregate diameter. A linear regression between w/c-ratio respectively maximum aggregate diameter 
and Eout led to linear coefficients of determination of the mean values: R2

wc = 0.902 and R2
as = 0.995. 

 

  
Fig. 2 Energy of the projectile after perforating the specimen Eout depending on the w/c-ratio 

(left) and maximum aggregate size (right). 

3.2 Fracture area and fracture energy 
The mean values of the fracture area of the perforated specimens are presented in Figure 3, which 
shows the normal distributions as well. A correlation between w/c-ratio and fracture area is not defi-
nite, but a small increase of the fracture area can be seen with an increasing w/c-ratio. The increase 
goes along with a higher number of fragments while the crater areas decrease for higher w/c-ratios.  

The fracture area increases significantly with an increasing maximum aggregate diameter. This is 
a result of a higher number of fragments and a larger crater area. 

 

 
Fig. 3 Fracture area A3D of the specimen depending on the w/c-ratio (left) and maximum aggre-

gate size (right). 

The specific fracture energy measured in the three point bending tests increased with decreasing w/c-
ratio and with increasing aggregate size, respectively. These correlations can be seen in the calcula-
tion of GF according to RILEM as well as in the calculation of GF,3D with respect to the fracture area 
A3D. Figure 4 shows the mean values of GF and GF,3D and their normal distributions.  
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Fig. 4 Specific fracture energy GF and GF,3D depending on the w/c-ratio (left) and maximum 

aggregate size (right). 

The specific fracture energy was measured under static test conditions but is known to be dependent 
on the load velocity, especially high dynamic load velocities (see e.g., [14-16]). As a consequence, a 
correction value must be considered for the implementation of this parameter into the evaluation of 
projectile impact tests: kdyn = GFdyn/GFstat. Its dimension is not yet known for a velocity of 870 m/s. 
Thus, the absolute value of the fracture energy EV can only be shown depending on kdyn. Figure 5 
shows the quotient of EV and kdyn depending on the w/c-ratio and the maximum aggregate size. The 
normal distributions of the test series are also presented. A clear correlation between w/c-ratio and 
fracture energy cannot be seen. The fracture energy increases with an increasing maximum aggregate 
diameter. The correlation is linear (R2 = 0.893 for the individual values, R2 = 1 for the mean values). 

 

  
Fig. 5 Quotient of fracture energy and dynamic correction value EV/kdyn depending on the w/c-

ratio (left) and maximum aggregate size (right). 

4 Discussion 
The correlation of the energy after perforating the specimen and the w/c-ratio is not definite. Howev-
er, it is well known that the resistance of concrete against impact increases with an increasing com-
pressive strength of concrete. The w/c-ratio is an important parameter to change the compressive 
strength. Therefore, the results shown in our investigation could be expected. One reason for the 
increase can be seen in a more compact cement matrix and less pores. More energy is necessary to 
fracture this matrix.  

The correlation between Eout and the maximum aggregate diameter is definite: Eout decreases for 
increasing diameters. Concrete mixtures with a larger aggregate diameter have a more distinctive 
crack pattern as a result of the load. More branched cracks dissipate more energy of the projectile. A 
similar increase of resistance against impact was shown by Kustermann et al. [17] for high strength 
concrete using the crater volume as a resistance parameter. 

The impact on specimens with a w/c-ratio of 0.35 caused less fragments compared to specimens 
with a higher w/c-ratio. These fragments exhibit a coarser distribution in addition. As a result, the 
fracture area is smaller than the fracture area of concrete mixtures with a higher w/c-ratio. The coarser 
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distribution could be a result of the higher specific fracture energy GF. A higher specific fracture 
energy means that more energy is necessary to create a fracture area. The influence of the correction 
of GF to GF,3D is low, but the variation of the mean value decreases. The fracture energy EV of the 
impact tests does not correlate with the w/c-ratio. 

The fracture area of the impact tests correlates well with the maximum aggregate diameter. The 
fragment size distributions are equal. Thus, the higher fracture area of concrete mixtures with a higher 
aggregate diameter is a consequence of more fragments. In this study the concrete mixtures with 
smaller aggregate diameters have a higher porosity. The pores can operate as expansion spaces during 
the penetration of the projectile. As a result, the craters of the specimens are smaller and fewer frag-
ments occur. The specific fracture energy GF and GF,3D, respectively declines with an decreasing 
aggregate diameter as a result of the dissipated energy (see, Mechtcherine [18]). The fracture energy 
EV increases as a result of the increasing fracture area and the increasing specific fracture energy.  

The correlation found between the aggregate diameter and fracture energy is valid for the experi-
mental set-up used: EV/kdyn = 2.0 * DMax + 8.5, where DMax is the maximum aggregate diameter 
measured in mm. 

5 Conclusion and outlook 
This study shows that a design code has to consider the concrete composition in order to describe 
impact behaviour of projectiles in specimen of normal strength concrete. Especially the maximum 
aggregate diameter is decisive for the impact resistance.  

Additionally, the use of fracture mechanics basics and an analysis of the fracture area led to a 
closer insight into impact tests. The following conclusions were drawn: 

 Crack branches consumed energy which led to smaller kinetic energy of the projectile after 
perforation. More distinctive crack branches were found in concrete mixtures with larger ag-
gregate diameters. 

 A smaller w/c-ratio has a higher specific fracture energy which provides a smaller number of 
fragments in impact tests. Therefore, the whole fracture area decreases although the crater ar-
eas increase. 

 A larger aggregate diameter led to higher fracture energy.  

Future work will focus on further concrete components such as different grading curves, age of con-
crete, storage of the specimen, type of cement etc. 
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Abstract 
A number of investigations were performed to find out the damage potential of large passenger air-
craft impacts. Due to technical difficulties and high costs associated with experimental tests, these 
events are studied with the help of computational approaches. In the present work small-scale impact 
tests are modeled using the explicit finite element code LS-DYNA. For the aluminium alloy the mate-
rial and failure model by Johnson and Cook (1985) is used. The modeling of the tank filling is carried 
out by the methods Smooth Particles Hydrodynamics (SPH) and Arbitrary Lagrangian Eulerian 
(ALE). Thus, a numerical model validated on the experiments is generated in order to provide an 
enhanced confidence level for future calculations of real impact scenarios. The complex numerical 
model and first results of the ongoing studies are presented. 

1 Introduction 
The threat scenario of safety related structures has changed with the events of September 11, 2001. A 
check-up of current security measures for nuclear power plants was therefore necessary. Until today, 
according to the German building codes for (nuclear) power plants only the load-time diagram of a 
relatively small fast-flying military aircraft has to be considered [1, 2]. So the increased damage 
potential of large masses, as for example the impact of a large airplane, requires detailed investiga-
tion. Based on this background small-scale tests with aluminium projectiles were performed at the 
Materials Testing and Research Institute (MPA Karlsruhe) of the Karlsruhe Institute of Technology 
(KIT). The geometry of the projectiles and their stiffness and mass distribution along the longitudinal 
axis were adapted to the real conditions of a commercial aircraft (Airbus A 340-600 [3]). The focus of 
the investigations was placed on the influence of speed and impact angle of the aircraft on the force-
time function. Also different levels of the tank filling were examined. A detailed overview about the 
investigated parameters is given in [3-6]. 

The aim of the investigations is the development of a realistic numerical description of the 
complex impact behaviour of fluid-filled projectiles. Based on the simulation of small-scale 
experimental impact tests, the behaviour of structural models under impact loading is investigated 
using arbitrary projectile geometries. 

2 Modeling 

2.1 Fundamentals 
For a realistic modeling of an impact scenario some simplifications and assumptions are necessary. 
Figure 1 shows the changeover from reality of the passenger plane to the experimental projectiles 
according to Kreuser et al. [3] and Ruch et al. [4]. The relevant experimental boundary conditions are 
also mentioned in the figure. First, the shown wide-body passenger airplane can be divided into four 
different sections with varying mass and stiffness distribution: the tip of the aircraft (section 1), sub-
sequently a long cylindrical part (section 2), the stiff middle area where the wings are attached (sec-
tion 3) and the tail of the aircraft (section 4). In section 3 of the projectile a cylindrical container 
simulating the additional mass of the tank-filling of the plane can be added. According to [3] section 4 
of the large capacity airplane has only a minor influence on the impact load-time function. Therefore, 
a separate modeling of the aircrafts tail in the experimental and numerical investigations was desisted 
from. 
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Fig. 1 Simplification from the reality to the experiment: large-capacity aircraft and a possible 

target building (top), test projectiles and concrete target (bottom)  

2.2 Numerical model 
For the numerical modeling the explicit finite element program LS-DYNA is used [7]. The calcula-
tions were performed on the distributed memory parallel computer HP XC3000 (hc3) with 356 eight-
way compute nodes [8] of the Steinbuch Centre for Computing (SCC) of the Karlsruhe Institute of 
Technology (KIT). Each node has two Quad-Core Intel Xeon E5540 processors with 2.53 GHz fre-
quency and 24, 48 or 144 GB main memory. The contact-impact problem was modeled on a common 
PC and solved on the HP XC3000 using the LS-DYNA version R4.2.1 ls971d respectively R5.1.1 
ls971d with double precision. The calculations are performed on the HP XC3000 as Shared Memory 
Parallel (SMP) system and the run time is about 4 days. 

The aluminium projectiles were modeled and the finite element mesh was generated with the 
program Hypermesh. Screenshots of the generated geometries are shown in Figure 2. All components 
of the projectiles are modeled; these are the sections 1-3, a pressed in stiffener in the transition 
section, additional a closing cover plate and three teflon rings. These serve as guidance in the 
acceleration phase of the experiments. The components are realized in a geometric full-model, which 
is able to reproduce the observed asymmetrical folds of the experiments. A water-filled tank is placed 
inside section 3. 

The FE-model consists of four-node fully integrated shell elements with five integration points 
over the thickness. To model the material properties and failure an appropriate deformation and 
failure model for the aluminium material is necessary. The *MAT_JOHNSON_COOK, which is 
based on the deformation and failure model by Johnson and Cook [9] was selected. Therefore the 
input material parameters and the deformation and failure parameters according to [10] are being 
used. For the material properties of the teflon rings the *MAT_PLASTIC_KINEMATIC model with a 
failure criterion is used. In the fluid-like materials such as the tank-filling great deformations and 
fluid-structure-coupling-problems can occur. These problems can lead to numerical instabilities in the 
mesh and therefore special approaches in order to deal with these problems are necessary. 
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Fig. 3 left: comparison of experimental and numerical results (projectile design K); right: com-

parison of the two approaches ALE and SPH (projectile design K) 

 
 

Fig. 4 Comparison between experiment and numerical simulation; left: experiment; middle: 
SPH-method; right: ALE-method according to [10] 

This discrepancy results only from the fact, that the experimental values were cutoff at approximately 
250 kN because of the limit of the transmitter. The data, which is published in [10], show a character-
istic curve progression. 

The first contact of the projectile with the measuring platform (t = 0 ms) leads to inversion of the 
hemisphere (section 1) and continuous bursting of the cylinder (section 2). Then a load drop at about 
t = 0.66 ms is registered which is explained by the failure of a production-related imperfection. Fur-
thermore a continuous bursting of the projectile is regarded until the stiff section 3 with the tank-
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filling reaches the target (about the instant of time t = 1.7 ms). This phase of the projectile impact 
delivers also the maximal load-entry to the target. 

In addition to the results the numerically determined load-time-functions of the impact of water-
filled projectiles can be seen in Figure 3. It is shown for the ALE-model as well as for the SPH-
model. Figure 4 displays the short-takes of the relevant impact occurrences corresponding to the load-
time function. The principal characteristic of the curves that start similarly to the experiments with a 
continuous load input is visible. This load input is due to the impact of the projectile tip and folding of 
the cylinder. At t = 0.66 ms the aforementioned imperfection fails and a visible load drop is noticed in 
the diagram. At t = 1.97 ms the impact of the first teflon ring can be seen, which has shifted during 
the acceleration phase and is accompanied by a slight increase in the load curve. The maximum load 
is again recorded during the impact of the stiff and bulky section 3 at t = 2.37 ms. There are no 
significant differences in the two modeling methods for the tank-filling with respect to the load-input 
into the target. Only during the bursting of the tank (section 3) there is a slight difference between the 
corresponding curves. Differences in the previously performed calculations result in the burst behav-
ior of section 3 (see figure 5). 

Both methods show the characteristic fracture appearance of the third part, the so-called “peeling 
off”. But the fracture appearance of the SPH-method is more asymmetric. This method allows in 
contrast to the ALE method for a droplet or mist formation of the fluid. 

 

ALE-method

SPH-method

experiment

 
 
Fig. 5 Fracture performance of section 3; left: experiment; right: numerical results 

In addition to the modeling of the tank-filling the variation of the impact angle of 30°, 60° and 80° 
and the varying impact velocity from 100 m/s to 180 m/s are of particular importance. The key aspect 
of current experiments is to investigate the influence of these impact angles on the load-time-function. 

4 Summary and Conclusion 
In this work numerical models to analyse the impact of fluid-filled projectiles onto a target have been 
developed by using LS-DYNA. The key aspects of the work are the detailed investigation of the 
numerical model with different velocities and/or angles of impact and the simulation of the tank-
filling with different feasible numerical methods. Within this context, projectile impacts (with the 
available methods (ALE and SPH)) were simulated. Some work steps are not yet completed and will 
be supplemented further with the influence of the effects of the target structure. This is necessary to 
obtain an effective numerical model able to describe the different influences on the load-time-
function of a wide-body aircraft impact. 

So far, reasonable quantitative correlation between numerical predictions and experimental results 
were obtained. The performance of such a complex computational model depends on the knowledge 
of the properties and failure phenomena of the individual materials. But also the correct treatment of 
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contact has an influence on the quality of the numerical results. Despite these complexities the so far 
obtained results are quite promising.  
 

The presented research project is conducted on behalf of the Gesellschaft für Anlagen- und 
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und Technologie (BMWi). (Reactor safety research project number: 1501374) 
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Abstract 
The construction and design of multiple folded and curved sandwich panels prestressed with non-
metallic tendons to gain long-span roof or façade structures with a high corrosion resistance are to be 
investigated. The experimental test program is presented within this paper. The bond behaviour be-
tween pre-tensioned CFRP (carbon fibre reinforced polymers) tendons and concrete (textile rein-
forced concrete: TRC, ultra-high performance concrete: UHPC) will be analysed. Pull-Out tests and 
experiments on the transfer length will be carried out. Special attention has to be paid to the anchor-
age system due to sensitivity to lateral pressure of the CFRP tendon. The technology to fabricate 
curved and folded slender sandwich shells will be developed with regard to concrete, core foam and 
connecting devices. Tension and shear tests of sandwich panels with and without connecting devices 
will be conducted. Finally bending and shear tests of prestressed folded and curved sandwich panels 
will be carried out. 

1 Introduction 
In a priority programme [1] founded by the German Research Foundation (DFG SPP 1542: Concrete 
light. Future concrete structures using bionic, mathematical and engineering form-finding principles) 
prestressed sandwich panels with thin folded and curved concrete layers are investigated. The con-
crete layers are either made of UHPC (ultra-high performance concrete) or TRC (textile reinforced 
concrete) and prestressed with CFRP (carbon fibre reinforced polymers) tendons. 
To achieve this goal the following questions have to be clarified: 

 Which parameters describe the bond behaviour of pre-tensioned CFRP tendons in high 
strength and ultra-high performance concrete? Is the Hoyer-effect applicable to CFRP tendons 
which are sensitive to lateral pressure? Which thickness of the concrete layers and what spac-
ing of the tendons is required? 

 Which technology is necessary for the fabrication of curved and folded sandwich structures in 
terms of concreting, core foam and connection devices? 

 How can a shear resistant connection of the concrete layers be set up which causes only small 
restraint forces? 

 How does the bending and shear carrying capacities change due to the profiled cross-sections 
under short and long time loading? Which shape of cross-section leads to minimised time de-
pendant deformations and to a high sandwich action at the same time? 

2 Materials 
For construction of the test specimens materials are chosen which mechanical properties are known 
from previous research projects which were partly conducted at the Institute of Concrete Structures of 
RWTH Aachen University [2][3]. Two different types of concrete mixtures are used. On the one hand 
an ultra-high performance concrete (UHPC) with an uniaxial compression strength of about 
180 N/mm² and on the other hand a textile reinforced concrete (TRC) with a fine grained matrix 
(maximum grain size smaller than 5 mm) exhibiting an uniaxial compression strength of about 
80 N/mm². Straight micro fibres of high strength will be added to either mixtures to enhance the 
brittle behaviour.  
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For the core foam prefabricated PUR (polyurethane) and XPS (extruded polysterene) plastic slabs are 
used. For connection of the concrete layers the application of connecting devices in terms of lettuce 
beams, made of GRP (glas fibre reinforced polymers), CFRP or stainless steel, are planned, which are 
rigid to tension, compression and shear. 

For TRC a fabric is used, similar to a reinforcement grid in common concrete structures. Coated 
textiles normally exhibit a better bond behaviour since the single rovings are bonded to each other 
where no bond to the concrete exists [4]. Either AR-glass or carbon textiles will be used. 

CFRP tendons are generally applicable because of a high tensile strength of about 2000 N/mm² 
and corrosion resistance [5] which is necessary due to the lack of concrete covering in slender struc-
tures. One indented strut and two different diameters of a seven-wire tendon are used for pre-
tensioning and are provided by Tokyo Rope Mfg., Co., Ltd.. The trade name is CFCC™ (carbon fibre 
composite cable). The material proporties given by the manufacturer are listed in table 1. 

Table 1 Material properties of CFCC 

Designation 
[-] 

Diameter
[mm] 

Effective cross-sectional area
[mm²] 

Guaranteed capacity* 
[kN] 

 U 5.0 5 15.2 38 

1x7 7.5 7.5 31.1 76 
 1x7 10.5 10.5 57.8 141 

* the guaranteed capacity applies to strands using an anchor system provided by Tokyo Rope 

Since the anchor system developed by Tokyo Rope is not used, tests with different shapes of anchors 
are carried out (chapter 3.2). 

3 Experimental tests on the bond behaviour 

3.1 Anchorage behaviour of strands 
The load carrying behaviour of concrete structures prestressed with steel strands is mainly governed 
by the prestress load and the bond between concrete and tendon. The resulting bond stress can be 
divided into three parts: 

 A constant part resulting by basic friction, 
 a stress dependent part (Hoyer-effect) which increases with the transfer of pre-tensioning 
 and a slip dependent part which is independent of the prestressing (“lack of fit” which results 

from the non-uniform geometry of the tendons). 

The bond stress is not constant along the transfer length lbq (fig. 1). Releasing the pre-tensioning 
causes a difference between steel and concrete strain, hence the slip and the lateral stresses rise. At 
the concrete edge nearly the full pre-tensioning has to be transferred which results in a high lateral 
stress between concrete and steel. Thus all three bond parts are activated. Since the pre-stressing of 
the concrete increases along the transfer length, the bond stress decreases. At the end of the transfer 
length the bond is mainly governed by the base value, since the most stresses have been transferred 
from steel to concrete. 

 

 
Fig. 1 Schematical stress distribution along the transfer length of a tendon [6] 
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Concrete structures prestressed with pre-tensioned steel tendons have been widely studied in NSC 
(normal strength concrete) [7], HSC (high strength concrete) [8] and in UHPC [6].  

For CFRP tendons investigations on the bond behaviour have been performed by many research-
ers, e.g. [9][10]. But there are no experiments in literature known to the author with very small con-
crete covering and use of UHPC or HSC (besides [5]) with a fine grained matrix. Hence Pull-out tests 
and experiments on the transfer lengths are carried out. 

3.2 Anchorage system 
The high tensile strength of CFRP tendons (fCFRP ≥ 2000 N/mm²) and corrosion resistance makes an 
application highly attractive in slender concrete structures. Since CFRP is very sensitive to lateral 
pressure special attention has to be paid to the anchorage device. Standard devices for steel tendons 
do not seem to be applicable since concentrated forces occur. Nevertheless these ones are analysed as 
well. 

To overcome this issue, different types of anchorage systems are analysed. Three examples are 
shown in fig. 2.  

 

        
Fig. 2 Examples of anchorage systems (central figure: [10]) and test setup 

Tension tests with 1 m CFRP rods and anchorage on either sides of the tendon are carried out (fig. 2). 
Different diameters (5 mm, 7.5 mm and 10.5 mm) and shapes (seven wire strand and single indented 
rod) of CFRP tendons are investigated (tab.1). Load and slip are measured. The anchorage type which 
leads to sufficient results is used for subsequent investigations. 

3.3 Pull-Out tests 
Pull-Out tests (fig. 3) are conducted according to CEB/FIB/RILEM [11]. The position of the tendon 
in the concrete (TRC and UHPC) cube as well as the prestressing force are varied to determine the 
influence of concrete covering and the Hoyer-effect to the bond-slip relationship and the bond 
strength. 

 

 
Fig. 3 Pull-Out test [8] 

Table 2 shows an overview of the varied parameters of the Pull-Out tests. The main parameters to be 
investigated are the type of concrete, the concrete covering, the concrete strength (age) and the type of 
pre-tensioned member. Each test will be conducted three times with the same parameters and three 
strain stages (0 %, 50 %, 100 %), i.e. nine tests are carried out for each parameter variation. 

Table 2 Parameters of Pull-Out tests 

Concrete 

[-] 

Pre-tensioning member 

[mm] 

Concrete covering 

c / dp [-] 

Concrete age 

[d] 

Strain stages 

[%] 

UHPC/TRC 
U 5 

1x7 7.5 / 10.5 
1 / 2 / 3 1 / 3 0 / 50 / 100 
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The strut and tendons are pre-tensioned inside a testing rig. Afterwards the test cubes are concreted. 
After one and three days respectively the first three tests are carried out. After decreasing the prestress 
force of about 50 % the next three tests are conducted. At the end the last three tests are performed 
with full release (100 %), i.e. full lateral strain of the strut and tendons respectively.  

3.4 Tests on the transfer length 
Experiments on the transfer length (fig. 4) are carried out to gain the minimum value of concrete 
covering as well as distance between CFRP tendons without any cracks in the transfer zone. 

 

 
Fig. 4 Test setup to determine the transfer length (small beam tests) 

The varied parameters of the small beam tests are listed in table 3. Besides the type of concrete, the 
concrete covering, the concrete strength (age) and the type of pre-tensioned member the spacing s of 
the struts and tendons is varied. To determine the minimum concrete covering c two strands are used, 
while four strands are required to determine the minimum spacing s. The concrete age is always three 
days. 

Table 3 Parameters of small beam tests 

Concrete 

[-] 

Pre-tensioning member 

[mm] 

Concrete covering 

c / dp [-] 

Spacing 

s / dp [-] 

Number of strands 

[-] 

UHPC/TRC 
U 5 

1x7 7.5 / 10.5 
1 / 2 / 3 2 / 3 / 4 2 / 4 

The specimens are fabricated in a rig similar to the Pull-Out test specimens. After three days the 
prestress force is released in steps of 20 % as in [6]. Measuring the concrete strains along the longitu-
dinal axias of the small beams at each load step one can obtain the transfer length from the strain 
differences. Additionally the slip at the end of the specimens is measured continuously with dis-
placement transducers. 

4 Experimental tests on the behaviour of prestressed concrete shells 
Shells and folded cross-sections gain their stiffness and load bearing capacity due to the spatial load 
bearing behaviour of the thin-walled cross-sections. For large spans the filigree cross-sections do not 
provide enough space for reinforcement, thus they have to be prestressed to prevent deformations in 
consequence of cracking and shrinkage. 

The load carrying behaviour of prestressed concrete shells is to be investigated in bending tests as 
depicted in figure 5. First of all fabrication tests of simply folded or curved cross-sections are con-
ducted. A hinged or moulded formwork is used. These tests will give information about the influence 
of the type of cross-section, the prestress level and the slenderness ratios L / h and h / d. 

 

 
Fig. 5 Bending tests of prestressed concrete shells 

Additionally the results of the bending tests will give information about the difference in load carry-
ing capacity compared to sandwich panels which are assembled with these concrete shells. 
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Table 4 Parameters of bending tests of prestressed concrete shells 

Prestress-level 
[%] 

Beam slenderness 
L / h [-] 

Cross-section slenderness 
h / d [-] 

30-70 10-30 1-25 

The parameters shown in table 4 are finally chosen after the push-out and small beam tests have been 
carried out (chapter 3). 

 

5 Experimental tests on the behaviour of prestressed sandwich layers 
The tension and shear carrying capacity of sandwich panels is mainly governed by the bond strength 
between core foam and concrete as well as the stiffness of the core foam and the connecting devices. 
As a result of profiled cross-sections the relationship of shear deformation g, shear modulus G and 
shear stress t for planar stress states is not valid, since the shear stress distribution is variable over the 
cross-sections width. The resulting shear stiffness of applied core foams has to be derived in terms of 
shear flow. The test setups are depicted in figure 6. 

 

 
Fig. 6 Tension and shear test of sandwich panels as well as shear flow of profiled cross-sections 

For the tests the cross-sections geometry, the type and height hk of the core foam and the number and 
type of connecting devices are varied. With the results of these tests the bending tests of prestressed 
sandwich panels are set up. Table 5 shows the variation of parameters. 

Table 5 Parameters of tension, shear and bending tests on sandwich panels 

Test 
[-] 

Concrete 
[-] 

Core foam
[-] 

Height hk 

[mm] 
Connecting device

[-] 

Depth of an-
choring t 

[mm] 

tension 
shear 

bending 
UHPC/TRC 

without 
PUR 
XPS 

100 
200 

without 

 
Variation after 

defining the 
layer thickness 

The anchoring depth t is varied after defining the thickness of the concrete layers from the bending 
tests of concrete shells (chapter 4). 

The load bearing capacity of prestressed sandwich panels is investigated in bending tests (fig. 7). The 
degree of sandwich action in comparison to prestressed concrete shells (chapter 4) is analysed as well 
as the shear carrying capacity of the core foam and connecting devices is compared to the results of 
the shear tests. 

 

 
Fig. 7 Bending test of sandwich panels 
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The prestress level is altered on basis of the tests described before. Experiments without any connect-
ing devices will give information about the shear carrying capacity of the core foam under the effect 
of different profiled cross-sections and core foams heights hk. 

6 Summary and Outlook 
In this paper the main steps to reach the desired goal of a folded or curved sandwich panel are drawn. 
The investigations will give information about the bond behaviour of pre-tensioned CFRP tendons in 
TRC and UHPC, the fabrication techniques as well as the load carrying capacity of prestressed simply 
folded or curved sandwich panels. Additionally to the experimental investigations computational 
simulations by means of finite elements will be conducted and compared to the test results. 

After completion of this goal multiple folded sandwich panels will be investigated.  
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Abstract 
Today in building industry different, partly contrary interests are competing within the design of the 
load bearing structure of a new building. These usually contradicting interests and requirements are 
for example the function, economic issues, an attractive design or the maximum exploitation of con-
struction materials. One possible strategy how to achieve harmony between the contradicting re-
quirements might be the application of the folding technique inspired by the Japanese paper folding 
art origami. The term for technical application of origami is origamics. The idea is to take a thin-
walled flat plate made out of concrete and fold it along a pre-defined pattern of creases. With this 
technique it is possible to create complex spatial structures made out of cement-based materials with-
out complex formwork. The aim of the research is to develop this technique for light-weight concrete 
structures and its improvement onto a cost-effective level. 

The elaborated work has been split into three parts. The first part is the identification and verification 
of suitable foldable crease patterns by use of a parametric mathematical model, which has been de-
veloped for this purpose. The second part is focussing on production issues and design of details. 
Within the third part structural analysis is performed for evaluation of the load bearing capacity.  

In this paper the idea of creating new load bearing structures by folding is presented. The results of a 
feasibility study are shown. The parametric mathematical model and the work on identifying adequate 
material combinations are presented. An outlook on the structural analysis is given. 

1 Introduction 
In the design of the load bearing structure of a building often several different interests with partly 
contrary requirements are competing with each other. The main interests are: 

(1) High utilization of the construction volume for the desired function;  

(2) Financial constraints: Economic production and maintenance; 

(3) Attractive design; 

(4) High exploitation of the construction material; 

For accomplishing these requirements different concepts and methods are available for architects and 
structural designers. These conceptual instruments can be distinguished within global and local design 
principles. Forming the global shape according to the principle “form follows force”, it is expected to 
achieve a high utilization ratio of the used materials (Requirement 4). This design principle is the 
basis of the design of shell structures. Due to their light appearance, shell structures are mostly re-
garded as elegant and architecturally attractive (Requirement 3). 

The focus of designing at the local level lies on the form and layout of efficient cross-sections, 
which can be produced in a cost-effective way (Requirement 2) and lead to space saving load bearing 
structures (Requirement 1).  

The two first mentioned requirements can be found in the almost exclusive rectangular forms of 
the realized buildings in our days. The reason for the overweight of the local design principles can be 
found in the strong emphasis on an economic fabrication (Requirement 2) and a maximum utilization 
of the construction volume (Requirement 1). 
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2 Classical design approaches and new design and production technique 
In the field of concrete structures two design approaches can be found. The first approach is shell 
structures and the second one is folded plates. The global shape optimization has been used for the 
design of light-weight shell structures [1]. The local design mainly focuses on the form and layout of 
cross-sections as with folded plates. 

The two approaches will be shortly discussed concerning their load bearing mechanism and their 
fabrication. Out of these two approaches a new approach is going to be derived by the use of the 
technique of folding. This new approach also requires the development of new production methods. 

2.1 Shell structures 
The geometry of shell structures is chosen in a way that the dominant constant loads (dead load) are 
carried by membrane forces [2], [3]. However their load bearing capacity for variable loads is poor, 
since they differ from the form determining constant loads. A critical aspect is the expensive produc-
tion of the formwork. Mostly the formwork is unique and so it can only be used one time. 

2.2 Folded Plates 
The design of folded plates is focusing on the local design of the cross-sections. By placing plates in 
saw tooth shape the statically effective depth is enlarged. 

Folded plate structures can be produced in two ways. The first way is to use prefabricated ele-
ments, which are connected on site to the final structure. By the use of prefabricated elements the 
variety of different global shapes is limited, since for production reasons the segment shape is limited 
to simple, mainly rectangular forms. The size of the elements is also limited due to transportation 
reasons. The second way is to produce the elements on-site. Simple regular structures produced with 
in-situ concrete are cheap. But for complex folded plate structures the effort for producing the frame-
work is rising very fast. Here the same problem arises concerning high cost of the formwork like for 
the shell structures. Only regular and simple structures can be produced with little costs.  

2.3 New design approach by use of origamics 
Neither of the classic design approaches, shells and folded plates, fulfils all requirements which have 
been mentioned in the introduction. For a better fulfilment of the requirements local and global design 
principles should be connected within a new design approach. Variable loads are the main problem 
for shells if they are large compared to the constant loads. Variable loads can lead to bending mo-
ments within the shell. The load bearing behaviour of shells concerning bending moments is poor. A 
possible strategy to engage this problem is to increase the shell thickness, but this is conflicting with 
an economic material usage. By folding it is possible to increase the statically effective depth with a 
lower amount of material increase than with increasing the shell thickness. The technique of folding is 
quite common in nature, e.g. leaves of palms or seashells [4]. Steel profiles are also stiffened by 
folding like for example sheet piles [5].  

For realization of the generally folded concrete structures a specialized production technique has 
been devised to introduce crease patterns in thin-walled concrete plates. The folding technique is 
demonstrated in Figure 1. Spacers are used to introduce crease lines with the required rotation capaci-
ty. The spacers avoid concrete getting at these places. The reinforcement is passing through. After 
folding the creases are fixed with grout. 

Using this technique, generally curved shapes can be constructed similar to the way how a piece 
of paper is folded in origami. The technique of origami serves as a source for identifying suitable 
crease patterns for load bearing structures. The flexibility of the technique can be used to design 
shapes that combine the global and local design principles for statically loaded structures leading to 
high exploitation of the material. In the next section the production of a prototype is described. 

 

 
Fig.1 Sketch of the principle of folding: (left) before folding, (right) after folding and fixing 
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3 Feasability study 
For demonstrating the advantages and the basic principles of the new production method a feasibility 
study has been performed. As a prototype a thin-walled arc was chosen, which was going to be folded 
out of a thin concrete plate. The basis crease-pattern is a regular rhombus crease-pattern [6]. This 
crease pattern is well-known and has already often been used in architecture and it is rigid foldable. 

The size of the concrete plate was 1,40 m x 0,80 m (length x weight) with a thickness of 6 mm. 
As reinforcement steel wire with a diameter of 0,6 mm was placed in a rectangular mesh. As concrete 
UHPC was used. The workflow and the individual production steps can be seen in Figures 2 and 3.  

 

  
Fig. 2 (left) Reinforcement with spacers; (right) Placing of concrete 

  
Fig. 3 (left) Concrete after hardening and removal of the spacers; (right) Completed structure 

after folding and filling the creases 

In the first step the reinforcement is placed into the formwork and the wires are tensioned (Fig. 2 left). 
Along the future creases gaskets have been placed on the reinforcement to create spaces within the 
concrete during concreting (Fig. 2 right). After hardening of the concrete the gaskets have been re-
moved (Fig. 3 left) and the crease pattern can be clearly seen. For getting the plate out of 2-D into 3-D 
shape the plate has been lifted at five intersections of the crease lines and the remaining creases have 
been folded by hand. After reaching the final shape, the creases have been grouted with concrete, to 
achieve a stable connection between the segments. However the focus within the study lied on pro-
duction issues the thin-walled arc has a high stiffness in vertical and horizontal direction. With this 
feasibility study it was shown, that there is a high potential with the proposed design and production 
method. A new application area for innovative cement-bounded composite materials like textile rein-
forced concrete or concrete with carbon reinforcement is unclosed.  
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4 Road map of the work for the new design method 
For development of the new design method several problems have to be solved. It seems convenient 
to split the process into several parts. One can distinguish between three major parts. 

 Finding suitable crease patterns 
 Production and material issues  
 Structural analysis and assessment of the load bearing capacity 

Each of the parts influences the others and it is necessary to redo them several times. The problem of 
finding the optimal solution for a load bearing structure can be approximated iteratively by going 
through the parts in a circular way. 

4.1 Form finding by use of a mathematical model 
A major task is the finding of rigid foldable crease patterns. A crease pattern can be regarded like a 
map for the folding process, wherein a 2-D structure is turned into 3-D. Depending on which side the 
angle formed by a fold and its attached facets opens the resulting folds are distinguished in mountain 
or valley folds. Several different rigid foldable crease patterns and their resulting folding patterns 
have already been identified and are known in literature [6]. Two basic folds are the accordion and the 
reverse fold. A lot of the known folding patterns can be constructed by repeated use of the reverse 
fold. 

A common approach to find new patterns and forms is to try-out by hand [6],[7]. However this 
approach is very time-consuming and it cannot be excluded, that the founded forms are strongly 
influenced by the preferences of the researcher. For more complex forms and geometries it is nearly 
impossible to find a crease pattern just by trying. There are too many relations and constraints. The 
use of a mathematical model greatly simplifies the identification of suitable crease patterns. 

 

 
Fig. 4 Mathematical simulation of the folding process of the structure of the feasibility study 

Several constraints have to be fulfilled by a mathematical folding model [8]: 

 Neither the creases nor the segments stretch 
 The segments stay flat and do not crinkle  
 The segments and the crease lines do not rip or have holes 
 The segments are not allowed to penetrate each other 

With the open source programming language Python a parametric mathematical model has been 
implemented for simulating and visualisation of the folding process. The model consists of several 
modules with different tasks. There are modules for creating the crease pattern, for simulating the 
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folding process or for visualisation. The three first mentioned constraints have been implemented 
within the mathematical formulation. The last constraint is ensured by visual control. 

The simulation of any arbitrary rigid foldable crease pattern is possible with this model. However 
the crease pattern and the boundary conditions, e.g. fixed nodes for support have to be chosen that 
way, that the structure is rigid foldable. Rigid foldable means, that if instead of the creases hinges can 
be placed and the attached segments are rigid the structure can be folded [9]. The conditions for glob-
al rigid foldability are yet not completely known. A solution to this problem is to use small crease 
pattern elements that are rigid foldable and construct large crease patterns by parallel or symmetric 
repetition. The simulation of the structure of the feasibility study can be seen in Figure 4. 

4.2 Production and material issues 
For limiting the weight it is desired to make the concrete plate thin. For durability reasons steel rein-
forcement needs a certain concrete coverage which leads to relatively thick diameters. Within the 
feasibility study steel wire was used as reinforcement with a diameter of only 0,6 mm, but the folding 
was hard. Textile reinforcement cannot corrode and needs no concrete coverage due to durability 
reasons. It was decided to skip metallic reinforcements and to focus on textile fabrics. With the use of 
textile reinforcement a suitable matrix had to be found. 

Several small prototypes have been produced for identifying adequate material combinations. 
Instead of UHPC normal concrete with a small grain size has been tried, since its plasticity is better. 
For the reinforcement different glass and carbon textile fabrics have been used. As adequate 
combination textile reinforced concrete has been identified.  

Besides the variation of material combinations, attention has been spent in reduction of 
production steps and in detailed design of the creases. One of the latest prototypes can be seen in 
Figure 5. 

 

  
Fig.5 Prototype for identifying adequate material combinations (left) top view, (right) bottom 

view  

It is planned to perform strength tests for getting information about the stiffness and bending capacity 
of the creases. These data will be used for detailed structural models simulating the load bearing 
behaviour. 

4.3 Structural analysis and assessment of the load bearing  
In the third step structural analysis is going to be performed for assessing the load bearing capacity of 
larger structures. With the evaluation it is intended to identify parameters for designing the crease 
patterns for a good load bearing behaviour. Some of such parameters are mentioned by Trautz[5], like 
the height of folds and their frequency. The height of a fold for example is directly connected to its 
statically effective depth. 

The findings of this assessment for the static parameters will be included in the detail design of 
the crease patterns. The major task is to combine the static parameters with parameters which deter-
mine the final global shape of the structure. The static parameters are mainly influencing the local 
design of the final structure and the geometric parameters influence the global design. 

It is intended to connect the mathematical simulation of the folding process with a structural 
analysis to accelerate the assessment and the identification of good parameters for the crease patterns. 
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5 Summary 
A design method considering global and local design principles by use of folding and inspired by 
origamics has been presented. For realizing this method a new production method has been devel-
oped. Thin-walled concrete plates are equipped with a crease pattern and are folded to complex spa-
tial structures. Within a feasibility study the new production method was tested. For the simulation of 
the folding process a parametric mathematical model has been developed. With small prototypes the 
production method has been improved and as adequate material textile reinforced concrete has been 
identified. An outlook has been given on the procedure of the structural assessment of the load bear-
ing capacity. 

With the technique of folding it is possible to build powerful bearing structures out of cement 
bounded composite materials like textile reinforced concrete. The characteristic of these structures are 
little material consumption, an attractive design and an economic production without the use of 
complicated formwork. It is expected that this technique will expand the range of application of 
cement bonded composite materials. For example the application of folded concrete structures within 
façade systems, which are dominated by metal and plastic based construction materials. Another 
possible application is the use as “lost formwork” for complex geometries.  
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Abstract 
The requirements for concrete construction are found mainly on the capacity and its weight. These 
issues can be already considered in the design process. Therefore integration to CAD systems is 
necessary. Since we restrict ourselves to ruled surfaces, which are particularly interesting in terms of 
manufacturing, the use of a line-geometric point model is justified. We can adapt well-known subdi-
vision schemes that allow a high degree of design flexibility. This makes it possible to interpolate a 
set of straight lines by ruled surfaces. Finally, parameters are presented that allow an intuitive modifi-
cation or which can be optimized with respect to static issues. 

1 Introduction 
The realisation of concrete elements primarily depends on static and mould. The aim is to map both 
factors of influence to a more complex mathematical model, where a consistent variation of these 
elements is possible. Under the aspect of mould and static properties the class of ruled surfaces is 
distinguished. This includes the amount of surfaces that can be generated by the motion of a line. In 
civil engineering this class of surfaces has not yet gained the attention it deserves. The production is 
not as complicated as it is for free form surfaces, for example, ruled surfaces can be manufactured by 
heat wire cutting. 

The well-known line-geometric models provide an elegant mathematical method for the descrip-
tion of ruled surfaces, especially for the modification of these surfaces. We want to use the model of 
the dual unit sphere, because helicoids are of particular importance. Besides that, helicoids are mini-
mal-surfaces, i.e., they minimize the surface area and hence the weight of (concrete) solids. This is 
the reason why they attract our special attention. The aim of this contribution is the development of 
algorithms, which are easy to handle. We develop a ruled surface interpolation algorithm for lines, 
where the design parameters are evident. The algorithm was implemented, using the grasshopper 
plugin for Rhino3D. 

The paper is organized as follows: In section 2 we give a brief introduction into the mathematical 
background. Therefore, dual numbers are presented and special line coordinates are introduced. Af-
terwards, we show how displacements can be treated. Furthermore, subdivision algorithms for points 
in the plane and especially on the sphere are presented. In section 3 we transfer these methods to the 
dual unit sphere. Thereby, we obtain an interpolation method for lines with interesting properties. 
Last but not least, we discuss the occurring design parameters. 

2 Mathematical background 

2.1 Dual numbers and spear coordinates 
The ring of dual numbers is an extension of the real numbers. Every dual number has the form 

        

where        and     is the dual unit with     . Addition and multiplication are defined with 
respect to the dual unit: 

      (     )   (     )       (     )   (         )  
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Fig. 1 Interpretation of the line coordinates (left). Composition of the dual angle (right). 

Note that a pure dual number, i.e., a dual number with vanishing real part, has no inverse. Known 
functions can be extended to the dual number calculus by Taylor expansion, cf. [7]. Therefore we 
have 

   (    )     ( )        ( )         √     √    
 

 √ 
. 

An arbitrary line in the three dimensional space can be described by a point   and a directed vector  . 
Since this representation is not unique for a line, some restrictions are necessary. This includes the 
normalisation of   and a special choice of   on the line so that the vectors   and   are perpendicular. 
Using   in combination with the momentum        instead of   to describe a line leads to the 
well-known Plücker coordinates (Fig.1). Note that   and   are perpendicular, too. 

Let   and   be the real and the dual part of a dual vector  , then the norm of   is defined by 

‖ ‖  √‖ ‖    〈   〉  ‖ ‖      

Therefore we can suppose that all lines are elements of a sphere in a three dimensional vector space 
over the dual numbers with radius 1. Due to the fact that the orientation of   is negligible for describ-
ing lines, it is obvious that two points on the dual sphere correspond to the same line. To avoid this, it 
is expedient to establish oriented lines, called spears. Thus, there exists a one-to-one correspondence 
between oriented lines of    and points on the dual unit sphere     , which can be used to map ruled 
surfaces to curves on    , and vice versa, see [4]. The presented description of spears offers a geomet-
ric interpretation of the inner and outer product; cf. [1]. Both products are defined as the extension of 
the usual ones to dual vector calculus. 

〈     〉  〈     〉   (〈     〉  〈     〉) 

             (           ) 
Let    and    be the intersection points of two spears    and    with their common normal  . As 

mentioned above, the momentum vector of a line can be obtained as the cross-product of a point on 
the line and its direction vector. Hence we have 

〈     〉     ( )      ( )      (    )     ( )  

Therefore, a dual angle   is defined, which consists of the angle   between the two spears and their 
shortest distance  . (Fig.1) Thus the cross product of two dual unit vectors equals the common normal 
of the two spears    and    multiplied by the sine of their dual angle:  

         (    ) (      )     ( )   (1) 
The orientation of   depends on the order of the factors. 

2.2 Displacement of lines 
Now, we describe transformations, especially displacements of spears. At first we consider the Ro-
drigues rotation formula. The formula can be involved by a vector of    that corresponds to the axis 
and its norm to the angle of rotation. Accordingly, the rotation matrix can be determined by using the 
exponential map for skew-symmetric matrices. It can be shown that this formula is also advantageous 
to describe displacements of lines, see [6].  
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Therefore the formula needs to be extended to dual vectors. We apply the Rodrigues rotation formula 
to two lines   ,    and their common normal  . This results in a dual matrix 

 ( )       (  )  (     (  ))  , 

where   is a skew-symmetric dual matrix representing the cross product of  . Applying this to the 
initial line    yields 

 ( )   ( )           (  ) (    )  (     (  ))(  (    )) 

    (  ) (    )     (  )     

Considering (1), the equation can be transformed to 

 ( )  
   ((   ) )

    ( )
   

    (  )

    ( )
    (2) 

It should be pointed out, that this is only valid for regular dual angles, i.e., angles between the 
lines   ,    which are not purely dual. In the case of parallel lines an arbitrary normal of both lines 
can be chosen. 

In conclusion, these equations give the opportunity to determine all lines of a helicoid including 
   and   , whose screw parameter is minimal. Note that the definition of the pitch, i.e., the ratio of 
translation and rotation, is depending on the orientation of the spears. 

2.3 Subdivision algorithms for curves 
In computer graphics the use of subdivision algorithms for designing free-form curves or surfaces has 
established itself. These algorithms base on the linear interpolation of two points   ,    in   . 

 ( )  (   )            
The easiest and most popular algorithm is named after its developer de Casteljau and allows the eval-
uation of Bézier curves (Fig. 2) by specifying an ordered set of control points   . In contrast to this a 
cubic Hermite spline is determined by defining two control points   ,    and two tangent vectors 
  ,    at these points, respectively. Due to the degree of this curve four control points  ̃  can be ex-
tracted from    and   , whose Bézier curve is equivalent to the Hermite spline. By this construction a 
piecewise   -interpolation is possible. 
For our purpose, we want to study Kochanek-Bartels splines (also called TCB-splines), a special form 
of cubic Hermite splines. The advantage of these splines is their flexibility and their very intuitive 
design parameters. Moreover, we can trace their generation back to the evaluation of Bézier curves 
using the de Casteljau algorithm. Everything that needs to be done is to determine the points of the 
control polygon. 

The concept of subdividing a line segment can be easily transferred to the sphere   . Instead of 
lines, geodesics have to be used, which are great circles on the sphere. Hence, the adaption of linear 
algorithms is not a difficulty and is already known as “spherical linear interpolation” (short: slerp), 
see [5]. Let    and    be points on the sphere    and   their including angle, then the formula for all 
points on the great circle, that contains    and   , is given by 

 ( )  
   ((   ) )

   ( )
    

   (  )

   ( )
     (3) 

In the following, this equation enables us to transfer the concept of TCB-splines to the sphere. 

   

Fig. 2 The de Casteljau algorithm (left); cubic Hermite Interpolation (middle); spherical linear 
interpolation of four points using the de Casteljau algorithm (right). 
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Fig. 3 TCB-splines for a given polygon (black) with a variation of tension, continuity and bias 

(f.l.t.r.) to the values -0.8 (green), 0 (red), 0.8 (blue). 

3 Designing curves on the dual unit sphere 
The similar structure of equation (2) and (3) is an important aspect. That means more specifically that 
we can transfer spherical linear interpolation to the dual unit sphere for generating ruled surfaces. 
Furthermore, the de Casteljau algorithm allows an adaption of cubic Hermite splines. Note that tan-
gential elements on     have no precise meaning. The ultimate goal is the application of Kochanek-
Bartels splines which offer a high degree of flexibility. The difficulty is now to find an analogy to 
finite differences on the dual unit sphere and to declare functional parameters for modifying the re-
sulting ruled surface. 

The question of derivatives can be answered mathematically correct by using the theory of Lie 
groups, cf. [3]. However, the algebraic result is intuitive and corresponds to the osculating great circle 
of the curve. This, in turn, is related to a helicoid having contact of first order and thus the design 
parameters affect essentially this helicoid. Let             , then the axis    and the pitch    of the 
finite difference surface between    and    at    are given by 

  
     

                   
〈  
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 〉
      

      
    

 
 

Fig. 4 Subdivision scheme for ruled surfaces (grey) with helicoids (transparent), control lines 
(orange) of third degree. 

3.1 Design parameters and their influence on interpolants 
In analogy to the modification of splines by changing control points or tangents, we want to establish 
appropriate parameters to control the design of the ruled surface patches. This has the advantage of 
being very user-friendly and intuitive. It also offers the opportunity to define a ruled surface analyti-
cally. A fundamental question, which has to be answered before starting the design process, is that of 
the continuity of the ruled surface patches at their boundary control lines. It is obvious, a higher de-
gree causes dependencies of design parameters. Since cubic splines are used, the ruled surface patches 
are defined by 4 lines. Two lines of them are interpolated and therefore the degree of freedom for 
connecting two surface patches depends on the remaining lines.  
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This degree is equal to 8 for each surface. In the following we shall mainly restrict ourselves to the 
case of    -continuity which means an identical set of tangent planes along the two boundary lines of 
adjacent ruled surfaces.  

 
Fig. 5 Subdivision scheme for ruled surfaces (grey) with helicoids (transparent), control lines 

(orange) of third degree. 

3.1.1 Continuity 
Due to the fact that we use helicoids the type of contact of adjacent ruled surfaces is already known. 
They are determined by the interpolated ruling itself and the first adjacent control line of the ruled 
surface patch. In other words,   -continuity is guaranteed by choosing three control rulings on the 
same arbitrary helicoid. 

3.1.2 Tension 
A convenient pendant to the tension of splines can be realised by the choice of arbitrary lines on the 
helicoid. This naturally ensures the continuity and allows the modification of the tension of the sur-
face. 

3.1.3 Bias 
In addition to the tension and the continuity, we can define an equivalent to the bias of curves. Con-
sidering ruled surfaces, the modification of this parameter corresponds to a rotation of the helicoid 
around the interpolated line. Moreover, the evaluation of the axis also results in a displacement along 
the ruling. Generally, the set of axes of the helical surfaces forms a Plücker conoid whose axis is the 
interpolated line. 

 
Fig. 6 Modification of the bias yields new control lines (blue); resulting ruled surface (grey); 

initial ruled surface (transparent), cf. fig. 5 (grey). 
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3.1.4 Shift 
Due to the fact that the resulting surface needs to be continuous, the explanation of each modification 
can be reduced to the interpretation of the behaviour of the helicoid. The degree of freedom for all 
involved helical surfaces is equal to 3. Therefore we search an axis and a screw parameter for the 
helicoid with first-order contact. In contrast to the bias parameter, which allows a rotation of the axis, 
the shift parameter causes a translation of the axis along the interpolated boundary line.  

3.1.5 Screw parameter 
Finally, we can introduce a variation of the screw parameter, which should be greater than zero be-
cause the inversion of the orientation can already be realised by the bias. The parameter affects pri-
marily the ratio of rotation and translation along the axis of the helicoid. 

 
Fig. 7 Modification of the screw parameter results in new control lines (blue); ruled surface 

(grey); initial ruled surface (transparent), cf. fig. 5 (grey). 

4 Conclusion and further research 
The advantage of ruled surfaces for concrete structures and their reinforcement is that straight lines 
are contained in the surface. Moreover, this property is necessary for prefabrication using heat-wire 
cutting. The presented design method offers intuitive parameters for modification. This degree of 
freedom can further be used for best-fit approximations or static optimisation, following the idea of 
“form follows force”. 

Obviously, continuity of second order involves more control lines of the ruled surface patches. 
Because of the de Casteljau algorithm we can expect dependencies from each patch which imply 
important constraints to the flexibility of the resulting surface. 
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Abstract 
Over the last few years, different methods for building shells by using a combination of pneumatic 
formwork and post-tensioning technologies have been investigated at Vienna University of Technol-
ogy. 

The idea behind all these construction methods is to build ice and concrete shells with double curva-
ture originating from an initially plane plate. 

The various construction methods will be presented and the experiments on spherical shells with base 
diameters of approximately 10m will be described. The advantages and disadvantages of individual 
methods will be explained and a proposal for a new construction method will be presented. 

A patent application for the new construction method has been submitted by Vienna University of 
Technology in November 2011. A description of the method and a feasibility study will be presented 
in this paper. 

1 Motivation 
Domes are esthetic, efficient, impressive and also fascinating because of their shape, thinness and 
structure. A particular feature of double curved shells is their effective load transfer. Loading is most-
ly carried by normal forces in the middle surface of the shell which causes a very uniform and effi-
cient distribution of the stresses in the entire cross section. Thus, large spans can be achieved while 
the stresses in the structure are kept relatively small [1]. 

2 Aim of the research work 
The transformation of a flat plate into a double curved shell can be accomplished if an orthotropic 
construction material were available, which would permit large strains at low stresses in one direc-
tion, and which would have much better strength properties in the perpendicular direction. Searching 
for such a material has been the concern of many scientists in the past. 

Extensive research work has already been carried out in regard to this topic. But still there is no 
method for building shell structures which could compete with current building methods. The Insti-
tute of Structural Engineering at Vienna University of Technology aims at inventing a new construc-
tion method for building concrete and ice domes in a quick and easy way. 

3 Methods already tested 
Different methods for building shells originating from a flat starting plate have been investigated at 
Vienna University of Technology. In the experiments, circular flat plates with a diameter of 13m were 
transformed into dome structures. The sections 3.1, 3.2, 3.3 give an overview of the different building 
methods and the results obtained. 

3.1 Polystyrene wedge method [3,4] 
The new construction method will be explained based on the example of a reinforced concrete shell 
built in Vienna in July 2005. 

The simple shape of a dome with a span of 12m and a height of 2.16m was chosen for the con-
struction of the shell. A flat reinforced concrete plate with 32 polystyrene segments was produced 
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(see Fig. 1a). The circle in the plan was approximated by a polygonal line with 30 straight parts and 
two concrete anchor blocks for the post-tensioning tendons. Along the circumference a formwork had 
to be provided in order to form the boundary of the reinforced concrete shell with a thickness of 
50mm. Two unbonded tendons were placed along the edge of the plate and two stressing anchorages 
were installed at each of the two anchor blocks. Fig. 1c shows a section through the RC shell which 
was obtained after the stressing of the tendons. Fig. 1d shows a section of the circumference of the 
flat plate. The two unbonded strand tendons were also used to tighten the two layers of foil at the 
circumference of the plate. 

An inexpensive product, which is used in agriculture, was used as foil. The thickness of the poly-
ethylene foil was equal to 0,12mm and the tensile strength was equal to 3.3N/mm². 

During the transformation of the flat plate into the shell the diameter was reduced from 13m to 
12m. As indicated above, this construction method is only applicable if large strains in the ring direc-
tion occur during the forming process. The shell consisted of reinforced concrete in the meridian 
direction, whereas in the ring direction, the stiffness properties were governed by the elastic-plastic 
behaviour of the polystyrene segments. During the shaping process the polystyrene segments were 
compressed from 144mm to 38mm at the circumference. The shape of the polystyrene segments was 
determined by hand calculations in such a way that during the forming process a reduction of the 
segment width to approximately 25% of the original width would produce the intended shape of a 
dome with a 2.16m elevation. 

During the transformation of the plate into the shell, the radius of curvature was decreasing from 
an infinite radius for the plate to a radius of 9.365m for the final shape. This radius of curvature had to 
be equivalent to the thickness of the shell divided by the sum of the absolute values of the strains at 
the top and bottom surface. For a given thickness of 50mm and a radius of 9.365m the sum of these 
strains had to be around 0.5%. Since the tensile strength of concrete is smaller than the compressive 
strength, cracking occurred during the shaping process. Reinforcement bars with 5 mm diameter at 
70mm distance were used as reinforcement in order to obtain many distributed cracks with small 
crack widths. 

The photographs in Fig. 2 demonstrate the shaping process of the flat plate into the shell with 
double curvature. In the experiment, the plate was lifted additionally to the tendons with the aid of a 
pneumatic formwork to compensate the dead weight of the shell. A maximum pressure of 6 mbar was 
measured. In the experiment the centre of the plate was lifted by about 20mm with the aid of the 
pneumatic formwork. Then the tendons were stressed simultaneously at both anchor blocks up to 
forces of 40kN. Further stressing of the tendons resulted in a reduction of the circumference and a rise 
in the centre of the shell. The tendon force remained approximately constant during the experiment. 
When the final elevation was achieved the tendons were locked at the anchorages. 

 

 

Fig. 1: a)Plan view of concrete plate, b)section b-b of concrete plate, c) section of concrete shell, 
d) detail d 
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Fig. 2: Pictures of the shaping process 

The results in in Fig. 3 show that the measured shape of the RC-shell after locking the tendons is 
approximately the same as the theoretical shape of the circular dome. The difference between the 
measured elevation of 2.12m and the theoretical elevation of the spherical dome is only 40mm. 
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Fig. 3: Enhancement during the shaping process 

In December 2005 an ice shell was built using the construction method described above. An ice plate 
with a diameter of 13m and thickness of 200mm was produced and was then reinforced with glass 
fibre fabric and transformed into a dome with a height of 1,8m (Fig. 4). 

 

 

Fig. 4: Ice dome in Obergurgl, Austria a) completed structure, b) view from the inside (Photo-
graphs: Günter R.Wett) 

3.2 Pneumatic formwork method [2] 
The basic idea of the different shell building methods is more or less the same. A strong material is to 
be transformed into a dome structure compensating the shortening in ring direction with a “soft mate-
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rial”. Instead of using polystyrene wedges, the pneumatic formwork method uses air as shortening 
material. First the elements are placed on a plane working surface. In order to transform the plate into 
a shell, the pneumatic formwork is placed under the precast elements. While air is inflating the pneu-
matic formwork the elements lift and the plane plate is transformed into a shell.  

3.3 Segment lift method [2] 
Even though the elements used are still of the same type, the lifting process is completely different. 
The production of the plane plate, subdivided in 16 elements, is the same as depicted in 3.1. Before 
the elements are lifted, they have to be formed until the necessary curvature is accomplished. So far 
two different methods to “bend” the elements are proposed. The elements can either be lifted by 
means of a pneumatic formwork placed underneath the ice elements before producing or they can be 
lifted with the aid of a lifting device and supported by wooden planks. By maintaining this condition, 
creep deformations are added to this instant deformation caused by dead load. Subsequently, the 
shaped segments are equipped with temporary tension chains and then lifted and assembled in order 
to form a shell. The tensions chains carry the tension forces while the segments are lifted to a dome. 
Fig.5 shows the different steps for building a double curved shell according the segment lift method. 

 

 
 
Fig.5: Different production steps of the segment lift method [2] 

4 Presentation of a new shell construction method 
The research on the different methods mentioned above revealed valuable results but still those meth-
ods are not able to rival conventional construction methods. Furthermore, there are some details 
which have to be improved regarding the design of the new structure. The experiments proved that 
the segment lift method is efficient but has one disadvantage: too many construction steps. No doubt 
an improvement compared to conventional formwork methods but the method is still too complicated 
and expensive for being used by the building industry. Based on the previous research, a new con-
struction method will be investigated at Vienna University of Technology. The following section 
describes the characteristics of the new construction method. 

4.1 Analysis of the already tested methods 
The polystyrene wedge method, explained in section 3.1, can only be used for shells with a small 
curvature. If this construction method were to be used for building a dome structure or an ice shell it 
would be necessary to achieve a higher curvature. When analyzing the first already tested method we 
found out that the polystyrene wedges have to be replaced by another material. This material should 
have the following properties: 

 The circumference of the structure is reduced up to 30%, therefore the wedges should “disap-
pear” while the structure is being built. 

 The inner surface of the ice shell built in 2005, shown in Figure 4, contained residues of the 
polystyrene wedges and of the tape used for fixing the wedges to the pneumatic formwork. 
On the one hand, it is difficult to clean the construction site after the ice has melted and, on 
the other hand, the optical impression of the inner surface is affected. It should be possible to 
remove all the materials used as formwork after finishing the building. 

 A large structure with a big curvature requires wedges with a big width. The usage of the pol-
ypropylene wedges may lead to an increasing stability problem. If the width of the wedges is 
too large the wedges might pop out due to a buckling failure. 

In summary, a compressible, removable stable material is needed to build the wedges between the 
different elements of the shell.  
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This method is based on the idea of using pneumatic wedges to fill the gaps between the elements. 
The pneumatic formwork is easy to compress and can be removed without leaving any residuals. 
Inflatable structures always cause tension in the membrane and thus it is impossible for the pneumatic 
wedges to lose their stability during the shaping process of the shell. 

5 Outlook 

5.1 Research work on the new construction method 
The Institute for Structural Engineering at Vienna University of Technology plans to research this 
new method. In course of the research work two concrete shells will be built in Amstetten, Austria. 
Prior to the building of a big shell with a diameter of 16m, a smaller one with a diameter of 8m and a 
thickness of 50mm will be erected.  

The following description is referring to the smaller shell with 8m diameter. It is expected that a 
height of 2,2m can be reached in the middle of the shell. The cast in situ reinforced concrete plate is 
subdivided in 16 parts. Two unbonded tendons will be used to tighten the two layers of the foil at the 
circumference of the plate. Steel ropes are to be chosen for the reinforcement. The low modulus of 
elasticity (60.000N/mm²) of the ropes at the first load will allow the transformation of the plate into a 
dome with a small radius of curvature. The position, and the very high yield strain of the 
reinforcement, is essential for attaining the high curvature. The effective depth amounts to 36mm. 
Figure 6a shows the plane concrete plate prior to the shaping process. Figure 6b shows a section of 
the plane plate and Figure 6c shows a section of the fully shaped structure. The pneumatic formwork 
wedges will be compressed from 350mm to 20mm. During this process the air pressure in the 
pneumatic formwork as well as in the individual wedges and the post-tensioning force in the tendons 
can be controlled. In the course of the research project it will be investigated which levels of air 
pressure and post tensioning prove to be ideal for the shaping process. After finishing the shaping 
process the pneumatic formwork for lifting the segments and the pneumatic wedges will be removed. 
For concluding the shaping process, the gaps between the segments will be filled with grout. 

 

 
Fig. 6: a) Plan view of concrete plate, b) section b-b of concrete plate, c) section of concrete shell 
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ed by pressure tests with different additives. Additional creep experiments will be carried out at dif-
ferent temperature levels. 

6 Conclusion 
The motivation to research this topic has already been explained in section 1. The building of shell 
structures is only of marginal importance to the building industry. Nevertheless, it is a very interesting 
field of technical engineering. At a time when nature is the template for architectural ideas and when 
resources are scarce, we are looking forward to build thin shells of concrete and ice using the materi-
als in their best operating range. 
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5.2 Research work on the different production materials 
As already mentioned, shells will be built of concrete and ice. Especially the choice of ice as con-
struction material is a complex matter. 

In the course of the preparation for the new experiments the properties of ice will be investigated. 
Test series should help to understand how the material works and to find parameters to limit the range 
of the compressive strength in combination with pre-cast ice. The properties of ice will be investigat-
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Abstract 
Concrete walls in general require two form work sides that are exposed to considerable rheological 
concrete pressure during casting process and the initial curing phases.  For realization of complex 
geometry i.e. double curvature, additional technological complexity is the consequence. Free form 
wall formwork is nowadays dominated by the use of rigid milled foam blocks or router cut wooden 
rib and bulkhead style systems, resulting in a considerable amount of technical and financial effort in 
realization. 

A reusable formwork with the ability to change its topology multiple times according to a given 
geometry has the potential to reduce the economic and ecologic impact of free formed concrete walls 
thus allowing an extended formal freedom in architectural design.   

While adjustable form work tables for horizontally cast shells are presently researched on be at vari-
ous places [1,2,4], the researcher’s objective is a reusable two surface system that engages electroni-
cally controlled hydraulic or mechanic actuators to change the topology of its two upright formwork 
surfaces in a defined curvature range. 

1 Introduction 
The Idea of making use of an adjustable mould origins back to the 1960s when we find illustrations 
by the architect Renzo Piano, showing a pin cushion style mould table featuring  an array of individu-
ally driven actuators. The actuators were covered with an elastic material to interpolate between the 
actuator tips. With the upcoming of digitalization concepts, patents were focusing on Computer con-
trolled actuators systems that are elastically deforming a flexible formwork surface, among those of 
Spybroek and Kosche [3,5].   

 

  
Fig. 1  Left: Sketch of Renzo Piano, 1966 – Right: static mould mockup of Shippers 

Known working systems are installed at North Sail Inc. as a mould for double curved mylar-carbon 
based sails, the company Adapa Aps, Aalborg, is using an actuator driven mould table to form thin 
concrete panels [4]. A manual adjusted mould table for concrete casting is researched on by Shippers, 
TU Delft, resulting in publications recently [2]. The research of Riedbergen and Vollers, TU Delft, 
lead to a patent for an flexible passive mould for deforming glass panels [1]. Riedbergen developed a 
working mockup of an actuator driven active mould and undertook initial evaluations [7].  
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According to the authors overhead research project, the present research focuses on a systems for 
walls, making use of two mould surfaces that are withstanding high rheologic pressure. However 
basic aspects are applicable to both kinds of systems, vertical and horizontal.  

2 Concept Sketch 
The adjustable formwork for walls will have at least on set of hydraulic or mechanical driven actua-
tors to elastically imprint a specified topology into a formwork surface. This process is electronically 
preprocessed and controlled. As walls require an enclosed shuttering, two layers of formwork sur-
faces are being deformed, using either a set of coupling anchors to slave one surface to the other or 
two independent surfaces with actuators on either side.  

 

 

 

 

 

 

 
Fig. 2  Schematic sketch of different ver-
sions of flexible wall shutting systems - left: 
single actuator set with anchored outer mould 
surface - right:  two individual systems of vary-
ing wall strength  

The actuators will require to be mounted on a rigid structure giving the required stiffness and serving 
as the mould’s backbone. The actuator may be arranged as a regular grid or as irregular pattern where 
an actuator’s position is individually determined by the intended topology. The shuttering’s surfaces 
will be elastically deformed but needs to withstand the rheologic pressure of the fresh concrete as 
well. To comply with these contradicting requirements of global elastic deformability and local stiff-
ness, for at least some kinds of configurations a dense anchoring of the two surfaces may be provided, 
so the concrete pressure is short cut.  

The mould shall be capable to integrate a certain degree of reinforcement, as free formed curved 
walls are unlikely to be free of bending action. The concept aims to deform also the reinforcement 
bars during actuator movement, but for the research the reinforcement diameter will be limited to 
dimensions that will not become the dominating factor for configuration of the formwork.   

3 Research goals 
The research identifies functionally different working principles with their individual geometric and 
mechanical constraints. It evaluates potentially suitable formwork surface materials and their defor-
mation strategies in respect of elastic behavior versus rheological interaction. For the design of the 
active components the corresponding logic and mechanical system requirements are identified. A 
method of system configuration based on essential parameters of influence shall predict a formwork 
configuration and characteristic results will be tested using a working scale mockup. A vital part of 
the above program is a simulation- and control environment by which various configurations are 
simulated for evaluation of geometry, structure and logic.  

The major objectives of the research in detail 

 Geometric principles  
o Surface representation and approximation 
o Evaluation of operating principles 

 Operational aspects  
o Methods of mould control and software preprocessing  
o Actuator systems and it’s interfacing and control 
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 Material behavior and evaluation  

o Principles of elastic deformation and methods of surface approximation 
o Deformable Materials in conjunction with rheologic interaction 

 Implementation and testing  
o Implementation aspects like edge design, reinforcement, structural aspects, modularity  
o Testing and mockups 

During the sequential research work, the geometric analysis as well as interface and simulation has 
been accomplished first while the material research is pending at the time if writing. The following 
texts reports about the present work on geometry and the simulation environment for an adjustable 
wall form work. 

 

 

Fig. 3  Spline ruler with spline weighs 

4 Basic Aspects 
Free formed surfaces can be understood as a dense sequence of spline curves, representing the sur-
face. The spline is nowadays firmly associated with the CAD technology but it originates from ship 
building culture when the word described a thin and flexible ruler, which was elastically deformed to 
interpolate between defined points resulting in a smooth curvature. The spline was held in place by 
spline weights, acting as control points. The ruler’s path can by described by a spline interpolation of 
with minimal bending energy and amount of curvature. The areas with maximum bending are located 
at the control points while the sections where curvature changes and bending is neutral will be found 
between the control points.   

In relation to our mould a spline ruler can be understood as a fiber of the elastic mould surface 
material and the physical spline weights resemble the control points of the spline, represented by the 
actuator tips imposing deformation to the mould.   

While splines in computer programs my encounter an arbitrary sequence of curvatures, the mate-
rialized spline is limited by its mechanical properties. In additions to geometric limits, for approxima-
tion of a digitally created curve or non-planar surface by bending using physical components the 
following parameters are of influence: 

 Control point spacing 
 Bending and shear stiffness of the mould surface’s material 
 Physical limits of curvature  
 Exposure to load by the work piece or the liquid filling 

The above points influence the configuration of a mould system and its ability to approximate a given 
topology. During the yet to be started process of material evaluation a correlation between the pa-
rameters shall be identified to allow individual configuration, and will be verified by simulation and 
testing. 

5 Principles of Operation 
Deformation of members can be analytically determined based on the differential equations of 
Euler/Bernoulli as long as the supports (or control points) and the member (in our case the mould 
surface) are not influenced by effects of II. order theory. However, large deformations are wanted and 
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either affect the position of supports or - if they are immovable – result in tensile forces in the mould 
surface material under actuator movement.  

According to Shippers’ approach, the mould surface is not connected to the actuator tips at all, but 
held in place by gravity and thus is able to slide freely. For an upright wall formwork the mould 
surface has to be firmly attached to the actuators and it is obvious that the necessary lateral movement 
can be accomplished by letting the actuators tilt. 

The above effect in combination with the complex geometric relationships and resulting mis-
alignments that come into play with assignment of physical extensions and material width make an 
analytical approach difficult and limiting. Thus a numerical approach is regarded as the appropriate 
method to analyze and predict the mould’s behavior.   

To identify a method of controlling the actuators minimizing tolerances in the physical mould, 
linear as well as nonlinear effects have to be dealt with, which will result from geometric dependen-
cies, effects of large deformations as mentioned and imposed loads of the fresh concrete. To handle 
the above, a parameterized geometrical model is engaged to cover the geometric part. This model can 
be freely configured by adjusting predefined parameters and feedback is given in real time. By an 
interface to a nonlinear numeric solver, effects of large deformation are iteratively input and the 
model is being updated after each loop until a convergence is reached.  

 The coupling of interactive parameterization and numeric solution makes it feasible to simulate 
the mould’s behavior covering a broad range of its complexity. The environment allows to simulate 
the effect of varying configuration parameters and finally to control a mockup directly by sending the 
calculated actuator strokes to the hardware. So the parametric-numerical model qualifies as a basic 
research instrument. 

 

 

Fig. 4  Wiring diagram of the parametric model, clustered in functional units  

The following process was created by using the Grasshopper environment for Rhino. At the time of 
writing, the interface software processes the data in the following sequence:  

 Rasterization of the given NURBS geometry 
 Calculation of the initial Stroke of the actuators under strictly vertical movement 
 Nonlinear numerical processing of a framework for tilting actuators  
 Compensation of the stroke length for inclined actuators 
 Generation of actuator commands to send to the data bus for directly driving the mould 

6 Geometric Processing  
The geometric dependencies are first illustrated for a horizontal mould and drawn with horizontal x-
axes. Further steps will be illustrated for upright mould surfaces.  
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Fig. 5  Left: Parametric model in rendered in sketch mode - Right: Idealized functional scheme 

Initially the cross section curve representing the mould surface is allowed to perform according to 
spline interpolation: Control points are moved parallel to the y-Axis, and are part of the fiber, that 
may encounter elongation relative to the cord. The x-Axis components of control point distances 
remain constant. This situation may be represented by differential equations. 

 

  
 
Fig. 6  Functional scheme with material width and offsets  

For the physical implementation, material with and offset of the ball joints of the actuator tips is 
added to the system. The ball joints lie on a surface that is an offset from the reference surface by the 
amount of material width and ball joint height. The necessity to offset ball joints may not be inevita-
ble but is included in the considerations as it later may render necessary for subsequent material 
options.  

By the offset of the actuator tips, the control points on the reference surface either will become 
displaced leaving the actuator axis strictly parallel to the y- Axis or on the other hand the actuators 
have to be allowed to incline to keep the control point unchanged. For the following considerations 
the latter will be assumed.  

285



9th fib International PhD Symposium in Civil Engineering 

  
 
Fig. 7  Functional scheme with beam representations of numerical model 

As mentioned, it is expected that in the physical implementation the actuators tips are rigidly attached 
to the mould surface and not allowed to slide along the surface. A further premise is that the physical 
mould surface has adequate elastic bending capabilities but is inelastic in membrane direction.  

Under those conditions the resulting curvature of the mould surface will be incorrect for initially 
calculated actuator strokes as the chord length reduces. The actuators that are assumed to be mounted 
hinged at their base will follow the surface by tilting. To anticipate this behavior, a numerical space 
frame model is coupled to the geometry. This model consists of the actuator axes and an interconnect-
ing framework of the actuator tips. It is processed iteratively in a numerical solver and results lead to 
an updated geometry in the parametric model.  

 

  
 
Fig. 8  Left: Principle of compensation – Right: Resulting system  

To regain the correct curvature of the mould surface the actuators will have to extend or retract until 
their tips will be repositioned on the originating surface. This compensation is processed iteratively 
because by the adjustment of stroke a lateral movement is implied by the interconnecting members, 
requiring recalculation and adaption of the geometry. After a state of visually observed convergence, 
the geometry resulting has constant distance of the reference points and features inclined actuators. 
The amount of additional stroke for compensation is finally calculated and can be sent to the hard-
ware.  
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Fig. 9  Scheme of wall formwork with two surfaces and anchoring 

For a corresponding wall formwork different layouts is can be imagined. To cope with the high con-
crete pressure and still preserve the ability to deform of the shuttering surfaces elastically, a system 
with two anchored surfaces is most suitable to solve the problem as the anchors shortcut concrete 
pressure and slave the exterior mould surface to the inside that is driven by actuators. It is not likely 
that spacing of actuators and anchors relates one to one, though for the illustrations in this report it 
does for simplicity reason.  

The dependencies of the additional layer can be solved geometrically. However it is obvious that 
the presence of material width and offsets bring in bending action for the mould surface, resulting 
from actuator forces that are imposed for deforming the mould surfaces and its reinforcement. Also 
by the curvature of the mould surfaces the anchors become inclined. The anchor force resulting from 
concrete pressure causes opposite tangential forces in the mould surfaces. The mould layers may be 
subject lateral movement and have to be supported on the edges.  

 

 
Fig. 10  Effects resulting from material offsets under concrete pressure and actuator force 
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Fig. 11  Deformed parametric model with abstract component representations  

(dimensions not to scale) 

7 Conclusions 
By coupling parametric geometry processing and nonlinear numeric analysis, the geometric depend-
encies of an actuator driven mould system were successfully simulated. The technique is suitable to 
implement more complex solvers for mechanical analysis and to cover effects of structural deforma-
tion and to give information about the structural limits of a specific mould surface material. The 
system qualifies itself as a platform and tool for further research, but also serves as an interface to 
physical actuators.  

For further research the evaluation of mould materials will be in special focus along with identifi-
cation of a method of configuration of a specific mould system. The architecture of the active compo-
nents will have to be outlined. Their requirements will be integrated into the parameter research as 
well as implementation aspects like edge design, reinforcement placing and deformation that will 
round up the research that was started in September 2011 and completes in 2014. 
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Abstract 
Inspired by the optimised structure of bamboo culms, ultra-lightweight concrete members with small 
wall thicknesses are developed in this research project. On the one hand bamboo is very lightweight 
and elastic due to cavities; on the other hand it possesses a high stability as a result of diaphragms. 
Within the approach of light concrete constructions, which is the background of the research program 
SPP 1542 of the German Research Foundation (DFG), bamboo provides an excellent archetype for 
ultralightweight concrete members. In accordance with the principle “Form follows force”, the mate-
rial is placed in the optimal position for load transmission and stability. The resulting thin walled 
concrete elements have to be investigated in regard to their structural behaviour and load-bearing 
capacity. 

1 Bamboo as an archetype for slender structural elements 
In the interdisciplinary field of biomimetics innovative strategies for technical problems are devel-
oped from comparable analogies of the nature. With regard to sustainable and ecological construc-
tions, the decrease of dead load and an optimised material usage have to be aspired. In this case, 
especially for slender compression members, the load-bearing capacity and the stability of the struc-
ture become the decisive design factors. 

An impressive archetype for very slender, hollow columns can be found in nature: Guadua an-
gustifolia. This is a bamboo which is preferred for construction and used for amazing buildings like 
the bamboo pavilion (architect: Simon Velez, Columbia) at EXPO 2000 (fig. 1). 

 

 

Fig. 1 Bamboo pavilion at EXPO 2000 
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Within the approach of “Concrete light” (SPP 1542), the Fachgebiet Massivbau of the Institut für 
Baustoffe, Massivbau und Brandschutz (iBMB), TU Braunschweig, works on the project “Ultra-
lightweight concrete members”, in which the load bearing and fracture behaviour of bamboo-like 
concrete columns is reviewed and optimised. 

2 Reflection on the structure and compression failure of bamboo 
Bamboo is an exceptional product of evolution: Its culms are able to reach a height of more than 30 m 
only having diameters of 12 cm. This remarkable slenderness results from the efficient anatomical 
structure of bamboo. 

Every stem is divided into single segments (internodes), which are connected together at plain 
nodal points (fig. 2, left). The wall of the internodes features a thickness of only 1 to 2 cm and is 
longitudinally pervaded by vascular bundles which cause the typical hardness as well as the distinc-
tive elasticity of the culms (fig. 2, right). Besides, the thin diaphragms of the nodes entail an addition-
al stiffening of the bamboo plant (fig. 3, left). 

 

  

Fig. 2 Cross section of a bamboo stem and detail view of the orientation of fibres in the wall 

A common, quantitative relationship between diameter, wall thickness and spacing of the nodes does 
not exist as the period of growth is mainly influenced by the environment. Though, the archetype of 
the nature demonstrates clearly that the nodes are spaced according to the principle, “Form follows 
force”: The intervals are closer at the base of the restrained stem than at the upper culm (fig. 3, right). 

 

     

Fig. 3 Response of a bamboo stem to a horizontal force (modelled after [1]) and spacing of the 
nodes according to the principle “Form follows force” 

In experimental series at the iBMB, specimens of bamboo stems with diameters of 8 to 14 cm were 
loaded with a centrical normal force until collapse to investigate general mechanisms of failure. 
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Thereby, the position of the nodes was varied so that segments without nodes resp. with only exterior 
or internal nodes were inspected (fig. 4, left). 

 

 
 

Fig. 4 Bamboo specimens before and after testing 

Every specimen showed lamellar fracture behaviour due to pure cross tension (fig. 4, right). Before 
the critical strength was reached, a ductile behaviour could be observed, which was identified by a 
considerable plateau in the load-deformation curve (fig. 5). However, the number and position of the 
nodes does not decisively affect the amplitude of the bearing load. The reason for this is that under 
centrical compression the cross-section resistance is the leading parameter. The influence of stiffening 
becomes more important when influences of 2nd order theory or eccentrical forces have to be consid-
ered. 

 

 

Fig. 5 Load-deformation-curve of the test series shown in fig. 4 

3 Hollow, thin-walled concrete members made of UHPC 
Basically, the cross section of a cylindrical ring is well suitable for material reduction in structures: 
On the one hand self-weight is minimised in contrast to solid profiles and on the other hand flexural 
strength is relatively little decreased due to the second moment of inertia. Additionally, the arrange-
ment of nodes raises the buckling resistance of the slender structures. 

3.1 Formwork concept 
For fabrication of the thin-walled components the biomimetical principle is adopted. This means that 
profiling and segmentation are used for structural design to avoid instability. 

In a first step, additionally to the conventional external formwork, a core of very light-weight PU-
foam is employed to create the block-outs of the concrete tubes (fig. 6). It remains within the element 
as permanent formwork. The profiling of diaphragms – in analogy to the bamboo nodes – is achieved 
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by accumulation of fitted foam sheets, which are threaded on a rod and prestressed with nuts to secure 
the position of the panels during concreting. 

Currently, further investigations are undertaken in regard to the shaping of the inner mould.  
 

  

Fig. 6 Formwork arrangement for the concrete columns and construction of the PU-core as 
interior formwork 

3.2 Reinforcement concept 
Another focus of this research project is the development of an adequate concept of reinforcement for 
thin-walled structures that generates an approximately similar load bearing capacity under tensile and 
compressive forces. To establish the desired small wall thickness of a few centimetres, 3 different 
innovative alternatives of reinforcement will be examined. 

With type “A” the use of micro-reinforcement is tested. It is placed plane within the walls (fig. 7, 
left). The single layers are laid directly one upon the other. 

Type “B” amplifies the experience with conventional reinforcement. In this case, high-strength 
reinforcement bars, e.g. S670/800, shall be used. To ensure a sufficient concrete cover, e.g. for bond-
ing, the bars are embedded in ribs (Fig. 7, middle). Therefore, in the interior PU-core rills are reamed 
in the concerning locations. These longitudinal ribs feature an additional positive effect on the stabil-
ity of the thin shell. 

In Type “C” (fig. 7, right) a perforated metal sheet is integrated, which is fixed in the centre of the 
tube wall. By the potential use of steel fibres a strong interlock between concrete and the sheet can be 
aspired, if necessary. 

 

 

Fig. 7 Reinforcements concepts 

3.3 Concrete composites 
Hollow concrete columns have to feature a higher strength than solid concrete members to obtain a 
similar load bearing capacity for centrical compression. In competition with common columns a 
compressive strength of at least fck ≥ 60 N/mm² is aspired for the bamboo-like structures. 
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To realise the delicate profile without air voids, the plasticity and the texture of the concrete play a 
decisive role. A concrete or mortar with fine-grained microstructure is required which exhibits self-
compacting and self-venting properties and is not prone to separation. 

Hence, various compounds were examined which require only the addition of aggregate, water 
and admixtures and guarantee a constant concrete quality. Generally, all tested concrete mixtures met 
the requirements and the properties of the hardened concrete were suitable (table 1). 

Table 1 Selected testing results of the concrete specimens 

Concrete Dyckerhoff 
NANODUR® 

Dyckerhoff 
FLOWSTONE® 

PAGEL®-Verguss 
V1®/10 

Age 33 d 33 d 28 d 

Cylinder strength (water immersion) 116.5 N/mm² 75.0 N/mm² 84.4 N/mm² 

Cylinder strength (air immersion) 121.6 N/mm² 77.5 N/mm² 78.9 N/mm² 

Cylinder strength (position-controlled) 115.4 N/mm² 76.6 N/mm² 75.6 N/mm² 

Strain at failure (position-controlled) 4.36 ‰ 2.67 ‰ 5.29 ‰ 

Splitting tensile strength (air imm.) - 3.5 N/mm² 2.4 N/mm² 

Density (air immersion) 2.33 kg/dm³ 2.35 kg/dm³ 2.22 kg/dm³ 

4 Structural behaviour of thin-walled concrete columns 
The iBMB has got experience with the load-deformation behaviour of thin-walled tubes made of ultra 
high strength concrete. For example, within a research project – funded by the German Research 
Foundation in the research program SPP 1182 – design rules for concrete tubes with a wall-thickness 
of 5 cm were established to assure a robust load bearing capacity (fig. 8). 

 

 

Fig. 8 Specimens of the sub-project TE 587/2-1 (SPP 1182, [2]) 

In the research project at hand the wall thickness shall be reduced to a minimum of around 2 cm. 
Thereby, the wall thickness is smaller than today’s common concrete covering. The bond of the rein-
forcement has to be explored as well as the influence of profiling, which is in use for steel construc-
tions but not for concrete structures due to the lack of experience.  

The missing knowledge impedes the usage of ultralightweight hollow concrete members and until 
now advantages, like the maximal portable element size or the assembly effort in precast 
constructions, cannot really be used. 

5 First tests on centrical compression elements  
To investigate the bamboo-like structures, first, concrete columns without reinforcement were tested. 
The design of the PU-cores resembled fig. 6. The diameter of all specimens remained constant at 
30 cm, the wall thickness of the internodal sections ranged from 2.4 to 3.0 cm. The results of the 
compression tests can be seen in table 2. 
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Table 2 Experimental results for centrical compression 

Specimen S 1.1 S 1.2 S 1.3 

Concrete NANODUR® FLOWSTONE® PAGEL V1®/10 

Mean wall thickness 2.9 cm 2.4 cm 3.0 cm 

Fracture load 1603.5 kN 1028.9 kN 1377.3 kN 

Compressive strength 64.9 N/mm² 49.4 N/mm² 54.1 N/mm² 

The corresponding compressive strength of the columns amounts only to approx. 60% of the tested 
cylindrical strength (cf. table 1). This decrease is most probably caused by the different cross section 
and the small element thicknesses. In order to quantify such scale effects, further tests have to be 
performed. 

The crack patterns of the concrete specimen resemble the formation of cracks in the tests with the 
bamboo culms. The cracks disperse circumferential in uniform distances (fig. 9, left). Thus, the struc-
ture of bamboo was successfully adapted (fig. 9, right). 

 

  

Fig. 9 Tested concrete column S 1.1 in the test bench and as longitudinal section 

6 Future activities 
On the basis of the aforementioned investigations on the shape and the scaffolding as well as the 
concrete mixture, further tests are planned in order to study the influences of the wall thickness, the 
reinforcement concept and the applied load (centrical and eccentrical forces). Besides, to align the 
geometry to the flow of forces and to quantify the influence of thin walls, numerical computations 
will be executed by nonlinear finite element analyses. In this way, efficient and optimised structural 
components will be developed. 
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Abstract 
Parabolic trough collectors are a special kind of Concentrated Solar Power (CSP) Systems. Solar 
irradiation is focused on line-like absorber tubes to heat up synthetic oil to be converted in subsequent 
conventional steam cycles to electricity. Existing collector structures usually consist of steel frame-
works point-wise supporting curved mirror-elements. In addition to the self-weight of the trough the 
main load contribution for the design arises from orientation-dependent wind actions on the structure. 
A maximum power generation is achieved, if the geometric shape of the trough is ideal. So, unintend-
ed initial deformations or deformations induced by load, temperature constraints, shrinkage or creep 
have to be minimised. Hence, a shape-optimised shell structure made of Ultra High Performance 
Concrete (UHPC) and micro reinforcement merging both tasks – support and mirror surface – is 
assumed to be most effective.  

At the Ruhr-University Bochum multiple stress analyses using continuum-based finite shell elements 
are performed in order to iteratively find an optimal shape taking into account constraints from ad-
missible deformations, geometry and materials. 

At the Technical University of Kaiserslautern research concerning the shrinkage of UHPC is done as 
unintended deformations result from this effect. One aim of the project is to fabricate the troughs 
within the formwork as short as possible. For that purpose the suitability of a heat treatment of UHPC 
is examined and its interaction to shrinkage. 

In the contribution first results of the collaborative optimisation process of shapes and materials are 
presented. 

1 Introduction 

1.1 Concentrated Solar Power plants 
In Concentrated Solar Power (CSP) plants (Fig. 1), whose number and importance will gain enor-
mously in the next years, thousands of parabolic troughs are needed. 

 
Fig. 1 Basic prinicple of CSP systems (left) and a parabolic trough to concentrate solar radiation 

(right) [9] 
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Up to now parabolic troughs, which are built up of a mirror and a substructure, are being carried out 
as steel structures, which brings a number of disadvantages about: 

 The manufacturing costs are high. 
 The assembly time is high. 
 The mirrors have a low stiffness, which leads to deformations due to wind and dead load. 

Torsion also is of importance because the troughs are rotated along their longitudinal axis to 
follow the sun and to be cleaned. Every minimal distortion of the reflector causes the deflec-
tion of sun rays of the absorbing pipe and by this reduces the efficiency of the system. 

 The power plants are often located in areas with corrosive environmental conditions, e. g. de-
serts with soils with high salinity levels. This entails high maintenance efforts and connected 
costs. 

These disadvantages can be avoided, if one succeeds in replacing the reflectors and the steel frame-
work by thin concrete shells.  

1.2 UHPC shells 
Shells made of UHPC with micro reinforcement can be carried out extremely slender and elegant. 
They need only a few centimeters of thickness and therefore have a minimal material consumption 
while achieving a high manufacturing efficiency and durability. The extraordinary slenderness entails 
tight restrictions concerning the fabrication and geometries of the shells, which elementary can only 
be achieved through interaction of numerical calculations and experiments. Furthermore all levels of 
consideration from material to system (multilevel) have to be taken into account. A particularly appli-
cable example are the shells of parabolic trough collectors of Concentrated Solar Power Systems, as 
they have to meet high, interactive demands regarding low deformation and precision under exposed 
environmental conditions. Because of their exceptional high repetition as a precise precast segment, 
these trough collectors are suited for detailed baseline investigations of free formings. 

The aim of this project is the consistent development of structure optimized UHPC-shells using a 
multilevel approach, strictly following the principle "form follows force", thus being led only by the 
flow of forces and deformation restrictions. To realize this, optimizations of the concept, the shell 
design with bracings and details, oscillation analyses resulting from wind and complex nonlinear 
instability calculations are designated. Minimized fabrication tolerances in high precision formworks, 
shrinkage reduced concrete technology and novel manufacturing techniques are to be focused. Realis-
tic uncertainties in geometry, material and impacts are identified and comprised, just like degradation 
ramifications during the life cycle.  

1.3 Creep and Shrinkage 
When designing constructional elements made of UHPC autogenous shrinkage as well as shrinkage 
due to self-desiccation is to be considered. The autogenous shrinkage is of bigger influence and is 
very dependent on the cement being used and the existing amount of cement paste. The research 
presented in [10] shows a smaller degree of shrinkage, if HS cement and an increased contingent of 
coarse aggregate are used. It is possible to reduce the autogenous shrinkage by the addition of shrink-
age absorbers [3], whereas the addition of micro steel fibres does not reduce the shrinkage significant-
ly [1]. Considerable internal stresses can also occur in structural elements without external restrictions 
of deformation, because of the restrictions of deformation resulting from reinforcement. Through 
utilisation of heat treatment – in particular at the span 70 - 90 °C – the shrinkage due to self-
desiccation can be mostly anticipated [2, 6]. 

Another effect to be considered is the creepage of concrete. Creep tests with unreinforced cylin-
ders d/h = 100/300 mm are presented in [11]. Presently systematic investigations are carried out by 
Müller [5]. 

1.4 Heat treatment 
At using heat treatment a slow heating up and cooling down of the concrete are very important, so 
that the improvement of the microstructure is not compensated by thermally caused microcracks. 
According to [2] the heat treatment accelerates the strength development so much that with a heat 
treatment at 90 °C for 48 hours a higher strength than after 28 days immersion in water at 20 °C is 
reached.  
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1.5 Autoclaving 
Autoclaving could be an option for aftertreatment. Following the principle of the pressure cooker a 
high water vapour saturation pressure is built up under high pressures. By autoclaving the hydration 
of the binders is improved substantially, which manifests itself in a low content of unhydrated cement 
clinker [4]. High compressive and tensile strengths occur. At present sufficient practical experience in 
aftertreatment with temperatures > 90 °C does not exist yet but shall be gained within this project.  

2 Accuracy of the collector’s surface 
The performance of parabolic trough collectors depends on the efficiency of the mirror, the absorber 
tube and the mirror surface being true to form. While the efficiency of the mirror and the absorber 
tube is already fixed due to manufacturing, high demands on the accuracy of the collector’s surface 
have to be set. The primary aim of a parabolic trough collector is to concentrate the solar irradiation – 
perpendicular to the collector’s aperture – along the focal point F, where line-like absorber tubes are 
arranged. 

 2.1 Geometric properties of the parabola 
The shape of a parabola (see Fig. 4) 

 z = −aݕଶ + ଴ݖ  (1) 
is defined by the coefficient a (a < 1 – shrunk; a > 1 – stretched). Furthermore, this coefficient can be 
described as a function of the focal length. 

 a = 1/(4f)  (2) 

The focal length corresponds to the focus F, where every light ray parallel to the axis of symmetry is 
concentrated. This holds true for each point on a parabola recognising that incident and reflection 
angles are equal. To retrieve a general geometrical representation the focal length f can also be related 
to the aperture width w and the rim angle ߮.  ݂(ݓ, ߮) = ௪଼ ୲ୟ୬ ఝ ቀ2 ± 2ඥ1 + tanଶ ߮ቁ  (3) 

Results of first shape analyses (Fig. 2) illustrate an increasing parabola height for wide rim angles, 
whereas the focal length decreases. Furthermore, an effective parabolic shape should always have a 
balanced ratio between height and focal length to limit the torsional loading through self-weight and 
to avoid an excessive high focal point. Already realised typical parabolic trough collectors posses rim 
angles of 80° [10]. 

 

 
Fig. 2 Focal length f (left) and parabola height h (right) for varying aperture width w and rim 

angle ߮ 

2.2 Performance losses caused by collector’s deformation 
In order to ensure a persistent and optimal power generation, losses – caused by unintended initial as 
well as additional deformation induced by other loads – have to be minimised. Therefore, a criterion 
to express the deviation of the deformed collector’s surface from an ideal parabolic shape has to be 
derived, which enables to evaluate the performance. In order to fulfill the predefined aim to concen-
trate the solar irradiation in the focal point of an ideal parabola, the collector’s accuracy can be de-
scribed by a function of the distance with respect to the deflected, distorted solar irradiation form of 
the absorber tube. 
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Fig. 3 illustrates a derived model to estimate the performance of a deformed collector’s surface. Thus, 
the surface – disturbed by deformations – is compared to an ideal parabola. Due to deformation each 
reflected light ray has a certain deviation to the ideal focal point. This leads to a course of distance 
along the aperture width. The distances are determined and weighted with respect to the inner and 
outer radius of the absorber tube. Related to a typical absorber tube consisting of an inner tube, in 
which synthetic oil is heaten up and an outer tube containing a vacuum to reduce the losses by heat 
transfer, the distribution of the efficiency factor is estimated in a simplified way to 

(ݔ)ߟ  = ൜1,  ݂݅ (ݔ)ݐݏ݅݀ ൑ ݂݅  ,0ݎ (ݔ)ݐݏ݅݀ ൐ ݎ .  (4) 

Generally, other distributions of effectivity might be assumed on the realistic technical performance 
of the absorber tube. Only parts of the collector’s surface whose distance of the reflected rays to the 
focal point is inclosed by the radius of the inner tube r contribute to the local efficiency. 

 

 
Fig. 3 Estimated efficiency of the inner and outer radius of an absorber tube (left), disturbed 

versus undisturbed shape of the parabola (top), distance of the deflected light rays form 
the focal point (middle) and effectiveness of the deformed parabola (bottom) 

The performance of the entire deformed collector’s surface is obtained by integrating the course of 
efficiency ߟ(x) over the aperture width w. 

ߟ  = ׬ ௪ݔ݀(ݔ)ߟ   (5) 

3 Finite Element model 
To achieve a slender, low weight shell structure made of micro reinforced UHPC and a parabolic 
surface mostly free from deformation, a shape optimisation is applied. It iteratively uses FE supported 
structural analyses and interactive optimisation cycles. The Finite Element model incorporates con-
tinuum-based shell elements. Due to the limited deformations of the parabolic trough surface, a line-
ar-elastic analysis – with stress restrictions through material constrains – assures a sufficient accuracy. 
Fig. 4 shows the initial cross section and a Finite Element model of the trough. 

 

 
Fig. 4 FE-Model with continuum-based shell elements (left) and model’s cross section (right) 

In a first simplified starting modus the shell thickness decreases from the lowest point of the parabola 
to the open borders. Deviated stiffeners insure a sufficient stability there. However, the non-uniform 
thickness distribution has to be tested for their properties concerning heat treatment and time-variant 
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deformations of creeping and shrinkage. The lateral supports as well as the centre of rotation coincide 
with the centre of the cross section. Additional cross bracings are modelled to gain more stiffness and 
to transfer the loads from the shell to the boundaries. The main geometric parameters have been cho-
sen on the basis of the existent steel framework collector EuroTrough [8] having an aperture width  
w = 5.77 m, a modul length l = 12.00 m and a focal length of f = 1.72 m. 

The optimisation process has to cover a superposition of several loading conditions. They occur in 
the daily sun tracking with different loading conditions. Deflection-dependent stress-distributions 
from self-weight (Fig. 5) as well as wind actions on the structure have to be taken into account for the 
design. Additionally, stresses induced by temperature constraints, shrinkage and creep are considered. 

 
Fig. 5 Stress plot under self-weight for a deflection angle ߰=0° (left), ߰=40° (middle) and ߰=80° (right) 

4 Experimental tests 
At present experiments to investigate the general deformation behaviour of shell structures made of 
UHPC are prepared at the Technical University of Kaiserslautern. It is planned to analyse the influ-
ence of several parameters such as shell thickness, shell symmetry, aftertreatment, concrete mix, 
reinforcement and stripping time. 

4.1 Specimens and concrete mix 
Currently test specimens are fabricated at the Technical University of Kaiserslautern. Their geometry 
is shown in Fig. 6. 

 
Fig. 6 Geometry of test specimens with different shell thicknesses (10, 20, 30, 50 and 100 mm) 

and a shell width of 80 mm will be tested  

The following concrete mix was developed at the Technical University of Kaiserslautern and will be 
used to start off with:  

- Cement CEM I 42.5 HS 
- Water 
- Sand 0/2 
- Sand 0.125/0.5 

831.57 kg/m³ 
73.80 kg/m³ 

693.99 kg/m³ 
223.87 kg/m³ 

- Silica dust QM 1600 
- Silicoll EMSAC 
- Superplasticizer ACE 30 

 

205.35 kg/m³ 
249.48 kg/m³ 
35.76 kg/m³ 

4.3 Measurement technology 
One aim of the here presented experiments is to quantify the deformations which emerge in the con-
crete while hydrating. This is planned to be realized by juxtaposing the shell geometry a few hours 
after casting and the geometry at certain ages. At present different measuring methods (e.g. photo-
grammetry, see Fig. 7) are being compared to detect the most suitable one for this task. 
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Fig. 7 Unintentional deformations of the reflectors, measured with photogrammetry: vertical 

deviation (left) and inclinations in home position (right) [7] 

5 Conclusion 
Thin concrete shells made of micro reinforced UHPC replacing the steel framework and the reflectors 
of already existing parabolic troughs seem to be most effective. To determine the efficiency of the 
collector a performance model for the disturbed surface is introduced, which weights the reflected 
light rays based on their distance to the focal point. Hence, the performance of the collector depends 
on the accuracy of the surface. Deformations through creep and shrinkage additional to self-weight 
and wind actions as well as temperature constraints have to be considered. Experimental tests at TU 
Kaiserslautern will include heat treatment and autoclaving to minimise initial deformations and ena-
ble a short-time fabrication. At Ruhr-University Bochum a first simplified Finite Element model 
employing continuum-based shell elements is used to predict the deformations and therefore the 
accuracy of the collector’s surface. Optimisation cycles using superposition of several loading condi-
tions through sun tracking will lead to an optimal shape. 
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Abstract 
This project is part of the Priority Program 1542 “Concrete light. Future concrete structures using 
bionic, mathematical and engineering formfinding principles”, which is funded by the Deutsche 
Forschungsgemeinschaft (DFG). The aim of the project described in this paper is the development of 
reinforced concrete columns whose shape is determined by the force flow to carry loads more 
efficiently. The results might be material savings, less power consumption in the production process 
and hopefully more aesthetic structures in the built environment of human beings. In this paper the 
planned methods and the first steps have been presented. The structural behaviour of columns and the 
modes of failure were analysed. As a first result, shapes of haunches were designed and evaluated 
regarding a decrease in failures due to load application and perhaps slab punching. Finally, some 
further steps were presented. 

1 Introduction 
Concrete is flowable during building time and, consequently, it is possible to create nearly every form 
(Fig. 1). Nonetheless, concrete structures are normally designed with flat and parallel surfaces like 
plates, beams and other cubic elements. The reason for this is the simple and low cost fabrication and 
that there is no code available yet for the structural design of concrete columns with a variable cross 
section in vertical direction. But how can typical concrete elements be optimised? Columns with a 
constant rectangular cross section have areas which do not make full use of the material’s load-
bearing capacity. It is the aim of this project to design more slender, economic and aesthetic columns 
by making them more efficient. This means that an attempt is made to construct a column whose form 
is determined by the main forces. 

 

 

 
Fig. 1 Flowable concrete before hardening (left) and sculptures in concrete by V. Mixsa (right) 

Nature shows how this could work. Slender columns could be developed by analysing natural 
compression structures with the help of computational models and experimental research. The 
planned key steps are 

 Searching for an inspiration from compression structures in nature,  
 Analysing the main load situations and the reasons for failure of typical reinforced concrete 

columns, 
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 Developing more efficient column shapes for each failure mode and, if necessary, 
experimental testing, 

 Combining these shapes to a few column forms, 
 Choosing of different modern concrete types, for example reinforced HPC with or without 

textiles or UHPC with fibres, 
 Dimensioning of the chosen column shapes with the selected material combination, 
 Planning of the test set-up and performing experimental tests, 
 Evaluating and recalculating the experiments and 
 Developing a draft for a dimensioning code for columns with a variable cross section in 

vertical direction. 

The first step is to find a form of columns with a variable cross section that can carry more loads than 
a column with a constant cross section and to optimise the load flow. 

2 Possibilities 
Software to optimise the shape of structure component, such as the Computer Aided Optimization 
method [1], is available. However, this FEM software can only optimise the structure for one load 
situation. Apart from this, it needs a lot of time and processing power.  

To make columns more efficient it is necessary to know how they carry loads and why typical 
columns fail. In addition to this, the choice of the material can have an influence on the structural 
behaviour. Accordingly, it is for example relevant whether reinforcement is used or not and at which 
load level plastic deformation starts. 

In this project cast-in-place concrete columns with fixed supports at head and bottom shall be 
investigated (Fig. 2a). Columns are part of the load-carrying structures that are basically loaded by 
axial forces from dead and life loads of the system. Theoretically, these idealised loads would 
generate constant compression in the homogenous material of concrete independent of the form 
chosen for the cross section. Therefore, there is no point in shaping the columns in vertical direction 
because the material capacity is constant, except for the connecting point of column and slab. 

However, normally there is no perfectly centric load situation in a structural system (Fig. 2b). The 
contiguous slabs, for example, do not necessarily have to be subjected to equal loads and thus would 
not deform in the same way. This generates changeable bending moments in the centre column. A 
similar load situation can be observed in exterior and corner columns. The difference between the 
centre column and the others is the ratio of the maximum bending moments to the normal forces 
which is smaller in the centre column.  

 

 
Fig. 2 Static system of the considered column with idealised fixed support (a), example for an 

asymmetric load situation (b) and principle of the increase of the internal forces due to 
deformation under axial loads (c) 

Another bending moment could be introduced in a column under axial loads by the stability problem. 
Typical concrete columns are subjected to a number of inhomogeneities in geometry, material and 
structure which might, for example, occur in the support or the shape of the column. Therefore 
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spontaneous deformation due to a stability problem could not be a problem. The inhomogeneities lead 
to deformations before spontaneous failure occurs. However, these deformations can increase the 
internal forces of the column and, consequently, lead to large deformations and earlier failure 
(Fig. 2c).  

On the basis of the described load situations and the support conditions, the inner structural 
behaviour can be described. In typical columns under compression, the stress is uniformly distributed 
over the cross section. Furthermore, usually there should not be any tension in the longitudinal 
direction of a column. 

One mode of failure is material failure which is caused by reaching the ultimate compressive 
stress in one part of the column. This can be calculated very well for the non-linear material of 
concrete and reinforced concrete. 

However, in the connection point between column and slab – fixed or not – the stress can be 
enlarged (Fig. 3). This is a well-known problem in load application. Therefore, more transverse 
reinforcement is usually placed in these areas than in the rest of the columns. Furthermore, the 
problem of slab punching is probably related to this concentrated stress at the point of connection. 

So what are the possibilities to strengthen columns by forming in vertical direction? A look at the 
column’s inner stress behaviour can give an answer to this question. Toward this aim, an unreinforced 
concrete column fixed at both endings has been modelled with a 2D-FEM software. The value of the 
applied load is not important for this investigation. The application and the direction of the forces are 
relevant to show how the stress in a column is allocated. The aim of this investigation would be a 
completely harmonised stress allocation at the surface of the column. As this is not realistic because 
of the bending moment, it is desirable to at least normalise the stress at the surface as much as 
possible. 

Under axial load the stress concentrates in the connecting point of column and slab (Fig. 3a). 
Possibly the maximum stress acts like a predetermined breaking point and, thus, can be the reason for 
the problems of load application and slab punching. It is obvious that the maximum stress of a column 
under axial and bending load is also located in this connecting point because it is also the place of the 
largest bending moment (Fig. 3b). The horizontally displaced support at the column head generates 
the bending moment in the column. Both pictures show the stress in the upper part of the column in 
direction of the x-axis and in the lower part in direction of the y-axis.  

 

 
 

Fig. 3a Inner stresses in a column under axial 
load 

Fig. 3b Inner stresses in a column under axial 
and bending load 

To eliminate the concentrated stress at the fixed ends of the column, they can be enlarged. The 
optimum would be a constant stress level in vertical direction along the surface. The result would be 
the disappearance of any predetermined breaking point. Apart from this, the extension of the column 
ends should also have a positive influence on the stability problem. 
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For one load situation it is possible to find an optimum shape to meet this axiom of constant stress 
[1], by considering the point of reaching the material strength and the subsequent stress 
rearrangement. But is it even possible to develop the optimal shape if there are variable load 
situations, such as different directions or conditions?  

3 Forming to reduce the maximum stress 
This point will be examined first because it is a problem which is relevant for all loads – be they axial 
or not. The maximum stress occurs in the notch where slab and column are connected. Accordingly, it 
is not only the load that creates inner stress, but also the form how elements are connected which 
could make a difference. Otherwise the stress at this point would be significantly smaller. The idea to 
form the head of columns to create an improved load flow from the slab into the column is not new 
[2]. Robert Maillart, for example, used the column head enlargement for round or hexagonal columns 
in some of his projects (Fig. 4). He then enlarged the head of the columns linearly or rounded it out to 
transfer the loads of the slab into the column. What is the effect of such a haunch and which is the 
best form to harmonise the stress in the column? 
 

 
Fig. 4 The Zurich warehouse and the filter building at Rorschach [3] 

 
 

Fig. 5 Dimensions, loading and description 
of the half simulated steel column  

Fig. 6 Numeration and dimensions of the 
investigated haunches  

The investigation starts with a very simple linear haunch which is also often used by Maillart [2]. Its 
basic idea is similar to the principle of trees or bones which put material in the place of the maximum 
stress [1]. One simple way to do this is a small triangle related to the direction of shear. A 2D-FEM 
model of a half column has been created to compare the stress allocation qualitatively. The model 
which is based on a homogeneous and isotropic material (in this case steel) has the typical dimensions 
of a reinforced concrete column (Fig. 5). Among different simple haunches (V2 - V7) – adding a 
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triangle in the notch with the maximum stress – a typical quadrant (V8) and a simple modification 
(V9), which are often used in the construction with steel, were tested (Fig. 6).  

To evaluate the results, the maximum stress reached in the column (Max) was compared. But in 
the stress plots it became evident, that the maximum stress is not always in a notch. As a result, the 
stress in the notch which connects slab and column (notch up) and in the notch where the haunch 
begins (notch down) were also compared (Fig. 5). The notch down was always the notch subject to 
the larger stress. Furthermore the area increase of the columns (A = Ax / A1 - 1) has been compared 
in relation to the decrease of the stress. The results are shown in Fig. 7. 

 
Fig. 7 The left diagram shows the maximum stress in the column (Max), the stress in the upper 

notch (Notch up) and in the lower notch (Notch down) of each haunch (2 - 9) in relation 
to each of these stresses in the reference (1) without a haunch marked by circles ordered 
to the left axis. The line with the triangles gives the increase of the column area through 
the haunches ordered to the right axis.  

All of the chosen haunches reduce the maximum stresses in the column while they never exceed a 
half column area increase of 7 %. The maximum stress seems to be a function of the height of the 
haunch. This is logical because the bending moment at the starting point of the haunch is smaller 
when it is closer to the middle of the column. The function is approximately linear. However, in 
several haunches, such as haunch V4, the reduction of stress was more significant in the notch down. 
This might be due to the fact that the maximum stress is not always located directly in the notch down 
but sometimes also above or under it. 

The maximum stress and the stress in the notch down can already be reduced by about 30 % through 
haunch V2 which is an isosceles triangle with a 5 cm side length. The doubling of this triangle, which 
is haunch V3, reduces the stresses only by 4 % more. Consequently, the bigger size cannot 
exclusively result from the smaller bending moment, as this would lead to a linear increase of the 
stress. The haunch V8 in the shape of a circle with a radius of 10 cm – the notches being in the same 
point like in V3 – reduces the maximum stress only by 25 %. 

4 Conclusions 
In summary, the implementation of a haunch reduces the maximum stress in every case. In general, 
this was to be expected because in the case of notch up the cross section increases and in case of the 
notch down the bending moment decreases. Both of these lead to lower stress in each notch. 
However, if the notches of differently formed haunches are at the same point, the stresses in the 
notches should be the same. As can be seen in the comparison of V3 and V8, this is not the case. 
Consequently, it can be concluded that the shape of the haunch has to have an influence too.  

The area increase of the column was always smaller than 7 % in the 2D view. Just a bit more 
material reduces the maximum bending stress in columns by 30 % to 50 % and harmonises the stress 
allocation. The question whether this could for example reduce the necessary stirrups in the column 
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head or the problem of the slab punching should be investigated by 3D simulation and experiments. 
Nonetheless, the assumption seems reasonable. 

A statement about the best haunch shape seems to be difficult because of the different haunch 
sizes, additional areas and resulting differing bending moments at the notches. Therefore the factor C 
was created to compare the different situations, formula (1).  

 

1 1

x xA
C

A




   x … maximum stress in the haunches V2 to V9

1 … maximum stress in the reference V1

xA … area of the column with the haunches V2 to V9 

1A … area of the reference V1 

(1) 

The reduction of the stress, the increase of the area and the coefficient C for the columns with 
different haunches are shown in Table 1. The largest reduction of stress and the smallest C occurred 
in V7, which is also the shape with the most harmonised stress allocation. But also the very small 
haunch of V2 and V3, which could be built very easily, reduces the stress by nearly 30 %. Here the 
maximum stress is located in the column close to the notch down. In the circle section of V9 the 
maximum stress is located in the haunch close to the notch down. The reduction in V9 amounts to 
more than 55 % for the stress and almost 60 % for the coefficient. Consequently, the haunches of V2 
or V3, V6 and V9 will be further analysed in this project. 

Table 1 Reduction of the stress, the increase of the area and the coefficient C for the columns with 
different haunches  

 V1 V2 V3 V4 V5 V6 V7 V8 V9 

x / 1 [%] 100,0 71,4 67,4 62,3 62,8 52,7 48,9 75,2 55,6 

x / A1 [%] 100,0 101,0 104,0 106,0 105,4 106,1 106,4 101,7 106,0 

C [%] 100,0 72,2 70,1 66,1 66,2 55,9 52,0 76,5 58,9 

5 Outlook 
The presented influence of the shape of the column’s head can offer a solution to the problems of load 
application and slab punching because the load application from the slab into the column is smoother. 
Consequently, if the high stress is the reason for more transversal reinforcement in the column head, 
these stirrups can perhaps be set at a larger distance such as in the middle. Both of this should be 
investigated through experiments. Further questions have to be investigated, for example how the 
longitudinal reinforcement is to be continued in the chosen haunches or how these haunches can be 
built. 

Furthermore, the increased deformation and the resulting stress in the middle of the column 
because of theory 2nd order are the next part of the investigation. It is likely that the cross section in 
the middle of the column will get larger. But the enlarging of the fixed ends also has a stabilising 
influence on the stiffness of the column. Additionally, the investigation now has to be upgraded for an 
in-homogeneous and an-isotropic material like concrete and to the interaction with the reinforcement 
in a 3D model.  
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Abstract 
It is the aim to develop light and efficient structures by dividing the force flow into compression and 
tension and assign these to the appropriate materials – pressure to concrete and tension to reinforce-
ment. A first step to reach this goal is to numerically and experimentally investigate the bending load 
bearing capacity of sandwich elements made of modern high performance concretes (compressive 
zone), a lightweight core layer and steel or textile reinforcements (tensile zone). This paper presents a 
numerical, nonlinear analysis of a single-span sandwich element and indicates the potential of weight 
reduction based on the effective application of different concretes. 

1 Introduction 
Ceiling and floor slabs of concrete building constructions are frequently erected with site concrete or 
as a combination of pre-cast panels with poured in-situ topping. Solid or T-beam cross sections are 
often executed because they can be fabricated fast and economically. However, from the structural 
point of view, these slab designs are quite inefficient because the ultimate bearing capacity of the 
reinforced concrete is reached in only a few sections of the mainly flexurally loaded elements. The 
optimisation potential of uniaxial spanned ceiling structures with regard to saving material and weight 
is investigated within the Priority Program 1542 “Concrete light. Future concrete structures using 
bionic, mathematical and engineering form finding principles” [1], which started in July 2011 and is 
funded by the German Research Foundation (DFG). 

Efficient concrete structures may be realised if the different acting compressive and tensile stress-
es can be assigned to appropriate carrying materials. During the last years, new concretes and rein-
forcements such as (ultra) high performance concretes ((U)HPC), infra- and high performance light-
weight concretes (ILC, HPLC) [2], glass and carbon fibre bars, sheets and textiles were developed 
and investigated. As a result, a wide range of high performance materials is available for the devel-
opment of light slab structures. There are two approaches traced: 

 cross-sectional material separation: a thin layer of a concrete with higher compressive resis-
tance is applied to areas of intensive compressive stresses resp. an appropriate reinforcement 
serves to absorb tensile forces. Less loaded areas are filled with a lightweight material of low 
bearing capacity. Nevertheless, it needs to be high enough to ensure enough resistance against 
shear forces, especially because shear reinforcement is avoided at slabs due to its extensive 
application.   

 form finding for the main load-bearing direction: Due to functional reasons the top surface of 
the slab needs to be plane. Accordingly, only the bottom can be adjusted to the force flow. 

In this paper, the optimisation potential of a common single-span slab with regard to its height and 
self-weight through a cross-sectional material separation (sandwich structure) is presented.  

2 Initial situation 
The considered one way steel reinforced concrete slab has a span of 5000 mm (Fig. 1) and a width of 
1000 mm. It is part of a meeting room. The aim is to determine the slab’s required thickness with the 
objective of designing the structure as light as possible while complying with the most decisive re-
quirements from EURO CODE 2 [3]. Three different variants are considered and compared: 
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 solid cross section with the commonly used concrete C 25/30 (reference slab, No. 1) 
 solid cross section with the lightweight concrete LC 25/28 (No. 2) 
 three-layered slab made of infra- and lightweight concrete, ILC and LC 25/28 (No. 3 & 4) 
 

5200
5000100 100

q    = 4 kN/mk,1Q     = 4 kNk,2

p   =  4,4 KN/m
SLS

p   = 11,4 KN/m
ULS

Q    = 4 kNk,2

d

 

Fig. 1 Structural system of analysed floor slab 

The infralightweight concrete (ILC) was developed by the Chair of Conceptual and Structural Design 
of the University of Technology Berlin [4], [5] during the last years and is currently one of the light-
est structural lightweight concretes. It has a dry density of 760 kg/m³ and a mean cube compressive 
strength of 7.4 N/mm² [6]. At present time, it can only be used as core layer material and not in the 
tensile zone because the bond behaviour between steel and concrete and the ability to protect steel 
from corrosion still needs to be substantially investigated. 

The steel reinforcement is covered by a concrete layer of 20 mm, by a lightweight concrete layer 
of 25 mm (exposition class XC 1) [3]. Considering a reinforcement diameter of 10 mm and an addi-
tional minimal concrete cover of 10 mm for bond, a total bottom layer thickness of 45 mm is required 
for the sandwich element. The minimal thickness of the top layer depends on the maximum aggregate 
size and is part of the calculation results. Only the longitudinal, structurally required reinforcement is 
provided. Shear reinforcement is not applied and the normatively prescribed minimum reinforcement 
areas are neglected. 

3 Loads and requirements 
The slabs are loaded by their self-weight, an assumed additional dead and two imposed loads. Table 1 
shows their values, safety and combination factors according to EURO CODE 1 & 2 [3], [7], which need 
to be applied for calculations of the serviceability and the ultimate limit state (SLS resp. ULS). The 
considered, normatively required imposed load Qk,2 (single load) is replaced by a line load (qk,2) to 
reduce the number of different load positions. The value for the line load of 1.6 kN/m is chosen in 
such a way that the resulting bending moment at middle span and the shear force at the support are 
identical to the values caused by the single load placed at middle span or over the support. 

The basis for the calculations is the quasi-permanent load combination at the SLS and the persis-
tent and transient design situation at the ULS [3]. The following five requirements are defined as 
decisive: SLS- limitation of deformations (f ≤ l / 250 = 20 mm), ULS – Bending in compression and 
tension and shear. Furthermore, steel reinforcement and concrete should be utilised economically and 
efficiently. This can be achieved if the steel is plastified at ULS while high concrete stresses occur. 
Besides, the plastification of steel fulfills the requirements of a ductile failure mode.  

To be able to comply these requirements with a numerical, non-linear analysis, a global material 
safety factor of 1.27 is applied for concrete and steel [8], [9] instead of the commonly used partial 
material factors. Both the load and material safeties are added to the characteristic loads. When 
applying the load combinations, design loads of pSLS = 4.4 kN/m at SLS and pULS = 11.5 kN/m at ULS 
are considered additionally to the slab’s self-weight (see Fig. 1). 
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Table 1 Characteristic loads, safety factors and combination factors 

 Load  Dim. Value SLS  
 / load glob    

SLS 
Ψ2 

ULS  
 / load glob    

ULS  
Ψ0 

1 Self-weight slab gk,S kN/m variable 1.0/1.0 1.0 1.35/1.27 1.0 

2 Add. dead load gk,A kN/m 1.0 1.0/1.0 1.0 1.35/1.27 1.0 

3 Imposed load 1 qk,1 kN/m 4.0 1.0/1.0 0.6 1.50/1.27 1.0 

4 Imposed load 2 Qk,2, qk,2 kN, kN/m 4.0, 1.6 1.0/1.0 0.6 1.50/1.27 0.7 

4  Material properties 

4.1  Uniaxial Stress-strain relations 
Mean material stress-strain relations can be used for the determination of deflections at SLS to get 
quite realistic simulation results [3]. Consequently, mean compressive strengths were taken into 
account for the concrete material law. The tensile resistance is based on characteristic values (5 % -
fractile values) because the ultimate tensile stress of concrete varies comparatively much. For the 
same reason characteristic yield and ultimate tensile stresses are used for the description of the mate-
rial law of the reinforcing steel. This is a conservative assumption. No long-time dependent deflec-
tions caused by e.g. creeping have been taken into account for the following structural analysis. 

Compared to SLS, modified material laws need to be applied for the determination of the load 
bearing capacity at ULS due to the demanded safety factors. The used global material safety concept 
is utilised both for concrete and steel under compression and tension. The calculative maximum mate-
rial resistances, which are the basis for the material laws at ULS, are determined with equation (1). 

k
calc d glo glo

mat

ff f  
     

  

 

             (1) 

fcalc…calculative stress, fd…design stress, fk…characteristic stress, γglo…global safety factor (1.27), 
γmat…material factor (concrete 1.5, steel 1.15), α…reduction factor (appr. for all concretes 0.85) 

Fig. 2 shows the applied stress-strain relations for the concretes C 25/30, LC 25/28, the infralight-
weight concrete (ILC) and the steel reinforcement BSt 500. The ascending non-linear gradient of 
concrete compressive stresses is described by equation (2) [3]. The decisive values are summarized in 
table 2. The material parameters of the ILC were taken from experiments executed by EL ZAREEF [6]. 
After reaching the compressive stress peak, a linear descending softening law is considered based on 
compressive displacements and energy dissipation. They are localized in a plane normal to the direc-
tion of compressive principle stress and are independent of the size structure [10]. An appropriate und 
commonly used value for the maximum plastic displacement wpl,max of normal concrete is 0.5 mm 
[11]. A value of 0.2 mm is assumed for both lightweight concretes. According to MARKESET [12] the 
plastic displacement of lightweight concrete should be less than 0.3 mm. The linear descending sof-
tening laws are shown in figure 2 for the ultimate limit state stress-strain relations. 
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Fig. 2 Stress-strain relations of the used concretes (left) and the reinforcing steel (right)  

Table 2 Material properties of concrete 

Material     fcm / fck / fccalc / fctk, 0,05 / fctcalc / Ecm
1 Dim. εc1

1
 Dim. ρsup / ρk Dim. 

C 25/30 -33.0 / -25.0 / -18.0 / 1.8 / 1.3 / 31000 N/mm² -2.1  ‰   -  /2.4 t/m³ 

LC 25/28 -33.0 /-25.0 / -18.0 / 1.4 / 1.0 / 12550 N/mm² -2.6  ‰ 1.4/1.45 t/m³ 

ILC -6.9 / -6.0 / -4.3 / 0.55/ 0.4/ 4000 N/mm² -1.7  ‰ 0.9/0.95 t/m³ 
1…definition of symbols see [3], ρsup…superior calculative weight, ρk…characteristic weight, cursive 
values are assumed 

4.2  Bond-slip relations 
The bond between concrete and reinforcement ensures the functional capability of reinforced con-
crete. A certain bond stress is necessary to guarantee a sufficiently small crack width at SLS and the 
required anchorage of the reinforcement at ULS. The joint between the reinforcement bar and the 
concrete carries bond stresses in dependence of the relative displacement (slip) between both materi-
als. Due to the small concrete cover, failure by splitting of the unconfined concrete is assumed with 
good bond conditions. The ascending part of the bond-slip relation may be described for normal 
concrete with equation (3) [13], and for structural lightweight concrete with equation (4) [14]. 

The bond stresses may be determined through the cylindrical compressive strength of concrete. 
The considered bond-slip relations are based on the characteristic strength values. Figure 3 shows the 
curves for the C 25/30 and LC 25/28. As noted in [13], the maximum bond stress of unconfined con-
crete is reached with a slip of 0.6 mm. This value is assumed for both concretes.  
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Fig. 3 Bond-slip relations 
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5  Finite-Elemente Model 
The following analysis was carried out with the Atena 2D1 program. The slabs were modeled in a 
two-dimensional concept room. Due to the symmetrical support and loading, only one-half of the slab 
was analysed. The results are transferable to the entire element. Figure 4 shows the cracked FE-model 
of a three-layer sandwich element with the reinforcing steel at ultimate limit state. The different con-
crete layers are rigidly bonded. It is assumed that concrete is a homogeneous material.   

 

Fig. 4 FE-model for concrete sandwich elements   

The implemented material model includes the 
following effects of concrete behaviour [10]: 

 non-linear behaviour in compression, in-
cluding hardening and softening,  

 linear reduction of compressive strength 
after cracking, 

 linear stress-strain relation in tension, 

 fracture of concrete in tension based on 
nonlinear fracture mechanics, 

 biaxial strength failure criterion, 

 tension stiffening effect. 
 
A finite concrete element fails if a combination 
of principal stresses fulfills the biaxial strength 
failure criterion. The implemented biaxial failure 
function for concrete, based on experiments by 
KUPFER [15] is schematically displayed in Fig. 5 
[10]. The most important input material parame-
ters are given in table 2.  
 

Tensile
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Fig. 5 Biaxial failure function of concrete [10] 
 
fc   …uniaxial compressive failure stress 
fc

ef…biaxial compressive failure stress  
ft    …tensile failure stress 
σc   …concrete stress 
 

 

6 Results and Conclusions 

The slab No. 1 (C 25/30) meets the requirements 
of the SLS and ULS with a height of 180 mm, 
the slab No. 2 (LC 25/28) and the sandwich 
element No. 3 of 210 mm. The sandwich element 
consists of a 15 mm top layer, a 45 mm bottom 
layer made of LC 25/28 and a 150 mm thick 
ILC-core. Table 3 furthermore shows the re-
quired area of reinforcement and the slab’s char-
acteristic self-weight. Slab No. 3 fulfills all 
requirements with only 53 % of slab No. 1’s self-
weight. The reduction of self-weight would be 
even bigger if it was designed of the same height 
as slabs No. 2 & 3 (h = 210 mm).  

Table 3 Results 

No. h/d 
[mm] 

as 

[cm²/m] 
gself 

[kN/m] 
Red. 
[%] 

1 180/155 7.14 4.3 100 

2 210/180 5.24 3.0 70 

3 210/180 5.24 2.3 53 

4 180/150 10.28 2.0 47 
h…slab height, d…effective depth, as… area of 
reinforcement, gself…slab’s self-weight 
 

                                                 
1  Atena 2D, Version 4.2.2.0, Červenka Consulting Ltd., Prague, Czech Republic 

313



9th fib International PhD Symposium in Civil Engineering 

Figure 6 shows the middle deflections which 
were determined in dependence of the bending 
moment. Furthermore, the required bearing 
moments at SLS and ULS are highlighted. The 
deflection-moment course may be described by 
three parts:  shows a large curve increase until 
the concrete cracks. The resulting loss of stiff-
ness leads to a lower curve increase in part  . 
When the steel starts to plastify, the slab can 
hardly take up any additional loads . 
A further weight reduction can be achieved with 
a sandwich element height of 180 mm (No. 4). 
However, a comparatively high (uneconomic) 
percentage of reinforcement has to be applied to 
meet the requirements of the SLS and ULS. 
While the reinforcement of the slabs No. 1 to 3 
plastifies just before or when reaching the ulti-
mate limit load, which guarantees a ductile fail-
ure mode, slab No. 4 fails brittle due to concrete  
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Fig. 6      Deflection-bending moment curves 

failure in the slab’s top compression zone. This type of failure is undesired. The top edge compressive 
stresses of 15 N/mm² of the slabs No. 1-3 indicate a well utilized concrete because the maximal calcu-
lative stresses are 18 N/mm² (see table 2). 

The theoretical investigations have shown exemplarily that an effective and lightweight structure 
may be developed through the combination of different lightweight concretes. However, the structure 
may not be executed more slender than that of commonly designed ones because the deflections of 
the structure when cracked at SLS are mainly limited by the effective depth. Figure 6 shows that the 
slabs remain uncracked under self-weight. The application of lightweight sandwich elements is the 
more effective, the bigger the part of the self-weight is compared to the entire structure loading. Fur-
thermore, lightweight concrete is preferable to normal concretes when due to the loss of weight the 
cracked cross section can be converted to an uncracked one at the serviceability limit state.  

7 Outlook 

The cross-sectional material separation is 
assigned to multi-spanned slabs. Particularly, 
the force-flow orientated shape finding along 
the longitudinal axis (Fig. 7) is focused. Be-
sides, the bond behaviour between different 
concrete layers is analysed. After developing 
the theoretical background, experiments are 
executed to confirm the effective load bearing 
behaviour of sandwich structures.  

force-flow based shape
of compressive zone

force-flow based
shape of tensile zone  

Fig. 7      Force-flow shaped sandwich slab 
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Abstract 
Except of columns, concrete load-bearing systems are up to now usually characterized by transferring 
loads as surface elements or massive beams with comparatively unbalanced material utilization. 
Besides weight reduction and resource efficiency, the transparency can also be increased significantly 
by resolving these systems and designing filigree rod-like structures that are following the flux of 
forces. By using innovative materials (e.g. UHPC) and manufacturing processes combined with skill-
ful designing – on system level (arrangement of nodes and rods) and component level (shape opti-
mized rods and nodes in concern of material consumption) – it is possible for concrete structures to 
advance into fields of application that have so far almost exclusively been reserved for steel construc-
tions. In addition, the use of reinforcement elements made of fiber-reinforced polymers and high-
performance concrete involving a high density results in almost non-corrosive structural elements 
linked with low maintenance effort and a high durability. 

The main objective of this research project is to develop general engineering models and design prin-
ciples based on theoretical and experimental investigations for future applications of filigree variable 
spatial frameworks out of concrete. For that purpose first of all a modular concept is studied theoreti-
cally, with laboratory tests problems that are not yet sufficiently solved, will be ensured scientifically 
and finally the mechanical models will be validated through tests of the structural components. 

1 Introduction 
So far the term “concrete construction” is generally associated with solid and heavy constructions. In 
the majority of cases the minimization of material consumption is considered to be of subordinate 
importance. The initiators of the DFG (Deutsche Forschungsgemeinschaft) priority programme “Con-
crete light. Future concrete structures using bionic, mathematical and engineering formfinding princi-
ples” share the opinion that by further developments and researches of the material concrete, signifi-
cantly lighter and more elegant concrete structures can be built in the future. Therefore numerous 
research projects are financed by the DFG within a total period of six years subdivided into two fund-
ing periods lasting three years each.   

The research project presented in this paper focuses on filigree rod-like structures built up of pre-
fabricated, shape optimized components (strut, tie and node) that are joined together modularly. With 
regard to weight reduction, load-bearing capacity and durability, the rods and nodes are made out of 
ultra-high performance concrete (UHPC) and are reinforced or tensioned exclusively with non-
metallic elements. The force-fitted connection of the members is ensured inside of a node, whose 
geometry is fitted to the local load paths. For an improved introduction and transfer of the tensile and 
compression forces of the rods, a multiaxial state of stress should be obtained by using an expansive 
high-performance mortar combined with a spatial, stiff confinement. Whereas the use of UHPC with 
its high compressive strength is obvious for the highly stressed struts, it is not apparent for the ties at 
the first glance. However by using UHPC a higher extensional stiffness of the uncracked tie can be 
obtained, which is with regard to serviceability of high relevance. In order to ensure this stiffness 
permanently, the ties are tensioned. 
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The priority programme started in summer 2011 and hence only a few results are already available. 
Because of that in the subsequent sections mainly the planned programme of work within the first 
funding period is presented. 

2 Work programme 
The focus of research within the first period is on the shape, the structural behaviour and on special 
details of the components strut and tie. Besides, connection possibilities of the rods are investigated 
theoretically and experimentally, fundamental mechanical considerations concerning shape and struc-
tural behaviour of the confined nodes are made and adequate preliminary tests on this topic are car-
ried out. 

2.1 Strut 

2.1.1 Theoretical investigations 
The main focus of the theoretical investigations is on the shape optimization of the strut. Slender 
confined solid cross-section at the ends of the strut and a middle section fitted to avoid a failure due to 
loss of stability (if applicable realized as hollow cross-section) are the basis for the optimization 
process, figure 1. Based on that, extensive numerical analyses are carried out with the main objective 
of approaching the two predominant failure criteria stability and bearing capacity. In this process, 
effects like time dependent material behaviour, multiaxial states of stress or changes of cross-section 
are taken into consideration. In order to be able to describe these effects properly, existing results of 
research projects (e.g. [1]) are used and effects that have not yet been sufficiently described are inves-
tigated by the experimental tests presented in the subsequent section. 

 

 

Fig. 1 Schematic sketch of a shape optimized strut 

2.1.2 Experimental programme 
In order to be able to describe the time dependent nonlinear behaviour of the highly stressed confined 
ends of the strut, creep test are carried out, figure 2. Due to the fact that the creep deformations of 
concretes are influenced by various parameters, such as the age of loading, the specimen size and the 
stress level, the relevant parameters with regard to this research project are varied in the experimental 
programme, table 1. In order to investigate the influence of longitudinal reinforcement and confine-
ment on the creep deformation, some tests with confinement and/or reinforcement are carried out. In 
addition to that, shrinkage tests with the same specimen diameters are performed in order to deter-
mine the creep deformations out of the total deformations. 

 

 
Fig. 2 Sketch of a creep test 
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Table 1 Creep experiments 

Diameter [mm] Length [mm] Stress level 
Longitudinal 
reinforcement 

Confinement 

75 225 0,30 / 0,60 / 0,70 yes / no yes / no 

100 300 0,30 / 0,60 / 0,70 yes / no yes / no 

 

Apart from these tests of particular details, component tests on struts are carried out to determine all 
influences of the manufacturing process and their effects on the structural behaviour. So far the 
scheme of the experimental programme includes the variation of the geometry of the specimens, of 
the ratio of moment to normal force and of the reinforcement arrangement, figure 3 and table 2. 

 

 
Fig. 3 Scheme of an interaction diagram and sketch of the component tests 

 

Table 2 Overview of the planned component test on struts 

Planned eccentricity  

(e = M/N) 
Type of strut Length of the strut Reinforcement 

e = 0 S / H l1 / l2 / l3 type 1 / type 2 

e > 0 S / H l1 / l2 / l3 type 1 / type 2 

 

It is planned to test three different strut lengths between 1,0 m and 3,5 m. The exact lengths and the 
exact cross section geometries that are finally tested are determined on the basis of the shape optimiz-
ing analyses mentioned in 2.1.1 and according to boundary conditions given due to manufacturing or 
testing. Comparatively short struts are presumably optimized and tested as rods with a solid cross-
section (S), whereas for longer struts a middle part with a hollow cross-section (H) is probably con-
sidered. In order to verify the influence of the reinforcement on the loading capacity, the component 
tests are carried out with two different reinforcement concepts (type 1 and type 2). 
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2.2 Tie 
The main objective concerning the tie is to develop a truss member, which remains uncracked in the 
serviceability limit state in order to prevent high deformations of the total structure due to a lack of 
stiffness of the components. Therefore the tie is pretensioned by single CFK-rods. The necessary 
amount of tendons and the dimensions of the tie are determined by theoretical investigations. In order 
to minimize the dimensions of the node, the dispersion lengths of the CFK-tendons should be as short 
as possible. The bond behaviour of these tendons mainly depends on the diameter and the surface 
conditions of the tendon. After a preselection of suitable CFK-tendons, pull-out tests according to 
Janovic [2] are carried out that, in contrast to usual pull-out tests, allow an investigation of the demo-
lition effect of the reinforcement. With regard to different thermal expansion coefficients of the con-
crete and the tendons, some of the pull-out tests are performed with an additional temperature stress, 
table 3. 

Table 3 Overview of the planned pull-out tests 

Type of the CFK-tendon Concrete cover Temperature 

A1 / A2 / A3 

c1 T0 

c2  T0 / T1 / T2 

c3 T0 

 

Based on the results of the pull-out tests a suitable type of CFK-tendon and a suitable concrete cover 
is chosen. Afterwards additional bond tests according to the DIBT-guideline [3] are carried out in 
order to determine the transmission length, table 4. 

Table 4 Overview of the planned tests for the determination of the transmission length 

Type of the CFK-tendon Concrete cover Temperature 

B c T0 / T1 / T2 

 

Besides, fundamental investigations on the anchorage possibilities of the ties are performed. Figure 4 
shows a scheme of the planned anchorage tests. Apart from the already mentioned multiaxial state of 
stress inside of the node, which is ensured by an expansive high-performance mortar combined with a 
spatial, stiff confinement, the surface of the tie is profiled for an improved transfer of the tensile force. 

 

 
Fig. 4 Scheme of the anchorage tests 
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Initially the anchorage tests will be carried out with two different surface profiles (C1 and C2), which 
are determined by theoretical considerations. Based on the results from these test additional test are 
performed using the more efficient surface profile (C), table 5. By variation of the temperature, the 
level of lateral compression and the specimen diameter, the influence of these parameters on the 
anchorage behaviour is investigated. 

Table 5 Overview of the planned anchorage tests 

Surface profile Specimen diameter Temperature Lateral compression 

C1 d1 T0 p1 

C2 d1 T0 p1 

C d1 / d2 T0 / T1 / T2 p1 / p2 

 

In the ultimate limit state the tie will have cracks transverse to the rod axis and therefore in certain 
cross-sections the complete tensile force has to be absorbed by the tendons. In order to investigate the 
nonlinear behaviour of the cracked ties, component tests are carried out and the stress-strain-diagram 
is determined. It is planned to vary the arrangement of the tendons, the diameter of the specimens and 
the temperature, table 6. 

Table 6 Component tests on ties 

Tendon arrangement Diameter of the tie Temperature 

D1 d1 / d2 T0 / T1 / T2 

D2 d1 / d2 T0 / T1 / T2 
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Abstract 
Lightweight concrete based on woodchips is a material with several characteristics which can be used 
on one site for load carrying structures when dense lightweight concrete matrixes are required and on 
the other side porous lightweight concrete matrixes can be realized for mechanical requests. Light-
weight woodchip concrete for bearing constructions can make a contribution to reduce the construc-
tion´s weight. Sufficient compression strength but a reduced elasticity modulus of this concrete re-
quires an application in composite constructions. Therefore an interesting aspect could be an applica-
tion in composite slabs. In the context of a research project at the University of Luxembourg compo-
site slabs with lightweight woodchip concrete are investigated. The results of the first static tests on 
small elements with various element heights and sheet thicknesses are presented.  

1 Introduction 
Lightweight concrete based on renewable products in constructive elements is able to reduce the self- 
weight of the construction. Although adequate compression strength of the woodchip concrete can be 
realized, the elastic modulus is, compared to other lightweight concrete with similar density class, 
lower, due to the renewable aggregates themselves. According to this, the renewable aggregates must 
be considered as imperfections in the concrete matrix. Thus, for designing constructive elements a 
composite partner becomes necessary. A relative young researcher’s field in the last years is the use 
of lightweight concrete in composite slabs [1]. New in this context is the application of a lightweight 
woodchip concrete. For this purpose, small composite slabs are made by using composite sheets with 
a re-entrant profile and additional embossments to increase the composite actions. These small ele-
ments are tested to obtain first information about the composite behaviour, the composite actions, the 
slippage, the deflections and the load bearing behaviour. These first results are used for the planning 
of representative composite slabs related to EC4 [2].  

2 Present research project 
A given lightweight woodchip concrete should be implemented in constructive elements, and finally a 
parameter study will be applied via the finite element method. A number of pilot tests with different 
mixtures are realized to determine an adequate slab system. The present used composite sheet is a re-
entrant profile with additional embossments. In this paper an interpretation of the results of small pilot 
tests will be presented.  

2.1 Dimensions of the elements and varied parameters 
The chosen composite sheet is kept constant for all elements while the sheet thickness and the height 
of the slabs are varied. The width and the lengths of the elements are constant as well as the span, see 
hereunto table 1. Additionally a required reinforcement related to EC 4 and EC 2 [3] is embedded. 
The variations of the parameters can be identified in the elements name. For example the slab name 
“4-120-1.25” describes: “4” the slab´s number, “120” the height in mm and “1.25” the sheet thickness 
in mm. In the following sections the presented names are used and in the context of a better identifi-
cation in the following figures, the different sheet thicknesses are coloured in black (1.25 mm) and 
grey (1.0 mm). 
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Table 1 Dimensions of the small slabs and sheet thickness  

height 
[mm] 
120 
160 
200 

length 
[mm] 
1100 
1100 
1100 

width 
[mm] 
450 
450 
450 

span 
[mm] 
900 
900 
900 

composite sheet 
SHR 51/150/ 

 
© Montana AG 

2011 

sheet thickness 
[mm] 

1.0/ 1.25 
1.0/ 1.25 
1.0/ 1.25 

2.2 Experimental set-up and measuring equipment 
The small composite elements are tested by a three point bending test via displacement control. In 
figure 1 the equipment is shown in a lateral view (left) and a top view (right). The deflections are 
measured via displacement transducers at three points. At the third points of the span, onto the con-
crete side, two measuring points are installed, and finally at the steel sheet side in the middle point of 
length. The strains are measured by strain gauges on the concrete and sheet surfaces. The relative 
displacements between the concrete and the sheet are measured above the sheet profile at the lateral  

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 1 (left) Lateral view, (right) Top view of the measuring equipment 

2.3 Material characteristics 
The material characteristics are defined according to DIN 12390 [4] and DIN 1048 [5], thereby the 
mixture should be conform to the requirements related to EC 4. In table 2 the material parameters of 
the here used concrete are listed, therein the minimum compression strength is not achieved. EC 4 as 
well as the accreditation requires minimal compression strength of LC20/22. The compacting of a 
lightweight concrete must be done in a careful manner [6]. At the one hand the freshly mixed concrete 
needs due to a low density more compacting energy or compacting time, but on the other hand local 
demixing occurs faster due to more compacting energy respectively compacting time. The compact-
ing of the elements and the specimen in the concrete forms are different. Thus, to compare the com-
pression strength of the default samples with the present strength of the elements, some core samples 
according to DIN 12504 [7] are tested. 

Table 2 Material characteristics 

Compression strength,        
cylinder, 28d 

13.1 [N/mm²] Compression strength,               
core sample, d˃ 90d 

13.3[N/mm²] 

Splitting tensile strength, 28d 1.55 [N/mm²] Bending tensile strength, 28d  2.8 [N/mm²] 
Elastic Modulus, 28d 5200 [N/mm²] Density class, oven-dry 1,2 
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3 Present test results 
A representative load-displacement diagram and the corresponding load-slippage diagram of two 
different tests are shown in figure 2. The elements were realized with a height of 200 mm. The black 
line represents a sheet thickness of 1.25 mm, while the grey line shows the behaviour for a sheet 
thickness of 1.0 mm. In both diagrams the y-axis describes the forces and the x-axis the deflection in 
the middle of the slab for the load displacement diagram as well as the relative displacement between 
the concrete and the steel sheet. For the bond behaviour diagram the influence of the height of the 
slab as well as the influence of the sheet thickness can be discussed. The ultimate load is higher when 
using a sheet with a thickness of 1.25 mm, but the beginning of slippage occurs earlier than for a sheet 
thickness of 1.0 mm, and this is representative for all conducted tests. All in all a ductile material 
behaviour can be observed by using a composite sheet with a re-entrant profile and additional em-
bossments [8], see also section 2.2. By regarding the bearing load and the slippage load, the bending 
behaviour is nearly the same for these presented slabs. Furthermore, in figure 2 (left) the influence of 
the neoprene support can be detected. Therein, the origin of the disturbance of the linear curvature 
(dashed line) can be explained with the application of an elastic neoprene stripe. 

 
 

 
 
 
 
 
 
 
 
 
 
 

Fig. 2 (left) Load displacement-diagram, (right) Bond behaviour 

3.1 Analysis of the results 
The results of the load bearing behaviour of all conducted tests are resumed in figure 3 (right), and 
therein the y-axis of the bar diagram represents the loading and the x-axis represents the different 
heights of the slabs. Furthermore, the different coloured bars represent the results for different sheet 
thicknesses. In this diagram it can be observed, that independent of the heights of the slabs, the bear-
ing load is increasing with the sheet thickness. In figure 3 (right), the y-axis represents the load at the 
beginning of slippage while the x-axis also describes the height of the slabs. In this illustration it can 
be seen that the slippage forces, for all varied element heights, are higher by using the thinner steel 
sheet of 1.0 mm. 

 
 

 
 
 
 
 
 
 
 
 
 

 

Fig. 3 (left) Load-bearing behaviour, (right) Load by beginning of slippage  
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3.2 Ductility criterion 
The ductility criterion related to EC 4 is fulfilled, when the loading after slippage, until the limit load 
F,max, can be increased about 10 percent: Fmax≥ 1.1*Fs. Thereby the slippage is defined with a relative 
displacement about 0.1mm. Although the dimensions of the elements are not comparable with slabs 
and the weak material characteristics are not conform to the standards, the ductility criterion is ful-
filled. In figure 4 the loading increment, from start of slippage till ultimate load, is shown. The duc-
tility criterion is fulfilled with an adequate reserve. The increase of the ultimate load due to an in-
crease of the steel thickness as well as the decrease of the slippage load due to an increased sheet 
thickness can be observed in figure 3. 
 
 
 
 
 
 
 
 
 
 
 
Fig. 4 Limit load compared with the slippage load 

3.3 Interpretation of the results 
To interpret the results, the composite action will be split into the mechanical and the frictional bond. 
First only the mechanical bond will be discussed. By reaching the slippage force, relative displace-
ments between the concrete and the sheet occur. The embossments can be regarded as barrier for the 
concrete which must be first overcome. In the contact zone of the embossment and the concrete, 
additional forces are developed, see figure 6 (left). Relative displacements leads to two possible reac-
tions: The concrete resists and the embossments get deformed, or the concrete get deformed while the 
embossments remain intact. The last case can occur when the compression strength is lower than a 
concrete C12/15 [9]. Although a LC12/13 is present, in these tests the concrete get deformed what can 
be explained by the low elasticity module. In figure 5 the relative displacement between the concrete 
and the steel sheet is shown. The left figure shows the intact embossments while the right figure 
pictured the deformed concrete surface at the contact zone. 

 

             Negative concrete mark 
 
 
             Grinding marks 
 
 
 
              Embossments 
 

Fig. 5 (left) Intact sheet embossments due to reduced elasticity module of the lightweight con-
crete formulation , (right) Grinding marks at the contact zone on the concrete site. 

The results in section 2.1 show that the forces, when slippage is activated, are higher for a sheet 
thickness of 1.0 mm as for a sheet thickness of 1.25 mm, see figure 3 (right). Therefore, with the 
present results it can be interpreted, that an increase of the sheet thickness does not lead necessarily to 
an increase of the mechanical bond due to the embossments. Consequently, the origin lies in the 
frictional bond. The frictional bond occurs when the transverse strain of the steel sheet is activated 
during the loading. Then, the re-entrant form get deformed and the concrete between the steel is 
clamped, see hereunto figure 6 (left). An adequate frictional bond due to frictional forces can only be 
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obtained, when the sheet stiffness is elastic enough and when the stiffness of the concrete is high 
enough [10]. The elastic module of the applied concrete is very low and in combination with a sheet 
thickness of 1.25 mm, the stiffness of the steel sheet will be increased. Consequential, adequate fric-
tional forces due to transverse strains between the sheet walls are not able to be developed in an ade-
quate manner. Therewith the frictional bond became the crucial point to increase the slippage load. 
 
 
 
 
 
 
 
 
Fig. 6 (left) Additional forces in the contact zone, (right) Frictional forces due to transverse 

strains resulting of the deformation of the sheet 

4 Crack pattern due to shrinking effects and loading 
Before the elements are tested crack pattern due to shrinking could be observed at nearly all elements. 
The corresponding height of these cracks had a maximal length of two third of the element height. 
Only these cracks opened while loading, hence the shrinking cracks have determined the crack pattern 
in this pilot tests. In figure 7 a representative load displacement diagram with the corresponding crack 
pattern is shown. While the cracks width increased the crack length also increased. In accordance 
with [1] only one crack pattern occurred after reaching the ultimate load and it is related to the longi-
tudinal cracks at the elements with a height of 120 mm. These cracks also started at the top of the re-
entrant steel sheet and continued up to the top of the element, see figure 8. No longitudinal cracks are 
developed at the elements with a height of 160 mm or 200 mm. 

 
 

 
 
 

 

 

 

 

 

Fig. 7 Crack pattern due to shrinking and crack evaluation due to loading 

 

 

 

 

 

 

 

Fig. 8 (left) Beginning of the longitudinal cracks at the top of the steel sheet, (right) To the top 
continued longitudinal cracks 
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The pilot tests are done via displacement control and after reaching the tensile strength of the con-
crete, the steel sheet is directly activated. However, no influence of the concrete´s crack forces can be 
obtained in the curvature of the load-time diagram. In figure 9 the corresponding load-time diagrams 
of the slabs with a height of 120, 160 and 200 mm are shown and a continuous curvature until the 
beginning of slippage can be seen. 

 

 

 
 

 

 

 

 

 

 

Fig. 9 Load-time diagram of the slabs with all present heights and the corresponding crack  
forces 

5 Conclusions 
By regarding the load bearing behavior and the composite action in these pilot tests, an application of 
lightweight woodchip concrete in composite slabs seems to be possible; however an improvement of 
the mixture to obtain more useful material characteristics becomes necessary. The influence of the 
height of the elements as well as the influence of the sheet thickness could be demonstrated in these 
test series. Recapitulatory, an increase of the ultimate load is caused with an increase of the sheet 
thickness as well as the height of the elements. Furthermore, due to an increase of the elements 
height, the beginning of slippage can be delayed. Though, the beginning of slippage has occurred 
earlier by using a thicker steel sheet due to the low elastic module of the lightweight woodchip con-
crete. This research results should be taken into account when designing a woodchip lightweight 
concrete in composite slabs, so the requirements related to the serviceability state due to slippage and 
deflection, can be a crucial point. A test series related to EN 1994-1, Annex B will start at the Univer-
sity of Luxembourg soon. With the standardised test set-up the design value of the longitudinal shear 
resistance will be determined [11].  
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Abstract 
Architects increasingly use free formed concrete units as design elements. Lightweight shell struc-
tures, for instance Florante Submarino in Valencia, are built up of a thin concrete membrane with 
variable inclinations. The pressure of fresh concrete is the most important load for the design of the 
formwork and has important effects on the construction costs. In Germany the calculation of the 
pressure on formwork has to be determined according to DIN 18218 [1]. The standard indicates rules 
for vertical forms and formwork with a maximum deviation of 5 degree to the vertical axis. Inclined 
formworks are analyzed and designed according to simplified models, which normally lead to an 
oversize of the formwork construction. 

This paper deals with the pressure of fresh concrete on inclined and curved formworks. The related 
research project “Entwicklung der Grundlagen zur Entwicklung adaptiver Schalungssysteme für frei 
geformte Betonbauteile“ (Basics for the development of adaptive formwork systems for free-formed 
concrete structures) belongs to the DFG Schwerpunktprogramm (SPP) 1542 (Priority Programme 
1542 of  the German Research Foundation): „Leicht bauen mit Beton“ (Light concrete structures). 
Extensive numeric investigations, based on a FE-model, are conducted. Further on the experimental 
setup for large-scale tests are shown, as well as the test program. 

1 Introduction 
Several engineering structures such as water-tanks as well as buildings with special architecture con-
sist of inclined concrete units with variable inclinations. For such structures the pressure on formwork 
is often determined according to conservative methods, such as fluid pressure. Standards like German 
DIN 18218 [1] or the French CIB-CEB-FIB Bulletin d’Information N° 115 [2] do not give explicit 
information for the determination of pressure of fresh concrete for inclined concrete members. Ast 
and Fröhlich [3] propose a simplified model for the fresh-concrete-pressure on inclined formwork 
based on the design load of DIN 18218. In the American ACI 347-04 [4] and the British CIRIA Re-
port 108 [5] special rules for the calculation of the uplift pressure on the inclined upper formwork are 
given. These regulations are based on the fluid pressure. 

The present load-models for the determination of the design-pressure of fresh concrete by inclined 
or curved formwork are relatively conservative. Hence, the formwork systems are not economically 
designed or concreting is unnecessarily slow. Both reasons lead to relatively high construction costs 
of such structures. One main target of the DFG SPP 1542 is to develop construction methods that 
allow lightweight concrete structures to be built easier and more often. In the project the concrete 
pressure on inclined and curved formwork will be analyzed in details. The obtained results can be 
used to develop new systems for such shaped concrete members. Therefore, the results of this project 
will support a simplified construction process of lightweight and aesthetically shaped concrete struc-
tures. 

In order to analyze fresh concrete pressure on formworks, currently a new numerical model is de-
veloped, based on the experiences of numerical modeling at the TU Darmstadt [6]. The already exist-
ing model is described in Chapter 2. The new model should consider the friction between the fresh 
concrete and the formwork by inclined and curved shapes. Another part of the research project in-
cludes full-scale tests on concrete walls with different inclinations. The pressures of the fresh concrete 
are measured with pressure sensors. The test procedure is described in Chapter 3. The results of the 
full-scale tests will be used to verify the numerical model. Further, extensive parametric studies are 
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planned. Finally, a simplified but realistic design model to calculate the pressure of fresh concrete on 
inclined and curved formwork will be developed. 

2 Numerical modeling and preliminary results 
At the TU Darmstadt a two-dimensional numerical model was already developed based on the finite 
element method. In this model the fresh concrete is modeled with plane elements. The entire fresh 
concrete consists of 16 layers with 16 plane elements. In the simulated installation of a new layer 
element the material parameters of the older layer elements are adjusted according to the time respec-
tive casting rate. The material behavior of the fresh concrete is regarded according to Mohr-Coulomb 
theory. This corresponds to a soil mechanics model and considers the internal friction angle . 

The different internal friction angles were calculated based on the ratio between the horizontal 
and vertical pressure measured in small-scale material tests and the approach of the active pressure in 
soil mechanics. The stiffness of the formwork is modeled with springs (k = 20,000 kN/m per m² of 
formwork). 

Connected to the springs, a continuous beam is modeled which has the stiffness of a 3 cm thick 
wooden board. The contact between fresh concrete and formwork is modeled with nonlinear contact 
springs. The contact springs can transmit normal and shear stresses but no tension. Figure 1 schemati-
cally shows the numerical model. 

 
Fig. 1 Numerical model 

The placing of the fresh concrete can be simulated in two different ways. The first possibility is the 
stepwise installation of all 16 plate layers. The material parameters will be adjusted according to the 
age of the single plane elements. The stress states from the previous calculation steps will be consid-
ered in the following step. The second way is the installation of all 16 layers at the same time. This 
case can be considered as a one-time step. Therefore, a stress state of a previous time step cannot be 
considered. The material parameters of the single plane elements are the same like the stepwise plac-
ing in the final state. The numerical model can calculate the pressure of fresh concrete on vertical 
formwork with and without friction between fresh concrete and formwork. Furthermore, the numeri-
cal model can calculate the pressure of fresh concrete on formworks which are inclined on one or 
both sides. In this case the simulation of friction between the fresh concrete and the formwork is not 
possible up to now. 

The updated model, which is currently being developed should be able to calculate inclined and 
curved formwork and should also consider the friction between the fresh concrete and the formwork. 
Beyond, the model should be able to simulate dynamic impact on the material properties. Furthermore 
the influence of the casting from below on the formwork pressure will be analyzed including the 
influence of the reinforcement.  
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3 Large scale tests 
For the large-scale tests two formwork systems will be built. Both formworks consist of two opposite 
formwork panels and have a width of 1.25 m. The thickness of the wall can be adjusted from 0.10 m 
to 0.50 m. One vertical formwork has a height of 3.50 m and the other formwork can be adjusted to 
different degrees of inclination. If the inclination angle  is 0°, the vertical height of the formwork is 
5.00 m. If the inclination  is 45°, the vertical height of the formwork is approx. 3.50 m. Figure 2 
shows the test formwork which can be used for different inclinations. 
 

 
Fig. 2 Test stand of the adjustable formwork for different inclinations. From left side: (1) Side 

view, (2) Section A-A: Front view with formwork; (3) Section B-B: Back view without 
formwork 

In order to measure the pressure distribution along the top and bottom panels of the formwork, 5 
pressure sensors are placed on each side. The reducing effect of friction between concrete and form-
work or reinforcement should be particularly investigated. Therefore, at the bottom of the formwork a 
pressure sensor will be placed. By subtracting the measured vertical load from the weight of the con-
crete, the friction between concrete and formwork panel or reinforcement can be determined. In all 
tests, the pressure is measured until the final setting time of the concrete occurs. The vibration of the 
fresh concrete changes the material properties significantly and can lead to an increase of the fresh 
concrete’s pressure. This influence will be also investigated. 

Table 1 shows the planned test series. Totally 10 test pairs are provided. The vertical formwork 
and the second inclined formwork are filled with concrete at the same time and with the same casting 
rate. The standard concrete has a consistency class F5 (flow-table-test) according to DIN EN 206-1. 
Investigated parameters are the following: 

 Inclination angle 
 Casting rate 
 Thickness 
 Final setting time 
 Consistency class 
 Reinforcement 

The tests will be conducted in the second and third quarter of 2012. In addition to the large-scale tests, 
the following properties of fresh concrete will be determined: 

 Spread in flow-table test, 
 Final setting time according to Vicat, setting-bag test and with an ultrasonic-meter 
 Relative yield stress and viscosity with rheometer BT2 
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Table 1 Overview of large-scale tests 

Test No. 
Consis-

tency class 
Casting 
rate v 

Inclination 
Wall 1 / 2 

Reinforce-
ment 

Thickness 
d 

Final set-
ting time tE 

Dim. [-] [m/h] [°] [-] [cm] [h] 

1 F5 2 0/45 Yes 20 7 

2 F5 2 0/22,5 Yes 20 7 

3 F5 4 0/22,5 Yes 20 7 

4 F5 4 0/45 Yes 20 7 

5 SCC 2 0/45 Yes 20 10 

6 F3 2 0/45 Yes 20 7 

7 F5 2 0/45 No 20 7 

8 F5 2 0/55 Yes 20 7 

9 F5 2 0/45 Yes 10 7 

10 F5 2 0/45 Yes 20 10 

4 Conclusions and Outlook 
Within the research project a realistic numeric model for the calculation of the fresh concrete’s pres-
sure on formwork will be developed. Parallel to the numerical analyses, the test setup and the pro-
gram for the full-scale test is defined. The results of the full-scale tests will be used to verify the 
numerical model. Based on intensive parametric studies, a realistic analytical model for the calcula-
tion of the pressure of fresh concrete on inclined and curved formworks will be elaborated and a 
proposal for a simplified design model proposed. 
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Abstract 
As a first step of the research project „Design and Optimization of Adhesive Joints for Plate and 
Sheet Structures of High Performance Concrete“, tension tests on micro reinforced specimens of HPC 
with different joint geometries were carried out. In addition reference tests with specimens without a 
joint were tested. As one possible manufacturing technique to realize the joint geometry, the water jet 
cutting technique was used. A reactive powder concrete (RPC) adhesive was used to glue the different 
parts together. In all tests the load bearing capacity is only limited by the tensile strength and the cross 
section of the reinforcement. The joints affect the load bearing capacity only in the way that the cross 
section of the reinforcement is reduced but not because of the low bond tensile strength of the adhe-
sive. Furthermore numerical calculations were carried out to investigate the stress distribution. 

1 Introduction 
„Form follows Force” is the motto of the „Schwerpunktprogramm 1542” called „Concrete Light. 
Future Concrete Structures Using Bionic, Mathematical and Engineering Formfinding Principles“. 
One aim, among other things, is the finding of constructions which are as filigree and material-saving 
as possible. To achieve this aim, shell structures are particularly well suited. Because of the reason 
that these structures can not be cast in one construction step, inevitably the question arises: how can 
single members be joined to an entire structure. As a possible solution of this problem, the use of 
adhesive joints as a method of a continuous connection can be applied. The drawback of adhesive 
joints of structural concrete elements is the relatively low adhesive strength of the near-surface con-
crete layers, assuming that the strength of the adhesive is sufficient. Because of this reason, the over-
all aim of this research project „Design and Optimization of Adhesive Joints for Plate and Sheet 
Structures of High Performance Concrete“ is the optimization of the adhesive joint geometry, in a 
way that the tensile stresses caused by the applied loads are reduced to a minimum. This optimization 
will be carried out in co-operation with the Fraunhofer ITWM (Institute for Industrial Mathematics). 
Depending on the different load cases, the joint geometry will be optimized by using a shape and 
topology optimization method with regard to the resulting stresses.  

As first experimental investigations, tension tests on specimens with three different joint geome-
tries (see Fig. 1) were carried out. The specimens were reinforced with micro steel meshes [1] and the 
joint geometry was cut out with the water jet cutting technique (see Fig. 2). First numerical calcula-
tions were carried out by the Fraunhofer ITWM to investigate the stress and strain distribution of 
these initial experiments. 

2 Specimens and test set-up 
All specimens for the tension tests were cast in one piece with a thickness of 30 mm, a width of 
144 mm and a length of 600 mm. All specimens were reinforced with ten layers of micro steel meshes 
(see Fig. 3) with a wire diameter of 1.0 mm and a grid spacing of 12.6 mm. 

335



9th fib International PhD Symposium in Civil Engineering 

   
Fig. 1 The three different joint geometries, a) geometry A: rectangular teeth, b) geometry B:

triangular teeth, c) geometry C: undercut geometry with pre-wetted surface 

For the manufacturing of the specimens, a fine-grained, self-compacting high performance concrete 
(HPC) was used (see Table 1). The mechanic properties of the concrete at 28 days were as follows: 
mean compressive strength fcm,cube = 140 N/mm², mean elastic modulus Ecm = 39,500 N/mm² and 
mean flexural tensile strength fctm,fl = 12.5 N/mm² (equivalent bending tensile strength 
fctm = 6.4 N/mm² [4]).  

  
Fig. 2 Detail of the surface of the teeth cut 
with the water jet technique 

Fig. 3 Formwork with micro steel mesh 
reinforcement 

Five days after concreting , the joint geometry was cut into the specimens by ultra-high pressure 
water jet technology. In this way, two parts which fitted well together were obtained. The concrete 
and the steel wires were both cut by water jetting. However the water jet seemed to be deflected by 
the wires. This can be noticed by the slightly widened cut at the bottom side (see Fig 2). For the di-
mensions of the joint geometry see Fig. 5. In order to compare three reference specimens were cast. 
The reference specimens were not cut into two pieces.  

The two parts of the specimens with joint were glued together again with a reactive powder con-
crete ( RPC) adhesive. The composition of the used cement based adhesive is similar to the composi-
tion developed by Zilch [2], [3] (see Table 2). Before applying the adhesive on the joint the concrete 
surface was pre-wetted. At all specimens, the thickness of the adhesive layer was 3 mm. The mechan-
ic properties of the adhesive at 28 days were as follows: mean compressive strength 
fcm,cube = 120 N/mm², and mean flexural tensile strength fctm,fl = 10.0 N/mm² (equivalent bending 
tensile strength fctm = 5.2 N/mm² [4]).  

Table 1 Composition of HPC Table 2 Composition of RPC adhesive 

 

For the tension tests a test set-up was developed (see Fig 4). At all tests the displacement was meas-
ured with three or four displacement transducers (see Fig. 4 and 5). The measuring length of the 
displacement transducers for the calculation of the strains can be found in Fig. 5. In some of the tests, 
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strain gauges (gauge length 10 mm) were placed on the teeth. All tests were carried out displacement 
controlled. The displacement rate up to the yield point was 0.1 mm/min. Afterwards it was 
1.0 mm/min.  

 

         
Fig. 4 a) Front view of the test set-up, b) Side view 

3 Test programme 
In this first experimental series tension tests on micro reinforced specimens with steel meshes were 
carried out. This is only one kind of reinforcement which is supported to investigate in this project. 
An alternative possibility is the use of thin steel bars. A well suited manufacturing technique was the 
water jet cutting method. Additionally, specimens with a cast joint geometry were produced. Howev-
er, this method was more time-consuming. These specimens have not been tested so far. Three basic 
types of joint geometries (see Fig. 5) were tested: a rectangular geometry (A), a triangular geometry 
(B) and an undercut geometry (C). As reference tests, specimens without joints were tested.  

 
 

Fig. 5 Dimensions of the examined joint geometries in [mm] and location of the displacement 
transducers 
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4 Test results 
In Fig. 6 the load-strain curves of the tests are shown. The mean values of the displacements of the 
three or four displacement transducers were converted into strains.  

The increase of load until the first crack was linear, for all tests. After the first crack, the stiffness 
decreases. In the reference tests the cracks developed along the whole length of the specimen. The 
crack spacing was nearly equal to the mesh spacing. At all specimens with joints, the first crack ap-
peared perpendicular to the load at one end of the joint area (see Fig. 7; ). The cracks run through 
the face surface of the teeth and the reinforced concrete cross section of the teeth. With increasing 
load, further cracks develop in the undisturbed area of the specimens. Within the joint area, no further 
cracks develop until the maximum load is reached. The maximum load in the reference tests was 
about 44 kN (see Table 3). The load is limited by the strength and cross section of the reinforcement. 
The load bearing capacity of all specimens with joints is limited by the reinforcement cross section at 
the ends of the joint areas, where the first cracks appear.  

For example, the weakened cross section of the undercut geometry is about 25 % compared to the 
undisturbed area. Therefore, the load bearing capacity is also nearly 25 % of the reference tests. In the 
tests with the triangular and rectangular geometry, the load bearing capacity of the remaining rein-
forced cross section is about 55 % and 30 %, respectively.  

Concluding the joint affects the load bearing capacity only in the way that the reinforced cross 
section is reduced. It is not reduced due to the low bond tensile strength of the adhesive.  
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Fig. 6 Load-strain curves of the tested specimens  
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Fig. 7 Typical crack pattern at the maximum load of the different joint geometries (A-C) 

Table 3 Maximum loads and tensile stresses at the first crack2 
Specimen Joint 

geometry 1
Maximum load  Maximum load        

(mean value)    
 Tensile stress at 

first crack 2   
 Tensile stress at first 
crack 2 (mean value)   

Fu  Fu,m σc,cr σc,cr,m

[kN] [kN] [N/mm²] [N/mm²]
Z1-1-01 44,98 4,17

Z1-1-02 45,20 2,45

Z1-1-03 43,68 4,05

Z1-3-01 14,11 2,72

Z1-3-02 14,52 2,53

Z1-3-03 15,91 2,57

Z1-3-04 14,06 2,35

Z1-4-01 24,31 2,94

Z1-4-02 21,31 2,91

Z1-4-03 22,01 2,74

Z1-4-04 26,54 2,76

Z1-5-01 11,71 1,95

Z1-5-02 10,70 1,29

Z1-5-03 12,53 2,10

Z1-5-04 11,57 1,58
1) see Fig. 5
2) stresses calculated with real concrete cross section  
  series Z1-2  not yet tested

A

B

C

44,62

14,65

23,54

11,63

3,56

2,54

2,84

1,73

no joint

 

5 Numerical Investigations 
Additionally to the tests, numerical calculations with the Finite-Element Software ABAQUS were 
undertaken by the Fraunhofer ITWM.  

For the simulation a linear material model was used for the adhesive layer as well as for the HPC 
with micro steel meshes. As elastic modulus 34,000 N/mm² was used for the RPC adhesive. For the 
composite material consisting of micro steel meshes and concrete, effective orthotropic elastic moduli 
were calculated by an numerical homogenization method (FFT-Solver for the Lippmann-Schwinger-
Equation). HPC and the reinforcement with the percentage of reinforcement according to the tests and 
an elastic modulus of 210,000 N/mm² were smeared. According to the tests an elastic modulus of 
36,000 N/mm² for the concrete was used. The calculated effective isotropic elastic modulus is 
39,000 N/mm². 

The joint geometries with the dimensions according to the tests, were modelled by using sym-
metry conditions. The model consists of three-dimensional hexahedron finite elements with an edge 
length of 1 mm. In preliminary examinations also tetrahedron elements were used. The mesh size was 
varied from 1 mm to 3 mm and the results were compared.  

 

 

 

 
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Fig. 8 Maximum principal stress distribution for the different joint geometries (A-C) at applied 
stress of 2 N/mm² 

Fig. 8 shows the distribution of the maximum principal stress at an applied stress of 2 N/mm² for the 
different joint geometries (A-C). 

Because of the linear material model and the small difference of the elastic moduli of the two ma-
terials, reinforced concrete and adhesive, there is only a small difference between highest and lowest 
stress value. The calculation shows that the stresses in the parts of the adhesive layer, which are paral-
lel or nearly parallel to the load direction, are lower than in the rest of the specimen.  

6 Conclusion and Outlook 
The undertaken tension tests were the first step of the research project. The load bearing capacity of 
the tests with the joints is lower than in the tests without joints. It is only limited by the cross section 
of the reinforcement. 

Due to this reason the reinforcement has to be improved in order to achieve a failure of the adhe-
sive. One possibility is to replace the micro steel meshes with steel bars. In the research project the 
influence of the surface preparation of the joints is aimed to be investigated. Furthermore the manu-
facturing technique should be varied as well as other load cases (bending, shear force) should be 
observed. Additionally to the RPC adhesive, an epoxy resin adhesive should be investigated 

The overall aim is the optimization of the adhesive joint geometry, in a way that the tensile stress-
es caused by the applied loads are reduced to a minimum. Finally design recommendations should be 
set up, based on the experimental and numerical investigations.  
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Abstract 
This DFG SPP 1542 project aims to combine new developments in the advanced material technology 
of Ultra-High-Performance-Concrete (UHPC) with the innovations in digital design and fabrication as 
CNC controlled mould production. The main goal is to develop innovative jointing systems regarding 
the specific properties of this new material. The research of the project is structured into two main 
mutually supplementing areas:  

The first phase and subject of this paper is the fundamental research and development of nodes for 
prefabricated spatial tubular frameworks; in particular the jointing system between the node and the 
tubular elements. The second phase will be the research on connecting principles of two-dimensional 
bended elements for shell structures.  

First steps taken for the fundamental research are: 

 Digital form finding process with Rhino 3D and Grashopper  
 Draft of a geometrical reference model of a prototype node of a spatial tubular framework  
 Coherent studies for suitable concrete and reinforcement strategies and mould technology 
 Study of stress distribution in the node with Ansys FEM calculations in association with the 

digital form finding process. The calculation is part of the development of a transferable digi-
tal process chain for force flow optimization testing and optimizing the CNC - controlled 
mould production 

 Construction of a 1:1 prototype node   

1 Introduction 
Architects and engineers of the modern like Luigi Nervi, Antonio Gaudi and Heinz Isler, created 
freeform architecture based on the self-adaptive material behaviour. In the further development of 
free-form architecture, purely computer-generated forms without regard to materiality where trans-
ferred into reality. This approach resulted in ambitious architectures but with very inefficient material 
use, high dead loads and therefore with no regard to any sustainability. Nowadays the need for sus-
tainable construction and the will to continue to create free-form systems requires a new appropriate 
approached regarding efficient material use. One possible approach is to generate a structural system 
based on a geometry, which uses the entire material capabilities and reduces dead loads to save the 
available resources. The combination of high performance materials such as UHPC with force opti-
mized structural systems is of a crucial importance for further resource-efficient designs. Based on 
optimized prototypes this research aims to create fundamental parameters for a new innovative plan-
ning and fabrication process based on UHPC. One of the overall goals is the development of applica-
tions for customized material effective freeform load-bearing structures made out of UHPC. While 
the production of UHPC members for these structures based on quality reasons required has to be 
prefabrication in factories, a modular system of members is required. The jointing of these prefabri-
cated members has to be inherent in this system and is therefore at the focus of this research project.  
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2 Digital Formfinding 
The architectural constructions built in the 1950’s by Pier Luigi Nervi can be seen as an early ap-
proach of freeform design based on the principle of “form follows force”. One of the outstanding 
projects was the „Palazzetto dello Sport“in Rome, built in the years 1956/1957. (Fig.2.1) Nervi trans-
formed the highly efficient and solid shell structure of the cupola to a network of Y- beams at the 
edge (Fig.2.2). Using standard concrete as the main building materials at that time provokes a ques-
tion. How could it be built more efficient in our times with UHPC and modern fabrication methods? 
Inspired by this geometry we designed the first reference nodes based on formal principles of the Y-
beams used by Nervi at the „small sport palace“. 

 

 
Figs. 2.1 and 2.2  Pier Luigi Nervi - small sport palace in Rome [1] 

In a first step the node was described by a sophisticated, geometrical model which was transferred in 
a parametrical script in Rhinoceros 3D (using Grasshopper). By adaption of directional vectors and 
variable section geometries, single nodes or arrays of different nodes (Fig.2.3) can be automatically 
generated. Jointing elements were variable generated by the chosen way of construction. To be easily 
adapted for the specific needs of the research process the script assembly was laid universal and 
highly modular. Components for the variable generation of surfaces, alternative jointing principles, 
more precise geometrical description, integrated FEM software, integrated evolutionary optimization 
processes and integrated fabrication controlling where already implemented in the script. 

 

 
Fig. 2.3  At the ITE designed parametric arrays of nodes  

The resulting node components can also be applied to complex networks, described by directional 
vectors. In this way not only single elements but also complex spatial structures can be generated 
automatically. Figs. 2.4 and 2.5 show examples of these complex spatial structures, as hexagonal 
systems with different Y- node systems.  

 

                      
 

Fig. 2.4 Spatial structure with Fig. 2.5 Spatial structure with  
tubular nodes                ruled surface nodes 
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At this point of the project, the consideration of precise force flow has not yet been part of the geo-
metrical optimization. At the current stage, the capabilities of the parametrical generation in the struc-
tural design are therefore not fully used. To get an efficient load bearing structure with optimized 
node geometries, the force effects have to be parametrically implemented in the geometrical design. 
An integrated fabrication process will then generate members as „serial unicums “. In this case, not 
the fabrication of the spatial form is repeated, it is the chain of processes itself. This vision can only 
be realized systematically and so the on-going research is focused on the production of a first single 
element where the fabrication processes are proven. 

3 Structural Detailing 

3.1 Geometrical Conditions 
A parametric model of the node was generated with Rhinoceros 3D that allowed the free setting of 
angle and diameter, giving the possibility to create node arrays as shown in Fig 3.1. This model was 
used to generate the geometric and structural design of a first prototype node, using simple setting of 
three times 120 ° - angles as shown in Fig. 3.2. The chosen settings were seen as favourable for the 
first FEM calculations and for the CNC controlled mould production, due to the resulting multiple 
symmetries. As defined in the pre-dimensioning requirements, the tubular members of the framework 
were designed out of UHPC pipes with a diameter of 100mm and a wall thickness of 15mm. Upon 
this and the requirement to be bending-stiff, the connections on the node sides where designed as an 
external sleeve with a wall thickness of 30mm and an insertion depth of 100mm. 

These requirements are close to the research of the interdepartmental working group the iBMB 
(also TU Braunschweig) "Ultra-lightweight concrete members inspired by bamboo” within the 
framework of the DFG SPP 1542 

 

                     

 
Fig. 3.1 Parametric node arrays with  Fig. 3.2 Prototype node with three 

different angles and diameters    times 120°angles  

3.2 Material Technology of UHPC 
To reduce the cross section and the weight of the construction elements, an ultra high performance 
fiber reinforced concrete (UHPFRC) with a compressive strength of 150 MPa is used. The high com-
pressive strength is reached by using high cement content, a low water/cement ratio and an optimized 
packing density of the aggregates. As the concrete is designed for thin elements, a maximum grain 
size of 2 mm is used. The ductility and the tensile strength are improved by an amount of 2.5 Vol-% 
steel fibers with a length of 9 mm and a diameter of 0.15 mm.  
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Table 1 Mixture for 1 m³ concrete 

UHPFRC type FK1-2.5 

cement CEM I 52,5 R kg/m³ 595 

quartz sand kg/m³ 1029 

quartz flour 1 kg/m³ 314 

quartz flour 2 kg/m³ 119 

silica fume kg/m³ 69 

steel fibers kg/m³ 192 

water kg/m³ 156 

super plasticizer kg/m³ 40 

w/c-ratio - 0.3 

slump flow cm 80 

A good workability of the fresh concrete is of crucial importance for the fabrication of thin elements. 
By using a moderate amount of silica fume and adding a super plasticizer, based upon polycarboxi-
latether, a nearly self-compacting consistence and a slump flow of 80 cm can be achieved. Table 1 
shows the used mixture for 1 m³ concrete, the mechanical properties of the hardened concrete after 28 
days are given in tab.2. 

Table 2 Mechanical properties of the hardened concrete after 28 days 

compressive strength fcc,28 MPa 150.7 

tensile strength fct,28 MPa 9.93 

static Young's modulus Ecc,28 MPa 46,700 

3.3 Pre-stressing System 
Although the performance of UHPC approaches steel under compression, the tensile strength of the 
used UHPC material is only about 6% of its compressive strength even under addition of steel fibers. 
Therefore, the allocation of reinforcement is essential to handle the tensile forces in order to achieve 
an optimized performance for lightweight components. For the reinforcement layout of nodes and 
tubular components, two different approaches are considered: 

Principle A is an internally enclosed reinforcement concept for every single node and tubular 
member, considering all load cases. Therefore, every element would require a separate reinforcement 
respectively an internal pre-stressing system in order to allow a force-fitted connection of the ele-
ments. 

Principle B is a force-fitted connection of nodes and tubular members realized by externally ap-
plied tension on the internally passing tendons. 

Beside the combination of UHPC with steel fibers, this externally applied tension has the advan-
tage that the UHPC in the node and particularly in the connection area is compressed. This allows 
taking advantage of the benefits of UHPC material under compression in an optimal way. 

Due to the advantages of the externally applied tension, with respect to the connection area / join-
ing points and the possibility to suppress tensile stresses resulting from moment loads, the design 
possibilities of Principle B were pursued in the further study. 
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Fig.3.3 Pre-stressing concept of the         Fig.3.4 Node concept transferred into 
created node                             a 3D Rhinoceros model  

Figure 3.3 shows schematically the pre-stressing concept of the created triple tension node, which has 
been transferred into a Rhinoceros 3D model as shown in figure 3.4. On closer examination, the 
tendon profiles (red line) in the 3D node model show a geometric problem. If the tendons on the 
inside of the node are laid out in a rectilinear way, (as in the concept) the tendons intersect in the 
centre of the node. To solve this geometric problem, two of the tendons are running curved around the 
third rectilinear running tendon. 

Although deviation forces occur inside the node due to the tension in the curved tendons, this ap-
proach is considered appropriate for the time being. The influence of the occurring deviation forces 
will be examined in more detail later. An alternative approach is the division of the tendons into pairs 
of rectilinear running tendons. This would require to be distributed to rectilinear tendon pairs over at 
least five layers in the cross section of the node resulting in technical problems for applying the ten-
sion. 

4 Numeric Analysis with FEM-Method  
The first evaluation of the stress distribution in the prototype nodes was performed with the software, 
Ansys' using the finite element method FEM. To facilitate the calculations analysis in the first in-
stance, the following simplifications where assumed. The entire node was assumed to be a solid body 
without voids and the nonlinear deformation behaviour regarding the occurrence of cracks was ne-
glected. Of primary interest was the distribution and visualization of stress in the selected node ge-
ometry. 

4.1 Input Parameter 
As described in the initial considerations, it is assumed that the node is bending resistant. The ex-
pected load were normal force, moment and a combination of normal force and moment as shown in 
Fig.4.1. 

The magnitude of the load was derived from the load bearing capacity of the connecting UHPC 
tubular members, but was increased to gain a sharp visual distinction of the significant stress gradi-
ents 

 
Fig.4.1  On prototype, node considered load cases 

The material parameters where provided by the iBMB institute of building materials of the TU 
Braunschweig which is the partner of the ITE in this research project. See also paragraph 3.2. The 
static Young's modulus was set to 46.7 [GPa]. The Poisson’s ratio was assumed to be 0.18. Based on 
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the assumption that UHPC has a linear elastic behaviour until the failure of the material, Ansys calcu-
lated the modulus of shear to be 19.92 [GPa] and the bulk modulus to be 2.45 [GPa] 

As described earlier the node was created in 3D with Rhinoceros 3D, imported to Ansys and 
meshed to approx. 50,000  tetrahedrons. 

4.2 Interpretation of results 
Based on the described approach a purely qualitative statement of the structural behaviour is possible. 
Fig 4.2 shows graphically the results for the main principal stresses in the node. 

 

 
Fig.4.2  Main principal stresses in the node based on considered load cases (red tension, blue 

compression) 

As expected, it can be seen that the stress due to bending moments was evidently higher than due to 
normal force. According to reinforced concrete design rules, it is necessary to have sufficient rein-
forcement in the location of the tensile force. To avoid this, the alternative is to use a pre-stressing 
system to suppress potential cracks in the tension area as already described. This would use the ad-
vantage of UHPC with its availability to suffer high compression force in a better way.  

Furthermore, Fig. 4.2 shows that under pure compressive axial forces a tension zone arises in the 
rounding of the node. This area is therefore only partly suitable for anchoring of a tendon profile. As 
an alternative, the tendon could run in a curve to the longitudinal axes to suppress this round area. A 
curved tendon profile, however, results in a deviation force, which would adversely affect the existing 
nodes in design. This shows that the presented node with its geometrical dimensions has a high opti-
mization potential especially in the tension zones. In the course of further research, a more accurate 
material model for the calculations with ANSYS will be elaborated and verified. Especially the be-
haviour of steel fibres such as the determination of cracks and notches will be in the focus of the 
research. 

5 Fabrication of a 1:1 prototyp joint 
A first prototype was developed in order to gather basic information about the digital production 
process as well as the general workflow of the fabrication of UHPC-elements. For this purpose, the 
digital model of the node (Fig 5.1) was first split and then transformed into two convex half shells 
that were embedded in a solid block (Fig 5.2). 

For the development of the final geometrical design of the mould, it is necessary to consider the 
accurate process of assembling the half shells as well as the following concreting of the actual node. 
Therefore, it is suggested to design the segments of the mould in the digital process in way that the 
real segment can be assembled accordingly to a puzzle. 

 

                           
 

Fig. 5.1 Digital 3D-model of                    Fig. 5.2 Digital model of the mould consisting   
Prototype-node                                    of two  convex half shell 
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Fig. 5.3 shows the retracted node and the CNC-milled mould segments, that consists of expanded 
polystyrene XPS 300-SF (material: 300kPa = 30 to/m2 compression strength at 10% compression 
strain and a coefficient of elasticity of 12 N/mm2 according to EN 826.) The chosen material can be 
CNC-milled in a precise way.  

Using a portal milling machine and an 8mm milling head, the cutting time of the first two milling 
sequences was about 6 hours. However, the operational hours can be reduced by choosing a bigger 
milling head and optimizing the integrated milling path. The surface was finally grinded manually 
and sealed with silicone gel. By this approach the surface is not glossy but absolutely watertight in 
order to prevent bleeding of the concrete. 
 

              
 

Fig. 5.3 Retracted prototype-node and elements of                    Fig. 5.4 built-in parts for  
the mould made from expanded polystyrene                         the connecting sleeves 

Afterwards the built-in parts for the connecting sleeves and tendons were adjusted to the mould, as 
shown in figure 5.4. The geometry of the tendons was realized by thermoforming the PVC ductwork 
(cf. 3.3). As shown in Fig. 6.1, the two shells of the mould were glued together using the silicone gel 
and then interlocked by all-thread rods. These were inserted through control holes that were congru-
ently milled in the two shells. The CNC-milled and in PVC pipes embedded placeholders of the con-
necting sleeves were screwed on closing plates made from acrylic glass. These packages were in-
serted in the shells and bolted together. 

Due to the results of the pre-tests executed by the iBMB that investigated the air removal of the 
selected UHPC type FK1-2.5, it was decided to cast the node in an upright position. Compared to the 
lying position, the horizontal areas are less, which allowed a better de-ventilation of the concrete.  

To concrete the node, the Concrete Laboratory of the iBMB prepared the UHPC mix, as described 
in Paragraph 3.2, and was poured into the mould as documented in fig 6.2. 

 

                              

 
Fig. 6.1 Prepared      Fig. 6.2 Filling the UHPC                 Fig. 6.3 Rising air bubbles 

mould 

In order to support the de-ventilation (Fig.6.3) of the concrete, the entire mould was shaked slightly 
for about 15 minutes. In contrast to the high frequency shaking used by standard concrete, a slower 
oscillation frequency of 2 Hz, as recommended in [2], was applied. Besides the accumulation of 
bubbles on the free surface, this treatment supported a proper de-ventilation of the UHPC and resulted 
in an almost pore-free surface on the entire node.  

6 Conclusions  
The fabrication of the first UHPC node as shown in Fig. 6.4 and Fig 6.5 makes no claim to deliver 
comprehensive research results, however it was possible to gain fundamental conclusions of the 
digital workflow and the general producibility. 
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Fig. 6.4 Complete UHPC           Fig. 6.5 Connecting sleeves with joined  

prototype node bearer 

By passing through the entire production chain, including the digital design of the node, CNC-milling 
of the mould and the concreting of the node, the upcoming problems showed the limits of the pro-
ducibility. Using a three-axes-CNC-mill, the team gained experience about concrete mould, in par-
ticular about the realization of complex undercuts and exact edges. These problems need to be inves-
tigated in more detail. The production in most instances depends on the radius of the milling head, the 
geometrical location of the shells and therefore on the segmentation of the individual elements of the 
mould. Based on these experiences we intend to rather use a 5-axes-CNC-mill for more complicated 
moulds.  

Based on the investigations described above, further research about the load bearing behaviour of 
the node elements are intended in order to optimize the form of the node according to the flow of 
forces. Besides the field of research concerning the production of the moulds and predictability of the 
node, the further investigations will focus on the interaction between the flow of forces and the inher-
ent geometry. Therefore, the digital model of the material UHPC will be refined and verified by tested 
samples. Additionally, the influence of the radius of chamfers in thin-walled beams made from UHPC 
will be tested with special interest in the bending tension strength. The results of this research will be 
used for finding the optimized form of the node and its connection members. 

Besides of the research on UHPC nodes itself, a further focus will be the investigation and basic 
evaluation of effective connections between UHPC nodes and the tubular members. Different princi-
ples of connecting, such as gluing and bracing or even the use of form-optimized built-in parts made 
of metal will be assessed. 
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Abstract 
The development of ultra-high performance concrete offers a variety of new possibilities. Provided 
with steel fibres, regular reinforcement is no longer necessary; this allows very thin elements with 
thicknesses of only 20 mm. Due to complex mixing, concreting and sealing procedures, prefabrication 
is necessary for constant high performance. These precast elements need to be assembled to structures 
on-site. Point connections are easy to handle and ensure a constant high capacity of the load transmis-
sion area, but lead to a concentration of stresses in the connection area. An integral element (called 
“implant”) for the introduction of high local loads was developed. This implant guarantees peak-free, 
homogeneous stress-fields and allows maximum utilization of the whole structural UHPC-member. 
Developed by analytical and numerical investigations, the load bearing behaviour could be finally 
verified by a series of experimental tests, which proved the high performance and efficiency of the 
load introduction. 

1 Introduction 

1.1 General 
Ultra-high performance concrete (UHPC) has the compressive strength of regular steel but only 1/3 of 
its specific weight; therefore it can be considered as a very efficient lightweight material. In addition 
to its low weight combined with the high compressive strength, UHPC has another key advantage: 
just as regular concrete it can be used to build structures in almost any shape and. Compared to regu-
lar concrete, the highly increased performance significantly extends the range of possible forms and 
constructions – such as thin-walled shells and spacial structures. As achieving a thickness of only 
20 mm is possible ([1]-[3]), UHPC is predestined as material for thin compression members.  

Specific requirements for the production of UHPC elements (ingredients, mixing and sealing pro-
cess [5], heightened attention during concreting) make prefabrication highly advisable. Only station-
ary production can make UHPC elements economic and therefore competitive. 

1.2 Connecting UHPC elements to structures  
Only individual components of a structure can be prefabricated, the structure itself still has to be 
assembled on-site. This leads necessarily to element connections that require special attention. For a 
discussion of possibilities to connect precast UHPC elements see [8], [9], [12]. There are two general 
ways of connecting precast elements that differ substantially from each other: continuous connections 
and point connections. In the context of the load path, continuous joints are optimal: stresses are 
transferred directly from one structural element to the other ([6], [7]). But, unfortunately, it is very 
difficult to produce continuous joints for UHPC elements in the required homogeneous quality.  

Only point connections meet the requirements of economic production, easy handling on-site and 
the future necessity of deconstruction – but they logically cause a concentration of stresses in the 
connection area which will govern the design of the UHPC element. Avoiding stress concentrations 
and completely eliminating the resulting stress peaks by a specially designed implant will prepare the 
ground for highly efficient and optimized UHPC structures.  

2 Implants for the introduction of high concentrated forces 

2.1 Basic principles for efficient load introduction  
At a certain distance from the point of load application, the compressive stresses reach an equal dis-
tribution [11]. The application of local forces thus creates singularities; these singularities cause 
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stresses in the area of load application that are much higher than in areas of homogeneous utilization. 
For an efficient structure, a homogeneous distribution of stresses is necessary in order to avoid stress 
peaks that may cause early failure [10]. Only such a homogeneous distribution of stresses allows an 
optimal utilization of the structural components: failure stress is reached at any point at the same time.  

2.2 Problem and solution statement  
Trying to reach maximum utilization in an unaffected area of the element leads inevitably to problems 
in the singularity area as there is no high margin for increased stresses. The compressive stresses at a 
minimum distance to the point of load application have to be almost constant. A thin UHPC-plate 
with a thickness of 20 mm, a width of the implant of 250 mm, a compressive strength of 180 N/mm² 
for the UHPC and a high utilization of more than 80 % of this strength are the boundary conditions 
for the implant development (see [12] for detailed information).  

The objective of connecting thin UHPC elements by implants demands a significant reduction of 
the cross-section in the connection point. The high compressive strength of UHPC together with the 
designated utmost utilization requires implant materials with a much greater strength than regular 
steel, i.e. high strength steel with a yield stress of almost 900 N/mm². 

The extreme utilization of the precast element generates tensile stresses orthogonal to the com-
pressive trajectories which already exceed the tensile strength of UHPC at only 14 % of the required 
load. The implant has to carry not only these tensile stresses by suitable tension elements adhering to 
the directions of the principle tensile stresses, but also the compressive stresses. The best solution for 
the latter is an adaptation of the saw-tooth-connections developed for normal strength concrete [11] to 
the needs of UHPC and the special requirements of the implant. The interlocking component (fig. 1) 
is of major influence for the homogenization of stresses ([10], [12]). Therefore, the stiffness of the 
interlocking component was investigated in detail [12]; these investigations identified a linear de-
creasing stiffness and a reduced modulus of elasticity by the use of titanium alloys as the optimum 
with regard to the homogenization of stresses. Fig. 1 shows and names the implant components sche-
matically. 

interlocking component

steel plate of
tension element

fins

cover plate

tension element fixing

hole

  
 (a)      (b) 
Fig. 1:  Implant components and integration into UHPC plate   

a) schematic illustration and names;  b) visualisation of implant in UHPC plate  

2.3 Load bearing behaviour of implants  
The implant developed by numerical, analytical and conceptual investigations [12] bases on the fol-
lowing material properties: 

- implant: high strength steel, strength 890 MPa, Youngs modulus 210 GPa  
- interlocking component: titanium alloy, strength 1.000 MPa, Youngs modulus 110 GPa 
- UHPC-plate: strength 180 MPa (compression), 10,6 MPa (tension), Youngs modulus 55 GPa 

Fig. 2 opposes the normalised stress distributions for one symmetric half of the UHPC plate with 
different materials for the interlocking component, as identified by numerical investigations. Obvi-
ously, the discrepancy to the ideal homogeneous stress distribution is only half as big for interlocking 
components made of titanium than for those made of steel. As failure always starts in the maximal 
stressed area, the use of interlocking titanium components will finally allow higher utilization of the 
whole structural UHPC member.  

Based on finite element analysis the maximum load for a steel implant with interlocking titanium 
components is 749 kN, compared to only 603 kN when using steel also for the interlocking compo-
nents.  
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Fig. 2:  Normalised stress distribution at 220 mm from point of load application 

3 Test series for verification 

3.1 Basics and objective  
In order to verify the analytical and numerical investigations a first test series with 6 specimens was 
carried out. The test specimens were thin UHPC plates; for the first test series 3 specimens were 
provided with implants, 3 were produced without, in order to obtain reference values for the efficien-
cy of the load introduction with implants. The most important objective of the first series was to 
validate the manufacturing processes in general (implant and thin UHPC plates) and to confirm the 
consistency of the theoretical investigations with the test results.  

A further test series with more comprehensive measuring instrumentation is currently being car-
ried out in order to validate also the distribution and flow of forces influenced by the implant. 

3.2 Assembly of the implants  
The individual parts of the implant were cut out of steel plates by high pressure water jet. The fins 
(fig. 3b) are placed in the appropriate cut-outs in the tension element (fig. 3a) and welded. After-
wards, the tension elements provided with the fins are welded to the tension element fixing (fig. 3c); 
during this process, welding distortion has to be minimized by an appropriate welding sequence and 
careful handling. The interlocking components are positioned and fixed during concreting by instant 
adhesives (fig. 3c+d). Eventually (set in UHPC and subjected to compressive forces) they are kept in 
place by the compressive forces. The materials of the individual parts are shown in table 1. 

       
 (a) (b) (c) (d) 
Fig. 3:  Single components of an implant (schematically): a) tension element;  b) fins;  c) tension 

element fixing & interlocking components; d) implant ready for concreting 

Table 1: Materials & dimensions of the implant components 

implant component material strength thickness 

tension element high strength steel “Optim 900 QC” 900 MPa 2,5 mm 

fins high strength steel “Optim 900 QC” 960 MPa 4 mm 

tension element fixing high strength steel “Dillimax 890 T” 890 MPa 20 mm 

interlocking component titanium AL6V4 900 MPa 8 mm 

Interlocking com-
ponent: 

351



9th fib International PhD Symposium in Civil Engineering 

3.3 Manufacturing of the test specimens  
The UHPC used for the test specimens was Ductal® FM with a steel fibre content of 2 Vol.-%. The 
mechanical properties for the material of this series of specimens were identified on reference blocks 
and resulted in the following average values: 

- Compressive strength: 206,3 N/mm² 
- Modulus of elasticity: 59.771 N/mm² 

The specimens with the dimensions of 600 mm x 420 mm x 20 mm were concreted in a formwork for 
6 plates (fig. 4a). Approximately 20 hours after concreting the specimens were struck and put into 
water quench for 48 hours at 94°C. Finally the UHPC plates were cut orthogonally and abraded at the 
edge opposite to the implant. This edge defines the contact area of the UHPC plate with the test stand 
in the following compressive test.  

             
 (a) (b) (c) (d) 
Fig. 4:  Framework, concreting & striking   

a) concreting rig;  b) & c) implant in framework; d) implant in UHPC plate after striking  

3.4 Compressive tests 
The UHPC plates were prepared as described and afterwards loaded until failure. To prevent early 
collapse due to buckling, the thin plates were put into a steel test frame, where screws at certain points 
avoid out-of-plane deflections (see fig. 5a). Friction effects at those points were prevented by the use 
of PTFE pads fixed on the screws and plates. 

The compressive tests were carried out on 6 test specimens (3 with implants, 3 without). The 
press was controlled by displacement at a speed of 0,05 mm per minute. All specimens experienced 
the initial crack at a press load of 150 to 250 kN in longitudinal direction in the middle of the UHPC 
plate. In the further test procedure, the specimens provided with implants showed additional analogue 
cracks in front of the area influenced by the implant. These cracks had no influence on the load-
bearing behaviour; the cracks were hardly visible to the naked eye, so the crack-width did not exceed 
0,1 mm.  

Table 2: Ultimate load of specimens 

specimen type failure load stress* 

C1-1 without implant 301 kN 334 N/mm² 

C1-2 with implant 664 kN 738 N/mm² 

C1-3 without implant 266 kN 295 N/mm² 

C1-4 with implant 622 kN 691 N/mm² 

C1-5 without implant 197 kN 219 N/mm² 

C1-6 with implant 629 kN 699 N/mm² 
*) compressive stress at the point of load introduction 

Specimen C1-6 showed exactly the load bearing behaviour observed in the numerical investigations: 
cracks occur in the direction of the compressive trajectories along the interlocking component, fol-
lowed by concrete spalling until the failure load is reached (fig. 5b). The test specimens C1-4 and C1-
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2 showed an initial crack starting at the tip of the implant with a marginal crack width widening in 
further test procedure (fig. 5c), probably due to tolerances in implant production. These tolerances 
may have caused a load concentration on the tip of the implant resulting in orthogonal tensile stresses 
exceeding the tensile strength of UHPC. For the next series of specimens these tolerances are reduced 
significantly.  

        
 

 (a)  (b) (c) 
Fig. 5:  Test stand & failure pattern: a) testing facility;  b) specimen C1-6;  c) specimen C1-4 

The load displacement diagram in fig. 6 demonstrates impressively the effectiveness of the implant: 
with the implant the maximum load is 3 times higher than without the implant (table 2) and the ductil-
ity has also greatly increased as shown clearly by the pronounced progression of the curve after fail-
ure. Since UHPC is a brittle material, the increased ductility is of major importance because it may 
offer the possibility to reduce the steel fibre content and thus improve the total energy balance of 
UHPC. Another important advantage of the implant shows the comparison of the maximum loads in 
table 2: the deviation of the maximum loads reached for the specimens with implants is only 4 % 
from the average value, whereas it is almost 23 % for the specimens without implants. 
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Fig. 6:  Load-displacement-diagram: C1-6 with implant; C1-5 without implant 

By looking at specimen C1-2 it is obvious that the stresses transferred in the point of load introduc-
tion are 3,6 times greater than the already high compressive strength of UHPC (table 2). Compared to 
the numerical investigations, the maximum loads reached are 11 – 17 % lower. The most probable 
reason for this effect is some small production tolerances; for the next series of specimens these toler-
ances are already reduced as much as possible.  
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4 Conclusion & acknowledgement 
The implant developed – based on conceptual, numerical and analytical investigations – reaches a 
homogenization of stresses in the area of load introduction. This homogenization increases the load 
bearing capacity of the load introduction area provided with implants significantly and allows to reach 
very high ultimate loads while at the same time reducing variation.  

The test series verifies the applicability of the implant and the possible high ultimate loads. The 
homogenization of the load transfer by the adjusted stiffness of the load-inducing components is 
verified indirectly by the estimated effects. Another additional series of tests using numerous strain 
gauges is being carried out at the moment and will further analyse this effect. 

The high concentration of stresses in the connection points provided with implants allow efficient 
structures made of thin UHPC members. In addition to the economic and competitive application of 
UHPC implants will allow to use the enormous potential of the high performance material. 

The authors would like to thank the Lafarge Company, Paris (France), for the extraordinary and 
great support of the research in the field of UHPC at ILEK. 
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Abstract 
The ambition of this study is the development of innovative composite structures made of steel-fiber 
reinforced Ultra-High Performance Concrete (UHPC) and Fiber-Reinforced Polymers (FRP). The 
new composite construction method is characterized by low self-weight, high durability and simplici-
ty, and could represent a robust alternative to prefabricated steel, timber or normal concrete elements. 
Within the study, two different types of composite structures are investigated: composite structures 
consisting of UHPC and structural profiles made of Glassfiber-Reinforced Polymers (GFRP), as well 
as UHPC structures with reinforcement made of Carbonfiber-Reinforced Polymer (CFRP) lamellae. 
For evaluation of feasibility, a comprehensive theoretical and experimental research into the bond and 
bending behavior of UHPC-FRP composites is carried out and several structural building applications 
like beams, shells and façade elements are investigated. 

1 Introduction of Materials 
The use of UHPC in structural design is a relatively new trend and started at the end of the 1980th in 
Canada and France. Its structural behavior is currently being scientifically tested all over the world in 
combination with different kinds of reinforcement. The enormous compressive strength and the excel-
lent bond properties allow the design of extremely slim and filigree structures comparable with steel 
constructions, as well as the use of high strength reinforcement. However, the combination of UHPC 
and FRP, which are characterized by outstanding tensile strengths, has not intensively been investi-
gated in science up to now. 

FRP are also rather new materials in building industry and mainly used for tension cables, post 
strengthening of constructions and reinforcement in aggressive environments. Structural FRP prod-
ucts are manufactured in a pultrusion process, which ensures high fiber content and constant quality. 
They represent a corrosion resistant and light alternative to steel components and the standard product 
range covers all kinds of profiles like angels, tubes and double-t beams. 

1.1 Ultra-High Performance Concrete 
UHPC is characterized by compressive strengths up to over 200 N/mm², high resistance against envi-
ronmental influences and great freedom in geometric shape due to its good flow and self-compacting 
properties. The superior performance is realized by low water-cement ratio, optimization of grain 
mixture and heat treatment after solidification. Unfortunately, elastic modulus and tensile strength do 
not increase at the same rate as compressive strength and the material becomes increasingly brittle. 
Furthermore, the material shows growing linear stress-strain behavior until material failure and a 
steeply falling working line after concrete cracking (see Table 1) [1]. 
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Table 1 Mechanical properties of normal concrete C 25/30 [2] and UHPC with 2.5 vol.-% steel 
fibers [3] 

Characteristic values C 25 /30 UHPC 

Specific weight [kN/m³] 25 25 

Elastic modulus [N/mm²] 31,000 46,000 

Compressive strength [N/mm²] 25 200 

Breaking strain [‰] 3.5 4.8 

Tensile strength [N/mm²] 2.6 10 

Coefficient of thermal expansion [10-6/K] 10 11 

For improvement of mechanical properties, UHPC is usually reinforced with short steel fibers. They 
do not have a significant influence on mechanical properties of non-cracked concrete, but with in-
creasing crack formation, the structural behavior is positively influenced: they improve the flexural 
strength by transferring tensile forces over the crack and prevent the explosive failure mode under 
compression, which is typical for high strength concrete without fibers [1]. 

1.2 Fiber-Reinforced Polymers 
FRP are composite materials that consist of fibers and polymer matrix. They have a distinctively 
orthotropic behavior, in which the fibers control the mechanical properties in fiber direction and the 
matrix normal to. The matrix fixes the fibers in space and introduces loads, the fibers have the func-
tion to transfer loads in span direction. 

Glass- and carbon-fibers are most widespread among all FRP. They have high tension and com-
pressive strength and high breaking elongation. Glass-fibers are furthermore incombustible and have 
good resistance to chemical and biological aggressions. Their weakness is the low elastic modulus. 
Carbon-fibers have even more outstanding mechanical properties, but are enormously expensive as 
well (see Table 2). The matrix is commonly made of unsaturated polyester, vinyl ester or epoxy res-
ins. Polyester and vinyl ester are cheaper than epoxy, however, they do have lower strength properties 
[4]. 

Table 2 Mechanical properties of different materials [5], [6], [7] 

Characteristic values Steel S 235 JR5 GFRP pultruded6 CFRP rebar7 

Specific weight [kN/m³] 78.5 2.1 1.6 

Elastic modulus [N/mm²] 210,000 41,000 165,000 

Tension strength [N/mm²] 360 620 3.100 

Breaking strain [%] 26 1.6 1.7 

Coefficient of thermal expansion [10-6/K] 11.7 6.7 0.7 

Thermal conductivity [W/mK] 50 0,25 - 

2 Problem Definition & Aim of the Study 
The fundamental problem with using UHPC as a structural member is the handling of its low tensile 
strength and the utilization of its enormous compressive strength. In accordance with normal con-
crete, there are actually three ways to deal with tensile stresses: reinforcing the tensile stressed areas, 
pre-stressing the construction to suppress tensile stresses or choosing a construction with low bending 
stresses and/or improving concrete´s tensile strength by using special types of cement. 

In this study, the first approach is followed, by reinforcing the UHPC with FRP. The reason be-
hind the decision is that this method is technically simple and does not have a strong influence on the 
structure´s form. The aim of this study is the development of efficient UHPC-FRP composite struc-
tures with a balanced ratio between compressive and tensile strength, which are able to utilize the 
high resistance of both materials, as shown in Figure 1. 
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Fig. 1 Qualitative stress-strain relationship of UHPC with different kinds of reinforcement under 
centric tensile and compressive load [3] 

3 Why UHPC and FRP 
Within this study, two different types of composite structures are investigated: composite structures 
made of UHPC and GFRP structural profiles, and UHPC structures with reinforcement made of 
CFRP lamellae. Since GFRP are rather cost efficient, they can be applied to composite structures 
intensively in form of structural profiles. CFRP, however, are more cost intensive and therefore must 
be used very economically in form of thin lamellae. In both cases, the material combination appears 
useful for several reasons: 

 Due to the good bond properties of UHPC, shear force transmission between UHPC and FRP 
is solely done by friction and adhesion, which is improved by roughening the FRP-surface. 
No additional mechanical joining means are required. 

 The compact UHPC protects the FRP components against harmful environmental influences 
and improves the fire resistance. FRP has the advantage of being corrosion resistant compared 
to steel. 

 By using closed FRP profiles, hollow parts for weight reduction can be realized easily. Light 
constructions with big static height provide benefits for wide spanned constructions, since 
UHPC´s elastic modulus is rather low compared to its compression strength. 

 The flexible fabrication of varying FRP cross sections and the free formability of UHPC al-
low the realization of customized and statically optimized structures. 

 The joining of FRP components is rather problematic because of its low strength normal to fi-
ber direction. By the combining FRP with UHPC, new alternatives for the introduction of sin-
gle loads become possible. 

4 Building Applications 
In the following chapter, different building applications are investigated, which seem to be particular-
ly appropriate for UHPC-FRP composite structures. Up to now, UHPC applications in architecture 
are rather rare and limited to columns, pre-stressed structures and non-load bearing façade applica-
tions without considerable tensile stresses. By the approach of reinforcing UHPC with FRP, new 
opportunities in design are provided, and the high performance of both materials is better utilized. 

4.1 Free Formed Shell Constructions 
Free formed shell structures appear frequently in contemporary architecture and are usually realized 
with steel grids. Prefabricated thin UHPC elements could represent an interesting alternative, since 
the material can be poured into almost any form without energy intensive processes (see Figure 2). 
Centric reinforcement made of CFRP-lamellae increases the load capacity without enlarging the 
material thickness and can be bent into curved formwork easily due to its low bending stiffness. Fur-
thermore, centric CFRP reinforcement might be able to reduce or completely substitute the UHPC´s 
steel fibers, whose alignment is difficult to control. 
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Fig. 2 Prefabricated UHPC learning pavilion at the campus of the TU Graz – student work by 

Stephanie Jordan, Nikolaus Pfusterschmied and Felix Zmölnig 

4.2 Slim/Light Prefabricated Concrete Elements 
Uniaxial spanned elements made of UHPC and GFRP-profiles are another promising application (see 
Figure 3). The GFRP functions as reinforcement and lost formwork at the same time and enables the 
production of efficient and light structural elements. For the manufacturing of non-standardized 
GFRP cross sections, available profiles can be joined together with glue. The conglutination is rela-
tively simple, since the adhesive gap runs parallel to fiber direction and solely transfers shear forces. 

The developed composite elements can be used for beam structures and columns as well. Compres-
sive forces are absorbed by the UHPC cover, tension forces as a result of bending loads and buckling 
problems by the GFRP. 
 
 

 
 
 
 
 
 
 
 

 
 
 
Fig. 3 Left: Quadratic hollow profile made of UHPC and GFRP tube elements – student work by 

Philipp Kramer and Mathias Schmid; Right: Light floor element made of UHPC and 
GFRP tube elements – student work by Magdalena Lang and Romana Streitwieser 

4.3 Façade Application 
Another promising application of UHPC-FRP composites are light façade elements, which consist of 
thin UHPC plates and a thermally insulated core. By frictional connection of plates and insulation, 
sandwich elements with high degree of stiffness and stability can be realized. High quality concrete 
plates enable architecturally demanding surface design and coloration, the good thermal insulting 
properties of GFRP can be utilized to avoid heat bridges. 

5 Feasibility Studies 
For evaluation of the intended applications´ feasibility, a comprehensive research into the bond and 
bending behavior of UHPC-FRP composites was carried out and is still running. In the following, the 
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results of a pull-out test series with UHPC and CFRP-lamellae, and the results of a bending test series 
using thin UHPC-plates with centric CFRP-lamellae are presented. 

5.1 Bond behavior 
The described pull-out tests were carried out in October 2011 at the Laboratory for Structural Engi-
neering at the University of Technology Graz (see Figure 4). The research target was to explore the 
bond behavior of UHPC and FRP in principle, and to find out the influences of surface roughening. 
The tests were carried in accordance to RILEM Recommendations [8]. 

The concrete cubes had dimensions of 20x20x20 cm and were manufactured with Ceracem, a 
UHPC premix developed by the companies Sika and Eiffage, which has maximum aggregate grain 
size of 7.0 mm and a steel fiber content of 2.0 vol.-%. [9]. The test objects were stripped after 24 
hours and stored in the laboratory for at least 28 days without water storage or thermal after treatment. 
The CFRP-lamellae Carbodur S1014 (see Table 2) were used as reinforcement elements and were cut 
to cross sections of 15 mm x 1.4 mm. 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
Fig. 4 Experiment setup of the performed pull-out tests 

 
 
 
 
 
 

Fig. 5 Investigated surface characteristics: smooth, fine sanded and coarsely sanded lamellae 

The tests were carried out with three varyingly rough lamellae surfaces: smooth (test series 1), fine 
sanded (test series 2) and coarsely sanded (test series 3), as shown in Figure 5. The smooth lamellae 
did not have any after-treatment, whereas the surface of the fine and coarsely sanded lamellae was 
manually coated with Sikafloor-156, a 2-component epoxy resin, and covered with quartz sand, which 
had maximal grain size of 0.8 mm. The fine sanded variant had an approximate resin thickness of 0.1 
mm and the surface was only partially covered with sand grains. The coarsely sanded lamellae had an 
approximate resin thickness of 0.4 mm and the surface was fully covered with sand grains.  

Table 3 and Figure 6 show that fine sanded surface (test series 1) achieved the best bond strength 
results by far with an average maximum bond stress of 8.30 N/mm². The smooth and coarsely sanded 
surface achieved an average of 2.51 N/mm² (test series 1) and 1.99 N/mm² (test series 3), which 
demonstrates that the surface roughening does not necessarily lead to bond strength improvement. 
The coefficient of variation, a measure of results´ dispersion, was 0.32 for smooth, 0.08 for fine sand-
ed and 0.27 for coarsely sanded surface. Consequently, the fine sanded lamellae also achieved the 
lowest dispersion. 

The test series 1 with fine sanded lamellae reached a maximum pull-out force of approximately 
20 kN with a bond length of 8 cm. On the assumption, that the maximum chargeable bond stress re-

a 
b 

c 
d 

a….part of lamella with slip measuring  
       instrument (5 cm) 

b….adhesion length (8 cm) 

c….free length (12 cm) 

d….part of lamella, where the tension force  
       acts (30 cm) 

1.5 cm 

1….CFRP-lamella Carbodur® S1014 

2….UHPC 

3….silicone sealing 

4….cladding tube Ø 2.5 cm 

quartz sand ≤ 0.8 mm 

epoxy resin d = 0.4 mm

CFRP-lamella d = 1.4 mm 

CFRP-lamella d = 1.4 mm epoxy resin d = 0.1 mm 

CFRP-lamella d = 1.4 mm 

quartz sand ≤ 0.8 mm 
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mains constant when the bond length is enlarged, the projected anchorage length of the investigated 
CFRP lamellae is 25 cm. 

Table 3 Mean values and coefficients of variation (COV) of maximum bond stress max and corre-
sponding slip smax 

Type of outer 
surface 

Number 
of tests 

max 

(MPa) 
COV smax 

(mm) 
COV 

Test series 1 3 2.51 0.32 0.08 1.35 

Test series 2 3 8.30 0.08 0.04 0.12 

Test series 3 3 1.99 0.27 0.27 0.35 
 
 

 
 

 
 
 
 
 
 
 
 

 

 
Fig. 6 Bond stress-slip relationship of test series 1-3 

5.2 Bending Behavior 
For the investigation of principle bending behavior of thin walled UHPC plates with steel-fibers and 
centric CFRP lamellae, 4-point bending tests were carried out in February 2012 at the Laboratory for 
Structural Engineering. The plate elements had a thickness of 2.5 cm and spanned a length of 60 cm 
(see Figure 7). The CFRP surface was roughened with fine sand, as described chapter 5.1. 
 
 

 
 
 
 
 

Fig. 7 Left: Cross section of the UHPC plate used for test series 1; Right: Experiment setup for 
the 4-point bending test 

In order to get comparison values, the tests were carried out with two different types of reinforce-
ment: UHPC plates with steel fibers and 3 centric CFRP-lamellae (test series 1), and UHPC plates 
with steel fiber reinforcement only (test series 2). The test´s intention was to investigate the influence 
of centric CFRP-reinforcement on stiffness, crack formation and maximum load capacity of thin 
UHPC plates. 

The used UHPC had a maximum aggregate grain size of 5.0 mm, 1.0 vol.-% steel fiber content 
and a water/cement-ratio of 0.285. The target compression strength was 160 N/mm². The plates were 
stripped after 24 hours and stored in the laboratory for at least 28 days without water storage or ther-
mal after treatment. 

Figure 8 and Table 4 show that UHPC plates with centric CFRP reinforcement (test series 1) had 
an almost 8 times higher breaking load than those without (test series 2). Consequently, the rein-
forcement causes a significant increase of load bearing capacity. The bending stiffness EJI in the non-
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cracked condition was 150,000 (test series 1) and 120,000 kNcm² (test series 2), the concrete cracked 
at a moment of 35 kNcm (test series 1) and 31 kNcm (test series 2). Thus, the centric CFRP rein-
forcement did not in-crease bending stiffness in non-cracked condition and crack moment substantial-
ly. 

The bending stiffness in the cracked conditions EJII was 41,000 kNcm², which is approximately 
27% of the bending stiffness in the non-cracked condition. The theoretically determined bending 
stiffness in the cracked condition without taking account of tension stiffening effect and fiber rein-
forcement is 12,000 kNcm², which is 3.4 times lower than the experimentally determined value. 
Hence, the good bond properties between CFRP and UHPC and the steel fiber reinforcement do have 
a remarkable influence on bending stiffness of the investigated plate. 

In test series 1, the average crack distance on the underside of the plate was approximately 3.0 
cm. This value also confirms the good bond properties, which were described in chapter 5.1. In test 
series 2, only one single crack appeared after exceeding the concrete´s tensile strength, which kept on 
growing with increasing load. 

 
 

 

 

 

 

 

 
Fig. 8 Bending moment-displacement relationship of test series 1 and 2 

Table 4 Mechanical properties of investigated plate 

Characteristic values Test Series 1 Test series 2 

Number of test  2 3 

Max. bending moment 287 kNcm 40 kNcm 

Crack moment 35 kNcm 31 kNcm 

Bending stiffness EJI 150,000 kNcm² 120,000 kNcm² 

Bending stiffness EJII 41,000 kNcm² - 

Mean crack spacing 3.0 cm - 

6 Conclusions 
Structures made of UHPC and FRP are a new kind of composites, which have only rarely been inves-
tigated up to now. Both materials are characterized by high mechanical and environmental resistance, 
and the good adhesion properties of UHPC make the combination with FRP reasonable.  

The investigated construction method could be applied successfully to thin walled UHPC struc-
tures with CFRP lamellae for reinforcement. Due to the easy formability of UHPC, the realization of 
geometrically complex structures with prefabricated elements should be thought about. Furthermore, 
the combination of UHPC with structural GFRP profiles could generate light and robust alternatives 
to steel and timber constructions. Another interesting aspect is the utilization of GFRP´s low thermal 
conductivity and the creation of thermally insulated elements for façade applications.  

For evaluation of feasibility, pull-out tests with CFRP lamellae and UHPC were carried out, 
which show similar results as with normal concrete and circular FRP rods described in literature [11]. 
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Proper sanding of the outer surface of FRP causes a remarkable increase of bond strength due to 
better chemical adhesion and friction coefficient. The achieved results are partially even larger than 
those of steel reinforcement and normal concrete. However, the increases in bond strength are related 
to an increase of brittleness. 

For investigation of flexural behavior, 4-point bending tests were carried out. The results show an 
enormous increase of bending load capacity due to centric CFRP reinforcement and a linear elastic 
behavior until material failure. The results correspond with the behavior of over-reinforced cross 
sections in accordance to ACI 440.1R-06 [12], where the material failure is characterized by concrete 
crushing. Both performed studies suggest that a technical feasibility is given, although further exten-
sive experimental and analytical investigations are required. 
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Abstract 
This work deals with curved cable stayed and suspension pedestrian bridges. 

In the first part, the equilibrium on a single-sided suspended section is studied. Distinguished are the 
sections with and without prestressing. The section with prestressing is analysed in detail on a cable 
stayed structure whose deck is in a form of semicircle with a radius of 30.00 m and on a suspension 
structure as an internal arrangement – both on the same plan. The notice is given to the verification of 
the equilibrium in the cross section, to finding of an initial state and to static and dynamic analyse.  

The second part of the work deals with the verification of all findings. A physical model was built up 
in a scale 1:10 that included the both variants. Performed static and dynamic loading test verified the 
theoretical results. 

1 Equilibrium in transversal direction with single-sided suspension 
If a deck of asymmetrical section is suspended single-sided only, then its section is stressed by a 
torsional moment. That is why a section and its arrangement should be designed so that the torsion 
caused by the deck self-weigh and dead load would be minimal. The torsion of the deck will probably 
happen when the deck is stressed by a variable load (i.e. by pedestrians), but this stress should not 
influence the structure significantly. 

1.1 Sections without prestressing 
For the section without prestressing (Fig. 1 – left) holds that the position of suspension point (SP 
beginning point of a suspender) does not depend on a force magnitude but only on the section geome-
try (characteristics), specifically on the horizontal distance between the centre of shear and gravity 
axis and on the magnitude of angle  of the suspenders. At the changing angle the point of suspen-
sion will change, too. Fig. l – right shows that the suspenders at any angle direct always into one 
point. This pointis called a centre of suspenders and is labeled as Cz. Fig. 1 – (right) does not exhibit 
the whole cross section, but only its important points. In a simplified way it can be stated that the 
centre of suspenders will originate as an intersection of the vertical plane leading through the centre 
of gravity with the horizontal plane leading through the centre of shear. 

This theory was verified on a simple study of single-sided suspended section. 

1.2 Equilibrium of section with prestressing 
Application of prestressing has several advantages. In the case of a deck formed either as a concrete 
slab or a concrete box it is possible to create a pressure reserve and thus minimise the flexural stress 
of extreme fibres of the deck. Another advantage of prestressing is utilization of the radial effects of 
prestressing cables for the regulation of equilibrium in the cross section in the case of a curved deck. 

With the help of the prestressing moment it is possible to locate the suspension point almost eve-
rywhere. On the contrary of the section without prestressing, it does not depend on the mutual posi-
tion of the gravity axis and centre of shear. Nevertheless, it is important so that the suspender’s plan 
and radial resultant of the cables will be perpendicular to a curve of the deck. It will happen when the 
deck curvature is created by a circle. 
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Fig. 1 Equilibrium of the forces in a section for angle  (left) and for any angle  (right). 

2 Study of curved cable stayed structure 
Objective of the study was to design a curved cable stayed structure with the application of all the 
above mentioned piece of knowledge and methods. The study consisted of a design of a bridge deck 
with prestressing cables, finding of an initial state and static and dynamic analyse. 

2.1 Description of the structure 
The deck was formed by a curved concrete stress ribbon stiffened with a steel pipe embedded at the 
inner edge. The pedestrian bridge of a span 60 m was in a form of a semicircle of a radius 32 m in the 
deck axis. It completed exactly an angle 180. Both the deck and steel pipe were fixed into the anchor 
blocks. The steel pipe was supplemented with L-shaped members that formed railing posts. Prestress-
ing cables were situated in the steel pipes led between the railing posts and in the floor beams situated 
under the deck. The structure was suspended with 14 stay cables on a pylon situated in the middle of 
the circle. 

The cross section was designed in combination of the steel pipe and concrete slab. The steel pipe 
transfers the longitudinal torsion and bending, slender concrete slab resists to the stress in the trans-
verse direction. The solution considered the slab to be composite with the steel pipe. The railing was 
welded to the pipe, together with the T-shaped steel floor beam. For leading of the prestressing ca-
bles, the holes were left both in the railing posts and floor beams. The position of prestressing cable in 
the railing was common with the position of suspension point SP. 

 

 
Fig. 2 Plain and view (left) and cross section (right) of cable-supported footbridge. 
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2.2 Verification of the equilibrium 
The verification of the section was carried out in two phases. The position and diameter of prestress-
ing cables were designed in the first phase. In the second phase was designed the position of the 
suspending point according to the conditions of equilibrium. For future designs it will be enough to 
determine the balance in a cross-section only in the suspending points about one half of a span with 
eventual small correction. The suspending points for others suspenders will be designed on the same 
level then. This structure is not sensitive on small deviations (up to 10 mm) of the suspending points 
and so an averaging of the suspending point position of all suspenders (i.e. the same level of the 
suspending point) has an importance in the simplification of design and construction. 

2.3 Initial state of the structure 
An aim of finding an initial state of the cable-stayed structure was to find out such the forces and 
strains so the vertical deformation and rotation at the suspending points were zero. For methods for 
finding such a shape were tested. The best results were reached by a method of vertical deflections 
equilibrium. This iteration method needs two random steps at the start. In the third step the strain in 
each suspender was adjusted so the linear extrapolation or interpolation of the vertical deformation of 
the upper surface of the pipe was zero at the suspending point SP. 

2.4 Results of static and dynamic analyse 
The 3D calculation model using software ANSYS was set up for the static and dynamic analyse. Both 
the response of the stress induced by pedestrians in various positions and temperature were modelled 
only, since these variable loads are the most frequent. Wind load wasn't considered. The dynamic 
analyse included the calculation of a shape of the structure (Table 1) and due to very low first bending 
frequencies also the response of the structure to the harmonic excitation. 

Table 1 Comparing of cable stayed and suspension structure with regard to natural frequencies. 

Study
Frequencies Mode Frequencies Mode

Mode [Hz] Shape [Hz] Shape
vertical 1st 1.05 B f (1) 0.97 A f (1)

2nd 1.09 A f (2) 1.11 B f (2)

swing 1st 3.40 C f (7) 3.86 C f (10)

torsion 1st 4.84 D f (10) 5.10 D f (12)

Cable stayed structure Suspension structure

 

3 Study of a plan curved suspension structure 
A scope of this study was processing of the finding of an initial state of the suspension structure 
similar to the study of the cable stayed footbridge. The process was verified on a timber model in a 
scale 1:100 with the static and dynamic analyse followed. 

3.1 Description of the structure 
The footbridge structure is formed by curved concrete stress ribbon - the same as the cable stayed 
structure. The structure is of a span 60 m, in the plan of a semicircle with a radius of 32 m in the deck 
axis. It completes exactly an angle 180. Both the deck and steel pipe are fixed into the anchor blocks. 

Prestressing cables are situated in the steel pipes led between the railing posts and in the floor 
beams situated under the deck. The suspension structure supported by 12 suspenders attached to the 
suspension cable anchored in a pylon that is situated in the middle of the circle. 

A height of the pylon was derived from the cable-stayed variant, i.e. the vertical distance from the 
suspending point to the pylon´s top was the same. In the transversal direction was designed a combi-
nation of the steel pipe with concrete slab. The concrete slab was considered to be composite with the 
steel pipe. All the members of the structure were of the same dimensions and materials, only the 
suspending point was moved to the steel pipe top (see Fig. 3 – right). The prestressing cable in the 
railing was in such a height so the balance in the section was fulfilled. 
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Fig. 3 Plain and view (left) and cross section (right) of suspension footbridge. 

In opposite to the cable stayed structure, both the position of suspending point and prestressing force 
are designed and the position of prestressing cable in the railing is searched for. 

3.2 Finding of an initial state 
The initial state of the suspension structure is the same - vertical deformations and rotations of the 
structure at suspending points have to be zero. The suspension cables is assembled of 12-0.6” strands. 
There are two possibilities of arrangement of suspension cable that we can call an internal (see 
Fig. 3 – left) and external arrangement (see Fig. 4 – right). 

Since the structure with internal arrangement has not been built so far, it was decided to study this 
structural arrangement. The initial state was determined in two steps, vertical state and horizontal one. 
The vertical state was determined in the way that similar to the way used in straight suspension struc-
tures. 

The horizontal state was determined by iteration. At first the curved deck was considered as infin-
itively stiff and vertical positions of the suspenders were taken from the first step. During the iteration 
the horizontal movement of the suspension cable and strain in the cable and suspenders were modi-
fied. The final state was the state in which horizontal was minimum. After that the deck received the 
actual stiffness and iteration was repeated. 

 

 
Fig. 4 Internal (left) and external (right) arrangement - semicircle curve of the bridge deck. 

Due to the fact that the suspenders are not perpendicular to the deck curvature, the suspenders loads 
the deck not only by radial forces, but also by tangent ones. However, since the deck’s gravity central 
is close to the suspension, the corresponding stresses are not significant. The optimum plan curvature, 
in which the suspenders are always perpendicular to the structure, was not found. The curvatures of 
the shapes of second degree parabola and ellipse were also studied. The best arrangement gave the 
second degree parabola with a rise of 30 m gave the best results. However, since the differences 
between this curvature and a semicircle curve was not significant, the semicircle curve was used. 

For the verification of the described analytical process simple timber models were prepared - see 
Fig. 4. The models proved that the described process is correct. 
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3.3 Results of static and dynamic analyse 
The structure was checked for the same loads as the cable stayed structure. Though the suspension 
structure has lower bending stiffness, its correct function was proved by the dynamic analyse [1]. 

4 Model in the scale 1:10 
The results from previous studies were verified on a model in a scale 1:10. Both structures were put 
together so the horizontal reactions from the pylon were eliminated. It also made possible to compare 
both the structures. 

4.1 Description of the model 
The static model combines both structures that are anchored at common anchor blocks. Its span is 
6.0 m, the radius in deck axis is 3.2 m. 

 

 
Fig. 5 Plain of the model (M1:10). 

The anchor blocks are supported by concrete pedestal used for testing another structure. The pedestals 
are connected by steel girders and PT bars. The pedestals also support an A shape pylon that is 
formed by two legs mutually connected by a tension tie. The external cables overlapped at the anchor 
blocks. 

The composite deck is assembled of a steel pipe of 63 mm diameter and the deck slab of thickness 
of 20 mm. The thickness of the pipe is 3.6 mm. The connection of the pipe with concrete slab is done 
by a steel wavy line welded to the pipe and cast in the slab and by a shear members placed on the 
floor beams. Since it is not possible to place the reinforcing bars into the 20 mm thick plate, the con-
crete is reinforced by fibres. To compare their function one half is from steel fibres, the second one 
from glass fibres. A design of both concrete mixes was influenced by the requirements on minimum 
concrete shrinkage. 

To guarantee a model similarity, both structures have to loaded by additional load formed by steel 
bars and concrete blocks. The value of this load was determined in such a way that resultant stresses 
in the actual structures and in the model are same. Additional load is suspended on steel floor beams 
and steel pipe. 

The model was analysed by a program system ANSYS with a similar modelling as the actual struc-
tures (see Fig. 6 – left). At first both structures were analysed individually, later the structures were 
connected together. 

367



9th fib International PhD Symposium in Civil Engineering 

 
Fig. 6 The analysis model M1:10 (left) and completed structure (right). 

4.2 Construction sequences 
Since it is supposed that the actual structure will be erected on the temporary supports, the model was 
built similarly. The construction process was as follows: 

 erection of the concrete pedestal, 
 erection of the pylon and decks steel structure. Each erected structure is supported by two 

temporary supports and pedestals, 
 erection of the stay cables, suspension cables and suspenders, 
 placing of the formwork of the deck slab and anchor blocks, 
 erection of the additional load that guarantee the model similarity, 
 tensioning of the stay cables, suspension cables and partial tensioning of the radial cables, re-

moving the temporary supports, 
 reinforcing of the concrete blocks, casting the blocks and deck slab, 
 when concrete reached 80% of the design strength the stay and suspension cables will be ten-

sion to their final values (Fig. 6 – right), 
 loading the structure by a design and ultimate loads. 

4.3 Loading tests and results 
At first, basic loading tests verifying the function and correctness of calculation were carried out on 
the model. Then, both structures were individually tested on the ultimate limit strength. 

The test results demonstrated very good correspondence with the calculation model. 

5 Conclusions 
From up to now results it can be stated that the semicircle curved deck suspended at internal edge 
only is functional for common loads acting on the footbridges, namely both for the simple cable 
stayed structure and for suspension structure in the internal arrangement. 

The cable stayed structure has an advantage both of the easy geometry and calculation of the ini-
tial shape. In the deck none additional stresses originate since the suspender is always perpendicular 
to its tangent. 

The suspension structure has more aesthetical appearance but the finding of the initial shape of 
cables and suspenders is more complicated task. Since the finding of the deck curve with the sus-
penders to be always perpendicular to it was not successful, the origin of additional tensile stress 
should be admitted. However these stresses will be in this case reduced by the longitudinal prestress-
ing. These forces and the longitudinal moments originated from them are not so great due to short 
distance of the suspending point with the centre of gravity of the section. 

This outcome has been achieved with the financial support of the Ministry of Education, Youth 
and Sports of the Czech Republic, project MSM No. 0021630519 „Progressive Reliable and Durable 
Structures“ a Ministry of Industry and Trade of the Czech Republic, project FI-IM/185 „New, Cost-
effective Structures from High-strength Concrete“ 
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Abstract 
In the general design process of structures the engineer needs to decide which models are suitable for 
simulating realistically and efficiently the physical processes determining the structural behaviour. 
The theoretical knowledge, but also the experience from prior design processes will influence the 
model selection decision. It is thus often a qualitative choice of different models. The goal of this 
paper is the quantitative evaluation for coupled numerical partial models to assess the Global Model 
Quality. The evaluation is applied to the simulation of a semi-integral prestressed concrete girder 
bridge. The material behaviour, the creep and the shrinkage both for the superstructure and piers, 
furthermore geometrical nonlinearities and temperature distributions are considered as partial models. 
The results show that the Global Model Quality is strongly dependent on the sensitivity and quality of 
each model class with its corresponding partial models. 

1 Evaluation method for Global Model Quality assessment 
Global models (GM) for numerical simulation approaches utilise different model classes (M) with 
subordinate partial models (PM). Material descriptions, creep and/or shrinkage models are named 
here as possible M for concrete structures. Interactions and couplings of their PM are necessary for 
determining an appropriate structural behaviour. Therefore the following evaluation method enables 
to assess the Global Model Quality. For detailed information the author recommends Keitel et al. [1]. 

1.1  Sensitivity according a model class  
The first step is to quantify whether the class has an influence on a certain target value. This is evalu-
ated by using Sensitivity Analysis [2] which in general is the study of how the output of a model (Y) 
is related to the model input (X). By using discrete random variables for selecting the model class, the 
Sensitivity Study in this case is not an estimation of uncertainty, but a quantified value of the influ-
ence of the M class (Xi). The First Order Sensitivity Index is 

  
 YV

XYEV
S i

i  .        (1) 

This index Si illustrates the exclusive influence of model Xi. According to interactions in complex 
engineering problems higher order Sensitivity Indices are needed. The Total Effect Index is defined 
as 

  
 YV

XYEV
1S i~

Ti  .       (2) 

A finite number of possible model class combinations ncomb are necessary for the indices: 

Mn
comb 2n           (3) 

with nM random variables (model classes). A measure of interaction between Xi and other model 
classes is the difference between Si and STi. High values of these Sensitivity Indices highlight a signif-
icant influence of this partial model class on the response of the global model. Models with values 
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smaller than a given threshold (here: STi ≤0.03) shall be neglected for the next evaluation method 
step. No further investigations about their Partial Model Quality are performed.  

1.2  Sensitivity according the choice of partial models 
This second method step quantifies the importance of selecting a partial model from one model class. 
It is also based on Sensitivity Studies [1,2]. The choice of each PM within a model class is controlled 
by Xi. The Total Effect Sensitivity Index indicates how this choice leads to a variation of the global 
model response according to a certain output value. Low values show, that the different partial mod-
els in the same model class give a similar contribution to the structural response value and do not 
affect significantly these response value. These indices are used as weighting factors for the im-
portance of the quality of a PM in a model class. 

1.3 Quality of coupled partial models 
The Global Model Quality of coupled partial models is quantified by a path through a graph (MQGM) 

with the vertex as the quality of the partial model MQPM and the edges as the coupling quantities. A 
number between 0 and 1 express this quality. 0 signifies a poor and 1 a high MQPM. These quantita-
tive values come from the evaluation of the PM itself, using Uncertainty, Complexity or Robustness 
criteria’s [3]. Assuming a perfect data coupling between each model classes the model quality of a 
global structural model is defined as [1]: 
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PMj is one partial model of class Mi. The number nM,red is the count of non-negligible partial model 
classes on the global response, determined by method step one. This Global Model Quality Evalua-
tion method is applied to a reinforced and prestsressed concrete bridge below.            

2 Application to semi-integral concrete bridge 

2.1 Geometry, material properties and loading 
The geometry of the longitudinal and vertical direction of the bridge and the prestressing steel is 
shown in Fig.1. The cross section of the superstructure and the piers is shown in Fig. 2 and the mate-
rial properties are listed in Table 1. 

 

Fig. 1 Bridge and prestressing geometry 

The classical decoupled connection between the piers and the superstructure is adjusted to a coupled 
semi-integral bridge. Therefore the overall structural load-deformation behaviour is affected by the 
interaction within the piers and superstructure, particularly in case of restraint effects. Hence, the 
interference between the partial models is investigated. 
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The structural behaviour is simulated under quasi-permanent loading [4] for 100 years of service life 
(design life): 

 dead load (G):  superstructure 142 kN/m, pavement 24 kN/m, piers 6.75 kN/m 
 prestressing (P)  σp=1295 MN/m² 
 imposed traffic (Qk1): UDL 46.375 kN/m, TL 400 kN (span 1) 

ψ2,1=0.20 
 temperature load (Qk2): T0=10°C, Tmin=-24°C, Te,min=-16°C, ∆TN=-26 K, ∆TM=-8.8K 

ψ2,2=0.50 
 

 
  Fig. 2 Cross section superstructure and piers 

Table 1 Material parameters   

 Unit Deck Column 

Concrete  C50/60 C35/45 

CEM - II 52,5N II 42,5N 

Ec0m [MN/m²] 38,500 33,300 

Ecm [MN/m²] 32,800 28,300 

fcm [MN/m²] 58 43 

fctm [MN/m²] 4.1 3.2 

Steel  Y1770 B500B 

Es [MN/m²] 190,000 200,000 

fy [MN/m²] 1,500 500 

2.2 Considered partial models 
The material description (Model Class A) for the concrete compression range is modelled with linear-
elastic relation between strains and stresses. Because of the prestressing and the quasi-permanent 
loading the compression stresses are smaller than 0.40fcm. Therefore linear-elastic material behaviour 
can be assumed. In the range of tensile concrete parts the concrete can either sustain stresses until fctm 
(A-1) or cracking shall be considered with the application of a tension stiffening model as βct*fctm 
until εct ≤ εys (A-2).  

In order to describe the time-dependent increase of the creep compliance two creep models (Mod-
el Class B) are investigated. These are the model according Model Code 90-99 (B-1: MC 10) [5] and 
Gardner and Lockman (B-2: GL2000) [6].      

The time-dependent shortening of concrete due to the hydration process and the drying of the ce-
ment is simulated by the shrinkage models (Model Class C). The chosen shrinkage models corre-
spond to the creep models: Model Code 90 (new edition 2010, B-1: MC 10) [5] and Gardner and 
Lockman (B-2: GL2000) [6]. 

Geometrical nonlinearities (Model Class D) can affect displacement values and section forces. 
The nonlinear kinematic (D-1) and the p-∆ (D-2) approaches are considered in this model class. 

Restraint effects in concrete structures may occur as a result of imposed deformations such as 
thermal actions (Model Class E). In the standard code EN 1991 [9] specific values are stated for 
temperature conditions and temperature distributions. One possibility to take thermal actions on 
bridges into account is the approach with constant temperature (∆TN) and linear shifting values over 
the cross section height (∆TM). Beyond, thermal actions can also be considered by the temperature 
(∆TN) and nonlinear varying values (∆T) over the cross section height. Combination factors for the 
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concurrent occurrence of both temperature parts are included to account for their coincident probabil-
ity. Four temperature distributions are considered as partial models in the model class temperature: 

 TEMP1 E-1: constant with linear shifting  0.35*∆TN+∆TM 
 TEMP2 E-2: constant with linear shifting   ∆TN+0.75*∆TM 
 TEMP3 E-3: constant with nonlinear distribution  0.35*∆TN+∆T 
 TEMP4 E-4: constant with nonlinear distribution  ∆TN+0.75*∆T 

The creep εc,cr(t), shrinkage εc,sh(t)  and temperature εc,t(t0)  strains are expressed by additional strain 
components of the concrete, which leads to the total strains of the concrete: 

)t()t()t()t()t()t( 0t,csh,ccr,cpl,cel,ctot,c      (5) 

with εc,el(t) and εc,pl(t) as the time-dependent elastic and plastic strains.  

2.3 Structural response values for the quantification 
In case of the first evaluation method step, the Sensitivity is quantified for the vertical deformations in 
all spans, horizontal deformations at each bridge axis, concrete compression and prestressing steel 
tensile stress in the superstructure, concrete and reinforcement stresses in the piers and axial and 
bending moment section forces at different positions. The 8 model classes lead to 256 model combi-
nations (28) independent of the target values for the structural behaviour. 

2.4 Sensitivity according the model class 
The discrete random variables control, whether the model class is activated or deactivated. In terms of 
the material behaviour either tension stiffening or purely linear-elastic material is modelled, in terms 
of creep or shrinkage either creep or shrinkage strains are computed or neglected, in terms of geomet-
ric nonlinearity either the second order or the first order kinematic is used and in terms of temperature 
either temperature strains occurring from constant and shifting parts are considered or zero. Table 2 
shows the First Order and Total Effects Sensitivity Indices for a selection of target values.  

It is obvious that the material description, the shrinkage of the piers and the kinematic have a neg-
ligible influence on the results. They are not studied further in the assessment of model quality.  

Table 2  Sensitivity indices for the model classes according target values, first row for each target 

value: First Order Effect M
iS , second row for each target value: Total Effects M

TiS   

Model Class σ – ε 
super-
struct. 
A 

σ - ε 
piers 

 
A 

creep 
super-
struct. 
B 

creep 
piers 
 
B 

shrink-
age  
super. 
C 

shrink-
age  
piers 
C 

geom. 
kine-
matic 
D 

tem-
pera-
ture 
E 

Vertical dis.  
span 1  

0.000 
0.000 

0.000 
0.000 

0.975 
0.976

0.001 
0.012 

0.000 
0.001 

0.012 
0.012 

0.000 
0.000 

0.000 
0.001 

Horizontal dis. 
axis C 

0.000 
0.000 

0.000 
0.000 

0.076 
0.076

0.000 
0.000 

0.850 
0.850

0.000 
0.000 

0.000 
0.000 

0.074 
0.074 

Concrete stress 
superstr. span 2 

0.000 
0.000 

0.004 
0.023 

0.054 
0.098

0.265 
0.355

0.002 
0.072 

0.022 
0.025 

0.000 
0.000 

0.514 
0.580 

Concrete stress 
pier axis C 

0.000 
0.000 

0.003 
0.013 

0.014 
0.016 

0.296 
0.382

0.548 
0.620

0.004 
0.004 

0.000 
0.000 

0.045 
0.059 

Bending moment 
right axis B 

0.000 
0.000 

0.003 
0.016 

0.132 
0.316

0.170 
0.230

0.001 
0.047 

0.023 
0.025 

0.000 
0.000 

0.424 
0.622 

Axial force super-
str. right axis B 

0.000 
0.000 

0.002 
0.010 

0.006 
0.008 

0.164 
0.208

0.732 
0.770

0.001 
0.001 

0.000 
0.000 

0.047 
0.056 

Bending moment 
pier bottom axis C 

0.000 
0.000 

0.003 
0.016 

0.018 
0.020 

0.207 
0.252

0.663 
0.700

0.000 
0.001 

0.000 
0.000 

0.057 
0.070 

Axial force pier 
bottom axis C 

0.000 
0.000 

0.001 
0.004 

0.000 
0.024 

0.091 
0.110

0.631 
0.647 

0.016 
0.016 

0.000 
0.000 

0.217 
0.245 
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The creep phenomenon increases the strains for the quasi-permanent loading for 100 years design life. 
The vertical displacements in the superstructure are almost exclusively sensitive to this model class. 
Non activated creep modelling will reduce the predicted vertical displacement significantly. The 
creep phenomenon regarding the vertical displacements can thus not be neglected. 

In case of horizontal displacements the major impact occurs from the shrinkage model class. 
Shrinkage strains must be included without any reduction factors. Temperature strains for the quasi-
permanent loading are reduced by the combination factor ψ2,2=0.50. This leads to:  

 Shrinkage MC10: εc,sh(36510d)  = -4.204E-4 
 ∆TN=-26 K: εc,t(10d)= -26K*1.0E-5*0.5 = -1.300E-4  

and therefore to higher sensitivity of the shrinkage phenomenon according the horizontal displace-
ment.  

The difference between Si and STi (>0.05) such as the concrete stress in span 2 clarify a strong in-
teraction between model classes. The deformation behaviour of the piers and superstructure affect 
each other and therefore the coupling of their model classes has a strong influence on the structural 
response. The influence of choice of different partial models in each model class is quantified for the 
grey marked rows of Table 2. 

2.5 Sensitivity according the model choice 
The analysis of the Total Effect Sensitivity Index enables the quantification of the model choice 
importance (comparable as weighting factors). For example, the prognosis of the models MC10 and 
GL2000 for creep and shrinkage are different and the influence of it can be computed by Sensitivity 
Analysis. Table 3 shows these weighting factors, which quantify the impact of model selection ac-
cording to the chosen structural response values. 

Table 3 Total Effect Sensitivity Indexes MC
TiS for the model choice according the important model 

classes for different target values, -… are unimportant model classes 

Model Class σ - ε 
super-
struct. 
A 

σ - ε 
piers 

 
A 

creep 
super-
struct. 
B 

creep 
piers 
 
B 

shrink-
age  
super. 
C 

shrink-
age  
piers 
C 

geom. 
kine-
matic 
D 

tem-
pera-
ture 
E 

Horizontal dis. 
axis C 

- - 0.405 - 0.496 - - 0.099 

Concrete stress 
superstr. span 2 

- - 0.121 0.341 0.007 - - 0.622 

Bending moment 
right axis B 

- - 0.285 0.490 0.010 - - 0.252 

2.6  Global Model Quality 
The Partial Model Quality for the creep models is analysed by uncertainty analysis including model- 
and parameter uncertainty and is stated in [1]. The Partial Model Quality of the shrinkage models is 
assessed on the variation of the error of the prediction. This uncertainty is CVMC10=0.481 and 
CVGL2000=0.433 [8]. In relation to the lowest model uncertainty of CVB3=0.374 the Partial Model 
Quality is defined as: 

 MC10: MQPM,MC10= 0.374/0.481 = 0.78 
 GL2000: MQPM,GL2000= 0.374/0.433 = 0.86 

Linear and nonlinear temperature models [7] are quantified by their prognosis of the induced strains. 
The complexity of the nonlinear temperature distributions is higher in comparison to the linear ap-
proaches. It can be assumed, that their Partial Model Quality is highest (of the considered) and the 
linear distributions are quantified relatively by the model outputs for the concrete stress in span 2, 
which is selected of the Global Model Quality Evaluation.  

The important model classes with their respective partial models are shown in Fig. 3. The unim-
portant model classes are excluded for the Global Model Quality Evaluation. The influence of the 
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model selection in every model class is expressed by the Total Effect Sensitivity Index (bottom of 
Fig. 3). The mentioned Partial Model Qualities are expressed in the vertices. The coupling (edges) is 
without any loss of data information.  

 
 

Fig. 3 Global Model Quality Evaluation according the concrete stress in span 2 for the applica-
tion of a semi-integral bridge 

The grey highlighted partial models express one admissible path throw the graph (32 possible combi-
nations). This combination of partial models will lead to the following Global Model Quality: 

 

90.0
622.0007.0341.0121.0

00.1*622.086.0*007.078.0*341.076.0*121.0
MQGM 






 

(5) 

Conclusions 
The evaluation method for accessing the Global Model Quality for coupled partial models [1] is 
applied on a semi-integral bridge. Sensitivity Analyses quantify in a first step the influence of the 
phenomenona (model classes) like creep, shrinkage, material description, geometrical nonlinearities 
and temperature distributions. They depend on the structural output value (displacements, stresses, 
section forces). In a second method step the impacts of the model choice of a partial model in the 
same model class are analysed. Global Model Quality is evaluated by a path through the graph of 
partial models whereby each possible combination of the models will lead to a changed Global Model 
Quality. The structural application of a semi-integral bridge shows the applicability of the evaluation 
method and quantifies the important model classes and the model selection process. The Global Mod-
el Qualities are useful to compare different simulations in a quantitative manner. 
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Abstract 
The aim of the research is to investigate the current developments in the use of Fibre Reinforced 
Concrete (FRC) as a cladding material for high-end architectural applications, and to look into widen-
ing its structural applications. In close collaboration with at least one leading FRC manufacturer, it is 
proposed to explore the possibilities of new applications and also evaluate the current state of the art 
in production capabilities.  

As a cladding material FRC has not been exploited for new applications in the same way as structural 
glass. In particular, curved, and especially double-curved and free-form, FRC is significantly cheaper 
to produce than similar forms in glass, and it is possible to create a similar architectural language with 
both materials. 

The goal of this research is to develop a systematic approach for FRC and to develop this to allow 
designers to understand and make better use of FRC in buildings, both as cladding and for more 
structural applications. The methods used to achieve this goal will include analysing the results of 
tests conducted on new FRC applications.  

In particular, this paper explores the current application of textile reinforced FRC panels and the 
structural properties of textile reinforced FRC panels are investigated. The ability to fix FRC panels to 
a sub-structure is also investigated and the advantages between a mechanical and a bonded solution 
are discussed. 

1 FRC as cladding material 
FRC has been developed over the last hundred years into the material it is today. The idea of flexible 
elements mixed into mortar or similar brittle materials is not new but has been used for centuries. 
African clay huts are reinforced by using straw in the mortar, with old examples use masonry with 
animal hairs [1]. The first modern example of FRC include asbestos with further development of FRC 
made in the 1960s where steel and glass fibres were mixed into the concrete [2][3]. The most com-
monly used FRC today includes a mix of glass fibres, which have been coated to make them resistant 
to the alkali process in the concrete, and polypropylene fibres. A comprehensive description of to-
day’s FRC and understanding of the material can be found in [4].  

FRC as a cladding material and the issues related to using thin fibre reinforced panels as cladding 
is the main topic of this paper. Currently, FRC is mostly used as a cladding material; it is also used to 
a lesser extent for structural elements. FRC as a cladding material is widely used in USA. The main 
method of production is using the spraying process, which allows for the simple production of decora-
tive elements with only minimal flaws in the surface.  

Recently FRC panels have been used in high-end architecture. Two of the best known projects are 
the Expo 2006 Bridge in Zaragoza, and the Soccer City Stadium in South Africa, as shown in Figure 
1 and Figure 2. 
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Fig. 1 Shows the Soccer City stadium in 
South Africa for the 2010 football 
World Cup. Picture © Rieder Smart El-
ements. 

Fig. 2 Shows the Zaragoza bridge, 
designed by ZHA for the 2006 
Picture © Rieder Smart Ele-
ments. 

In collaboration with Rieder FibreC, new applications of FRC are being discussed. Rieder FibreC has 
developed an extrusion process for FRC panels. The panels have two layers of embedded textile 
reinforcement, which increases the tensile capacity of the panels and allows for thinner applications. 
The use of textile reinforcement in FRC is relative new. The application of textile reinforced concrete 
(TRC) has been described by [5]. The question that arises is; can FRC be developed into structural 
elements, without having to cast the concrete in situ? With the use of TRC, this might be possible. 

2 Applications of FRC 
Concrete as a material has fascinated people ever since ancient times. The most famous example of 
historic concrete is the Pantheon in Rome [6]. The Pantheon is a concrete shell structure without any 
reinforcement that fully utilises the compression strength of the concrete.  However, most modern big 
dome structures have been achieved by in situ casting. Examples are the Torrojas dome in Spain [7] 
and, lately, the work of Heinz Isler [8]. Heinz Isler perfected the fabrication of thin shell domes, 
forming the shapes as pure compressions shells using simple techniques and a limited amount of 
reinforcement. These concrete shell structures are rarely built today because of the excessive cost of 
the formwork. 

FRC is currently very popular in high-end architecture. As mentioned above, FRC has traditional-
ly been used for flat cladding panels, however, buildings are now being built with cladding formed 
from double-curved geometry FRC. The ability to shape the concrete panels in a simple manner offers 
a wide range of applications. Spraying is one current way to form FRC panels in a complex geometry. 
If the sprayed method is applied correctly, the quality of the panels can be controlled and a high sur-
face quality achieved. This method has been partly applied on the Heydar Aliev Cultural Center in 
Azerbaijan [9]; but due to the cost, the complex, doubly-curved wall panels were produced with glass 
fibre reinforced plastic (GFRP). This is an indication that the technology for producing cost-efficient, 
double-curved FRC panels is not in place. However, it is evident that the current architectural trend is 
to use free-form FRC to achieve the architectural intent. 

Structurally, FRC panels have been exploited very little. Over the past decade, the structural use 
of glass has developed dramatically compared to the structural use of FRC. A similar development of 
FRC is now on-going, the principal challenge being to improve the tensile capacity of FRC. If the 
current structural use of FRC is assessed, it can be seen that that a combination of concrete and woven 
fibres gives the additional strength that makes FRC attractive for use as a structural element. The way 
forward to achieve additional strength is therefore to add textile reinforcement into the concrete. TRC 
is being researched at the moment by leading universities with the aim of improving its strength 
[5][10][11][12].  

3 Structural challenges of FRC panels 
FRC panels are normally relatively thin to allow for handling on site. The thin panels, usually 13mm 
– 20mm, have little room for reinforcement. The panels therefore have textile reinforcement. The 
reinforcement is placed on both sides of the plates. The textile reinforcement cast into the panel is 
shown in Figure 3. 
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Fig. 3 FRC panel with textile reinforcement 

The textile reinforcement ensures an increase in the bending strength of the panels. The panels have 
been tested for the maximum bending stress using a 3-point bending test [13]. The test result of the 
bending tests is shown in Figure 4 and Figure 5. 

 
 

`  
 

Fig. 4 Stress/Displacement graph for 3 point bending test of TRC panels  

 
Fig. 5 Test results from the 3 point bending test. 

From the test it can be seen that the panels perform in a linear manner until approximately 9 MPa. At 
9 MPa the first cracks start to propagate from the surface and the first fibres and the textile reinforce-
ment is activated. The panels then exhibit post-cracked behaviour until failure of the panel at approx-
imately 23 MPa. From this it can be concluded that the thin TRC has an initial characteristic bending 
strength of 9 MPa, and an ultimate breaking strength of 23MPa. The thin plates are tested 28 days 
after production.  The failed test specimen is shown in . 
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Fig. 6 Test specimen after breakage. 

In the final application the design is limited to the initial bending strength. This is mainly due to the 
architectural requirements for the panels to remain un-cracked. Given the small thickness and an 
initial breaking strength of 9MPa the panels have a limited span dependent on its application. In this 
respect it is necessary to research ways of increasing the initial bending strength (without cracks 
forming in the surface) without changing the surface texture of the panel. Further research will look 
into ways of increasing the initial bending stress. An option which is being considered is to pre-stress 
the matrix similar to pre-tensioned concrete.  

Because of the relatively low bending strength of the FRC panels it is necessary to use a sub-
structure if the FRC panels is to have a certain size. Given the limited thickness of the panels due to 
handling of the panels a fixing connection to a sub structure is very important, This makes it possible 
to limit the deflection of the panels. Mechanical fixings of FRC panels have been used, since the 
limited thickness of the panels does not allow for many fixing types.  Because of the thin panels there 
is no space to embed reinforcement into the panel. Initially the panels were fixed to the sub structure 
with screws penetrating the panel, this was done on the Zaragoza bridge. But from architectural point 
of view visible fixings is not accepted. Therefore a fixing method using Anchors were used. However, 
the Anchors have very little capacity, and can only transfer 1.2 kN in tension and 3.2 kN in shear per 
fixing [14]. For a panel with the dimensions; 2.1m x 1.3 m, the number of Anchors were analysed to 
accommodate wind suction on the panel equivalent to 5.8 kN/m2. The calculation also takes into 
account the dead load of the panel. The support configuration for a panel is shown in figure 6. In 
figure 7 the maximum stress in the panel is shown. 

 

Z

2100.0X
Y

1300.0

IsometricCO1: 1.6*LC1 + 0.9*LC2/P

 
Fig. 7 Support condition for a panel, 

where each support point picture a 
mechanical anchor. Maximum ten-
sion force is 1.6kN 
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 -8.328

-13.318

-18.307

-23.296

-28.285

-33.274

-38.263

-43.252
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Min : -43.252

 
Fig. 8 Maximum principle stress 11.6 MPa, 

in the plate with the support condition 
shown in figure 6.  

The maximum tension force from the analysis is 1.61 kN, which is above the maximum pull out 
capacity. In Figure 9 and Figure 10 are shown the anchor which is used in the FRC panels to fix it to 
the substructure.  
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Fig. 9 Picture showing the KIEL anchor. 

 

Fig. 10 Shows the connection between the 
FRC panel and the sub-structure with 
mechanical anchors. 

From the calculation is it seen that the distance between the anchors is very small and still the re-
quired tension capacity is not met. Therefore an alternative method of fixing the FRC panels is to 
bond a profile to the FRC panel using an adhesive. The bonding would be able to replace the mechan-
ical fixing in terms of live loads on the panel. The bonded solution met all the requirements in terms 
of structural loads. The bonded fixing was tested under various conditions, however, one problem 
occurred when testing the panels in extreme weather conditions. In terms of the temperature elonga-
tion of the sub-structure the FRC panel started to crack as shown in figure 10. 
 

Radial cracks propagating from the edge of 
the panel due to the temperature elongation of 
the support structure. 

 

 

 

 

 

 
Fig. 11 FRC panel subjected to temperature 

variations 

When using thin FRC panels a sub-structure is necessary for panels of a certain size. If the live-loads 
on the panels is significant then a mechanical anchor will in most case not be sufficient. The alterna-
tive method of bonding the panels to the sub-structure leads to problems with the difference in tem-
perature elongations between the FRC panel and the sub-structure. Further developments are neces-
sary to find an improved method of fixing the panel to the sub-structure for large size panels greater 
than 1.2m x 1.2m. Alternatively as mentioned above, the surface strength of the FRC panels can also 
be improved. 

4 Production of FRC 
The production of FRC is equally an important topic to discuss, since the production method of the 
FRC limits how the FRC can be utilised. The current FRC production is aimed at façade panels and 
therefore mainly focuses on the surface quality. As previously mentioned, the predominant production 
method is a spraying process, for large quantities of which it is, however, more difficult to control the 
quality, in terms of colour, strength and surface quality.  

An alternative method of production is premixed FRC, with which the quality of the concrete can 
be controlled more easily. However, the tensile capacity of the panels is very limited. This can be 
increased if ultra-high performance concrete is used, and, as mentioned above, textile reinforcement 
can be applied to enhance further the tensile capacity. In the FibreC product, the tensile reinforcement 
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is part of the FRC panels. The disadvantage of premixed concrete is the control of the surface quality 
especially if the panels are cast as normal precast concrete elements. 

In both production methods FRC panels face similar challenges in relation to high-end 
architectural applications. Currently some of the limitations in production of the concrete panels are 
the following: 

 
a. Producing the moulds for the concrete, if all panels are different. 
b. Flat panels with an edge return if all panels are different 
c. Single curved panels 
d. Doubly curved panels 
e. Free form panels 

 
The difficulty of the production and the cost increases from a to e. If the panels need an edge return, 
which usually is required architecturally, it is usually necessary at present to produce a thick panel. 
These can be either cast from a premix or sprayed. In both cases this increases their weight, which 
also influences the substructure. Today it is possible to produce complex geometry panels with ruled 
surfaces. The moulds for the panels can be produced with a wire cutter. For the Vienna design week 
an Art installation was produced with FRC elements which had a double curvature. The Art of work 
is shown in Figure 12 and Figure 13.. 
 

 
Fig. 12 shows an Art of Work for the Vienna 

designed by Reed Kram and Clemens 
Weisshaar. 

Fig. 13 shows the panels with different 
shapes 

The current state of the art development in regards to production methods is computer controlled 
moulds. Adapa; which is a spin-off company from Aalborg University have developed a flexible 
mould which can deal with free form shapes. The technology was presented in Berlin in 2011 [14]. At 
TUDelft a similar concept is being exploited [15]. The flexible moulds will in the future enable more 
complex forms to be generated. However the current challenge for FRC in relation to the flexible 
moulds is the necessary curing time. This at the moment is an obstacle in terms of how many panels 
can be produced using the flexible moulds. A machine which can generate the flexible surface is 
shown in Figure 14. In Figure 15 is shown an FRC panels placed on the flexible mould 2 hous after it 
has been cast. 

 
Fig. 14 shows a machine which can produce 

flexible surface 
Fig. 15 shows a FRC panel on the flexible 

mould. 
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In the long term, it should be possible to print the FRC directly with the correct build-up of textile 
reinforcement. Similar technology is being utilized in the production of sails for high-end sailboats. It 
is the intention of the research to get a better understanding of structural application of FRC, similar 
to initial research has been made by [5]. The research will look at utilising the FRC panels as self-
supporting shell elements.  

5 Conclusion 
FRC as material has a long history; however its application in high end architecture is relatively new. 
When working with FRC, relatively limited information is available in terms of design guidelines for 
the material. Several companies have advanced the material but in different directions. All the differ-
ent developments have the ultra high performance concrete in common. In this paper the Structural 
challenges of textile reinforced FRC panels has been investigated in terms of maximum strength of 
the panels and possibilities to strengthen the panels with secondary support structure. The limitations 
of the mechanical anchors have been discussed and an alternative bonded solution has been investi-
gated. In both cases there a significant limitations which means that none of the solutions would work 
in all circumstances. A solution is to improve the surface strength of the FRC panels. This topic will 
be investigated further in this research. 

Additional research will also be undertaken into the development of FRC as a cost-effective, free-
form material, specifically looking at how to progress the use of free form moulding.  
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Abstract 
At building sites, internal vibrating pokers are traditionally used to compact fresh concrete and enable 
the steel bars/concrete composite to reach its maximal efficiency. Effects of vibration on properties of 
reinforced concrete have been extensively studied in the fifties.  

In order to identify what can be called an adequate vibration, this study focuses on the effect of vi-
brating pokers of standard amplitude and frequency on the properties of reinforced concrete of vari-
ous consistencies (from low slump concretes to almost self compacting).  

Our experimental results suggest that vibration and consistency have a very strong influence on bond 
strength and surface quality. 

1 Introduction 
Internal vibrating pokers are traditionally used to compact fresh concrete and enable the steel 
bars/concrete composite to reach its maximal efficiency. Effects of vibration on properties of rein-
forced concrete have been extensively studied in the fifties. It can be reminded here that, at the begin-
ning of the 20th century, concrete was deposited in shallow lifts and rammed into place by heavy 
tampers. Around 1930, along with the development of reinforced concrete, vibration was introduced 
in order to improve both the filling of the forms and the bond between concrete and steel bars. The 
history of this technology can be found in [1]. However, in the last two decades, modern concrete mix 
design has gone through major changes with the industrial production of e.g. high strength or high 
fluidity concretes. In parallel, the number of components entering mix design of concrete has in-
creased along with the use of organic admixtures. Many cases were reported recently where the ap-
plied vibration characteristics (frequency and amplitude) did not seem to be compatible with castings 
of these modern concretes. Nowadays national or international technical recommendations, [2] – [4], 
mostly concern vibration duration as a function of concrete workability. These recommendations are 
based on empirical and experimental approaches from the first half of the 20th century, in which 
concrete was considered as a material dominated by direct frictional contacts between the coarsest 
aggregates [1] and [5]. For these materials, vibration is said to be able to break the contact network 
between these coarse grains. However, in the case of modern fluid concretes containing higher 
amounts of fine particles, it was shown recently that consistency is strongly affected by the rheology 
of the constitutive cement paste [6]. 

In order to identify what can be called an adequate vibration for this type of modern concrete, this 
study focuses on the effect of vibrating pokers of standard amplitude and frequency on the properties 
of reinforced concrete of various consistencies (from low slump concretes to self compacting concrete 
(SCC)). In a first part, we investigate the effect of vibration on compressive and tensile strength 
measured on standard cylindrical samples. Then, we measure the effect of vibration on the distribu-
tion of air bubbles located either at the surface or in the bulk of the sample. We finally study the 
effect of vibration on the bond strength between reinforcing steel bars and concrete. 

387



9th fib International PhD Symposium in Civil Engineering 

2 Materials and mix design 
All concretes were designed from a Calcia cement CEM III/A 52.5 CE PM-ES-CP1 NF (Blaine spe-
cific surface of 3890 cm2/g [7]) and plasticizer Plastiment HP from Sika. The water/cement ratio was 
kept constant and equal to 0.60. Variations in the volume of constitutive cement paste (or total vol-
ume of aggregates) allowed for a variation in consistency. The mix proportions are gathered in Table 
1. 

Table 1 Concrete mix design 

Consistency S1 S3 S4 S5 SCC 

Amount of  cement (kg.m-3) 280 300 320 340 380 

W/C (-) 0,60 0,60 0,60 0,60 0,60 

% (in cement weight) Plastiment HP (Sika) 0,41 0,41 0,41 0,41 0,85 

Slump (S)/Slump Flow Test (SF) (mm) 40 (S) 130 (S) 180 (S) 220 (S) 650 (SF) 

Semi crushed sand (Seine) 0/4mm (kg.m-3) 796 775 755 737 695 

Semi crushed gravel (Seine) 8/20mm (kg.m-3) 973 948 923 901 849 

3 Vibration effect on standard mechanical strength  
Cylinder samples were cast following NF EN 12390-2 [8]. Then, vibration durations were chosen 
according to NF P 18-422 [9] for a 25 mm diameter poker. It can be noted that, although SCC shall 
not be vibrated, we did not spot any segregation in the case of the SCC tested here for a 25s vibration. 
For each tested concrete mix design, samples were cast with or without internal vibration. After 28 
days, mechanical compressive and tensile strength were measured according to NF EN 12390-3 [10]. 
The values in Fig. 1 are the average of three samples. It can be concluded that vibration does not 
affect mechanical strengths as measured following NF EN 12390-3 except for consistency class S1. 

 

 
Fig. 1  Mechanical compressive strength on 16/32 samples at 28 days (left). Mechanical tensile 

strength on 16/32 samples at 28 days (right).  

These results suggest that measurement of mechanical strength does not seem to be the appropriate 
way to appreciate the efficiency of the vibration (Cf. below). 

4 Density 
We also measured the apparent density for each specimen in the fresh state and compared it with the 
theoretical value computed from mix design assuming 2% of entrained air, see Fig. 2. Moreover, at 28 
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days, samples were drilled and we measured the density of the internal extracted bulk (100mm diame-
ter) and of the external ring, see Fig. 3. 

 
Fig. 2 Fresh concrete density as a function of consistency. 

It can be concluded from Fig. 2 that vibration has almost no effect on the density in the fresh state 
except for concretes belonging to class S1 and S3. From Fig. 3, we conclude that vibration does not 
seem to strongly modify bulk density for the concretes tested here whereas, close to the interface, in 
the external ring, a strong drop in density is measured. Close to this interface, gravity alone is not able 
to fill correctly the mould whereas in the bulk (i.e. far from the interface) the concrete own weight is 
sufficient to create an apparently homogeneous material. We suggest that this peculiar effect is at the 
origin of the inability of mechanical tests to detect the influence of vibration on the samples as these 
standard tests mainly test the bulk of the samples where the stresses generated by the mechanical load 
are the highest.   

 

 
Fig. 3 External ring concrete density at 28 days (left). Internal extracted bulk concrete density at 

28 days (right). 

5 Effect of vibration on surface porosity 
In order to characterize surface quality, we developed an image analysis technique. We painted the 
concrete samples surfaces, see Fig 4. The paint projection was inclined in order to prevent the paint 
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from entering the bubbles and cavities. The enhanced contrast generated by this pre-treatment gives 
access to surface porosity and average diameter of surface defaults. We plot these results in Fig. 5. It 
can be concluded that vibration has a strong effect on surface porosity for all concretes except the two 
most fluid ones (S5 and SCC). Simultaneously, vibration tends to decrease the average size of the 
surface defaults. This positive influence decreases when the fluidity of the concrete increases. 

 

   

Consistency S1 Consistency S3 Consistency S4 Consistency S5 SCC 
Fig. 4  Examples of surface quality before painting treatment. Concretes samples casted without 

internal vibration 

 

 
Fig. 5  Surface total porosity measured by image analysis on concrete samples at 28 days (left). 

Mean diameter of surface defects (right). 

6 Effect of vibration on bond strength 
Two types of samples were cast. The first one was typical of a beam or slab casting with a dominant 
influence of vertical bottom form surface on the flow of the material whereas the second one was 
typical of a wall casting with a dominant influence of an horizontal form surface. In both cases, con-
crete was poured from the top, see Fig. 6. The diameter of the steel bar was 14 mm. At 28 days, we 
tested bond strength for each concrete mix design. A jack pulled out the steel bar while the concrete 
sample was fixed. A strength sensor allowed the measurement of bond force peak. We compare, in 
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Fig. 7, the dimensionless ratio between peak bond strength between steel bar and concrete with vibra-
tion and without vibration as a function of concrete consistency. 

 

Coating 3cm

 

Coating 3cm

 
Fig. 6  Typical beam casting (left). Typical wall casting (right). Arrows indicate the casting 

direction. 

 
Fig. 7  Dimensionless ratio between bond strength between steel bar and concrete without and 

with vibration as a function of concrete consistency. The two types of casting are shown. 

We conclude from Fig. 7 that vibration is necessary to reach proper bond strength for all concretes 
except the two most fluid ones (S5 and SCC). It can be noted that effect of vibration for this property 
is extreme as, for consistency S1 and wall casting, some reinforcing steel bars fell off during the 
removal of samples from their moulds. 

6 Conclusions 
In order to identify what can be called an adequate vibration, this study focused on the effect of vi-
brating pokers of standard amplitude and frequency on the properties of reinforced concrete of vari-
ous consistencies (from low slump concretes to almost self compacting).  

Our experimental results suggest that traditional pokers do not have significant influence on me-
chanical strength and average densities of concretes no matter their consistencies. They however 
show that vibration and consistency strongly influence bond strength and surface quality. 

From a practical point of view, the following conclusions can be drawn: 

 Concrete of class S1 and S3 have to be vibrated as all properties strongly decrease when no 
vibration is applied. The bond strength between steel bars and concrete almost drops to zero 
in the case of S1 concretes. 
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 If non visible and non-exposed to chemical aggressive environment, it could be tempting to 
apply no vibration to concretes of class S4. However, a decrease in bond strength of 50% 
should then be taken into account in the structural design. The surface quality of the obtained 
concrete would moreover be poor and it can be expected that the access of aggressive chemi-
cals to the steel bars would be facilitated. It seems therefore safer to recommend a correct vi-
bration of these concretes. 

 Concretes of class S5 do not seem to need a vibration and, as expected, vibration does not im-
prove the properties of SCC. It could moreover be expected to be detrimental to vibrate SCC 
as some segregation could be induced. It was however not the case for the SCC studied here.    
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Abstract 
The reliable and durable sealing of hydraulic engineering structures in karst areas has an outstanding 
significance for their serviceability and structural safety. As it usually takes extensive efforts to pre-
vent or minimise seepage with grout curtains, the controlling of the rheological behaviour of grouting 
materials is the key factor to achieve the best possible tightening of porous karst rock. In this paper 
comprehensive rheological investigations are presented which provide the database for the develop-
ment of a reliable and physically consistent prediction model. It quantifies the influence of additives 
as well as of admixtures on the rheological properties of cement suspensions. It is crucial not only to 
describe the relative effect of the additives on the rheological suspension behaviour in an empirical 
model but to clarify the interactions between the numerous source materials used in geotechnical 
engineering. Consequently the practical model verification in a pilot scale will provide a comprehen-
sible connection between geology and rheology. 

1 Introduction 
Within the scope of a German-Indonesian joint project, funded by the German Federal Ministry of 
Education and Research (BMBF), a hydropower plant with an underground concrete barrage (see 
Figure 1) was initialised, planned and built during the years of 2002 to 2006. During the dry season, it 
provides an urgently required water supply for the karst region Gunung Sewu in central Java, Indone-
sia [Müller et al. 2008]. Within an on-going German-Indonesian follow-up project funded by the 
BMBF, the hydro power plant is currently embedded into the frame of an “Integrated Water Re-
sources Management” (IWRM), which couples all aspects of water supply, distribution, usage and 
treatment in an overall concept [Oberle et al. 2005]. 

The Institute of Concrete Structures and Building Materials (IMB, Subproject 5) of the Karlsruhe 
Institute of Technology (KIT) focuses in particular on the warranty of durable watertight and func-
tional hydraulic constructions. This includes the construction of a grouting curtain in pervasively 
karstified limestone under difficult climatical, spatial and geological boundary conditions [Breiner et 
al. 2011]. The objective of the works is the effective and economical sealing of the karstic rock sur-
rounding the concrete barrage to minimise the amount of incidental seepage water and to guarantee 
the secure and durable long time operation of the plant. 

The reliable and durable sealing of hydraulic engineering structures in karst areas has an out-
standing significance for their serviceability and structural safety. However, it usually takes extensive 
efforts to prevent or minimise seepage due to the inherent structure of karst rock which includes a 
heterogeneous pore size distribution and a non-uniform connectivity. Numerous case studies show the 
difficulties of karst rock injections which can be dealt with in different ways [Kreutzer 1997; Li-
nortner 2009]. The key to a successful sealing of such structures is a detailed adaption of the sealing 
material – and here especially its rheological behaviour at the fresh state – to the geological boundary 
conditions of the karst rock. Mostly, the optimisation of the grouting materials is done based on em-
pirical approaches, e.g. the study of relevant literature, the experience of the executing engineer and 
own, often extensive preliminary explorations and tests. Systematic scientific investigations which 
link the karst geology with the rheological behaviour of grouting suspensions are missing. Further, the 
raw adjustment of the viscosity of the injection material is usually carried out by an adjustment of the 
water/cement-ratio while often neglecting the possibilities of modern concrete technology. 
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Fig. 1  Drawing of the underground concrete barrage (longitudinal section, without components 

of the hydraulic power plant) [Bohner et al. 2009] 

Before this background the presented work focusses on the development of cementitious suspensions 
with optimized workability as well as applicability which can be used by means of a cement injection 
for the durable tightening of porous karst rock. The key factor to succeed both from a technical and 
economical point of view is the sound knowledge of the materials rheological properties which may 
differ in a wide range depending on the physical properties of the selected source materials. 

The flow characteristics of pure cement suspensions are already well understood and can be pre-
dicted correspondingly by means of a physico-rheological model [Haist 2009]. However in modern 
concrete technology different additives and admixtures are normally added to the cement suspension 
to optimize its behaviour both at the fresh and the hardened state. The effects of these additions on the 
rheological properties of the cement pastes are qualitatively known without a doubt, e. g. summarized 
in [Ramachandran 2001]. However, there is at present no prediction model available which can be 
used to characterize the dependencies also in a quantitative way to enable in the case of need a fast, 
simple and reliable material development considering only the physical properties of the source mate-
rials and the boundary conditions of the karst rock to be filled. 

2 Scientific approach 
The main objective of this research project is the development of a reliable and physically consistent 
prediction model. It is intended to quantify the influence of additives as well as admixtures on the 
rheological properties of cement suspensions with focus on their physical and chemical interactions.  

Based on a literature survey as well as various experiences gained during a recent field study 
[Breiner et al. 2011], source materials will be selected and carefully characterised considering their 
usage as grouting materials. Preliminary tests to develop and optimise the rheological measurement 
techniques are followed by a sensivity analysis to identify the main acting parameters. Systematic 
rheological parameter studies shall reveal especially the quantitative dependencies regarding the 
additives interactions in the rheological behaviour of cement suspensions. These will be combined in 
a physico-rheological model to predict the suspensions’ behaviour considering only the physical 
properties of the raw materials used. Finally the practical model verification in a pilot plant scale will 
prove the applicability.  
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3 Materials and methods 
Preliminary tests were conducted on cement suspensions prepared with a well cement class G accord-
ing to DIN EN ISO 10426-1. It has a density of 3.2 kg/dm³ and a Blaine-value of 3700 cm²/g. As the 
usage of liquefying additives is a question of central importance for the flow behaviour of cement 
suspensions, five superplasticizers with different mechanisms of action were tested covering the 
whole range of commercially available products (see table 1).  

Table 1 Physical properties of the tested superplasticizers  

Notation Mechanism of action 
Density 

[kg/dm³] 

Solids content 

[%] 

Dosage 

[% by mass of c] 

FM 1 Naphtaline sulfonate, sterical 1.20 39 0 - 0.3 

FM 2 Polycarboxylatether, electrostatic 1.07 31 0 - 0.3 

FM 3 Acetonformaldehydsulfit 1.18 30 0 - 0.3 

FM 4 Polycarboxylatether, modified 1.10 31 0 - 0.1 

FM 5 Polycarboxylatether, modified 1.06 30 0 - 0.1 

 

With regard to the control of the sedimentation behaviour of grouts the clay mineral bentonite is used 
to stabilize cement suspensions by increasing the suspensions thixotropy. Further, bentonite binds free 
water due to its stratification structure and thus prevents a bleeding of the suspension. Consequently 
two bentonite minerals were examined: An activated Ca-bentonite with a density of 2.70 kg/dm³ and 
a Na-bentonite with a density of 2.71 kg/dm³. 

To determine the physical-chemical interactions of different cement suspensions a measuring sys-
tem consisting of a high-end rheometer Haake MARS combined with a measuring cell specifically 
developed for cement suspensions and mortars is used (see Figure 3). The measuring cell consists of a 
cylindrical vessel with an adjustable wall serration to account for different grain size diameters and to 
prevail a sliding of the cement suspension in the contact face to the wall. The cell filled with cement 
suspension is installed into the rheometer and defined shear stresses are consequently applied with a 
paddle-shaped rotor to determine the rheological properties. In addition the base of the measuring cell 
is equipped with an electroacoustic measuring device, which enables a real-time detection of the 
electrostatic charges of the suspension particles (Zeta-potential), the size of the forming agglomera-
tions as well as of temperature and conductivity of the suspensions [Haist 2009].   

To detect the rheological and electroacoustic properties of the cement suspensions even under 
high temperature and high pressure conditions which may occur e.g. during karst grouting or well 
cementing processes, a novel measuring unit was developed (see Figure 2). It enables rheological 
measurements and consequently a material optimisation up to 150 °C and 350 bar while maintaining a 
very good reproducibility and it can be integrated into the present experimental setup without major 
efforts. 
 

 
 
Fig. 2  Rheometer including pressure measuring cell with electroacoustic measuring device: 

schematical (left), laboratory in detail (middle) and laboratory overview (right)  
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The pressure cell can be heated up with an electrical heating or alternatively cooled down with a 
liquid temperature control unit. The pressurisation is realised with nitrogen (N2) which can be exactly 
regulated over a pressure reducing valve to counteract for pressure increases e.g. in the case of sudden 
temperature variations or chemical reactions. Both the pressure and the temperature are registered 
automatically with an electronical measuring setup.  

4 Results 
To judge the effectivity of the tested superplasticizers in connection with the present cement, rheolog-
ical measurements with graded dosages of the respective superplasticizer were carried out while 
maintaining a temperature of 35 °C. The water/cement-ratio of the cement suspension amounted in 
each case to 0.3. The influence of the type and amount of superplasticizer (left) and the addition of 
bentonite (right), respectively, on the yield stress of the cement suspension is illustrated in Figure 3. 
The shown yield stress was determined by regression from the experimental data with decreasing 
shear stress according to the Herschel-Bulkley model. 
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Fig. 3  Influence of type and amount of superplasticizer on the yield stress (left) and influence of 
the bentonite content on the yield stress (right) 

Further the influence of the suspension age and of higher temperatures on the superplasticizer effi-
ciency was studied in long-time measurements with selected dosages to exclude an unexpected reduc-
tion of the liquefying effect and to compare the behaviour of the selected additives. For this purpose 
the cement suspensions were mixed with the previously determined amount of superplasticizer to 
reach the saturation point (see Figure 4) and consequently rheologically characterized at various 
points of time.  
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Fig. 4  Development of the yield stress (left) and the plastic viscosity (right) over time depending 
on the superplasticizer type at a constant temperature of 70 °C 

396



Rheological behaviour of cement based grouting materials 

 

Measurements were performed 10, 40, 70, 100 and 130 minutes after the water was added to the dry 
cement at a constant temperature of 70 °C. Figure 5 shows the change of the yield stress (left) and the 
plastic viscosity (right) over the whole measurement time for the cement suspensions depending on 
the superplasticizer type. 

Though superplasticizers (SP) based on Polycarboxylatether (PCE) are believed to possess only a 
limited thermal stability, SP 4 and 5 show a good liquefying effect even at 70 °C. Actually SP 4 ex-
hibits a stable behaviour over the whole measurement time, the yield stress and the plastic viscosity 
remains almost constant. However the behaviour of SP 3, which was classified as temperature-stable 
by its producer, could not be proven in the measurements. SP 3 shows an increase of the yield stress 
which advances even more with time. After 130 minutes the yield stress exceeded the stress limit of 
the instrument and was therefore classified as inappropriate for the desired purpose. 

5 Discussion 
The different behaviour of the cement suspensions due to the varying mechanism of action of the 
tested superplasticizers could be clearly observed in the experimental data (see figures 4 and 5). How-
ever, besides the well-known rheological properties yield stress and plastic viscosity, it is important to 
include also other characteristic values such as the shear modulus |G*| or the creep viscosity ηcreep to 
account for the elastic properties of the suspensions and viscous sliding processes respectively. This 
helps on the one hand to simulate the deformation behaviour when only small shear rates are prevail-
ing and on the other hand to characterise the suspensions’ sedimentation behaviour.  

The rheological properties already can be calculated for pure cement suspensions depending on 
the physical properties of the cement and the mix design [Haist 2009]. By a comparison of the sepa-
rate suspensions with or without superplasticizers, the influence of the additives on the characteristic 
rheological values can be determined in a quantitative way, too. This could be probably further sim-
plified by a classification (see Figure 3, left) which will be implemented in a physically sound model. 

The model is based on a combination of the rheological elements spring, damper and Saint-
Venant friction element, whose properties in turn are to be related to the material composition again. 
It will be possible in full knowledge of the underlying constitutive material laws to predict the rheo-
logical behaviour of a liquefied cement suspension in the whole shear rate range based only on the 
physical and chemical properties of the additives such as e. g. the length or the density of the PCE’s 
side chains. 

The rheological model described above is planned to be incorporated into a systematic approach 
to simplify the planning of the grouting process in general and the karst injection process in particu-
lar. Based on commonly used laboratory experiments to determine the karst porosity and in field 
Lugeon-tests (LU-test) to estimate the rock permeability, it is possible to derive an equivalent pore 
size diameter [Smith et al. 1976]. If in addition the desired penetration depth of the respective injec-
tion step and the maximum injection pressure are known from geotechnical investigations or are 
defined by the contractor, the equivalent pore size diameter can be used to calculate the required 
rheological properties of a cement suspension based on simplified equilibrium considerations [Wittke 
1968, Cambefort 1969]. The combination of these results with the rheological model to be developed 
in this thesis enables the definition of a pore size range which can be reached, i.e. filled with cement 
suspension, while using the available raw materials. 

As karst rock occurs all over the world, the respective physical properties of local cements and 
additives will be an important input parameter for the model to enable a fast, simple and reliable 
material development resulting in a practicable mixture composition.  

6 Summary and conclusion 
From a technical and economical point of view, the controlling of the rheological behaviour of grout-
ing materials seems to be the key factor to achieve the best possible tightening of porous karst rock. 

It is crucial not only to describe the relative effect of the additives on the rheological suspension 
behaviour in an empirical model but to clarify the interactions between the numerous source materials 
used in geotechnical engineering. Based on this a physically sound model will be derived which is 
modular constructed and reveals an enormous optimisation potential in the development of novel, 
cement based grouting suspensions. 

Up to now there are only a few experiences regarding the rheological behaviour of cement sus-
pension under high temperatures and nearly no experiences in respect of high pressures known in 
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literature. In particular concerning the deformation behaviour when small shear-loadings are prevail-
ing (e.g. start of pumping or sedimentation processes) no defined results are available. The recent 
research will close this gap and thus account for the controlling of grouting systems. 

As approximately 20 % of the worlds’ population live on carbonate rock, the question of grouting 
in karst is not only a problem of academic relevance. Consequently the practical model verification in 
a pilot plant scale enables a reliable application of cementitious grouting suspensions for the injection 
of karst rock which will be demonstrated during a scheduled underground injection campaign in 
Indonesia in spring 2013. Thus the concept offers a comprehensible connection between geology and 
rheology. Moreover its modular format combined with the physical sound knowledge of the under-
lying dependencies offers a wide range of further application possibilities e.g. in the petroleum and 
deep drilling industry.    
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Abstract 
The main objective of this research study was to investigate the correlations between the individual 
components of different grout compositions and their dewatering behaviour under defined pressure 
conditions and filter mesh as well as the development of shear strength fundamentally. Therefore, 
tests on different grout compositions with variations of parameters, inter alia cement:fly ash-ratio, 
were performed. For this purpose, a filter press was developed to determine the amount of filtrate 
water, including temporal changes. From the results, influences of the varied parameters on the 
workability and on the development of required shear strength, achieved by the dewatering behaviour, 
were analyzed and discussed.  

1 Introduction 
The hollow space between tunnel lining and bedrock, caused during tunnel driving with segment 
lining, must be filled with a so-called annular gap grout, to embed the tunnel lining in an adequate 
position and minimize the settlements of the ground surface. The decisive requirements on such 
annular gap grouts are on the one hand optimal flow properties lasting for several hours, on the other 
hand a rapid development of shear strength immediately after grouting, corresponding to that of the 
surrounding soil. This can be achieved by pressing out the excess water of the grout into the soil. 
Thus, two contradictory requirements are demanded on annular gap grouts. Hitherto, grouts have been 
exclusively defined on empirical basis. Studies about specific investigations on grout compositions 
with regard to dewatering and infiltration behaviour into the surrounding soil are missing so far.  

Therefore, it is necessary to investigate the correlations between the individual components of 
different grout compositions and their dewatering behaviour as well as development of shear strength 
under defined boundary conditions, e.g. pressurization, permeability of filter mesh. Based on this 
experimental description of dewatering and also infiltration behaviour of grouts, it should be possible, 
to perform this material in accordance with a real design concept and ensure a diagnosable and 
unerring annular gap grouting in praxis. 

2 General requirements on annular gap grouts 
During tunnel driving the annular gap remains between tunnel lining and bedrock, with a width of 13 
until 18 cm [1]. This gap must be backfilled with a suitable grout composition immediately after 
installation of the segments, to minimize settlements of the ground surface and to ensure a durable 
stabilization of the tunnel lining [2, 3, 4]. In consideration of the geological and hydro-geological 
conditions, following general requirements on annular gap grouts can be compiled:  

 Workability lasting for several hours, meaning high flowability and sedimentation stability at 
the same time [1] 

 Optimal pumpability between 12 h and 24 h [1, 5] 
 Very fast development of shear strength and stiffness modulus, corresponding to those of the 

surrounding soil [3, 6] 
 Adequate and durable embedment of the tunnel lining and 
 Minimization of settlements of the ground surface [2, 3, 4] 
 Protection of the segmental lining against concrete-aggressive agents in water and soil [7, 8] 
 High erosion stability in case of high flow velocities of water and 
 High filter stability in case of very permeable soil [6, 9]  
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Further requirements regarding compressive strength are not demanded, so that cementitious constitu-
ents are not necessary for the mix design or just in small amounts [6]. In this context, annular gap 
grouts can be classified in three different types [2]: 

 Active grout: complete hydration of the binder, generally based on Portland cement with an 
amount > 200 kg/m³ 

 Semi-inert or reduced active grout: small amount of cement between 50 kg/m³ and 200 kg/m³; 
rapid stiffness, followed by a very slow strength development 

 Inert grout: no cement, at most 50 kg/m³; cement is usually replaced by e.g. hydraulic lime or 
fly ash 

Typical parameters concerning the requirements of grouts are summarized in Table 1. 

Table 1 General requirements on annular gap grouts [1, 5, 7] 

Requirements Parameter   

Workability/  
consistency 

Spread flow diameter 
Flow diameter a 
Flow diameter a 

(t = 0h) 
(t = 0h) 
(t = 8h) 

15 ± 5 cm 
20 ± 5 cm 
15 ± 5 cm 

Strength development Shear strength τy  ≥ 2.0 MPa (un-drained grout) 
≥ 32.0 MPa (drained grout) 

 Stiffness modulus Es  1,000 MPa (corresponding to that 
of a common soil in the scope of 
tunnelling with segments)  

3 Experiments 
Within the scope of this research work, the workability and dewatering behaviour of different grout 
compositions for annular gap grouting were observed under defined pressure conditions and filter 
mesh. In addition, the development of shear strength was examined at dewatered specimens.  

The investigations were carried out on grout compositions, which are commonly practiced for a 
major traffic tunnel, as shown in Table 2.  

Table 2 Grout compositions (active, semi-inert, inert) for a major traffic tunnel [1] 

Components  Dimensions Active Semi-inert Semi-inert Inert  

Cement CEM I 42,5 R  [kg/m³] 194 120 60 0 

Sand 0-1 mm  [kg/m³] 169 169 169 169 

Sand 0-2 mm  [kg/m³] 674 674 674 674 

Gravel 2-8 mm  [kg/m³] 454 454 454 454 

Grain size distribution  [-] B8 B8 B8 B8 

Bentonite slurry  

(Concentration 6%) 

[kg/m³] 153 183 166 183 

Fly ash  [kg/m³] 194 268 328 420 

Water  [kg/m³] 207 177 164 135 

4 Test setup and test procedure 
The investigations of the dewatering behaviour of grout were initially carried out by using a 
standardized test procedure, called “filter press test”, according to DIN 4126, as shown in Fig. 1 (left). 
Thereby, the amount of filtrate water is determined under defined pressure conditions, filter 
permeability and test duration.  
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In a further step, a test setup was developed to simulate the annular gap with its width up to 18 cm. 
By way of derogation from DIN 4126, an entirely perforated base plate of steel was assembled, to 
ensure a uniform dewatering over the whole bottom of the grout material (Fig. 1,middle).  
 

 

 
Fig. 1 Filter press test setup according to DIN 4126 (left) and a modified filter press setup 

(middle, right) 

A filter paper with a defined permeability (quantitatively very fast, pore size 20-25 μm) was applied 
onto the perforated base plate. The grout material with a very fluid consistency was poured into the 
pot with a defined volume. Afterwards, a Perspex plate was put onto the grout surface to achieve an 
even pressurization. The steel pot was hermetically sealed and a defined pressure of 3.5 ± 0.25 bar 
was applied for about 30 min, corresponding to the typical parameters of tunnel driving with a 
segment length of 2.00 m [10]. By means of a plastic funnel, assembled at the bottom of the steel pot, 
the filtrate water was collected in a measuring glass (Fig. 1, right). The amount of water was weighed 
by a precision scale and documented per minute, to comprise the temporal changes.  

5 Test results 

5.1 Workability 
The workability, represented by the development of consistency or flow diameter at different points 
in time after grout mixing, is shown in Fig. 2. As expected, the flow diameter decreased considerably 
in the course of time, the higher the cement content of the grout composition was. Consequently, the 
active grout composition with the highest cement content of 194 kg/m³ exhibited the smallest flow 
diameters, in comparison to the semi-inert and inert grout compositions. The stiffening consistency of 
the active grout material was attributed to the hydration progress of cement.  

 
Fig. 2 Development of consistency of different grout compositions (active, semi-inert, inert)  
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5.2 Dewatering behaviour according to DIN 4126 
Grout materials for annular gap grouting are distinguished by their very high water content to achieve 
the very fluid consistency for the required workability lasting for several hours, pumpability and 
complete backfilling of the annular gap. Concurrently with the grouting, the very fluid material must 
harden or consolidate by dewatering in terms of pressing out the excess water into the surrounding 
soil under defined pressure conditions. Fig.3 shows the total amount of filtrate water under 
pressurization of 7.0 ± 0.35 bar after test duration of 7.5 min, according to DIN 4126.  

 

Fig. 3 Total amount of filtrate water, depending on cement content, according to DIN 4126 

It can be clearly seen, that the active grout composition (194 kg/m³) displayed the smallest amount of 
filtrate water at the end of the filter press test, while the semi-inert grout compositions (60 kg/m³, 
120 kg/m³) attained around 20 % higher amount of filtrate water. The dewatering behaviour is 
regulated by the water retention of the amount of ultra fines (0/0.125 mm) and fines (0/0.25 mm) as 
well as the initial water of the grout composition. With a higher amount of ultra fines, inter alia 
cement of the active grout composition, the specific surface increased and thus the physical bonding 
as well as the chemical reaction of cement with part of the mixing water.The relatively smaller 
amount of filtrate water of the cement-free grout composition, in comparison to the semi-inert grout 
compositions, was predominantly attributed to the smaller amount of initial water. 

5.3 Dewatering behaviour by means of a modified filter press test 
Further investigations on the dewatering behaviour of semi-inert grout materials (60 kg/m³) were 
carried out by means of a modified filter press test, to simulate the practical conditions of shield 
tunnelling. These filter press tests were conducted with a pressurization of 3.5 ± 0.25 bar and duration 
of 30 min, and, by comparison, also on the basis of DIN 4126. The curve shapes of both test series are 
almost identical, but the results reveal significant differences in the amount of filtrate water, as seen in 
Fig. 4. The amount of filtrate water under lower pressurization (3.5 ± 0.25 bar) was around 50 % 
lesser than that under higher pressurization (7.0 ± 0.25 bar). Throughout the entire filter press test 
with a pressurization of 3.5 ± 0.25 bar, a continuous rise of the amount of filtrate water could be 
observed. In contrast, a higher pressure (7.0 ± 0.35 bar) led into a significant increase in the first two 
minutes. In the further course of pressurization, the amount of filtrate water increased steadily, but 
with reduced intensity, which can be explained by the consolidation progress of the material, 
associated with the disconnection of the fluid transportation. Hence, a higher pressurization would 
have been needed for further dewatering.  
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Fig. 4 Temporal changes of filtrate water under different pressurization  

5.4 Development of shear strength at dewatered specimens  
The dewatering behaviour of a grout material influences its development of shear strength. The shear 
strength tests were carried out by means of a shear vane, which was installed with a defined depth in 
the grout specimen before starting the filter press tests. The shear strengths were determined in 
different depths of the dewatered specimens, to draw possible conclusions from the values on the 
dewatering behaviour of the grout material. The results of the shear strength tests in different depths 
of dewatered grout specimens with a cement content of 60 kg/m³ are shown in Fig. 5.  

 

 
Fig. 5 Development of shear strength in different depths of dewatered grout specimens  

As expected, the highest shear strengths were determined in greater depths of dewatered grout 
specimens, which is explained by the formation of different dewatered layers. At the end of the filter 
press tests, deeper layers were almost completely dewatered, whereas the upper part of the specimen 
was still watery, as shown in Fig. 6.  
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Fig. 6 Formation of different dewatered layers during the filter press test  

6 Conclusions 
The results of this research work demonstrated, that grout compositions with higher cement contents 
led into a significant decrease of consistency and smaller amounts of filtrate water and thus, higher 
strength values, attributed to the hydration progress of cement. The results of the investigations of 
shear strength in different depths revealed higher values in greater depths due to the consolidation 
progress of the grout material and the disconnection of the fluid transportation in the grout structure. 
During the filter press test under pressurization deeper layers dewatered more significantly than the 
upper ones.  
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Abstract 
The weak subsoil conditions like an anthropogenic, organic and cohesive soil, contribute to the appli-
cation of subsoil strengthening.  

One of the most popular technology of subsoil strengthening is jet-grouting. Jet-grouting process 
consists in high-pressure injection of an inject (the cement grout usually) stream to the soil massif. 
The stream cuts and crushes the soil structure. Performance is started by an insert of drilling rods with 
high-pressure nozzle at the end, in a subsoil at expected depths. During pulling the rod, the inject is 
flowing from the nozzle under a high pressure. Soil and cement particles fill space in the range of 
erosion stream, creating the binding rigid block, called soilcrete. The blocks may be shaped into eg. 
columns. 

The main motivation of my research project is preparing the explanation of interaction between jet-
grouting columns and subsoil. It can be useful for designers to optimizing the procedure of dimen-
sioning columns. The key goal is preparing the numerical model, which can be useful to illustrate the 
real conditions of subsoil strengthening by using jet-grouting columns. 

The computational model describes the interaction between group of jet-grouting columns and soil. 
Presented model will reflect the essence of jet-grouting technology, and after checking the results 
with in situ tests it will be also used to verify engineering methods of dimensioning columns. The 
main element of this analysis is selection and calibration of computational model of the "group of jet-
grouting columns - subsoil" interaction. The starting point for creating a model is the concept of 
dividing the model into three zones: jet-grouting columns, subsoil and the contact layer, formed be-
tween the columns and the soil massif. 

1 Description of jet-grouting technology 
The necessity of foundation of buildings structures on weak subsoil contributes to the application of 
diverse geotechnical methods for subsoil strengthening. Depending on subsoil types, their parameters 
and stratification, the groundwater level and the load value, there are some techniques used. One of 
most popular is jet-grouting method. The method was invented in the 1970s in Japan. Since this time 
it has been developed and used all around the world. The method brought new sense into traditional 
injection geoengineering methods and became the greatest invention for subsoil strengthening. 

Performance of jet-grouting elements consists in high-pressure injection to the subsoil of an inject 
stream, which cuts and disintegrates the ground mass, forming after cement binding so-called cement-
soil solid [2]. The element performance starts from drilling to the planned depth a borehole, 100 to 
180 mm in diameter. Once the borehole is drilled, the drilling rod is lifted by a rotating – sliding 
motion. At the same time the soil around the drilling rod is cut by a very strong stream of water 
ejecting from nozzles. In the case of drilling rod with three nozzles this effect is increased by an 
envelope of compressed air pressed from the second nozzle. The cutting of soil by a water stream 
destroys its natural structure and this way increases many times its, very low in natural state, water 
permeability. The stream  of cement grout ejecting from the nozzle at very high pressure reaching 80 
MPa penetrates the formed soil pores without difficulty, pushing outside part of previously injected 
water and mixing with the soil. 

Jet-grouting method is recommended for subsoil strengthening, foundation under structures which 
could be settled too much, as vertical and horizontal water-proof cut-off walls. It is used to form 
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engineering structures as follows: columns, sealing screens, lamel walls, cell walls, tight palisades etc. 
[2, 3]. The main advantage of jet-grouting structures is high bearing capacity. Structures may reach 
substantial depths.  The performance is fast and does not cause vibrations in the surroundings. Works 
can be provided very close to existing structures. The equipment has small dimensions and weight. 

For subsoil strengthening are mainly used columns (fig. 1). A cement–soil column is formed, 0.6 
to 1.5 m in diameter, depending on the soil type and inject pressure. Before cement grout binding, it is 
possible to insert reinforcement to the column. 

 

Fig. 1 The pit of a jet-grouting column (J. Bzówka [3]) 

2 Dimensioning of jet-grouting columns 

2.1 Classical method 
Many scientist recognize foundation columns similar to concrete piles and the method of pile load 
capacity is using in engineering calculation. Polish authors calculate columns in accordance with 
formulas of Polish standard [4]. For every column: 

NmQr   (1) 

where: 

Qr – computational column load – compressing or uplifting, 

N – computational load capacities of the compressing or uplifting columns, 

m – correcting coefficient. 

The computational load capacities N depends on load resistance of soil under the base, frictional 
resistance along the shaft and dimensions (surface area of base and shaft) of columns. 

This engineering method of dimensioning of jet-grouting columns has empirical origin and re-
mains away from soil mechanics and present opportunities to create numerical models.  

2.2 Numerical model of jet-grouting columns cooperated with subsoil 
The problem of interaction between single jet-grouting column and subsoil was thoroughly analysed 
by Bzówka [2]. The author prepared some numerical models and calibrated them so as to obtain a 
precisely presentation of the system settlement and of the effort of its material within a wide range of 
load. A single column represents an idealized form, not occurring in practice. The analyses presented 
in this paper provide a basis for further simulations allowing for the most realistic reflection of the 
calculation model of interaction between a group of jet-grouting columns and the subsoil. The final 

406



Subsoil strengthening by using jet-grouting technology 

 

model should be reflected the system settlement and the effort of its material under changing value of 
load [1]. 

2.2.1 Creation of adequate model 
The computational model should properly describe mechanical parameters of materials, like different 
stiffness of soil layers and soilcrete, plastic character of deformation under load action and especially 
non-linearity of contact zone. According to Bzówka [1] computational model should: 

 Applying heterogeneous elements of model (jet-grouting columns, subsoil and the contact 
layer, formed between the columns and the soil massif) to particular zones. 

 Describing adequate constitutive models expressing elastic-plastic behaviour of the materials 
to particular zones. 

 Using computational method for numerical solving boundary problems of mechanics of con-
tinuum, eg. method of finite elements. 

Two homogeneous materials, reflecting column and soil surroundings, are considered for initial mod-
el. These zones are divided by contact layer. An elastic-ideally plastic material model with boundary 
condition by Coulomb-Mohr and not associated flow law is attributed for each zone.  

2.2.2 Calibration of materials parameters 
For every soil layer following parameters should be known: modulus of elasticity E, Poisson’s ratio ν, 
internal friction angle Φ and cohesion c. The material of columns is heterogeneous. Parameters of 
columns depend on surrounding soil, cement grout, performance techniques (like pressure, velocity of 
injection). To estimate the column parameters, tests of triaxial compression on the samples were 
carried out.  Figure 2 shows the pit of  the jet-grouting columns prepared to taking samples. The tests 
[1] were performed on 20 cylindrical samples, taken from columns sections with two different soil 
component: medium sand and silty clay. 

 

 
 

Fig. 2 The jet-grouting column excavated in the building site (left) and in the laboratory after 
cleaning (right) (J. Bzówka [1]) 

The maximum compressive stress obtained in tests by Bzówka [1, 3] equaled 28 to 34 MPa. The 
values of modulus of elasticity E and Poisson’s ratio ν were estimated on the basis of « stress-strain » 
characteristic. As input for computational program the following values of parameters were taken for 
soilcrete: E = 9888 MPa, ν = 0,186, Φ = 59,3° and c = 1772 kPa, for both soil component. 

More difficult problem is evaluation of contact zone parameters. For calculation was taken the so-
lution proposed by Bzówka [1]: 33% reduction of estimated parameters for soil massif (E, ν, Φ, c). 

2.2.3 Creation of numerical model 
The finite element method (FEM) is used to perform numerical analysis. The model is calculated in 
Z_Soil computational program, which uses the most robust numerical algorithms to simulate an elas-
tic-ideally plastic material model with boundary condition by Coulomb-Mohr and not associated flow 
law. 

For creation of numerical model there was adopted hypothesis which assumes similarity between 
an interaction between groups of jet grouting columns with the subsoil and a single jet grouting 
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column with the subsoil. It is proposed to transfer a single jet grouting column model to a group of 
columns. The jet-grouting column is modelling by cylindrical surface with diameter d and length l. 
The surrounding subsoil is modelling by 3D space. The appropriate dimensions of modelled soil 
massif should equal: 11d horizontally and (l+5d) vertically. The area of defined materials is divided 
into eight-noded, quadrilateral, isoparametric elements. The boundary conditions were assumed as 
typical: sliding support along the vertical side-edge and node fixed support for the bottom edge of the 
model. 

 

sand clay 

Fig. 3 The cross-section of modelling structure (Z_Soil) 

Figure 3 shows a cross-section of the computational model: the jet-grouting column with diameter 0,8 
m and lengtht 4,0 m, located in spacing equals 2,5 m are founded in stratified subsoil. For subsoil the 
following values of parameters were taken: sand E = 55,5 MPa, ν = 0,3, Φ = 31,8° and c = 1 kPa and 
for clay E = 33,8 MPa, ν = 0,3, Φ = 18,0° and c = 30 kPa. The columns are loaded by 3m height 
embankment. The scheme of deformation, direction and values of displacement are shown in Figures 
4 to 7. 

 

 

Fig. 4 The deformation of model (Z_Soil) 
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Fig. 5 The plan of displacement vectors (Z_Soil) 

 

 
 

Fig. 6 The map of total displacement of model (Z_Soil) 

 

  

Fig. 7 The map of the main displacement along vertical Y axis (Z_Soil) 

3 Conclusions 
For the best calibration of numerical model it is planned to conduction of in situ research, like: wide 
range of the subsoil tests, soilcrete samples tests (grout material tests, triaxial compression test, etc.), 
trial load tests of groups of jet-grouting columns. Based on these results, comparative analyses of the 
theoretical and experimental curves “load-displacement” will be carried out. 

Results of in situ tests will validate the numerical method of dimensioning jet-grouting columns.  
The research will form the basis for the development of a knowledge base concerning the essence of 
interaction between group of jet grouting column and the weak subsoil and the emerging importance 
of the contact layer between the columns and massive soil. It will also allow to introduce numerical 
techniques into dimensioning of jet grouting columns, which will be important not only for scientist 
but also for engineering applications. 
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Abstract 
Amounting to above 30 million tons every year, demolished concrete lumps are demanded to be 
recycled into concrete as aggregate. Studies on recycled aggregate so far have focused on the quality 
enhancement of recycled coarse aggregate, and thus apparatuses that impose heavy environmental 
loads have been used in many cases. Also, recycled fine aggregate and recycled powder are yet to be 
put to practical use. With this as a background, a rubbing recycling machine with low environmental 
loads was used in this study. The authors also devised a technique involving aggregate modification 
to investigate major technical problems related to recycled aggregate concrete, such as strength de-
velopment and drying shrinkage, with the goal of completely recycling demolished concrete lumps, 
including recycled fine aggregate and recycled powder. 

1 Introduction 
While the emissions of construction by-products have tended to decrease in recent years, demolished 
concrete lumps have continued to exceed 30 million tons annually, with their proportion to total 
construction by-products tending to increase in Japan. Though the recycling ratio of concrete lumps is 
as high as nearly 100%, it depends highly on the demand from road construction including base cour-
se material. This demand is beginning to decrease recently due to reduced road construction, urging 
recycling of concrete into concrete. The enormous amount of debris generated after the Great East 
Japan Earthquake that struck in March 2011 also demands prompt disposal. With the pressing need to 
effectively utilize these materials as well, it is imperative to accelerate the development of technology 
for producing and using recycled aggregate concrete.  

Meanwhile, Japan set a medium-term goal of a 25% reduction of greenhouse gas emissions by 
2020 with respect to the level of 1990 as a measure to cope with global warming1). Control of CO2 
emissions is expected to be more important for the construction sector from now, particularly regard-
ing concrete, one of major materials for construction. Therefore, it is vital, when utilizing demolished 
concrete for concrete structures, to adopt processes imposing low environmental loads. 

Nevertheless, recycled aggregate concrete tends to show lower strength and greater drying shrink-
age than those of normal concrete. In an attempt to solve these technical problems, studies related to 
recycled aggregate for concrete so far have focused on enhancing the quality of recycled coarse ag-
gregate, resulting in technologies imposing heavy loads on the environment. Also, recycled fine 
aggregate and powder generated during production have not yet been put to practical use. Recycling 
of concrete lumps will hardly be achieved unless such fines are effectively used. 

With this as a background, a rubbing recycling machine was used in this study to produce recy-
cled aggregate with low environmental loads. Also, the authors devised a technique involving not 
only quality enhancement during production but also post-production modification of recycled aggre-
gate. Based on this technique, major technical subjects related to recycled aggregate concrete, such as 
strength development and drying shrinkage, were investigated with the goal of achieving complete 
recycling of concrete including recycled fine aggregate and recycled powder. 
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2 Production of recycled aggregate 

2.1 Original concrete 
Tables 1 and 2 give the materials and mix proportions of original concrete used for producing recy-
cled aggregate, respectively. 

Table 1 Materials of original concrete 
 
 
 
 
 

Table 2 Mix proportions and fresh properties of original concrete 
 
 
 
 
 

2.2 Outline of the rubbing recycling machine 
Photo 1 (left) shows the appearance of the rubbing recycling machine used in this study. Photo 1 
(right)  shows the inside features of the machine. The inside of the machine is separated into two 
lanes by a steel cylinder. Threaded steel rods 24 mm in diameter are vertically arranged in each lane. 
When the rods rotate, particles charged into the machine roll down through clearances between the 
rods, collectively flowing along the lanes. During this process, mortar adhering to aggregate surfaces 
is removed by abrasion with the rods and between aggregate particles. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Photo 1 The rubbing recycling machine 

2.3 Recycled aggregate production flow 
Figure 1 shows the flow of recycled aggregate production. Original concrete blocks were coarsely 
crushed at an age of 56 days using a hydraulic breaker and crusher and then crushed to a medium size 
with an impeller breaker to produce recycled crusher-run RC30. 

RC30 was then subjected to abrasion in a rubbing recycling machine, and particles greater than 5 
mm were classified into recycled coarse aggregate. Figure 2 (left) shows the grading of the resulting 
recycled coarse aggregate, which is slightly finer than crushed stone 2005 (Japanese Industrial Stan-
dard (JIS A 5005)), being in the range of the grading of crushed stone classified as crushed stone 
1505 (JIS A 5005). As for particles finer than 5 mm, those finer than 0.15 mm were further classified 
into recycled powder. Particles from 0.15 to 5 mm were treated with a ball mill, and those 0.15 mm or 

materials density(g/cm3)* water absorption(%) fineness modulus

Fine aggregate (S) 2.56 2.2 2.75

Coarse aggregate (G) 2.60 2.1 6.70

*density in saturated surface-dry condition
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greater and finer than 0.15 mm were classified as recycled fine aggregate and recycled powder 
(blended with formerly classified recycled powder) , respectively.  

Table 3 gives the treatment conditions by the rubbing recycling machine in this study. These were 
determined based on test results by Ogita et al.2) to produce aggregate of maximum quality while 
imposing minimum environmental loads. 

2.4 Improvement of recycled fine aggregate grading 
The grading of 0.15 to 5 mm particles obtained by rubbing is as shown in Fig. 2 (right) before treat-
ment, being slightly coarser than the standard grading of fine aggregate. Treatment was therefore 
carried out using a ball mill with the conditions given in Table 3.  Namely, not only a rubbing recy-
cling machine but also a ball mill was used to adjust the grading of recycled fine aggregate. Figure 3 
also shows the grading after treatment, which is proven to be in the standard grading for fine aggre-
gate. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig. 1 Flow of recycled aggregate production 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig. 2 Grading of the resulting recycled aggregate 

Table 3 Treatment conditions 
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2.5 Improvement of the density and water absorption of recycled fine aggregate 
Production and use of recycled fine aggregate have not been practiced on a commercial basis. This is 
because the small particle size makes it difficult to physically improve recycled aggregate. That is, it 
hampers removal of cement paste from the surfaces of fine aggregate. The water absorption of recy-
cled fine aggregate is generally high, presumably due to the effects of the quality and microcracks of 
cement paste adhering to its surfaces. Treatment using a ball mill conducted in this study led to no 
appreciable improvement in the density and water absorption of recycled fine aggregate. 

For this reason, it was decided to attempt improvement in the density and water absorption by 
carbonation in addition to physical abrasion. This is to fix CO2 into adherent cement paste by carbo-
nation to fill microcracks, thereby modifying the surface properties.  

Carbonation of recycled fine aggregate was carried out using a carbonation-accelerating chamber 
with a temperature, relative humidity, and CO2 concentration of 20C, 60%, and 5%, respectively. 
Carbonation time was determined by testing. Each sample of recycled fine aggregate was spread as 
thin as possible in a container and stirred once every day to make the sample uniform. Figures 3 show 
the changes in a rate of mass increase, oven-dry density, and water absorption, respectively, over 
time. The rate of mass increase due to carbonation subsided by the end of the fourth day and leveled 
off thereafter. The oven-dry density and water absorption rapidly increased and decreased, respective-
ly, for the first two days, but the changes grew slower thereafter. 

Table 4 gives the JIS-requirements for the oven-dry density and water absorption of recycled fine 
aggregate. Figures 3 (center and right) demonstrate that the carbonation process improved the oven-
dry density and water absorption to the JIS-required ranges for recycled fine aggregate classified as M 
(JIS A 5022), while the ball mill treatment alone led to a quality level equivalent to recycled fine 
aggregate L (JIS A 5023). It can therefore be said that the carbonation process in this study is effecti-
ve in modifying recycled fine aggregate. 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig. 3 Changes in a rate of mass increase, oven-dry density, and water absorption 

Table 4 JIS-requirements for the oven-dry density and water absorption of recycled fine aggregate 
 
 
 
 

3 Tests on recycled aggregate concrete 

3.1 Materials 
Table 5 gives the materials used for concrete testing and their qualities. The recycled coarse aggregate 
meets the requirements for recycled coarse aggregate M (JIS A 5022). On the other hand, the recycled 
fine aggregate did not achieve an improvement comparable to Fig. 3, slightly deviating from the 
standard for recycled fine aggregate M (JIS A 5022), though it was subjected to carbonation for 3 
days by being spread to a depth of 3 cm in a container and homogenized by stirring 3 times every day. 

The recycled powder were also subjected to carbonation for 1 hour, but showed little change in 
the mass. 
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Note that the paste content by mass of the recycled fine aggregate and recycled powder was measured 
by dissolving paste in hydrochloric acid, with the results being approximately 22% and 48%, respec-
tively. 

3.2 Trial mix and mixing of concrete 
Table 6 gives the mix proportions of trial mixtures. The target slump and air content were 8 1.5 cm 
and 5 1%, respectively. The water-cement ratio (55%) and unit water content were fixed, while the 
type and unit weight of admixtures were changed to adjust the slump and air content. 

Crushed andesite sand (NS) and recycled fine aggregate (RS) were used as fine aggregate, and 
crushed andesite stone (NG) and recycled coarse aggregate (RG) were used as coarse aggregate. 
Recycled powder (RP) were included in place of part of fine aggregate. Note that a maximum recy-
cled powder content of 60 kg/m3 was adopted, because 60 kg of recycled powder was generated from 
1 m3 of original concrete in the production of recycled aggregate. Tests were also conducted using a 
half of that proportion, 30 kg/m3, of recycled powder. 

Concrete was produced using a forced type twin-shaft mixer with a capacity of 50 liters in a labo-
ratory at 20C and 60 % R.H. The batch size was 30 liters. The mixing procedure was as follows: 
Dry-mix cement, recycled powder, fine aggregate and coarse aggregate for 15 sec, add water and 
chemical admixtures, and mix for 105 sec. 

Table 5 Materials used for concrete testing 
 
 
 
 
 
 
 
 
 

Table 6 Mix proportions of recycled aggregate concrete 
 
 
 
 
 
 
 
 
 

3.3 Test items and methods 
The following concrete tests were conducted in this study: 

3.3.1 Slump and air content 
Tests for slump and air content were conducted in accordance with JIS A 1101 and JIS A 1128, re-
spectively. 

3.3.2 Compressive strength and elastic modulus 
Tests for compressive strength and elastic modulus were conducted on specimens fabricated by de-
molding one day after placing and water-curing at 20 C until testing in accordance with JIS A 1108 
and JIS A 1149. 

3.3.3 Length change 
Length change tests were conducted in accordance with JIS A 1129-3. Specimens were demolded one 
day after placing, water-cured at 20C until an age of 7 days at which the datum length was measured. 

materials density(g/cm3) water absorption(%) solid content(%) fineness modulus

Normal fine aggregate (NS) 2.63* 1.84 62.5 2.85

Recycled fine aggregate (RS) 2.36* 7.74 67.2 3.45

Recycled powder (RP) 2.40 5.30 - -

Normal coarse aggregate (NG1) 2.62* 1.89 57.4 6.54

Normal coarse aggregate (NG2) 2.62* 1.60 57.1 7.00

Recycled coarse aggregate (RG) 2.57* 3.40 59.9 6.37

*density in saturated surface-dry condition
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55 46 171 311 - 680 60 - - 944 - CX0.6% CX0.05% 8.2 5.5
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Specimens were then air-cured in a room with constant temperature and humidity at 20C and 60% 
R.H. for a specified period. Note that a test age in these tests represents the number of days from the 
time of datum length measurement. 

4 Test results 

4.1 Unit weight of chemical admixture 
As given in Table 6, unit weight of the chemical admixture necessary for attaining the target slump 
and air content of recycled aggregate concrete, with or without recycled fine aggregate, were equiva-
lent to that of normal concrete made using normal coarse and fine aggregates. This is presumably 
because the particle shape of both recycled fine and coarse aggregates, of which solid content were 
higher than those of normal aggregate (see Table 5), were better. 

Meanwhile, the target slump was not achieved by an air-entraining and water-reducing agent, 
when recycled powder were used, requiring a superplasticizer. A higher recycled powder content 
required a higher dosage of a superplasticizer.  

4.2 Compressive strength 

4.2.1 Test results 
Figure 4 (left) shows the results of compressive strength tests at 7 and 28 days. 

4.2.2 Effect of the use of recycled aggregate 
In regard to the effect of recycled aggregate on the compressive strength shown in Fig. 4 (left), the 
compressive strength at 7 days is slightly lower than normal concrete when recycled coarse aggregate 
is used (NS-RG) and even lower when both recycled coarse and fine aggregates were used (RS-RG), 
but the difference from normal concrete is only several percent. On the other hand, significant differ-
ences are recognized at 28 days. The compressive strength with NS-RG is 7% lower than that of 
normal concrete, while the strength loss is as large as 20% with RS-RG. 

The strength loss with NS-RG may be attributed to the effect of paste adhering to the surfaces of 
recycled aggregate. As to the case of RS-RG, the strength loss can be attributed to the effect of above-
mentioned microcracks in addition to the greater amount of paste adhering to recycled fine aggregate 
than to recycled coarse aggregate. In other words, the carbonation process was able to fill microcracks, 
improving the density and water absorption, but did not lead to modification in terms of strength. 

Also, such strength losses due to the effect of aggregate appear to be more significant under high 
strength conditions. 

4.2.3 Effect of recycled powder 
Figure 4 (left) reveals the compressive strength gains of specimens containing recycled powder (RP). 
Thus the compressive strength of specimens with RS-RG-RP is related to the recycled powder content 
in Fig. 4 (right). This figure demonstrates that the compressive strength increases as the recycled 
powder content increases, with the strength with 60 kg/m3 powder (RP 60) being comparable to that 
of normal concrete (dashed lines in the figure). This is presumably due to the microfiller effect of 
recycled powder, suggesting a possibility that the effective use of recycled powder may compensate 
for strength losses, which are inevitably associated with the use of recycled aggregate. 
 
 
 
 
 
 
 
 
 
 
 
 
Fig. 4 Results of compressive strength tests 
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4.3 Elastic modulus 
Figure 5 (left) shows the measured static modulus of elasticity at 7 and 28 days. The relationship 
between the compressive strength and elastic modulus is shown in Fig. 5 (right) along with this rela-
tionship appearing in the Standard Specifications for Concrete Structures (Design)3) (hereafter re-
ferred to as Standard Specifications). 

As seen from Fig. 5 (left), a tendency similar to compressive strength is observed for elastic 
modulus. The elastic modulus of specimens with NS-RG is lower than that of normal concrete, and 
the modulus is even lower with RS-RG. When recycled powder are contained, the ratio of increase in 
the elastic modulus is not so significant as the case of compressive strength. 

When focusing on the relationship between the compressive strength and elastic modulus shown 
in Fig. 5 (right), the relationship for normal concrete and concrete with NS-RG nearly coincides with 
the relationship shown in the Standard Specifications. On the other hand, the elastic modulus of con-
crete with RS-RG tends to be low with respect to the compressive strength. This is presumably due to 
the brittleness of recycled fine aggregate containing cement paste particles. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig. 5 Results of elastic modulus tests 

4.4 Length change due to drying shrinkage 
Figure 6 shows the results of length change tests. 

The length change of recycled concrete due to drying shrinkage is generally larger than that of 
normal concrete. When comparing concretes containing recycled aggregate, specimens with NS-RG, 
RS-RG, and those containing 30 kg/m3 recycled powder (RP 30) show similar length changes. That of 
RP 60 is smallest among recycled aggregate concretes. In other words, the length change is increased 
by the use of recycled aggregate but can be curbed by using recycled powder. It is inferred that the 
use of recycled powder has a microfiller effect, but detailed investigation is necessary for elucidating 
the mechanism. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig. 6 Results of length change due to drying shrinkage 
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5 Conclusions 
A rubbing recycling machine imposing low environmental loads was used in this study to produce 
recycled aggregate, which was then subjected to quality improvement including treatment using a ball 
mill to adjust its grading and accelerated carbonation to improve its density and water absorption. 
Concrete tests were then conducted using the resulting recycled aggregate with the aim of completely 
recycling concrete on the premise of using the whole amount of not only recycled fine and coarse 
aggregates but also recycled powder. The results are summarized as follows: 

5.1 Production of recycled aggregate 
The production of recycled coarse aggregate that meets the requirements for recycled coarse aggre-
gate M was possible by the use of a rubbing recycling machine of a low environmental load type. 

It was difficult to produce recycled fine aggregate that meets the requirements for recycled fine 
aggregate M by the use of the rubbing recycling machine alone. 

5.2 Modification of recycled fine aggregate 
The 0.15 to 5 mm particles of recycled fine aggregate produced using the rubbing recycling machine 
were treated in a ball mill to adjust the grading. The standard grading for recycled fine aggregate was 
achieved by this process. Recycled fine aggregate was also subjected to modification by carbonation. 
The requirements for recycled fine aggregate M were thus satisfied in terms of density and water 
absorption. 

5.3 Proportioning of recycled aggregate concrete 
The chemical admixture dosage necessary for achieving the target slump and air content of recycled 
aggregate concrete was nearly the same as that for normal concrete even when the whole amount of 
recycled coarse and fine aggregates was used. 

When recycled powder were used, a superplasticizer was necessary, with its demand increasing as 
the powder content increased. 

5.4 Quality of recycled aggregate concrete 
The compressive strength of recycled aggregate concrete was lower than normal concrete when recy-
cled coarse aggregate and normal fine aggregate were used, and even lower when both recycled 
coarse and fine aggregates were used. With the inclusion of recycled powder, however, the compres-
sive strength increased as the recycled powder content increased. The compressive strength with 60 
kg/m3 recycled powder was comparable to that of normal concrete. 

The elastic modulus of recycled aggregate concrete showed tendencies similar to compressive 
strength, being lower than normal concrete when recycled coarse aggregate and normal fine aggregate 
were used and even lower when both recycled coarse and fine aggregates were used. In contrast to 
compressive strength, the elastic modulus gains due to the inclusion of recycled powder were not as 
large as the case of compressive strength.  

The length change of recycled aggregate concrete due to drying shrinkage was greater than that of 
normal concrete but was curbed by the inclusion of recycled powder, with the difference narrowing as 
the powder content increased.  

This study appears to mark a major step forward for achieving the target of complete recycling of 
concrete from demolished concrete lumps into concrete. 
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Abstract 
Our research wants to make utilizable mineralized foams with densities lower than 250 kg/m³ for 
thermal insulating. It should be suitable on the one hand for applications prefabricated panels and on 
the other hand as a part of complex wall systems. Based on empiric results, this paper describes in 
particular structural-physical characteristics of mineralized foams with lower densities. The Depend-
ency between the thermal conductivity and the density of mineralized foam is characterized in detail. 
In the light of the illustrated results there are some considerations about the influencing factors that 
cause the microstructure of mineralized foams which has effect on their thermal conductivity. 

1 Introduction 
So called foamed concrete undoubtedly is a material with attractive characteristics for certain purpos-
es. Research has been carried out on this material for decades [1]. Most of the analyzed mixes reach 
densities about 1200 kg/m³ [2] and are nowadays used mainly outside Europe for the manufacture of 
structural components in monolithic constructions. Recent research conducted in Germany was about 
mineralized foam with densities between 300 and 1200 kg/m³ [3, 4]. With low density foams for 
example it is possible to realize thermal insulation layers as a part of an exterior insulation and finish 
systems (EIFS). Finding out the lowest possible density of mineralized foams that still secures deter-
mined and reproducible characteristics remains a challenge. In a two year industrial research program 
the main characteristics as well as a robust production form of mineralized foam with densities under 
250 kg/dm³ were identified [5]. 

2 Material and methods 
Low density mineralized foam consists of lime and more than 80 % pores. The lime was reformulated 
of cements (CEM I, II and III; standard strength 42.5 and 52.5), pozzolanic and non reactive additives 
and water. The amount of water was 40 % in reference to the whole quantity of fines. A great variety 
of mineralized foam mixtures were analyzed amongst others in terms of thermal conductivity, densi-
ty, compressive strength and shrinking. 

A two step production process was used in the studies. Firstly the mineral lime components are 
mixed by a special slurry mixer in order to reach a viscous flowing consistence without using super-
plasticizers that might interact with the foaming agents. Afterwards, prefabricated foam based on 
protein foaming agents is mixed under the fluid phase. Starting with the density of approximately 
400 kg/m³ there is only binder and no fine aggregates has to be added [6].  The fresh mortar shows an 
good workability. The strength development occurs, in contrast to aerated concrete, by the hydration 
of the cement under normal storage conditions. Once hardened the material is still processable which 
offers advantages in a possible prefabrication production process. 

The focus of our past work was on optimizing mineralized foam regarding low thermal conduc-
tivity by finding new mixtures with lower densities. These were supposed to be able to minimize the 
density and simultaneously considering the necessity of a robust production method. Conductivity 
was measured with the guarded hot plate method for every mixture on three temperature levels (10, 
25 and 40 °C). Subsequent the thermal conductivity of the dry material at 10 °C was extrapolated. It 
is possible to reach thermal conductivities under 0.05 W/(m · K).  

The minimum value for plaster systems of 0.4 N/mm² for 28 day compressive strengths is obtain-
able by mineralized foams with minimum densities of approximately 150 kg/m³. Materials with lower 
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compressive strengths are not approvable as thermal insulating layers. The shrinkage value is about 
0.2 % after one year. The explicit comportment of mineralized foam under fire load was not investi-
gated. But it is generally known that the material is incombustible. Thermal conductivity also depends 
on the temperature. Nevertheless, under higher temperatures mineralized foam should have a nearly 
unvaried conductivity because of its high porosity and its low conductivity under normal temperatures 
[7, 8]. If there is no development of expanded fissuring or if the material is protected by another 
airtight layer, mineralized foam could assume insulating functionalities at higher temperatures. 

3 Data base 
The investigations showed that the dependency on the density of thermal conductivity is not linear. In 
fact its gradient corresponds approximately to the known function of thermal conductivity for densi-
ties from 400 kg/m³ and higher of non fines lightweight concrete (Fig. 1) [9, 10]. Therefore it does not 
make much sense to attempt lower thermal conductivities by just minimizing the density of the mate-
rial. This approach would lead to low compressive strengths. 
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Fig. 1 Gradient of thermal conductivity in relation to density for non fines lightweight concrete 

[9] 

Based on our great number of test results we derived a polynomial correlation between thermal con-
ductivity and the density of mineralized foam for limited range of densities from 125 to 250 kg/m³. 
With this function λ(ρ) it is possible to assign a variation ν from the measured thermal conductivity 
λm to the calculated one on the base of the measured density ρm. Figure 2 shows the variation ex-
pressed as a percentage of measured density related to the calculated one for a number of mineralized 
foam mixtures. The variation shows the possible impact of influences beyond the density on thermal 
conductivity of mineralized foam up to 20 %. It is noticeable that this obtains for every here reconsid-
ered density level. The probable maximum error of measurement for a hot plate apparatus is 3,07 % 
[11]. 
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Fig. 2 Relationship for different mineralized foam mixtures between the variations from meas-

ured thermal conductivity to the calculated one and the measured densities 

4 New challenges emerging from the findings 
The empirical studies showed that there are three factors influencing the microstructural development 
of mineralized foam. The rheology of the lime is a determining factor for the stability of the fresh 
foam and the pore structure of the hardened material. Normally in an emulsion the gravitational force 
respectively the buoyancy effects a phase separation of fluid and gaseous phase. If the fluid phase has 
a certain viscosity with a pronounced flow limit the buoyancy has to be higher than the flow limit to 
make ascent the gaseous phase (Fig. 3, left) [12]. Foams additionally have addition sucking forces in 
the lamella which act in direction of the so called plateau until the bubble is destroyed. Viscous fluids 
in the lamella contrast this effect (Fig. 3, right) [13]. A fresh foam mortar remains more stable if the 
viscosity of the lime is able to resist the gravitational force and the sucking forces in the lamellas. 
Very liquid slurry is not able to preserve the intermixed gas pores due to its low viscosity. The air 
ascends in the suspension and at the same time flows downwards the pore membranes. A stiff or 
plastic lime destructs the foam due to mechanical stress and a not saturated water demand of the fines. 
If the ideal consistency of mineralized foam is adjusted, more flowable slurries lead to bigger pores 
and thinner membranes (Fig. 4), because bubbles joining when they get destroyed. We are still 
searching for a suitable method to carve out the differences of rheology between the various usable 
slurries. 

 

 
Fig. 3 Model of an emulsion with equilibrated buoyancy and forces caused by the viscosity 

(left), model of sucking forces acting in foam lamella [13] (right) 
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Fig. 4 Details (30 x 30 mm) from mineralized foam made with slurries with higher (left) and 

lower (right) viscosity. 

The microstructure of the mineralized foam is also defined by the composition of the lime. The bind-
ing and non binding fines form a more or less compact wall structure around the pores depending on 
their granulometry and their chemical activity. This circumstance has an influence on the thermal 
conductivity of the hardened material.  

The third important factor for the microstructural development of mineralized foam is the interac-
tion with materials in contact while the hardening of mineralized foam. As part of a composite mate-
rial especially the stability of the fresh foam mortar is influenced by the surficial area and the absor-
bency of the contact material. These factors determine the demand of water of the composite partner. 
If the demand has to be covered with water from the foam there is a high risk of destroying the mor-
tar. Accordingly for every material combination has to be found the right mixture for the foam mortar 
or rather an appropriate conditioning of the contact surface. 

5 Conclusions 
The previous considerations and the conducted empirical studies showed that there is a complex 
correlation between thermal conductivity and density of mineralized foam with lower densities. Start-
ing from microscopic examinations we will try to appreciate the mechanism of the treated material. In 
this context, it seems promising to study especially the influences of the lime characteristics on the 
microstructure of mineralized foam. 
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Abstract 
This paper reviews state of the art in the field of titanium dioxide nanoparticles (n-TiO2) utilization in 
concrete industry. By using n-TiO2-additised cement, we can obtain structures with photocatalytic, 
self-cleaning and biocide surfaces. Presence of n-TiO2 also influences cement hydration process. 
Principles of these phenomena are described, several examples of first applications in real construc-
tion are presented. Plans for further own research are briefly outlined. 

1 Introduction 
Nanotechnologies belong to the most prospective areas of contemporary science. In accordance with 
this idea, the author of this paper decided to focus on possible utilization of various nanomaterials in 
concrete industry in his doctoral study. This paper deals specifically with titanium dioxide nanoparti-
cles effect on concrete properties.   

Generally speaking, titanium dioxide (TiO2) has a wide range of applications in paints, sun-
screens, glass making, food-colouring or jewellery. Photocatalytic properties of TiO2 were discovered 
in 1972 by Fujishima and Honda [1]. They exposed TiO2 electrode in an aqueous solution to strong 
light, which lead to decomposition of water to hydrogen and oxygen. Initially they wanted to utilize 
this phenomena to extract hydrogen, a clean energy source, from water using sunlight, but experi-
ments showed that the efficiency of the method was too low for commercial use.  

In 1989, Fujishima, Hashimoto and Watanabe realized that photocatalysts could be used another 
way – to decompose trouble-making materials. After they covered the walls and floor of a hospital 
operating room with tiles coated with TiO2 paint, concentration of bacteria and pollutants in the room 
fell sharply. Finally, in 1995, scientists from Toto’s Research Institute employed photocatalysis to 
create superhydrophillic glass surfaces with a self-cleaning function [1]. 

As concrete is a material whose properties are often being modified by admixtures, it is no sur-
prise that these discoveries quickly attracted concrete researchers and since the end of 1980s they 
experimented with TiO2-enriched cement matrices. In these days, the focus is on titanium dioxide 
nanoparticles (n-TiO2), because they exhibit increased reactivity compared to ordinary TiO2 thanks to 
their high specific surface area.  

2 Principles of photocatalysis and self-cleaning effect 
The process of decomposing air pollutants by UV-radiation from sunlight is a natural phenomenon 
called photolysis. It helps us to get rid of smog in our cities. This reaction proceeds very slowly, but 
we can accelerate it by a catalyst. Then we call it photocatalysis. 

The catalyst is usually a semiconductor – in our case n-TiO2. Being activated by UV-radiation, an 
electron is transported from valence-band to semiconductor-band of an atom. When oxygen (O2), gets 
in contact with such an electron, a radical with high oxidation ability called active oxygen or superox-
idion (O2

–) is created. In case of water (H2O), hydroxyl radicals (HO●) are generated. Both are highly 
reactive agents which are able to oxidize most organic compounds and also pollutants such as nitro-
gen oxides (NOx) [2], [3]. The process of NOx oxidation on n-TiO2 additised surface is graphically 
illustrated by fig. 1.  
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Fig. 1 NOx removal process scheme, adapted from [4]. 

Denominating electron as e–, electron hole with positive charge as h+ and energy of a photon as h, 
we can describe the reactions exactly by following equations [4]: 

Photocatalysis: 
2 2TiO hν  TiO ( )e h      

 
2 2O  Oe    

 
2 22H O 2  2OH Hh    

Oxidation: 
2 2NO 2OH NO H O    

 
2 3NO OH NO H     

 2O
x 3NO NO

   

At this point, it is apposite to stress that the UV-radiation is necessary for the reaction to take place 
and that n-TiO2 serves only as a catalyst and therefore is not consumed during the reaction. To main-
tain long-term efficiency, the reaction products (nitrates, NO3

–) should be from time to time washed 
off the surface, for example, by rain. 

Self-cleaning effect is another benefit we can get from photocatalysis. UV-light partially removes 
oxygen atoms from the surface of the n-TiO2. The areas where oxygen atoms are missing are hydro-
philic, while the areas with no oxygen atoms taken away are hydrophobic. As both types of areas 
exist side by side on the surface (their size is several hundreds or thousands nm2), water droplets do 
not remain spherical but became flat forming a uniform film as water spreads through the hydrophilic 
areas. If a dirt is already present on the surface, the water penetrates under the dirt and removes it [1].  

 

 

Fig. 2 Self-cleaning effect of n-TiO2 additised concrete surface. 
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3 Photocatalytic concrete in practice  
Photocatalytic, self-cleaning and biocide n-TiO2-additised concrete surfaces were already applied in 
real structures, which makes them pioneering material of nanotechnology in concrete. So far, there 
are two companies producing commercially available cement with n-TiO2 admixture: Mitsubishi 
Corp. with its NOxer and Italcementi SA, manufacturer of TioCem.  

The price of these cements is significantly higher than the price of ordinary portland cement, 
5 to 10 times depending on supplier and exact type of cement used. However, the impact on the total 
price of the structure is much milder, because in most cases special cement is not used for structural 
purposes, i.e. not the whole volume of the element contains n-TiO2-additised cement. Usually, this 
type of cement is used in precast elements like acoustic barriers, cladding panels, paving blocks etc., 
where it is possible to make only surface layer of several milimeters or centimeters from photocatalyt-
ic material. As a result, primary costs of the elements are increased by some 10 to 20 %, which can be 
justified by positive impact on the environment, architectural needs and reduction of long-term 
maintenance costs [5], [6]. Following examples should serve as a support for this statement. 

Probably the most well-known application of n-TiO2-additised cement is Dives in Misericordia 
church in Rome built in 2003. American architect Richard Meier, the author of this structure, wanted 
to secure long-time whiteness of the church as a symbol of purity and perfection – very challenging 
demand in the conditions of three-million agglomeration with heavily polluted air. Periodical meas-
urements of coloring of selected panels have shown that the white color is very stable , the only prob-
lem was found on windward side of the building, where the panels became slightly yellow due to the 
effect of fine Saharan sand that is often carried by wind from North Africa to Italy [7].  

    

Fig. 3 Dives in Misericordia church (left) and Umberto I. road tunnel (right), reprinted from [7]. 

Also in Rome, the reconstruction of road tunnel Umberto I. was performed in 2007. The tunnel reveal 
was treated with cement painting containing n-TiO2, the lights with high ratio of UV radiation were 
installed. The aim was to reduce the emissions of NOx. Subsequent study showed that the emissions 
were reduced by almost 50 % [7].  

 

Fig. 4 Construction of a road with photocatalytic surface in St. Louis (left). The lower layer 
made of standard application concrete was experimentally covered by 5 cm of photocata-
lytic concrete (right). Reprinted from [9]. 
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Very promising is application of photoactive cement in acoustic barriers along the roads and interlock 
pavement blocks. Trial “photocatalytic pavements” were constructed in Paris, Bergamo and Malmö in 
previous years. Results of laboratory experiments and in-situ measurements summarized in [8] pre-
sent reduction of NOx concentration between 25 and 80 % in the surroundings of the pavement or 
acoustic wall, depending on UV-light intensity, air circulation rate and concentration of the pollutants.  

In St. Louis, Missouri, USA, 500 meters of a road were paved by 5 cm thick layer of photocata-
lytic concrete in 2011 (see fig. 4). The influence on air quality will be monitored for one year by 
experts from Iowa State University and the University of Missouri at Kansas City. If successful, this 
in-situ experiment could lead to massive application of photocatalytic surfaces in transportation struc-
tures. 

4 Influence of n-TiO2 on cement hydration  
Titanium dioxide nanoparticles are generally considered to be inert additives to cement. However, 
recent studies have shown their effect on the rate of hydration and dimensional stability of concrete.  

Early age hydration rate is important because of potential influence on setting time, dimensional 
stability and strength development. It is well-known that fine fillers accelerate cement hydration when 
added to cement up to 15 % cement replacement levels [11]. Jayapalan et al. investigated influence of 
increasing dosage of n-TiO2 on cement hydration rate [10], [11] and chemical shrinkage [10]. They 
used two n-TiO2 powders of different particle sizes and surface areas (see table 1) to produce cement 
pastes with varied n-TiO2 content. To study hydration rate, the pastes were poured into calorimetric 
capsules and subjected to isothermal calorimetry. The rate of hydration was measured every 60 se-
conds as power (mW) and normalized per gram of cement. Chemical shrinkage tests were carried out 
according to American standard ASTM C 1608-07. 

Table 1 Characteristics of n-TiO2 powders used by Jayapalan et al., adapted from [11]. 

Type of 
powder 

Crystal size 
[nm] 

Agglomerate 
size [m] 

Surface area 
[m2/kg] 

pH Purity [%] 

T1 20 – 30  1.5 45 – 55  3.5 – 5.5 >97 

T2 15 – 25  1.2 75 – 95 3.5 – 5.5 >95 

Results have shown that the rate of hydration was proportional to the dosage of n-TiO2, smaller parti-
cles were found to accelerate the reaction more than larger ones (see fig. 5). Chemical shrinkage tests 
performed on the paste containing T2 powder also proved direct dependence on the dosage of the 
additive (fig. 6). 

 

Fig. 5 Hydration rate time development measured by Jayapalan et al., reprinted from [11]. OPC 
= ordinary portland cement, percentages express the cement replacement level by n-TiO2. 
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Fig. 6 Chemical shrinkage time development measured by Jayapalan et al., adapted from [10]. 
OPC = ordinary portland cement, percentages express the cement replacement level by  
n-TiO2. 

The conclusions are notable. They imply that apart from giving concrete surface photocatalytic and 
self-cleaning properties, addition of n-TiO2 could also affect mechanical properties and chemical 
durability of concrete, both in favourable and adverse ways.  

5 Plans for further research 
Previous chapter showed that the research cannot be focused only on the main reasons for which an 
additive is added to concrete – such an attitude could lead to neglect of important facts. Even if the 
filler is non-reactive, which is the case of n-TiO2, it affects hydration process for three reasons: modi-
fication of particle size distribution, heterogeneous nucleation and cement dilution. Fine particles are 
able to fill the voids between cement grains and calcium-silicate-hydrate (CSH) crystals, modify 
porous system and thus, for example, reduce segregation and bleeding in fresh concrete. They serve 
as nucleation sites promoting cement hydration. On the other hand, as they are used as a replacement 
of cement, they decrease the amount of hydratable binder (dilution effect) with possible negative 
impact on mechanical properties. 

The role of n-TiO2 in cement hydration with respect to the three previously mentioned phenome-
na does not seem to be well documented in literature, although we can assume that they are quite 
important for the process. Hydration rate acceleration and resulting increase in chemical shrinkage 
was studied in general in [10] and [11]. With respect to the fact that n-TiO2-additised concrete is 
usually applied only in the surface areas of elements, the author believes that the investigation of 
differential shrinkage of concrete element’s constituent layers is one of the topics that should be 
studied more in detail. In case when shrinkage in surface area is significantly higher than in the rest of 
an element, formation of cracks could take place. This could further lead either to separation of layers 
and devaluation of an element or to easier penetration of chemical agents into concrete. Such effects 
would be extremely unwelcome, because n-TiO2-additised surfaces are usually applied in places 
where they are subjected to chemically aggressive environment (pavements, roads, facades etc.). For 
the same reason, effect of various dosages of n-TiO2 on the ability of concrete to endure actions of 
chlorides, nitric acid, sulphuric acid, temperature gradients and other factors that affect structures in 
everyday life should be theoretically and experimentally examined. Without thorough research in this 
area and with growing number of application of n-TiO2, one day we could face unpleasant problems 
with maintenance of degraded photocatalytic surfaces.  

At the moment, the author is in literature survey stage of his doctoral thesis, evaluating all possi-
ble applications of nanotechnologies in concrete industry. Abovementioned ideas on research oppor-
tunities in the area of n-TiO2 are one of many others that will be considered before final decision on 
narrowing the aim of the thesis will be taken. 
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6 Conclusions 
The reasons for writing this paper were to summarize basic information on titanium dioxide nanopar-
ticles influence on concrete and to outline opportunities for author’s own research. The author be-
lieves that the first purpose was met by explaining principles of photocatalytic and self-cleaning 
effect, pointing out the question of n-TiO2 impact on cement hydration and noticing several examples 
of practical applications. He also hopes that people interested in nanotechnologies in concrete, but 
without deeper knowledge of the area, might find the paper interesting and helpful for their familiaris-
ing with this issue. The second purpose was fulfilled by working out this essay and should serve as a 
basis for further independent research. 
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Abstract 
The current state of knowledge of C-S-H, the main binding phase of Portland cement-based system, is 
limited despite decades of investigations. The C-S-H is nanogranular, nearly amorphous and fractal 
structure in nature. C-S-H is still complex to understand and more research is needed in both experi-
mental and computational aspects. The mechanism of C-S-H formation and densification at length 
scale of 100nm to 1µm remain fundamentally unknown. Hence, the main goal of this research work is 
to contribute to the investigation of the main mechanism behind the C-S-H formation and the causes 
of possible densification.  

A new conceptual model using colloidal approach is being developed in order to clearly define the 
growth mechanism of C-S-H, eventually, be able to describe and explain the densification process. 
The proposed growth and densification mechanism are as follows: the basic building block (BBB) of 
C-S-H is assumed spherical in shape and nanometer in size known as C-S-H particles. The C-S-H 
particles flocculate to form into larger units called clusters or globules [2]. At initial reaction, the C-S-
H particles precipitate and gradually form into clusters outside the original boundary of the cement 
particles. At early-age, Hadley grains [5] will form and eventually be filled-up, first, by C-S-H parti-
cles then as clusters or globules. The C-S-H clusters will continue to attract each other to form the 
following C-S-H morphologies, i.e. LP, LD, HD and UHD. These four C-S-H morphologies differ in 
porosity or packing density. The proposed mechanism is expected to explain the existence of LP that 
appears in the early period of hydration, LD, HD and UHD that appear in the later period. Further-
more, this conceptual model is envisaged to improve the existing hydration models to bridge the gap 
between micro- and nano- level.  

1 Introduction 
Portland cement, the main ingredient of concrete, is the most common and ubiquitous material used in 
civil engineering works. It works like magic when combined with water. After a few hours, the liquid 
solution transforms into solid with strength that continues to increase in time. The calcium silicate 
hydrate (C-S-H) is the main hydration product and binder phase. Taplin [1] classified C-S-H as inner 
product (Ip) formed inside the original boundary of anhydrous cement and outer product (Op) formed 
in space originally occupied by water. Jennings [2] used the terms high density (HD) C-S-H and low 
density (LD) C-S-H that correspond to Ip and Op, respectively. In addition, loose-packed density (LP) 
C-S-H [3] and ultra-high density (UHD) C-S-H [4] are also used. 

The resulting stone-like product is a porous material that makes it susceptible to many 
microscopic problems such as calcium leaching, transport of deleterious materials, and corrosions. 
Most of these problems occur via the intrinsic pore system that influences many engineering 
properties. The intrinsic pores are comprised of capillary and gel pores that depend on the initial 
water/cement (w/c) ratio of the mixture. As a consequence of increasing the w/c ratio, the porosity 
increases while the material’s strength decreases and more ingress of deleterious materials are 
expected. 

The capillary pores are defined as the space originally occupied by water in a mixture of cement 
and water. The hydration products will occupy the capillary pores hence they will decrease during 
hydration process. In addition, an often neglected type of pore and most unrecognized feature of 
hydrated cement paste microstructure is made available during the course of hydration process that 
forms in space occupied originally by cement. These pores are known as hollow shell pores or 
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‘Hadley grains’ [5]. Many Hadley grains are completely hollow while others contain remnant 
anhydrous cement particles [6]. Further, some hollow shells formed as ‘Williamson grain’ [7] are 
later infilled by inner products that grow towards the middle of anhydrous cement until they are 
completely filled. The hollow shells are not artifacts caused by drying or particle pull-outs hence they 
are considered a significant feature of the microstructure [6] that accounts to 10% or less of the total 
porosity in cement paste and even increases up to 20% with the presence of silica fume [8]. In 
addition, Diamond [9] reported that a significant portion of larger pores that are found in concrete was 
derived from Hadley grains. Furthermore, the properties and performance of cement and concrete 
depend significantly on the system’s porosity. 

Nowadays, computer modelling and simulation of cement hydration are progressively advancing. 
These models include CEMHYD3D [10], DuCOM [11], HYMOSTRUC-3D [12] and ic [13]. Each 
model has advantages and disadvantages but all does not include a feature of the hollow shell pores. 
Hence, this study aims to develop a conceptual model of hydrating cement paste microstructure 
including hydrates formation and morphology. The model incorporates the often neglected but 
important mode of hydration called Hadley grain. The model will be implemented in HYMOSTRUC-
3D to further improve the microstructural model to give realistic results in terms of engineering 
properties such as the strength. Moreover, the model including C-S-H formation and morphology will 
be studied further in the sub-micro level using colloidal approach. In the end, the HYMOSTRUC-3D 
model is envisaged to be a useful tool to study and develop new cementitious materials by 
incorporating the important mechanism in cement hydration. 

The technique employed in this study is to use experimental evidence with the use of calorimeter 
and microscopy. From the results, conceptual models and later, mathematical models will be 
developed. 

2 Experimental 

2.1 Materials 
Portland cement CEM I 42.5N was used in this study. All the pastes were mixed at w/c ratio of 0.50 
and hydrated at 8, 10, 12 and 24 h, and at 7 and 28 days. The pastes were mixed using electric mixer 
for 5 mins. After mixing, the pastes were cast into a plastic cylindrical container and sealed. Mixing 
and storage took place at room temperature. The specimens were freeze-dried using liquid nitrogen 
and the frozen water was then removed through sublimation. The specimens were subjected to vacu-
um-impregnation with epoxy resin and oven-dried for 24 h to harden the epoxy resin. After harden-
ing, a series of silicone carbide paper of increasing (fineness) mesh sizes 500, 800, 1200 and 4000 
were used to grind the specimens followed by polishing using diamond particles of sizes 6, 3, 1 and 
0.25 m. Ethanol was used during grinding and polishing of the specimens to prevent further hydra-
tion of the paste. Finally, the polished specimens were cleaned through ultrasonic-bath for 5 mins. to 
remove debris possibly embedded in pores during the process of grinding and polishing. 

2.2 Isothermal Calorimetry 
The heat development at 20C was measured using TAM Air isothermal calorimeter. Cement paste of 
10 g was put into the ampoules and immediately placed in the calorimeter. The heat evolution was 
measured for 25 h.  

2.3 ESEM 
All the specimens were ground and polished flat for microscopy. The examination was carried out 
using Philips XL30 ESEM with an accelerating voltage kept at 20 kV throughout. The backscattered 
electrons (BSE) imaging detector of the ESEM were used. The BSE image provides valuable infor-
mation in terms of average atomic number by setting the image contrast and brightness properly. The 
same image is used to quantify the microstructural characteristics of hardened cement paste. The 
grey-scale image gives a high atomic number for bright areas to lower average atomic values in dark-
er areas. Anhydrous cement appears white, CH brighter grey, C-S-H grey and pores/epoxy as black.   

3 Conceptual Model 
A conceptual model of hydrating cement particle incorporating Hadley grain formation is being de-
veloped as shown in Fig. 1. The proposed growth and densification mechanism are as follows: The 
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basic building block (BBB) of C-S-H is assumed spherical in shape and nanometer in size known as 
C-S-H particles. The C-S-H particles flocculate to form into larger units called clusters or globules 
[2]. At initial reaction, the C-S-H particles precipitate and gradually transform into clusters outside 
the original boundary of cement particles. At early-age, Hadley grains [5] will form and eventually be 
filled-up, first, by C-S-H particles then act as clusters or globules. The C-S-H clusters will continue to 
attract each other to form the following C-S-H, i.e. LP, LD, HD and UHD. These four C-S-H mor-
phologies differ in porosity or packing density. The proposed mechanism is expected to explain the 
existence of C-S-H morphologies, i.e. LP that appears in an early period of hydration, LD, HD and 
UHD that appear in a later period. 
 

 
Fig. 1 A conceptual model of hydrating cement particle incorporating Hadley grain formation. 

The HYMOSTRUC-3D generates the virtual microstructure of hydrated cement paste at microscale 
level assuming cement particles as spherical in shape. The program inputs are particle size distribu-
tion (PSD), chemical composition, w/c, and hydration temperature. The corresponding outputs are 
virtual microstructure (Ip, Op, CH, pores, and clinker phases), degree of hydration, RH, etc. During 
hydration, mass balance will be satisfied at all times. This implies that C-S-H formed in the capillary 
pores instead of forming as inner product will be denser when Hadley grains occur. The conceptual 
model will be implemented in HYMOSTRUC-3D. In order to be compatible, the flowchart in Fig. 2 
will be used. A thin middle hydration shell is introduced for Hadley grain and Williamson grain to 
form. 

The thin middle hydration shell is assumed to occur during the acceleration period and becomes 
stable at the end of final set to act as skeleton for the Hadley grain to form. The Hadley grains are 
observed to form only on the surface of calcium silicates. The hydration mechanism can be divided 
into two methods, i.e. without (conventional) and with (extended) thin middle hydration shell. 
HYMOSTRUC-3D uses two layers of hydration shells that represent the inner and outer products. 
The conceptual model will extend HYMOSTRUC-3D by introducing a third layer at the middle 
called the thin middle hydration shell. The hydration will start at time, t = 0, immediately after mixing 
C3S and water. Depending on a certain criteria to be defined during the course of the main author’s 
research, cement particles will hydrate without and with thin middle hydration shell. The 
conventional method follows the classical cement hydration of HYMOSTRUC-3D. The extended 
method introduces a thin middle hydration shell that will act as skeleton for the Hadley grain to occur. 
In the formation of Hadley grain, the hydration products will form in the capillary pores instead at 
space originally occupied by cement particles. Here the cement particles will be partially and 
completely hollow shells during hydration process. After the Hadley grain formation commences, C-
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S-H will continue to precipitate in the capillary pores and some will precipitate inside the thin middle 
hydration shell known as ‘Williamson grain’. 

C3S+ H

Ip and Op
formation

Ip and Op
formation

Ip and Op
formation

Ip and Op
formation

Ip and Op
formation

Start of
hydrates

formation
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Fig. 2  The new HYMOSTRUC-3D process with and without thin middle hydration shell incor-

porating the ‘hollowing out’ and ‘infilling of Ip’ mode of hydration. The conventional hy-
dration contains inner and outer products formation while the novel/extended hydration 
incorporates a thin middle hydration shell that acts as the skeleton for the formation of 
Hadley grains. 

4 Results and Discussion 

4.1 Calorimeter curve 
The result of calorimetry is presented as the rate of heat evolved per gram of solid material in Fig. 3. 
The calorimeter curve is usually divided into 5 stages, i.e. pre-induction, induction, acceleration, 
deceleration and slow periods. An initial burst of heat occurred during the pre-induction period fol-
lowed by an almost constant release of heat where an initial C-S-H forms. C-S-H and CH precipitate 
rapidly during the acceleration period where the thin middle hydration shell is assumed to form ini-
tially. Before the peak or after the final set occurs, it is assumed that the thin middle hydration shell 
becomes stable to act as skeleton for the Hadley grain to commence formation as typified by physical 
separation of the phase product and anhydrous cement. Hadley grain formation continues rapidly 
during the deceleration period and slows down.  

 

Fig. 3 The rate of heat evolution of the Portland cement (CEM I 42.5N) paste of w/c=0.5. 
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4.2 Cement microstructure 

4.2.1 At 8 h 
A backscattered electron image of the 8-hour old Portland cement paste is shown in Fig. 4a. The 
resolution is not satisfactory good to expose any fibrous C-S-H that grows on the surface of the calci-
um silicates as what is usually reported. The fibrous structure will appear in later periods. 

 

 
(a) 

 
(b) 

Fig. 4  BSE micrographs of the Portland cement hydrated for (a) 8 h and (b) 10 h. 

4.2.2 At 10 h 
Ten hours is about the peak of the calorimeter curve as shown in Fig. 3. Again, the resolution is not 
satisfactory but there is a clear contrast between the anhydrous cement and hydration products as 
revealed in Fig. 4b. Further, a completely hollow cement particle is apparent as shown in the framed 
area. Hence, Hadley grain formation might have started already between 8 and 10 h of hydration. This 
period represents approximately the final setting of cement using Gillmore method ( 10 h) and Vicat 
method ( 6.25 h) [14]. It can be assumed that a stable thin middle hydration shell is needed before 
the hollowing out process will commence that may occur after or during the final set. 

4.2.3 At 12 h 
The formation of C-S-H on the surface of Alite and CH precipitation are obviously revealed in Fig. 5. 
Close examination of the micrographs visibly shows a thin physical separation at the interface be-
tween the fibrous C-S-H and anhydrous cement. This separation very likely represents an early stage 
of Hadley grain formation. 

 

 
(a)  

(b) 
Fig. 5  BSE micrographs of the Portland cement hydrated for 12 h. Image (b) is a close-up image 

of the framed area on (a). 
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4.2.4 At 24 h 
After 24 hours of hydration, fully developed Hadley grains are revealed in Fig. 6. Complete and 
partial hollowing out of the cement particles are clearly observed with almost constant thickness of 
thin middle hydration shell about < 1 m. The remnant anhydrous cement core is shown in Fig. 6b. 

4.2.5 At 7 days 
A partially hydrated large cement particle and a remnant anhydrous cement core are revealed in Fig. 
7. The open space between the thin middle hydration shell and remnant anhydrous cement is around 2 
m and hydration shell is less than 1 m with fibrous morphology outside. Further, a remnant of thin 
middle hydration shell is visible on the large hydrating cement particle next to dense inner product. 
Smaller size cement particles that are completely hollowed are also observed. 

 

 
(a) 

 
(b) 

Fig. 6  BSE micrographs of the Portland cement hydrated for 24 h. Image (b) is a close-up image 
of  the framed area on (a). 

 

 
(a) 

 
(b) 

Fig. 7  BSE micrographs of the Portland cement hydrated for 7 days. Image (b) is a close-up 
image of the Hadley grain (framed area) in (a). 

4.2.6 At 28 days 
Fig. 8 shows a backscattered electron image of the 28 days Portland cement paste. Different phases 
can be recognized, i.e. anhydrous cement, CH, C-S-H, capillary pores and Hadley grain pores. It is 
clearly revealed that Hadley grain formation is favoured in porous region than the dense region of the 
microstructure. Even at this period, completely hollowed cement particles are apparent. This implies 
that porosity of the microstructure as Hadley grain type of pores increases. Furthermore, the C-S-H 
that precipitates in the capillary space instead of forming as inner product may densify if mass bal-
ance is observed during the hydration process.  
 

436



Conceptual modelling of C-S-H formation and the occurrence of Hadley grains in hardened cement paste 

 

 
(a)  

(b) 
Fig. 8  BSE micrographs of the Portland cement hydrated for 28 days. Left image is composed of 

partially a and completely b hollowed hydrating cement particles. Image (b) is an enlarge 
area of particles with partial and complete Hadley grains. 

5 Conclusion 
The hydrated Portland cement paste microstructure has been shown to have plenty of hollow shells or 
Hadley grains. The occurrence of Hadley grains is abundant during the middle period of hydration 
and will stay as hollow or be filled by the hydrates at the later time. From these experimental evi-
dences, the Hadley grain pores is considered an important mode of hydration [8] and prominent fea-
ture of the microstructure. The current cement microstructural models do not include the Hadley grain 
phenomenon. It is the aim of this study to include this feature in the HYMOSTRUC-3D model to give 
more realistic results using the conceptual model developed. In order to grasp the effect of these 
pores, it is apparent that the nature and formation of Hadley grain must be fully understood. 
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Abstract 
Autogenous phenomena were studied on two plain Portland cement pastes with w/c ratios of 0.30 and 
0.36 and one water-entrained cement paste with a basic w/c ratio of 0.30. Water-entrainment was 
provided by the addition of superabsorbent polymers (SAP) and extra water. The amount of entrained 
water corresponds to w/c = 0.06. The cement pastes were investigated with regard to autogenous 
deformation, internal relative humidity, early-age elastic properties and degree of hydration. The 
investigation shows that water-entrainment due to SAP provides effective internal curing. As a result, 
self-desiccation shrinkage is prevented and the degree of hydration is increased. 

1 Introduction 
Concrete with low w/c ratio, i.e. high performance concrete with w/c < 0.30, is subject to a significant 
drop in the internal relative humidity (RH) during sealed hydration. It is caused by a shortage of free 
water since the low amount of water is insufficient to achieve complete hydration of the cement. A 
phenomenon closely related to the change in RH is autogenous shrinkage. It is defined as the bulk 
deformation of a sealed cementitious system, devoid of external forces. Before setting, autogenous 
shrinkage can be regarded as equal to chemical shrinkage, which is a consequence of hydration. After 
setting, when the fluid cement paste begins to form a solid skeleton, autogenous shrinkage is mainly 
driven by self-desiccation. Restraint autogenous deformations result in the development of tensile 
stresses. Consequently concrete with low w/c ratio is more sensitive to early-age cracking than tradi-
tional concrete. Due to the dense microstructure of the matrix, conventional curing procedures are not 
able to counteract autogenous phenomena effectively.  

Superabsorbent polymer (SAP) particles can be used as admixture for water-entrainment in ce-
ment-based materials in order to prevent self-desiccation. Within the first minutes of mixing, they 
absorb and store a certain quantity of the mixing water, forming water-filled macropore inclusions. 
During hydration, the water is released to the surrounding cement. As a result, air filled macropores 
remain. Detailed information on the application of SAP in concrete construction can be found in [1]. 

This paper deals with the investigation of autogenous phenomena in Portland cement pastes with 
and without internal curing due to SAP. Measurements were performed on autogenous deformation, 
internal relative humidity, elastic material properties and degree of hydration.  

2 Objectives 
The investigations presented in this paper attempt to attain two goals:  

 The demonstration of the potential of SAP as admixture for internal curing. 
 The provision of data for modelling of the self-desiccation shrinkage of Portland cement paste 

as a function of the internal relative humidity according to an approach presented by Lura [2]. 

3 Materials and methods 

3.1 Used materials 
One cement paste with water-entrainment due to addition of 0.25 % SAP by mass of cement and two 
plain cement pastes with w/c ratios of 0.30 and 0.36 were investigated. The basic w/c ratio of the 
SAP-modified cement paste was 0.30. The amount of entrained water corresponds to w/c = 0.06. It is 
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in compliance with the amount of entrained water theoretically needed to attain optimized internal 
curing of a sealed system, as proposed by [3]. In this case the relative volume of initially entrained 
water is equal to the expected volume of chemical shrinkage at the maximum degree of hydration. 
The SAP used was provided by BASF. Its water absorption capacity in the cementitious environment 
was found to yield 24 g of water per 1 g of dry polymer. The cement used was of type CEM I 42.5 R. 
Mixing was done by a pan-type mixer. The vessel had a volume of 1.5 litres. 

3.2 Measurement of autogenous deformation 
Free autogenous deformation of cement paste was measured according to [4] using corrugated tubes 
made of polyethylene as a mould. The watertight moulds were filled with cement paste on a vibrating 
table. Afterwards they were placed horizontally in a dilatometer. The length of the sample was ap-
proximately 380 mm and the diameter 30 mm. Two samples of each cement paste were tested simul-
taneously for 28 days. The measurements every 10 minutes were started half an hour after mixing. 
The linear strains were measured by means of linear variable differential transformer with an accura-
cy of ±5 µstrain. The dilatometers were placed in a thermostatically controlled room at 20 ±0.2 °C. 

3.3 Measurement of internal relative humidity 
About 12 g of fresh cement paste were filled into a plastic tray placed in the measuring cell of a Ro-
tronic HygroLab3 station. The station is equipped with an AW-DIO sensor for RH and temperature 
measurement. It was located in a thermostatically controlled room at 20 ±0.2 °C. 

Assuming thermal equilibrium between sensor and sample, the measured relative humidity is re-
garded as internal relative humidity. In the first hours after mixing, the RH measurements are affected 
by the development of heat of hydration in the paste. Condensation may occur if the sample has a 
higher temperature than the sensor itself. On this account, the RH measurements started 24 to 36 
hours after mixing. The sensor was calibrated and, if necessary, adjusted before each measurement. 
Three saturated salt solutions with known constant RH in the range 80 - 95 % RH were used. 

3.4 Determination of elastic material properties 
The elastic material parameters were determined by using the testing device FreshCon. FreshCon was 
developed for the continuous monitoring of the hardening of cementitious materials in the 1990s at 
the University of Stuttgart. The method behind FreshCon is ultrasound (US) transmission testing. The 
present version of the device allows combined measurements with pressure (P) and shear (S) waves 
[5]. Figure 1 shows a picture of the entire measurement device.  

 

Fig. 1 Picture of the FreshCon system. 

Two containers made of perspex, one for measuring pressure waves and one for measuring shear 
waves, were filled with about 500 cm³ of fresh cement paste. Each container is equipped with two 
sensors: one US-transmitter connected to the amplifier generating the signals and one receiver picking 
the onsets of the signals. Incident and transmitted pulses are analogous signals, digitalised by means 
of an A/D converter. The system is triggered automatically with a recording interval of 10 min. The 
signals were evaluated by software SMARTPICK [6] in order to determine the speed of the primary 
wave transmitted through the material. For determination of the S-wave onset time, the time signal is 
transformed into a time-frequency domain by means of a continuous wavelet transformation. This is 
necessary since the shear wave transducer also induces a pressure wave into the material. The picker 
for the determination of the P-wave onset bases on the Akaike Information Criterion (AIC) adapted 
for ultrasonic signals [7]. The continuous monitoring was aimed at the first 7 days of hardening. The 
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dynamic modulus of elasticity E dyn can be calculated on the basis of the P-wave velocity vP and the S-
wave velocity vS according to equation 1. 
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With ρC  = density of the fresh cement paste, and σdyn = Poisson’s ratio. 

3.5 Determination of the degree of hydration 
The device Netzsch STA 409 PC was used in order to determine precisely the amount of chemically 
bound water in hardened cement paste samples by means of controlled heating. It allows combined 
measurements of two thermo analytical methods: differential scanning calorimetry (DSC) and thermo 
gravimetric analysis (TGA). Detailed information on the testing procedure and the evaluation meth-
ods can be found in [8]. In simplified terms, the chemically bound water is assumed to be driven off 
at temperatures between 105 and 1050 °C. The weight loss of the sample ΔmS within this temperature 
range leads to the degree of hydration α by the relation given in equation 2. 

   c / 0.23 / c ΔmΔmα CS   (2) 

With c = mass fraction of cement in the sample, and ΔmC = loss on ignition of the plain cement. 
It was estimated that one g of full hydrated Portland cement binds approximately 0.23 g of water 

chemically. At the time of testing, the cement paste samples were 6 hours to 28 days old. The cement 
pastes had been filled in plugged test glasses directly after mixing to maintain sealed hydration. 

4 Results and discussion 
The measured free autogenous deformations for all three cement pastes are provided by figure 2 (left). 
The curves show the average of two tested samples. The deformations were zeroed at the time of 
maximum deformation rate as shown exemplarily by figure 2 (right). This time marks the transition 
period in which the plastic cement paste starts to form a solid skeleton [9]. The skeleton gives stiff-
ness to the paste leading to higher deformation resistance and a consequent decrease of the defor-
mation rate. From that moment, restraint autogenous deformation would induce tensile stresses in the 
system. The initial deformations of the pastes, which occur before time zero, are mainly due to chem-
ical shrinkage. Own measurements showed good agreement between the time of maximum defor-
mation rate and the time of final setting determined by the Vicat needle test.  
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Fig. 2 Free autogenous deformation curves (left); Example for determination of time zero (right) 

Both reference pastes show high autogenous shrinkage. With decreasing the w/c ratio, the shrinkage 
is increasing. After two weeks the pastes show total shrinkage of 850 and 1350 µstrain, respectively. 
However, approximately 15 hours after mixing, the shrinkage rates are temporarily decreased. For a 
short period of 6 hours, the deformation even turns into expansion. This observation is associated 
with an increase in the heat evolution due to hydration. 
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In contrast to the shrinkage of the reference pastes, the water-entrained cement paste even shows 
expansion right after setting. This is seen as a result of the internal curing water from SAP. It is well 
known that a continuous water supply to the hydrating cement leads to expansion as a consequence of 
absorption of water from the cement gel. Even for plain cement pastes exposed to water, this expan-
sion may amount to 1000 - 2000 µstrain [10]. The observed expansion of the water-entrained cement 
paste shown in figure 2 is about 600 µstrain in the first day of sealed hydration. The expansion in-
creased by less than 70 µstrain in the following two weeks.  
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Fig. 3 Change in relative humidity of reference pastes up to 28 days (left); Free autogenous 

deformation of paste Ref w/c 0.36 in dependence on internal relative humidity (right). 

Figure 3 (left) provides the development of internal RH with hydration time for both reference pastes 
up to an age of 28 days. The RH decreased directly after the measurements were started and equilibri-
um between the sensor and the paste was reached. The significant lowering of the autogenous RH is 
due to hydration reactions and is referred to as self-desiccation. With decreasing the w/c ratio the RH 
change is faster and steeper. After three weeks the internal RH of the reference pastes seem to ap-
proach limit values of 88 and 84 % RH, respectively. The result of the RH measurement of the water-
entrained cement paste is not shown in the diagram. The values for internal RH ranged permanently 
near saturation, i.e. > 98 % RH. However, the most of the time the sensor measured 100 % RH. The 
relative humidity near saturation is strongly influenced by changes in temperature. Obviously the 
sensor was affected by condensation due to insufficient thermostatic control. Nevertheless, the meas-
ured values show that internal curing due to supply of water by SAP prevents self-desiccation at least 
for 28 days. If the amount of initially entrained water was decreased, self-desiccation and consequent-
ly self-desiccation shrinkage would be expected, even though delayed. 

The relation between measured internal relative humidity and autogenous shrinkage of cement 
paste Ref w/c 0.36 is presented in figure 3 (right). According to the diagram autogenous shrinkage is 
directly linked to self-desiccation. Within the first two days of sealed hydration, autogenous shrinkage 
occurs although the internal relative humidity has decreased only slightly. This strong deformation at 
the beginning is mainly due to the low modulus of elasticity of the cement paste at early ages. 

The dynamic modulus of elasticity determined by ultrasonic transmission testing is given in 
Figure 4 (left). In the time period when the cement paste begins to forms a solid skeleton, the dynamic 
modulus of elasticity is rapidly increasing. When decreasing the w/c ratio, the values become higher. 
As a consequence of water absorption by SAP, the water-entrained cement paste shows earlier 
stiffening. But already one day after mixing, the elastic material properties are very similar to the one 
of the reference paste Ref w/c 0.36 with same total amount of water. At this time, the modulus of 
elasticity has reached at least about 75 % of the value found at the end of the measurement.  

If restraint hardening of the reference pastes was considered, tensile stresses would be induced in 
the system. Figure 4 (right) shows the results of a theoretical approach where the stress development 
was calculated by using Hooke’s law according to equation 3: 
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εEσ dyn   (3) 

With σ = theoretical tensile stress due to complete restraint, E dyn = measured dynamic modulus of 
elasticity, ε = measured free autogenous deformation. 

 

0

5

10

15

20

25

0 1 2 3 4 5 6 7

Age [days]

D
yn

am
ic

 m
od

ul
us

 o
f e

la
st

ic
ity

 [G
Pa

]

 Ref w/c 0.30

 Ref w/c 0.36

 SAP w/c 0.30+0.06

 

0

2

4

6

8

10

12

14

16

0 1 2 3 4 5 6 7

Age [days]

Te
ns

ile
 s

tre
ss

 [N
/m

m
²]

 Tensile stress (calculated)

 Bending strength

Ref w/c 0.30

 
Fig. 4 Dynamic modulus of elasticity curves (left); Calculated stress development due to theoret-

ical restraint of paste Ref w/c 0.30 (right). 

Indeed, the calculated stress development is based on a strong simplification, e.g. creep is not taken 
into account and is larger than the static modulus of elasticity. Reasonable values for the tensile stress 
are expected to be lower. But, nevertheless, it is likely that the tensile stresses induced could reach the 
tensile strength of the material even at very early age. As a consequence, the reference paste would be 
subjected to cracking. In contrast to this finding, expansion of the water-entrained cement paste would 
completely prevent the development of the tensile stresses when restraint. 
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Fig. 5 Degree of hydration of cement pastes resulting from DSC-TG measurements (left). Phase 

distribution of water-entrained cement paste and expected saturation of SAP pores (right). 

The degree of hydration up to an age of 7 days is given by figure 5 (left). Within the first two days, 
hydration is almost the same for all three cement pastes. This is in good agreement with the findings 
of the RH measurements. The first significant change in RH of the reference pastes occurs after two 
days. Later on, the degree of hydration is increasing with increasing w/c ratio. The water-entrained 
cement paste and the plain cement paste with same total amount of water show the same hydration at 
least for 7 days. That means, concerning hydration, it is not relevant whether the water is provided by 
SAP or is ordinarily added.  
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Figure 5 (right) shows the phase distribution of water and pores in the cement paste with internal 
curing by SAP. The volume of chemically bound water was determined by DSC-TG measurements. 
On the basis of Powers theory, the volumes of physically bound water, capillary water and chemical 
shrinkage were calculated. As a first estimation, it is assumed that the initially water-filled macropore 
inclusions are emptied due to chemical shrinkage. The expected saturation of SAP pores is also pre-
sented in figure 5 (right). 

5 Conclusions 
In this paper autogenous deformation, internal relative humidity, elastic material properties and de-
gree of hydration were examined for two plain Portland cement pastes and one paste with internal 
curing due to addition of dry SAP particles. The following conclusions could be drawn: 

 The main part of the autogenous deformations of the plain cement paste occurred around set-
ting and was related to chemical shrinkage. Due to gain in stiffness by the formation of a solid 
skeleton the autogenous shrinkage rate is reduced. After two days of sealed hydration, autog-
enous deformations were accompanied by a drop of the internal relative humidity. 

 The water-entrained cement paste showed expansion right after setting. This expansion was 
due to internal curing water provided by SAP. As a result, autogenous shrinkage and self-
desiccation were completely prevented for at least 28 days. 

 The degree of hydration for the plain cement paste and the water-entrained cement paste was 
the same, provided that the total amount of water is the same. That means it is not relevant 
whether the water is supplied by SAP or is added ordinarily to the mix.  

6 Outlook 
For modelling self-desiccation shrinkage of Portland cement paste as a function of internal relative 
humidity, further information is required. Besides internal relative humidity and elastic material 
properties, information on the degree of saturation of the pores and the surface tension of the pore 
water is needed. More research is under way in order to provide these data. 
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Abstract 
Plastic settlement cracking (PSeC) and plastic shrinkage cracking (PShC) are the most prominent 
forms of cracking in concrete at early ages before the concrete has obtained significant strength. PSeC 
is caused by the differential vertical settlement of a concrete mix, whereas PShC is caused by the 
horizontal contraction of the concrete mix due to evaporation. Although the mechanisms causing 
PSeC and PShC are known, the underlying concepts remain incompletely understood. This is be-
lieved to be due to the tendency of most researches to investigate PShC and PSeC individually, which 
often leads to unexpected results due to the interaction between PShC and PSeC. This study investi-
gated the phenomena of both PShC and PSeC as well as the combined effect of PShC and PSeC 
through several tests, each with different combinations of PSeC and PShC severity. The test results 
are used to create a theory that can explain the behaviour of early age plastic cracking for any condi-
tion. The theory distinguishes between the following six different cracking behaviours: no cracking, 
delayed cracking, classical PSeC, classical PShC, settlement induced PShC and crack jumping. 

1 Introduction 
The two earliest forms of cracking in concrete is plastic settlement cracking (PSeC) and plastic 
shrinkage cracking (PShC). Both these cracking types occur while the concrete is still in the plastic 
phase. PSeC is caused by the differential settlement of the concrete i.e. the concrete settles at different 
amounts in different parts of the concrete body. This causes a tensile stress to develop directly above 
the boundary of the two different settlement zones which ultimately leads to cracking [1]. PShC is 
caused by the loss of water from the concrete surface through evaporation which causes a negative 
capillary pressure build up in the concrete paste that ultimately leads to cracking [2]. PShC occurs 
once the concrete surface has dried out and ends once the concrete has gained enough strength to 
resist the capillary pressure build up. Concrete elements with a large exposed surface, for example 
highway pavements and floor slabs are especially vulnerable to evaporation and therefore PShC.  

A study in Korea found that 40 % of cracks in concrete structures involve PShC and about 40 % 
of these cracks are associated with PSeC [1]. This indicates a clear connection between PSeC and 
PShC which can be explained by considering some of the influencing factors that PSeC and PShC 
have in common. Firstly, the settlement responsible for PSeC also results in bleeding water at the 
surface of the concrete which delays the capillary pressure build up and therefore PShC. Bleeding is 
the thin film of water on the concrete surface due to the settlement of the solid particles in the con-
crete that displaced the water to the surface [3]. Secondly, the vertical restraint required for the differ-
ential settlement and therefore PSeC is also required for the horizontal restraint needed for PShC. 
Without the horizontal restraint the concrete body would only undergo a uniform shrinkage without 
any cracks. Finally, both types of cracks normally occur at the same position. This is because PSeC 
generally occurs first and creates a weak spot in the concrete which is naturally exploited as the posi-
tion of further crack growth once plastic shrinkage starts. 

Although the mechanisms causing PSeC and PShC are known, the underlying concepts remain 
incompletely understood [4]. The author believes this is due to the tendency of most researches to 
investigate PShC and PSeC individually which often leads to unexpected results due to the interaction 
between PShC and PSeC. This paper describes the phenomena of both PShC and PSeC as well as the 
combined effect of PShC and PSeC based on observations made from test results. Finally, a theory is 
proposed that can explain the behaviour of early age plastic cracking for any condition.  
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2 Test framework 
Two different mould types were used for the tests. The first mould was newly developed to give 
significant PSeC and is called the Settlement Mould as shown in Fig. 1 (left). The mould is made of 
PVC and Perspex panels. The side panels are transparent to allow observation of settlement cracks. 
The crack is forced by differential settlement at the boundary between the deep and swallow sections 
of the mould. The mould also contains two triangular inserts. The bigger triangle is situated at the 
variation in depth and assists in creating two clearly defined settlement zones. The smaller triangle is 
placed near the end of the shallow part of the mould and provides the horizontal restraint needed for 
PShC. The second mould is based on moulds used for fresh concrete testing as proposed by ASTM C 
1579 [5] and is called the Shrinkage Mould as shown in Fig. 1 (right). The mould is rectangular and 
contains three triangular inserts. In addition to this normal mould, several tests were also carried out 
with the same mould, but with a 20 mm steel rod as centre restraint. The concrete cover to the centre 
triangle of the normal Shrinkage Mould was 40 mm while the concrete cover for the rod Shrinkage 
Mould was 20 mm. For both Shrinkage Moulds a single crack is induced by the centre restraint while 
the two small triangles at the sides of the mould act as the horizontal restraint required for the PShC.  

 

  
Fig. 1  Settlement Mould (left) and Shrinkage Mould (right). 

The tests were conducted in an environmental chamber designed to create stable hot, dry and windy 
conditions. The chamber was used to create an extreme and a normal environmental condition called 
Climate E and Climate N respectively. Climate E had an air temperature of 40 °C, relative humidity 
of 20 % and wind speed of 33 km/h whereas Climate N had an air temperature of 23 °C, relative 
humidity of 55 % and wind speed of 2.2 km/h. This resulted in evaporation rates of 1 kg/m²/h and 0.2 
kg/m²/h for Climate E and Climate N respectively. Two conventional concrete mixes were used for 
the tests, one with high and the other with low bleeding or settlement characteristics. The high bleed-
ing mix (HB-Mix) and low bleeding mix (LB-Mix) achieved a bleeding rate of 0.82 kg/m²/h and 0.53 
kg/m²/h respectively during the first hour. The HB-Mix contained a coarse natural sand and low 
cement content, while the LB-Mix contained a crushed Greywacke dust sieved through a 2 mm sieve 
and a high cement content. This resulted in the HB-Mix containing significantly less fines than the 
LB-Mix, which ultimately was responsible in giving the HB-Mix a higher bleeding. During the tests 
the following measurements were also taken: The capillary pressure was measured with electronic 
pressure sensors [2]. The initial and final setting times of a sieved concrete paste were measured with 
a Vicat needle apparatus [6]. The crack area was calculated using high resolution photos scaled with 
CAD software. The bleeding was measured by weighing extracted bleeding water every 20 minutes 
[3]. The evaporation was measured by continuously weighing a square mould filled with concrete. 
More details on the environmental chamber and measurements methods can be found in [7].    

3 Classical PSeC and PShC 
PSeC is caused by the differential settlement of the concrete within a concrete body. PSeC stops once 
settlement ends which corresponds closely to the initial setting time of concrete [7]. Furthermore, the 
crack position is normally somewhere above rigid inclusions such as reinforcing steel. In practice 
these cracks are only visible from the surface and might include crack growth due to PShC. This leads 
to the question whether PSeC originates from within or at the surface of the concrete. To answer this 
question a simple test was conducted with the LB-Mix in the Settlement Mould at Climate N except 
with no wind. In addition, the concrete surface was continuously kept wet to eliminate any capillary 
pressure build up and therefore preventing PShC. The test revealed a small crack that originated at the 
tip of the triangular insert at the boundary between the two settlement zones. The crack did not reach 
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the surface and was only visible through the Perspex side panel as shown in Fig. 2 (left). Fig. 2 (right) 
shows the crack of the same mix at Climate E where evaporation was allowed. This crack was clearly 
visible at the concrete surface and notability followed the same path as the crack shown in Fig. 2 
(left). This verifies that PSeC creates weak points were PShC will form. Due to the poor quality of the 
photos in Fig. 2 the outline of both the triangular restraint and crack pattern is drawn in by hand. 
From the results it is evident that PSeC originates from the bottom of the concrete at the point that 
differentiates between different settlement zones. The origin of PSeC is from the bottom upwards 
while the origin of PShC is from the surface downwards. This means that PSeC may be present in a 
concrete element even if it is not visible from the surface, especially in conditions with low evapora-
tion rates and therefore none or only minor surface cracks due to PShC. The hidden PSeC are weak 
spots in the concrete element which are soon exposed once drying or thermal shrinkage commences.  

PShC is caused by the build up of capillary pressure due to the evaporation of surface bleeding 
water. The higher the evaporation rate the higher the risk for PShC. Fig. 3 show the results conducted 
with the normal Shrinkage Mould for the HB-Mix at Climate E. The figure illustrates classical PShC 
behaviour with capillary pressure build up once the surface bleeding water has evaporated. As evapo-
ration continues capillary pressure increases until air entry pressure is reached which can be identified 
by the significant drop in the capillary pressure. Air entry signifies the start of any possible cracks and 
corresponds closely to the initial setting time of concrete. The first cracks appear close to the initial 
setting time and is called crack onset. The majority of the cracking occurs and stabilises before the 
final setting time of the concrete. This describes classical PShC behaviour [7].  

 

  
Fig. 2 Side view of a crack (indicated as dotted red line) in the Settlement Mould for LB-Mix at 

Climate N with no capillary pressure due to evaporation by keeping the surface continu-
ously wet (left) and of the same mix at Climate E were evaporation was allowed (right). 
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Fig. 3 Classical PShC behaviour for the HB-Mix in the normal Shrinkage Mould at Climate E. 

4 Theory of early age plastic cracking behaviour  
The previous section described the so-called classical PSeC and PShC behaviour. With this in mind a 
theory was developed that can explain early age plastic cracking behaviour due to PShC and PSeC 
respectively and more importantly the combined effect of PSeC and PShC. In this paper the term 
early age plastic cracking refers to any cracking due to PSeC and/or PShC while the concrete is still in 
the plastic phase and excludes cracking due to drying or thermal shrinkage. A graph of the proposed 
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theory for early age plastic cracking behaviour is shown in Fig. 4. The figure shows the PSeC on the 
x-axis and the PShC on the y-axis, both scaled according to the severity of the cracking from zero to 
one. With zero meaning no chance and one meaning a severe chance for cracking. The assignment of 
crack severity values to a specific mix and condition will not form part of this paper.  

According to the theory, cracks can be classical PSeC or PShC as well as a combination of the 
two cracking types. In addition, when PSeC and PShC behaviour is combined at different intensities 
several types of cracking behaviour may occur. These cracking behaviour accounts for the interaction 
between PSeC and PShC and is based on the cracking behaviour observed during the tests. The fol-
lowing six cracking behaviours were observed: no cracking, delayed cracking, classical PSeC, classi-
cal PShC, settlement induced PShC and crack jumping. Classical PSeC and PShC has already been 
discussed, while a discussion of the other four cracking types follows in the next sections.  

 

 
Fig. 4 Theory of early age plastic cracking behaviour as a graph. 

4.1 No cracking and delayed cracking 
In certain cases the severity or potential for both PSeC and PShC is insignificant and no cracking is 
expected. The HB-Mix in the normal Shrinkage Mould at Climate N showed no cracking due to the 
low evaporation rate and high bleeding rate, which resulted in no capillary pressure build up and 
therefore no PShC. Furthermore, the normal Shrinkage Mould does not cause significant differential 
settlement and therefore insignificant PSeC. 

Delayed cracking does not fall within the normal PShC behaviour and only becomes visible once 
all early age plastic cracking has thought to have ended. Although these cracks are formed while the 
concrete is still in the plastic phase they are not visible and can therefore be described as delayed or 
hidden. These cracks or weak spots will be exposed as soon as drying or thermal shrinkage com-
mences. This may included all classical PSeC which starts from below the concrete surface or any 
PShC that have been closed by finishing operations or is still filled with bleeding water. Fig. 5 shows 
a delayed crack which was observed for the LB-Mix in the normal Shrinkage Mould at Climate N. 
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Fig. 5 Delayed cracking behaviour for the LB-Mix in the normal Shrinkage Mould at Climate N. 
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4.3 Settlement induced PShC 
Settlement induced PShC requires both severe PSeC conditions in terms of significant differential 
settlement as well as conditions with enough evaporation to cause PShC. The rod Shrinkage Mould 
with 20 mm concrete cover at Climate E resulted in the ideal conditions to cause settlement induced 
PShC. Fig. 6 show the results of the HB-Mix in the 20 mm concrete cover rod Shrinkage Mould at 
Climate E. The first crack was observed long before the initial setting time of concrete as well as 
before any significant capillary pressure build up and therefore also air entry. This indicates that the 
crack is indeed a settlement crack caused by the severe differential settlement induced by the near the 
surface location of the centre rod. The figure also shows that the crack continues to grow once the 
capillary pressure starts to build up, which indicates that the crack is widening due to PShC. The 
settlement crack therefore created a weak spot which allowed PShC to commence much earlier than 
for normal PShC behaviour. It is also evident from the figure that for settlement induced PShC the 
time of air entry no longer signifies the start of cracking as for normal PShC. This suggests that PSeC 
is not a function of capillary pressure build up and air entry due the evaporation of surface bleed 
water. Finally, the majority of the crack growth ceased long before the final setting time. 
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Fig. 6 Settlement induced PShC for the HB-Mix in the rod Shrinkage Mould at Climate E. 

4.4 Crack jumping 
The final and most severe cracking is called crack jumping and is due to the interaction between 
PSeC and PShC. Crack jumping requires the utmost severe conditions for both PSeC and PShC and 
was observed for the LB-Mix in the Settlement Mould at Climate E as shown in Fig. 7. The figure 
shows an extremely rapid crack growth just after the first crack was observed long before the initial 
setting time. This is called crack jumping and represents more than half of the total crack growth as 
measured two hours after the final setting time. As for settlement induced PShC, the first crack oc-
curred long before the initial setting time and is therefore PSeC. The main difference between settle-
ment induced PShC and crack jumping is the amount of capillary pressure that has built up at crack 
onset. For settlement induced PShC no significant capillary pressure is present at crack onset which 
causes the crack to grow gradually as the pressure builds up. In comparison, a significant amount of 
capillary pressure due to evaporation is already present at crack onset for crack jump behaviour. This 
means that the entire concrete body is under severe stress just before crack onset. Once the crack or 
weak spot is formed due to differential settlement, there occurs a global stress relieve over the entire 
concrete body which localises all the deformation at the crack position. 

 In addition to the global stress relieve, the magnitude and the rate of the crack growth can also be 
explained by the plastic nature of the concrete paste at the time of crack onset which allows crack 
growth in both the horizontal and vertical direction. This means that the crack growth can be due to 
both the vertical PSeC and horizontal PShC opening the crack at the same time and is called bi-
directional cracking. Bi-directional cracking can only continue if the settlement of the concrete body 
is present and therefore ceases close to the initial setting time of concrete. Bi-directional cracking is 
only present at settlement induced PShC and crack jump behaviour.  
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Fig. 7 Crack jump behaviour for the LB-Mix in the Settlement Mould at Climate E.  

5 Conclusions 
In this paper a theory was developed for the early age plastic cracking behaviour of concrete. The 
theory distinguishes between the following six types of cracking behaviour: 

 No cracking, for conditions with low PSeC and PShC severity. 
 Delayed cracking, these are minor cracks that only become visible after the early age cracking 

has thought to have ended and occurs for conditions with a low PSeC and/or PShC severity. 
 Classical PSeC, these cracks are formed at the bottom of the concrete at the point of differen-

tial settlement and may or may not be visible at the concrete surface during the plastic stage, 
but will become visible as soon as drying and thermal shrinkage commences. 

 Classical PShC, these cracks occur during the initial and final setting times under conditions 
with sufficient evaporation but negligible differential settlement. 

 Settlement induced PShC, these are premature PShC induced by PSeC for conditions where 
capillary pressure only develops after crack onset and may involve bi-directional cracking. 

 Crack jumping, these are rapid forming and stabilising bi-directional cracks which are  
induced by severe PSeC for conditions where significant capillary pressure has already  
developed at the time of crack onset. 
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Abstract 
Creep of concrete is strongly affected by the evolution of pore humidity and temperature, which in 
turn depend on the environmental conditions and on the size and shape of the concrete member. Cur-
rent codes of practice take that into account only approximately, in a very simplified way. More 
realistic description can be achieved by advanced models, such as model B3 and its improved version 
that uses the concept of microprestress. The value of microprestress is influenced by the evolution of 
pore humidity and temperature. In this paper, values of parameters used by the microprestress-
solidification theory (MPS) are recommended and their influence on the creep compliance function is 
evaluated and checked against experimental data from the literature. Certain deficiencies of MPS are 
pointed out and its modified version is proposed and validated. 

1 Introduction 
In contrast to metals, concrete exhibits creep already at room temperature. This phenomenon results 
into a gradual but considerable increase of deformation at sustained loads and needs to be taken into 
account in design and analysis of concrete structures. The present paper examines an advanced con-
crete creep model, which extends the original B3 model [1] and uses the concepts of solidification [5, 
6] and microprestress [2, 3, 4]. The main objective of the paper is to clarify the role of non-traditional 
model parameters and provide hints on their identification.  The creep tests performed by Fahmi, 
Polivka and Bresler [7], covering creep of both sealed and drying specimens under elevated and 
variable temperatures, are used as a source of experimental data and are compared with the results of 
numerical simulations.  

All numerical computations have been performed using the finite element package OOFEM 
[8, 9, 10] developed mainly at the CTU in Prague by Bořek Patzák. 

 

 
Fig. 1 Rheological scheme of the complete hygro-thermo-mechanical model 

2 Description of the material model 
The complete constitutive model for creep and shrinkage of concrete can be represented by the rheo-
logical scheme shown in Fig. 1. It consists of (i) a non-aging elastic spring, representing instantaneous 
elastic deformation, (ii) a solidifying Kelvin chain, representing short-term creep, (iii) an aging dash-
pot with viscosity dependent on the microprestress, S, representing long-term creep, (iv) a shrinkage 
unit, representing volume changes due to drying, and (v) a unit representing thermal expansion. In the 
experiments, shrinkage and thermal strains were measured separately on load-free specimens and 
subtracted from the strain of the loaded specimen under the same environmental conditions. It should 
be noted that even after subtraction of shrinkage and thermal strain, the evolution of mechanical strain 
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is affected by humidity and temperature. Dry concrete creeps less than wet one, but the process of 
drying accelerates creep. Elevated temperature leads to faster cement hydration and thus to faster 
reduction of compliance due to aging, but it also accelerates the viscous processes that are at the 
origin of creep and the process of microprestress relaxation. 

The microprestress is understood as the stress in the microstructure generated due to large local-
ized volume changes during the hydration process. It builds up at very early stages of microstructure 
formation and then is gradually reduced by relaxation processes. Additional microprestress is gener-
ated by changes of internal relative humidity and temperature. This is described by the non-linear 
differential equation [2]. dܵdݐ + ௌ(ܶ, ℎ)ܿ଴ܵଶ = ݇ଵ ฬd(ܶlnℎ)dݐ ฬ (1) 

in which T denotes the absolute temperature, h is the relative pore humidity (partial pressure of water 
vapor divided by the saturation pressure), c0 and k1 are constant parameters, and S is a variable factor 
that reflects the acceleration of microprestress relaxation at higher temperature and its deceleration at 
lower humidity (compared to the standard conditions). Owing to the presence of the absolute value 
operator on the right-hand side of (1), additional microprestress is generated by both drying and wet-
ting, and by both heating and cooling, as suggested in [2]. 

3 Numerical simulations 
In this section, experimental data of Fahmi, Polivka and Bresler are compared to results obtained with 
the MPS theory, which reduces to the standard B3 model in the special case of basic creep. All exam-
ples concerning drying and thermally induced creep have been run as a staggered problem, with the 
heat and moisture transport analyses preceding the mechanical one. The available experimental data 
contained the mechanical strains (due to elasticity and creep), with the thermal and shrinkage strains 
subtracted. 

The four parameters of the B3 model describing the basic creep, q1, q2, q3 and q4, were deter-
mined from the composition of the concrete mixture and from the compressive strength using empiri-
cal formulae according to [1]. The result of this prediction exceeded the expectations; only minor 
adjustments were necessary to get the optimal fit (see the first part of the strain evolution in Fig. 2 
(left). The following values were used: q1 = 19.5, q2 = 160, q3 = 5.25 and q4 = 12.5 (all in 10-6/MPa). 
The MPS theory uses three additional parameters, c0, k1 and c, but parameter c should be equal to c0 
q4. It has been found that the remaining parameters c0 and k1 are not independent. What matters for 
creep is only their product.  In practical computations, k1 can be set to a fixed value (e.g. 1 MPa/K), 
and c0 can be varied until the best fit with experimental data is obtained; in all the following figures c0 
is specified in MPa-1day-1. All other parameters were used according to standard recommendations. 

 

 
Fig. 2 Mechanical strain evolution for sealed specimens with relative pore humidity assumed to 

be 98%, loaded at time t’ =21 days (left), and for drying specimens at 50% relative envi-
ronmental humidity, loaded at time t’ = 32 days (right); both specimens are loaded by 
compressive stress 6.27 MPa 
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Fig. 3 Mechanical strain evolution for sealed specimens with relative pore humidity assumed to 

be 98%, loaded at time t’ =21 days (left), and for drying specimens at 50% relative envi-
ronmental humidity, loaded at time t’ =32  days (right); both specimens are loaded by 
compressive stress 6.27 MPa and subjected to cyclic variations of temperature 

 
Fig. 4 Mechanical strain evolution for sealed specimens, loaded by compressive stress 6.27 MPa 

from age 21 days, with the assumed relative humidity of pores varied from 95% to 100%; 
parameters of MPS theory: k1 = 1 MPa/K, c0 = 0.235 MPa-1day-1 

A really good fit of the first experimental data set (98% RH, i.e., h=0.98) was obtained for 
c0 = 0.235 MPa-1day-1; see Fig. 2 (left). The agreement is satisfactory except for the last interval, 
which corresponds to unloading. It is worth noting that the thermally induced part of creep accounts 
for more than a half of the total creep (compare experimental data with solid curve labeled basic in 
Fig. 2 (left). Unfortunately, with default values of the other parameters, the same value of c0 could not 
be used to fit the second experimental data set, because it would have led to overestimation of creep; 
see the dashed curve in Fig. 2 (right). In the first loading interval of 37 days, creep takes place at 
room temperature and the best agreement would be obtained with parameter c0 set to 
0.940 MPa-1day-1; see the dash-dotted curve in Fig. 2 (right). However, at the later stage when the 
temperature rises to 60°C, the creep would be grossly overestimated. A reasonable agreement during 
this stage of loading is obtained with c0 reduced to 0.067 MPa-1day-1 (solid curve in Fig. 2 (right)), but 
then the creep is underestimated in the first interval in Fig. 2 (left).  

For the last two testing programs with cyclic variations of temperature, the agreement between 
experimental and computed data is reasonable only until the end of the second heating cycle (solid 
curves in Fig. 3). For the sealed specimen, the final predicted compliance exceeds the measured value 
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almost twice, for the drying specimen almost five times. In order to obtain a better agreement, param-
eter c0 would have to be reduced, but this would result into an underestimation of creep in the first 
two testing programs. 

Another deficiency of the model is illustrated by the graphs in Fig. 4. They refer to the first set of 
experiments. As documented by the solid curve in Fig. 2 (left), a good fit was obtained by setting 
parameter c0 = 0.235 MPa-1day-1, assuming that the relative pore humidity is 98%. The pores are 
initially completely filled with water; however, even if the specimen is perfectly sealed, the relative 
humidity slightly decreases due to the water deficiency caused by the hydration reaction. The problem 
is that the exact value of pore humidity in a sealed specimen and its evolution in time are difficult to 
determine. In simple engineering calculations, a constant value of 98% is often used; unfortunately, 
the model response is quite sensitive to this choice (see Fig. 4). The source of such a strong sensitivity 
is in the assumption that the instantaneously generated microprestress is proportional to the absolute 
value of the change of T ln(h); see the right-hand side of (1). Rewriting (1) as  

 dܵdݐ + ௌ(ܶ, ℎ)ܿ଴ܵଶ = ݇ଵ ฬlnℎ ddܶݐ + Th dℎdݐฬ (2) 

we can see that at (almost) constant humidity close to 100%, the right-hand side is proportional to the 
magnitude of temperature rate, with proportionality factor k1|ln(h)| k1(1-h). 

4 Improved material model and its validation 

 
Fig. 5 Mechanical strain evolution for sealed specimens loaded at time t’=21 days (left), and 

for drying specimens loaded at time t’=32 days (right); both specimens are loaded by 
compressive stress 6.27 MPa and subjected to cyclic variations of temperature 

As a simple remedy to overcome these problems, the microprestress relaxation equation (1) is re-
placed by  dܵdݐ + ௌ(ܶ, ℎ)ܿ଴ܵଶ = ݇ଵ ฬTh dℎdݐ − ்்݇(ܶ) ddܶݐ ฬ (3) 

 

with    ்݇(ܶ) = eି௖೅( ೘்ೌೣି்) (4) 

in which  T and cT are new parameters and Tmax is the maximum previously reached temperature. 
With  T = 0.02, the creep curves in Fig. 4 plotted for different assumed pore humidities would be 
almost identical with the solid curve that nicely fits experimental results. Introduction of a new pa-
rameter provides more flexibility, which is needed to improve the fit of the second testing program in 
Fig. 2 (right), with combined effects of drying and temperature variation. For sealed specimens and 
monotonous thermal loading, only the product c0k1T matters, and so the good fit in Fig. 2 (right) 
could be obtained with different combinations of  T and c0.  

The results are shown in Fig. 5 for sustained thermal loading and in Fig. 6 for cyclic thermal loading. 
In these plots, the curves labeled original MPS show results obtained with standard MPS. Data series 
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T = -ln(0.98) were obtained with c0 =0.235  MPa-1day-1, k1 = 1 MPa/K,  T = 0.020203 and cT = 0. 
Data series T adjusted correspond to parameters c0 = 0.235 MPa-1day-1, k1 = 4 MPa/K, T = 0.005051 
and cT = 0. Note that in the case of constant relative humidity (Fig. 5 (left) and Fig. 6 (left)) these 
series coincide with data series original MPS.  The best agreement with experimental data is obtained 
with c0 = 0.235 MPa-1day-1, k1 = 4 MPa/K, T = 0.005051 and cT = 0.3 K-1; these series are labeled 
improved. In Fig. 5 (left), only a small change can be observed compared to data series original MPS; 
these differences arise when the temperature ceases to be monotonous. For the sealed specimen Fig. 5 
(left), this change is detrimental, but the deterioration is negligible compared to a substantial im-
provement in the case of cyclic thermal loading (Fig. 6). 

 

Fig. 6 Mechanical strain evolution for sealed specimens loaded at time t’=21 days (left), and 
for drying specimens loaded at time t’=32 days (right); both specimens are loaded by 
compressive stress 6.27 MPa and subjected to cyclic variations of temperature 

5 Conclusions and further work 
The material model based on the MPS theory has been successfully implemented into the finite ele-
ment package OOFEM and has been used in simulations of concrete creep at variable temperature 
and humidity. 

For sealed specimens subjected to variable temperature, the results predicted by the MPS theory 
are very sensitive to the assumed value of relative pore humidity (which is slightly below 100% due 
to self-desiccation). In order to overcome this deficiency, a modified version of the model has been 
proposed and successfully validated. Excessive sensitivity to the specific choice of relative humidity 
has been eliminated. Also, it has become easier to calibrate the model because thermal and moisture 
effects on creep are partially separated. 

The original MPS theory grossly overestimates creep when the specimen is subjected to cyclic 
temperature. A new variable kT has been introduced in order to reduce the influence of subsequent 
thermal cycles on creep. This modification does not affect creep tests in which the evolution of tem-
perature is monotonous. 

Even though the existing material model has been improved, it is not yet applicable to a general 
experimental setup. Comparing the results of experimental measurements of Pickett [11] and the data 
obtained from FE simulations (see Fig. 7), it is apparent that the experiment is well fitted in the case 
of basic creep (first part of series B) and monotonous drying (series C). Even the effect of curing 
before loading and drying is captured satisfactorily (series E and F). On the other hand the influence 
of drying and wetting cycles on creep is not described correctly (series D), e.g. at the end of the ex-
periment (t = 140 days) the computed total deflection exceeds measured data more than two times. 
Further adjustments will need to be addressed in future work. 
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Fig. 7 Time evolution of deflection of prismatic beams subjected to three and four point bending 

(points refer experimental data, lines to data obtained from FE simulations; B = sealed 
conditions until reloading, C, E, F = cured until loading, then drying, D = drying and wet-
ting cycles) 
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Abstract 
Direct tensile test were conducted under various loading rates in order to study the time dependence 
of tensile strength of concrete. The loading rates applied vary to such an extent that failure of the 
concrete specimens in tension occurs after time periods ranging from 3-5 seconds to 3-4 days. Con-
crete in strength classes C28/35 and C53/65 which hardened under various curing conditions were 
tested. The influence of the loading rate on the tensile strength and the appropriateness of a sustained 
loading factor are discussed. In this paper, test results for the strength class C28/35 are introduced. 

1 Introduction 
The bearing capacity of old concrete bridges is now a subject of discussion in the Netherlands. To 
resist heavier and more intensive traffic loading, strengthening might become requisite for those 
structures. However, theoretical service life might be as well be prolonged by using more advanced 
calculation techniques that use new insights into material and structural behaviour. The tensile 
strength of concrete is one of the parameters that will be studied in more detail. 

In calculating the bearing capacity of old concrete structures, effect of time should be taken in to 
account. It is known that when subjected to long term loading tensile strength of concrete is reduced. 
Fig 1 (left) shows the principle to determine longterm tensile strength of concrete of Al-Kubaisy and 
Young [1]. The specimens were subjected to  constant load level ranging from about 60%-95% of 
short term tensile strength of concrete. This study showed that sustained loading reduces tensile 
strength of concrete with about 30%. In VBC ( Dutch Design Code for Concrete structures) therefore 
a factor of 0.7 is introduced. 

T.Shkoukani [2] suggested that to determine the long-term direct tensile strength of concrete, it is 
necessary to have an appropriate definition of short-term tensile strength. In his study, sustained 
tensile load reduces tensile strength by about 25% if the short-time strength is determined with a 
failure time of 100 seconds. This value is 30% in the case short-time tensile strength is determined 
with a much higher failure time of  10 seconds. 

Under sustained  tensile load, tensile stress causes formation and extension of micro-cracks which 
lead finally to unstable crack propagation. However, strength of concrete continues to increase due to 
hydration of concrete if water is available. Which mechanism is prevailing of those  two opposite 
effects is still a question.  

In the Euro code for concrete structures the sustained loading factor is subject of national choice. 
The advisory value is αct = 1.0. The reason for this choice is the consideration that the strength values 
for concrete are determine after 28 days, and that at the time that substantial loading of the structure 
may be expected the ongoing hydration  after 28 days has compensated a loss of concrete strength due 
to sustained loading. It should be noted, however, that this consideration only applies to the design of 
new structures. For the assessment of the bearing capacity of old structures, the actual concrete 
strength is mostly determined on drilled cylinders. Now, however a compensating effect of hydration 
may not be expected and the effect of sustained loading should be seriously considered.  

In order to increase the insight in to the effect of sustained loading in tension, direct tensile tests 
were carried out under various loading rates in order to study time dependent behaviour of concrete in 
tension and more comprehensively  understand the  fracture mechanism of concrete. 
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2 Test program 

2.1 Test set up 
The tensile testing machine was developed and adapted over the years at Stevin lab. The load was 
generated from a 100 kN actuator. A load cell was used to measure the load transmitted to the speci-
men. The specimen was connected to the testing rig through two steel plates. The whole system was 
connected to supports by a hinge joint. To prevent the rotation of the loading platen a guiding system 
was added to the testing rig. Although ball bushings were used, a small friction was still exited in the 
system. It led to some error in calculating the test results. To reduce this disadvantage, four load cells 
were added to the system. A guiding system was developed to ensure that the specimen is located at 
the centre of the loading platen. Fig 1 (right) shows the test set up for the direct tensile test.  
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Fig. 1 Al-Kubaisy and Young sustained loading test principle and setup of axial tensile test 

2.2 Material 
Concrete of strength class C28/35 was used. Aggregate size ranged from 4-16mm. Cement CEM III/B 
42.5 N was used for the concrete strength class. Details about concrete components and the properties 
of concrete and the dry density after 28 days are given table 1. 

Table 1 Properties of concrete 

Strength 
class 

Cons. class Aggregates 
(mm) 

Cement 28 days compres-
sion strength 

(MPa) 

28 day split-
ting tensile 

strength 

C28/35 S3 4-16 CEM III/B 42.50N 38.17 3.53 

2.3 Specimen’s preparation 
To produce specimens, concrete blocks were cast. They were cast in vertical direction. The block 
were kept in the mould after casting, covered with a plastic sheet and stored in the laboratory for 6 
days. They were then demoulded and moved to the fog room at 100% RH. 

About 20 days  after casting, cylindrical specimens 100mm in diameter and 200mm in length 
were drilled out. The cores were stored in a climate-conditioned room (at 20° C, 60% RH) until the 
date of testing. 

To investigate the effect of humidity content on the tensile strength of concrete a series of 
specimens in C28/35 strength class were oven-dried until totally dry. It takes about 38 days to 
complete this process. Those specimens were left to cool down in the climate room for several hours. 
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Subsequently  that they were sealed. At first a layer of plastic was applied, follow by a layer of 
aluminium foil. Finally the specimens were covered by another plastic layer. Any change in the 
weight of the sealed specimens was documented. The results showed that the sealing technique was 
successfully applied. 

2.4 Test conditions 
Table 2 shows the testing condition for the direct tensile test. Six different rates of loading were ap-
plied in order to investigate the effect of loading rate to the direct tensile strength of concrete (LR1-
LR6). In test series NR, the concrete strength of class C28/35 was cured under 20oC and 60% RH. 
The specimens of series DR were carried out on oven dried specimens. They are sealed during testing 
process.  

Table.2 Conditions of direct tensile test 

Specimen Loading rate 
(kN/s) 

Testing environ-
ment conditions 

Time until 
tensile rupture 

Maximum stress 
reached (MPa) 

LR1.NR 6 Lab environment 3.5 sec 2.75 
LR2.NR 1 - 22 sec 2.79 
LR3.NR 0.1 - 3.37 min 2.54 
LR4.NR 0.015 - 22.2 min 2.56 
LR5.NR 0.001  4.8 hour 2.2 
LR6.NR 0.000065  3.2 day 2.32 
 
LR1.DR 6 Sealed 2.4sec 1.75 
LR2.DR 1 - 16.8 sec 2.02 
LR3.DR 0.1 - 2.6 min 1.85 
LR4.DR 0.015 - 19.3 min 1.69 
LR5.DR 0.001 - 3.8hour 1.67 
LR6.DR 0.000065 - 2.83 day 1.64 

3 Results and discussion 
Figure 2 shows the results of the NR test series. Six specimens were tested per loading rate. The axial 
tensile strength of concrete tends to reduce with decreasing loading rate.  
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Fig. 2  Direct tensile strength as a function of time to rupture in log scale - DR test series 
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The test results of the DR series are shown in figure 3. Axial tensile strength tends to decrease as well 
with decreasing loading rate. Comparing the mean values of the tensile strength of the NR and the DR 
test series, it seems that the dried specimens are slightly less sensitive to the loading rate than the 
normally cured specimens. This difference in loading rate sensitivity can be explained on the basic of 
Stefan Effect due to the free water in the specimens of the NR series test. This effect is described as 
follows: when a thin film of a viscous liquid is trapped between two perfectly plane and parallel 
plates that are separated apart at a certain velocity of displacement, an opposing force are created. 
This force is proporational to the velocity of separation. In hydrated concrete, the wall of the pores 
can be considered as the plates. The free water in the pores works as the viscous films. From this 
perspective, the Steffan Effect is depended on the volume of the free water in concrete. This explains 
why the loading rate effects are larger in the NR test series. 
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Fig. 3  Direct tensile strength as a function of time to rupture in log scale - DR test series 

Table 3 The critical strain of the NR and DR test series. 

Loading rate 
(kN/s) 

6 1 0.1 0.015 0.001 0.000065 

Test Series  

NR 0.000208 0.000213 0.000197 0.000209 0.000223 0.000223 

DR 0.00024 0.000284 0.00025 0.000268 0.000248 0.000237 

 

Figure 4.1 and 4.2 show the stress-strain relations of the NR test series. Figure 5.1 and 5.2 show the 
stress-strain relation of the DR test series. The critical strain in both test series is summarized in table 
3. In this test series, the specimens were ruptured at almost the same critical strain.  
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Fig. 4.1 Stress-strain relation of test series NR at loading rate LR1, LR2 and LR3 
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Fig. 4.2 Stress Stress-strain relation of test series NR at loading rate LR4, LR5 and LR6 
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Fig. 5.1 Stress-strain relation of test series DR at loading rate LR1, LR2 and LR3 
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Fig. 5.2 Stress Stress-strain relation of test series DR at loading rate LR4, LR5 and LR6 

4 Conclusions 
To study the time dependent behaviour of concrete under axial tensile load, axial tensile tests under 
various loading rate were carried out. On the basis of the test results, the following conclusions can be 
drawn: 

 The direct tensile strength of concrete decreases with decreasing on loading rate. 
 Dried specimens are slightly less rate sensitive than specimens cured under normal condition. 
 In determining long-term tensile strength of concrete, this behaviour should be taken into ac-

count to produce a more appropriate sustained loading factor 
 To define a sustained loading factor agreement should be reached about the loading rate of the 

“short-time’ reference test. 
 The critical strain can be used as a fracture criterion.  
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Abstract 
The paper summarizes the results of the research project on explosive spalling of concrete. A fully 
coupled 3D thermo-hygro-mechanical model for concrete was employed in numerical simulations of 
explosive spalling. Because of the local character of this failure mode, the influence of local material 
and geometrical parameters was studied. Concrete was modelled at macro and meso scale and results 
were compared with the experiments. It was demonstrated that the meso scale model gives more 
realistic results than the macroscopic model. Experimental part of the program consisted of fire and 
permeability tests, both aimed at comparing the performance of high strength concrete with and with-
out addition of polypropylene fibres. Fire tests were performed on relatively small slabs under one-
sided fire. It was shown that only concrete without fibres exhibited explosive spalling. Permeability 
tests at high temperatures (on hot specimens) demonstrated a constant increase of permeability with 
rising temperature for concrete without fibres, whereas concrete containing fibres exhibited a sudden 
jump in permeability around 150°C. This confirmed that permeability is a major parameter that con-
trols explosive spalling and validated the numerical model. 

1 Introduction 
One of the largest concerns for concrete under fire load is the occurrence of explosive spalling. This is 
especially pronounced in case of high performance concretes (HPC) with relatively dense matrix. 
Explosive spalling occurs at temperatures around 200-250°C, thus at an early stage of fire. The impli-
cations for concrete structures are: (i) spalling of concrete cover exerts the reinforcement to direct fire 
and (ii) concrete cross section is reduced. Explosive spalling has been widely investigated in the past 
decades [1,2], but the mechanism of spalling is still not fully explained. Addition of polypropylene 
fibers is a recognized method for mitigating explosive spalling. Fibers melt at around 160°C leaving 
free path for the water vapor to escape, i.e. increasing the concrete permeability. The majority of 
experimental measurements of permeability were in the past performed after cooling down the speci-
men to room temperature [3]. 

Numerical modelling of explosive spalling was in the past carried out by several research groups. 
The use of thermo-hygro-mechanical models [4, 5] made it possible to investigate the transport pro-
cesses in concrete under fire conditions and their interaction (coupling) with mechanical properties of 
concrete. One such model was developed at the Institute of Construction Materials, University of 
Stuttgart [6]. The model was used in the numerical part of the project and it will be briefly discussed 
in the following chapters. The objective of the numerical study was to validate the existing model 
through comparison of numerical and experimental results, and to investigate the influence of differ-
ent local inhomogeneities on explosive spalling of high strength concrete.  

In the framework of the above mentioned project, fire tests were performed to compare the per-
formance of concrete with and without polypropylene fibres under two different heating rates (ISO 
834 and ZTV-ING fire). The permeability tests were performed at temperatures ranging from 20°C to 
300°C. The measurements were performed on heated specimens, i.e. in hot state. 

2 Numerical modelling 
The thermo-hygro-mechanical model used in this study is relatively simple single phase phenomeno-
logical model for concrete. It is formulated in the framework of continuum mechanics under the 
assumption of validity of irreversible thermodynamics [6]. The response of the model is controlled by 
the following state variables: temperature, pore pressure (moisture), stresses and strains. In the numer- 
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ical model temperature, moisture and pore pressure are coupled with stresses and strains, i.e. thermo-
hygral part of the model depends on damage of concrete. Moreover, the relevant macroscopic me-
chanical properties of concrete (Young’s modulus, tensile strength, compressive strength and fracture 
energy) are temperature dependent. 

2.1 Coupled heat and moisture in concrete 
The general approach for the solution of the problem of coupled heat and mass transfer in a porous 
solid, such as concrete, is well known within the framework of irreversible thermodynamics. Howev-
er, there are a number of complex details, therefore, for the practical applications the model must be 
simplified. After introducing simplifications and assuming for a moment that the moisture flux (J) 
and heat flux (q) in concrete are independent of the stress and strain, the following is valid [7]: 

p
g

a p gradJ  (1) 

Tb gradq  (2) 

with p = pore pressure, T = temperature,  b = heat conductivity, a = ap/g = permeability, which is in 
the present model taken as a function of temperature according to the proposal of Bažant and 
Thonguthai [7], with g = gravity constant. 

The governing equation for mass conservation is written in Eq. (3), where w = water content, 
t = time and wd = total mass of water released into the pore by dehydration. In the present model 
dehydration is not accounted for. The balance of heat is given by Eq. (4), where � = mass density and 
C = isobaric heat capacity of concrete, Ca = heat sorption of free water and Cw = heat capacity of 
water, which is in the present model neglected. 
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Boundary conditions at concrete surface can be defined as: 

 EW ppαn  0J  (5) 

 EG TTαn  0q  (6) 

where w = surface emissivity of water, G = surface emissivity of heat, T0 and p0 are temperature and 
pore pressure at concrete surface and TE and pE are temperature and pore pressure of environment. 

The constitutive laws for p, w and T follow simplified suggestions proposed by Bažant and 
Thonguthai [7]. To describe the state of pore water in concrete, one has to distinguish between three 
different states: (i) non-saturated concrete, (ii) saturated concrete and (iii) transition from non-
saturated to saturated concrete. For more detail see also [6]. 

The model is implemented into a 3D FE code using direct integration scheme. To assure stability 
of the time integration, a backward difference method is used. Since the controlling parameters are 
coupled, the linear differential equations (3) and (4) have to be solved iteratively. 

2.2 Thermo-hygro-mechanical coupling 
To account for the influence of temperature on the strain development in concrete, the total strain 
tensor  for stressed concrete exposed to high temperature is decomposed as [6]: 

),T(),T()T(),T( ctmftm    (7) 

where m = mechanical strain tensor, ft = free thermal strain tensor, tm = thermo-mechanical strain 
tensor and c are strains due to the temperature dependent creep of concrete. For more detail see [6]. 
The mechanical strain tensor m, that comes into the 3D constitutive law for concrete (microplane 
model), is calculated as )( cfmftm   . The mechanical strains are then used to calculate the 

effective stresses increments σ  (stress in solid phase of concrete matrix) and macroscopic stresses 
increments  from the microplane constitutive law [6]: 
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pm:    D  (8)  

in which D = tangent material stiffness tensor obtained from the microplane model, m = increment of 

the mechanical strain tensor and P  increment of pore pressure, which is calculated from the incre-

ment of volumetric pore pressure pnv   , with p = increment of pore pressure. Note that according 
to definition pore pressure p is negative. The internal parameters of the microplane model are modi-
fied such that the macroscopic response of the model fits temperature dependent mechanical proper-
ties of concrete [6].  

It is known that permeability and porosity of concrete are relevant parameters that control 
transport processes in concrete. On the other hand, both porosity and permeability are strongly influ-
enced by damage, i.e. for higher level of damage, porosity and permeability increase. To account for 
this, permeability and porosity of concrete are assumed to be strain dependent [6].  

To account for finite strains the co-rotational stress tensor together with Green-Lagrange finite 
strain tensor are used in the formulation of microplane model. The finite strain formulation is needed 
in order to investigate the influence of the geometrical instabilities (buckling) of a concrete layer on 
the explosive type of spalling of concrete cover. The objectivity of the mechanical part of the analysis 
with respect to size of the finite element is assured by the crack band method.  

In the finite element analysis the mechanical and non-mechanical parts of the model are treated 
separately, however, in every time (load) step the relevant state variables that control model response 
are continuously updated. In this way the interaction between both parts of the model is implicitly 
accounted for. 

3 Numerical modelling of explosive spalling 
Numerical investigation was performed on relatively small concrete specimens under assumption of 
plain strain conditions, see Fig. 1 (right) and Fig. 3 (left). Concrete, mortar matrix, aggregates and 
interface between aggregate and matrix were all discretized using hexahedral three-dimensional ele-
ments assuming linear strain field. Material properties, fire loading and boundary conditions were 
same as in the experiments (see Section 4). Considering the symmetry of the test setup only half of 
the specimen was modelled. The analysis was performed for two different fire curves: ISO 834 and 
ZTV-ING fire (see Fig. 1).  

3.1 Macro scale modelling   
In the first part of the study concrete was modelled as a macroscopic material with following proper-
ties: compressive strength  fc   = 88 MPa, tensile strength  ft  = 4.8 MPa, Young's modulus E = 42.3 
GPa and fracture energy GF = 0.09 N/mm. These properties correspond to the concrete used in exper-
iments. Free thermal strains and load induced thermal strains were accounted for. 

 

 
Fig. 1 Fire curves (left); Model geometry - macro scale (right) 
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Fig. 2 Crack pattern (max. principal strains) in case of uniform heating (left) and non uniform 

heating (right) 

Parametric studies were performed under variation of concrete permeability, fire load and external 
compressive load. The occurrence and time of spalling were mainly influenced by the concrete per-
meability. Spalling occurred within a certain range of permeability. After increasing permeability by 
two orders of magnitude no spalling was observed, thus confirming the experimental results.  

However, the failure mode was not realistic, since the whole heated surface exploded instantane-
ously, as shown in Fig. 2 (left). Explosive spalling occurred after 11 min of exposure to the ISO 834 
fire, whereas experimentally tested specimens spalled after 8 minutes of fire.  

The effect of external compressive load is presented in Fig.3 (right). The results indicate that 
compressive load delays explosive spalling, whereas experiments [8] showed that compressive loads 
enhance spalling. These results confirmed that macroscopic consideration cannot fully capture this 
failure mode. 

Explosive spalling is a local phenomenon, and it is therefore required to consider any local varia-
tions in terms of material properties, geometry or load. Concrete is a heterogeneous materials and its 
local properties can vary from the average properties. Furthermore, concrete is a composite of aggre-
gates and cement matrix and at elevated temperatures these two constituents exhibit different behav-
iour. All these influences should be accounted for. 

To confirm the effect of inhomogeneities, a macro scale model with 4 rows of elements was ex-
posed to non uniform heating. Fire load on concrete surface was taken as variable across the specimen 
thickness. This variation resulted in localization of damage and spalling across the specimen length, 
as shown in Fig. 2 (right). This result illustrated the effect of the local variations on explosive spall-
ing. Furthermore, failure occurred after 8 minutes of fire exposure, as it did in the experiments. 

3.2 Meso scale modelling   
In the second part of the numerical study concrete was discretized as three-phase material consisting 
of mortar matrix, coarse aggregates and interfacial transition zone. Only the concrete close to the free 
surface was modelled as three-phase material. The properties of the three phases were: mortar matrix 
fc  = 79 MPa, E = 43.2 GPa, ft  = 4 MPa, GF = 0.075 N/mm; aggregates (basalt) fc = 200 MPa, E = 60 
GPa, ft = 18 MPa, GF = 0.13 N/mm; interfacial transition zone: fc  = 79 MPa, E = 21.6 GPa, ft  = 0.5 
MPa, GF = 0.04 N/mm. These properties correspond to the properties of experimentally tested con-
crete. Free thermal strains were considered for aggregates and mortar separately. Load induced ther-
mal strains of mortar were not accounted for.  

 

 
 

Fig. 3 Model geometry- meso scale (left); Influence of external load on spalling (right) 
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Typical failure mode for a not loaded specimen is shown in Fig. 4. Two different aggregate configura-
tions were considered. The failure is localized as it was in the experiments. Cracking initiates in the 
interface zone between mortar and aggregates. Due to the relatively high tensile strength of aggre-
gates, the cracks progressed only through cement mortar. It can be observed that the configuration of 
aggregates also influences the failure mode. 

The effect of external load is shown in Fig 3 (right). Unlike in the case of macroscopic model, 
meso scale model indicates that compressive load enhances explosive spalling. With increase in the 
degree of external load spalling occurs earlier and also in thicker layers. These results are consistent 
with the available experimental data [8]. 

 

  
Fig. 4 Crack pattern for two different aggregate distributions 

All parametric studies were performed on 2D models. However, a 3D FE analysis on macro and meso 
level was performed as well. Dimensions of the model were 50 x 50 x 50 mm. Failure modes obtained 
from the macro and meso scale analyses are shown in Fig. 5. Material properties and fire load were 
same as in the 2D analysis. As can be seen, macroscopic model yields an unrealistic failure of the 
entire heated surface, whereas 3D meso scale model results in a localized failure. The time of spalling 
for both models showed similar values as for 2D analysis, thus showing that the results of 2D analysis 
are realistic and can be used to investigate explosive spalling. 

 

   
Fig. 5 Crack pattern: 3D macro scale model (left) and 3D meso scale model (mid and right) 

4 Experimental investigations 

4.1 Fire tests 
Relatively small concrete slabs 700x700x300mm with and without addition of polypropylene fibres 
(content = 1kg/m3) were exposed to one-sided fire. Concrete quality corresponded to the concrete 
class C80/88. The fire curves used were: ISO 834 fire curve and ZTV-ING tunnel curve (Fig.1 left). 
Concrete without fibres exhibited severe spalling in both loading cases, whereas concrete with poly-
propylene fibres exhibited almost no spalling. In the case of ISO 834 fire curve specimens spalled 
after around 8 minutes, whereas for the ZTV-ING curve the spalling began already after 2 minutes of 
fire exposure. In both loading cases explosive spalling occurred successively in thin layers. The ex-
periments clearly showed that addition of polypropylene prevents explosive spalling.  

 

Section A

Section A 
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4.2 Permeability tests 
In the framework of the project a new simple test setup for permeability measurement at high temper-
atures was developed and validated against widely used RILEM method. Concrete permeability was 
investigated for temperatures between 20°C and 300°C. Test setup is shown in Fig. 6 (left). The gas 
used in the experiments was nitrogen and method of measurement was the pressure decay method. 
The test results are plotted in Fig. 6 (right). Concrete without addition of polypropylene showed a 
constant increase in permeability with rising temperature, whereas concrete with polypropylene fibres 
exhibited a sudden jump in permeability at around 150°C. This temperature corresponds to the melt-
ing point of the fibres. These results confirm the governing influence of permeability on explosive 
spalling and the validity of our numerical model. 

 

 
Fig. 6 Test setup (left); Relative intrinsic permeability as a function of temperature (right)  

5 Conclusions 
Because of the complex nature of the experiments on concrete at high temperatures, only limited data 
could be obtained experimentally. Numerical analysis, on the other hand, allowed for a detailed inves-
tigation of the influence of single parameters. Numerical results showed that the permeability is the 
major material property that governs spalling. Explosive spalling is a local phenomenon and all pos-
sible local variations in loading, geometry and material properties should be taken into consideration. 
Analyses at macro and meso scale were performed and it was shown that only meso scale model can 
realistically predict explosive spalling. Fire experiments have demonstrated that explosive spalling 
can be effectively reduced by adding polypropylene fibres to concrete. Permeability tests showed that 
at approximately 150°C there is a progressive increase of permeability with increase of temperature. 
This confirmed that permeability is major parameter that controls explosive spalling and validated the 
numerical model. 
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Abstract 
Polymer concrete is defined as a type of concrete in which the binding material is some kind of 
polymer. Consequently, its mechanical properties and possible applications are essentially influenced 
by the change of temperature and the load caused by fire.   

Our study introduces the changes caused by thermal load in the mechanical and chemical properties 
of a polymer concrete of given composition.  

During the tests, the polymer concrete specimen of given composition was subjected to load in four 
stages (20°C, 100°C, 200°C, 300°C), then the residual flexural strength, the residual compression 
strength and the modulus of elasticity was determined.   

The changes occurring as a result of thermal load were compared to the measured strength values of 
cement concrete. Up to 300°C the measure of decrease of the compression strength of polymer 
concrete did not pass the same measure of the analogous cement concrete.  

1 Fire resistance of polymer concrete 
The binders of polymer concrete are organic materials, whose heat resistance is much lower than that 
of inorganic materials (e.g. stone, cement and metal). High temperature results in the degradation and, 
finally, loss of strength of the resin [2]. 

The physical features of organic polymers show a sudden change already at a slight temperature 
increase. The temperature at which a polymer transfers from its rigid, glassy condition into a much 
more flexible and plastic condition, is called glassing temperature (Tg). Glassing temperature may 
vary widely and depends on the molecular structure of the final polymer. The glassing temperature of 
polymers usually used in polymer concretes ranges from 10 to 200°C. Resistance to high operating 
temperatures is the task of the polymer used. Only very special PCs can resist temperatures over 
150°C and such materials are usually very expensive or unavailable [1]. 

The features of some resins change drastically if temperature reaches or approaches or exceeds 
the softening temperature of resin (HDT – heat distortion temperature). At this temperature the resin 
starts to soften, deform or possibly flow as a result of the load. During the production of polymer 
concrete strength values must also be given for lower and higher temperatures than the expected 
operating temperature. In the case of structural applications, the highest expectable ambient 
temperature should be below the softening temperature. Where performance is expected even at 
increased temperatures as well, a detailed test in a temperature range including the expectable 
exposure temperature is recommended [1]. 

Polymer concrete mixes do not tolerate the impact fire if their resin content is 10% or more. Most 
polymer concretes with a resin content higher than 10% require a fire-retarding additive if the 
prevention of inflammability is an expectation. A sudden change in the mechanical features of 
polymers occurs when the temperature reaches the softening temperature of the resin used [1]. 

2 Material composition 
The following tests were carried out to determine the properties for the present recipe (Tab. 1). The 
construction material made by the recipe will here be referred to as “UP polymer concrete”, meaning 
polymer concrete whose binder is unsaturated polyester. Tab. 1 also includes the components of 
comparative (reference) cement concretes. 
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Table 1 Components of polymer concrete and of comparative cement concretes   

  
"UP" Polymer concrete 

Cement concrete 
Mix 1 

(kg/m³) 
Mix 2 

(kg/m³) 

Binder 16w% POLIMAL 144-01 unsaturated 
polyester 

350 Portland 
cement 

445 Portland 
cement 

Water 0 151 144 

Aggregate 0-2 mm 38w%  particle-size dried bulk graded 
quartz gravel 912 818 

Aggregate 2-4 mm 38w% particle-size quartz sand 
Aggregate 4-8 mm 0 485 363 

Aggregate 8-16 mm 0 544 636 

Other components 
3w% 

 Trigonox 44 B catalyst 
1.4 plasticiser 8.9 plasticiser CO-1 Cobalt initiator 

5w%  Calcium-Carbonate 

 

3 Experimental methods and results 

3.1 Derivatographic measurement 
Derivatographic measurement is a simultaneous thermo-analytical method which simultaneously 
produces TG (thermo-gravimetric), DTA (differential thermo-analysis) and DTG (derivative thermo-
gravimetric) signs. A small amount of the sample was powdered, put in a skillet of an inert material 
(corundum or platinum), and annealed in a furnace chamber at an even heat-up speed (in the so-called 
dynamic mode). Meanwhile the changes in the mass of the sample (TG curve) were measured by an 
analytical balance and the changes of enthalpy taking place in the sample compared to the tempera-
ture of an inert material in the furnace chamber (DTA curve) were measured by thermo-elements. The 
appliance produces the first derivative of the TG curve, i.e. the DTG curve, in an analogous manner, 
which determines the place and extent of the processes accompanying the change of mass on the 
temperature scale. The above three curves and the test result also containing the temperature (T °C) 
sign and taken in function of the measurement time (t min) are called the derivatogram. The deriva-
togram can be shown in the function of temperature (T ºC) as well. A derivatograph Q-1500 D appli-
ance was used for the measurements (Fig. 1 (left)). The parameters of the derivatographic measure-
ment were as follows: 

 reference material:   aluminium oxide, 
 heat-up speed:   10ºC/minute,  
 temperature range:  20-1000ºC, 
 measured mass of sample:  200 mg, 
 TG sensitivity:   50 mg, 
 corundum skillet. 
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Fig. 1 Derivatograph Q-1500 D (left) and the derivatogram about UP polymer concrete (right) 

Results of the derivatographic test are summarized in Fig 1(right). It can be read from the DTA and 
DTG curves that the binder of the polymer concrete undergoes a softening process between 300°C 
and 400°C and the phenomenon is accompanied by a change of mass. 

3.1 Fire resistance test 
In the case of tests at high temperatures or tests following heat effects the speed and manner of heat 
load are essential issues. Based on data described in literature and in the standards, several kinds of 
fire curves are used for the experiments. In this case a heating up curve approximating the normative 
fire curve was used, i.e. the one applicable to buildings and halls of architectural engineering. Tests 
were carried out without applying any direct flame effect. The strength of the specimens was exam-
ined after cooling down, at room temperature.  

3.1.1 Ocular inspection 
The specimens were inspected after the heat load.  

It can be clearly observed that as a result of a heat load of 200°C and 300°C, respectively, the 
specimens got discoloured (Fig. 2 (left)). Extent of discolouration: as a result of the temperature 
increase, the specimens became darker. The inner layer was not discoloured during the two-hours heat 
load (Fig. 2 (right)).  
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 2 Discoloured specimens after heat load (left) and the discoloration of the outer layer (right) 

100°C 200°C 300°C 
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During the 400°C heat load the specimens caught fire without any lighting effect and continued to 
burn freely until they got carbonized (Fig. 3 (left and right)). This behaviour is similar to that of 
wood, however, when wood was taken out of the furnace, after a time it went out by itself in the open 
air, which behaviour is due to the carbonized layer developed. In the case of concrete with plastic 
binder, the burning of the plastic provides enough energy for the continuation of burning.  
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 3 Burning of UP polymer concrete specimens (left and right) 

3.1.2 Compressive strength tests 
The edge length of the specimens  taking into account the maximum grain size of the additive and 
the prescriptions of the standard  was 150 mm. After heat load and cooling down the specimens 
were broken in an ALPHA 3-3000S type breaker. The thermal steps used were 20°C, 100°C, 200°C, 
and 300°C. The loading speed of the crusher was 11.4 kN/s. At 20°C the following compressive 
strengths were measured: Mix1: 64 N/mm2, Mix2: 89 N/mm2, UP Polymer concrete: 98.7 N/mm2. 

The relative residual values of compressive strength are provided in Figure 4. Based on Figure 4 it 
can be stated that: 

 the extent of the strength reduction of polymer concrete does not exceed, up to a heat load of 
300°C, the strength reduction of cement concrete of the same strength; 

 in the case of concrete of a lower strength (Mix1), the extent of strength reduction was higher 
than in the case of polymer concrete; 

 over 300°C the UP polymer concrete started to burn and continued to burn freely until the 
specimens got carbonized, practically until their strength was considered to be 0 N/mm2. 

 

Fig. 4 Relative residual values of compressive strength dependent temperature [3] (all points 
represent an average of three measurement results) 
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3.1.3 Flexural strength tests 
Flexural strength was measured on 70*70*250 mm prisms. The specimens were broken after heat 
load and cooling down. A three-point flexural strength test was carried out by the standard VPM 
machine, loaded at a speed of 11.4 kN/s. The distance of the supports was 200 mm. At 20°C the 
compressive strength of UP polymer concrete was 28.5 N/mm2.  

 

 
Fig. 5 Relative residual values of flexural strength dependent temperature (all points represent 

an average of three measurement results) 

The relative residual values of flexural strength are provided in Figure 5. Based on Figure 5 it can be 
stated that: 

 the extent of the flexural strength reduction of polymer concrete is higher than the extent of 
compressive strength reduction;  

 the extent of the flexural strength reduction of polymer concrete exceeds, up to a head load of 
300°C, the strength reduction of concrete.  

3.1.4 Measurement of the modulus of elasticity  
 

      
 
Fig. 6 Specimen with the measuring instrument in the breaker (left) and typical force-

displacement curve (right) 

Flexural strength was measured on 70*70*250 mm specimens. After the formerly discriminated heat 
load and cooling down, the specimens were loaded with the tierce of the fracture force and the load-
displacement results were set down (Fig. 6 (left and right)). The relative residual values of the modu-
lus of elasticity were counted from these diagrams as shown in Figure 7. At 20°C the modulus of 
elasticity of UP polymer concrete was 19400 N/mm2.  
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Fig. 7 Relative residual values of the modulus of elasticity dependent temperature (all point 
represent an average of three measurement results) 

Based on Figure 7 it can be stated that: 

 the extent of the modulus of elasticity reduction of polymer concrete is higher than the extent 
of compressive strength reduction; analogous with cement concrete; 

 the tendency of the extent of the flexural strength reduction of polymer concrete and the ex-
tent of the modulus of elasticity reduction of polymer concrete are similar. 

4 Summary 
This study examined the effect of high temperatures on UP polymer concrete. Experiments were 
conducted to detect the behaviour of UP polymer concrete at these temperatures. The observations 
and measurements made during the experiments yield the following conclusions: 

 the extent of the strength reduction of polymer concrete does not exceed, up to a heat load of 
300°C, the strength reduction of concrete of the same strength; 

 the tendency of the extent of the flexural strength reduction of polymer concrete and the ex-
tent of the modulus of elasticity reduction of polymer concrete are similar, but they show 
more significant decrease up to a head load of 300°C. 

The UP polymer concrete had no fire resistance. Our future research will be extended in this 
direction. 
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Abstract 
Drying shrinkage of a concrete overlay influences the structural behaviour of a strengthened concrete 
structure. Hence, a three-phase model for concrete, based on the theory of porous media, is developed 
to simulate the change of moisture distribution and the resulting drying shrinkage in a realistic way. 
Because shrinkage strains start to develop after concrete setting, the hydration reaction, modelled by 
an evolution equation for the degree of hydration considering the influence of temperature and rela-
tive humidity must be taken into account. Comparisons of computed results from the numerical simu-
lation of a brick-shaped concrete specimen strengthened by a concrete overlay with a thickness of 9 
cm with test data, demonstrate the capabilities of the numerical model. 

1 Introduction 
Drying shrinkage of concrete is characterized by the time-dependent volume decrease due to moisture 
migration and moisture transfer to the environment caused by a change in relative humidity [11]. Due 
to the variable moisture distribution in a structure, shrinkage of the dryer near-surface regions will be 
restrained by the moist inner regions. Additional restraint effects are encountered, when a concrete 
structure is strengthened by adding a concrete overlay, since for the latter shrinkage is restrained at 
the interface with the original concrete [4]. For commonly encountered values of relative humidity the 
physical origin of drying shrinkage is related to the increase of the capillary pressure in the porous 
concrete during the drying process [1]. Hence, a physically based model of drying shrinkage relies on 
a multi-phase formulation, in which concrete is considered as a porous material, consisting of a solid 
skeleton and voids, filled by liquid water and gas [5, 8]. 

2 Multi-phase concrete model 
Concrete is modelled as a porous material with the voids filled by liquid water and/or gas. Hence, a 
multi-phase concrete model consists of the solid phase ( s ), the water phase ( w ) and the gas phase     
( w ). The latter phase is assumed to be a mixture of two ideal gases, dry air ( ga ) and water vapour    
( gw ). By means of the hybrid mixture theory [6] the macroscopic balance laws are derived from the 
microscopic balance laws averaged over a representative elementary volume, whereas the constitutive 
models are introduced directly at the macroscopic level. 

The set of governing equations consists of (i) the rate form of the linear momentum equation, (ii) 
the mass balance equations of the individual phases, (iii) the enthalpy equation, (iv) the linearized 
kinematic relations and (v) constitutive relations for the mechanical, thermal, hygric and chemical 
behaviour of the individual phases. They are formulated in terms of state variables, consisting of the 

displacement vector u  of the solid phase, the temperature T , the gas pressure gp  and the capillary 
pressure  

c g wp p p  (1) 

representing the difference of the gas pressure gp  and the water pressure wp  [5]. 
From the large number of constitutive relations required for the multi-phase concrete model only 

those related to drying of the overlay will be reviewed briefly, following [5]. Further constitutive 
equations for the multi-phase concrete model are described, e.g., in [3], [5], [8]. 
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Within the considered range of relative humidity between 100 % and 50 % the water in the pores is 

present as capillary water. The capillary pressure cp  is determined from the pore relative humidity 

  by the Kelvin-Laplace law  

lnc w

w

RTp
M

    , (2) 

with wM , R and w  denoting the molar mass of water, the universal gas constant and the intrinsic 

density of the water phase, respectively. The sorption/desorption isotherm provides the relationship 
between relative humidity   and mass water content w  at sorption equilibrium. The latter relation-

ship can be converted to a relationship between the degree of water saturation wS  and capillary 

pressure cp , which can be approximated by the van Genuchten equation [10] as 
1//( 1)

1

bb bc

w
pS
a

          

 , (3) 

with a  and b  denoting material parameters for fitting measurement data. 
Flow of the fluid phase  , ,w g  , relative to the solid phase s  is described by Darcy's law 

 
r

s knS p


  
  


  

Kv g  , (4) 

with snS 
 v  denoting the artificial relative velocity, and n , rk  , K  and  representing the 

porosity, the relative permeability, depending on the degree of saturation of the respective fluid phase, 
the intrinsic permeability tensor and the dynamic viscosity of the fluid, respectively. Assuming con-
crete as an isotropic material yields K K I  with K  as the intrinsic permeability and I  as the 

second order unit tensor. The relative water permeability rwk  can be approximated by the equation 
proposed by van Genuchten [10] 

 21/( ) 1 (1 )rw b b
w w wk S S S    , (5) 

where the parameter b  is the same as in equation (3). 
The diffusion inside the gas phase is described by Fick's law 

g
g diff g gnS


    



 
    

 
v D  , (6) 

with gw   or ga  , and  

0
gw
g sD fD I  , (7) 

is the diffusivity tensor with 0 0( , )gD D p T  as the free water vapour diffusion coefficient of the air 

and ( , )s wf S n  as the resistance factor, depending on the porosity and the degree of water saturation. 

Commonly, the resistance factor is determined by the analytical formula proposed by Millington [7] 
4/3 10/3( , ) (1 )s w wf S n n S   , (8) 

However, Baroghel-Bouny [2] showed that the exponents in (8) are not appropriate for low values of 
water saturation and, hence, they should be determined by fitting test data. 

Within the framework of the multi-phase concrete model the effective stress concept is applied, 

splitting the total stress σ  into the effective stress σ  and the solid pressure sp  , i.e.,  
sp σ σ I  . (9) 
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The effective stress is related to the deformation of the solid matrix by a constitutive law, e.g. the 

generalized Hooke's law : tot σ C ε , and   is the Biot coefficient, which accounts for different bulk 
moduli of the solid phase and the solid skeleton. The solid pressure, exerted by the pore fluids on the 
solid phase, is defined as 

( )s g atm c
wp p p S p    , (10) 

where atmp  is the atmospheric air pressure and ( )wS  represents the Bishop parameter. In (9) and 

(10) pressures are defined as positive quantities, whereas stresses are positive in tension. 

Inserting (10) into (9) assuming the pore gas pressure at atmospheric conditions, i.e. g atmp p , 
yields 

( ) c
wS p  σ σ I . (11) 

Since drying causes an increase of the capillary pressure, from (11) together with the constitutive 
relations a volumetric compaction of the concrete is obtained. Hence, departing from a fully saturated 

state, characterized by 0cp  , the drying shrinkage strain at a partially saturated state with 0cp  , 

is determined by means of the bulk modulus K  of the solid skeleton as 
( )

3
sh cwS p

K


 ε I  . (12) 

3 Numerical study 

3.1 Determination of material parameters 
For determining material parameters and for validating the multi-phase concrete model test data are 
indispensable. An extensive experimental study has been carried out in [9]. This testing program 
contains drying shrinkage tests on concrete slices, concrete prisms and on larger brick-shaped speci-
mens with added overlays. The water desorption isotherm was determined by drying concrete slices 
with dimensions of 110 x 110 x 6 mm at constant temperature and at constant relative humidity until 
the sorption equilibrium was achieved. The latter was determined at relative humidities of 100%, 
90%, 80%, 65% and 50% respectively. Additionally, the drying shrinkage strains of the thin concrete 
slices were measured using a high-precision strain-measuring extensometer. With the desorption 
isotherm the parameters a  and b  of the van Genuchten equation (3) and, with the additional infor-
mation regarding the time to achieve the sorption equilibrium, the transport properties, i.e. the intrin-
sic water permeability wK  in (4) and the exponents of the resistance factor in (8), were determined. 

Since in (12) both   and ( )wS  are unknown, the term ( )wS  in (12) was determined from the 

measured relationship between the drying shrinkage strain and relative humidity [5]. 

3.2 Validation  
The tests on prismatic specimens with dimensions of 100 x 100 x 56 mm served for determining the 
mass water content evolution and distributions in the samples along the length of a Multi-Ring-Sensor 
(MRS) during one-dimensional drying at a relative humidity of 65%. They were determined by a 
calibrating curve for the respective concrete, relating electrolytic resistances, measured by Multi-
Ring-Sensors, to the mass water content. In Figure 1 the mass water content distribution along a 
single MRS is plotted for selected time instants during moist curing and drying. The initial constant 
mass water content distribution at the end of the moist curing gradually changes with progressing 
drying time to a distribution with decreasing values towards the surfaces due to moisture migration 
and moisture transfer to the environment. 

The computed distributions of the mass water content are shown by the dashed lines in Figure 1. 
Comparison of the measured and computed mass water content distributions shows satisfactory 
agreement. Hence the determined water desorption isotherm, the intrinsic water permeability tensor in 
(4) and the diffusivity tensor in (6) are sufficiently accurate. 
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Fig. 1 Measured and calculated mass water content plotted along the specimen for selected time 

instants during moist curing and drying. 

The strengthening of existing concrete structures by concrete overlays was investigated experimental-
ly by adding a concrete overlay with a thickness of 90 mm to a brick-shaped concrete specimen with 
dimensions of 800 x 300 x 300 mm [9]. The latter was moist cured for 81 days and, subsequently, the 
lateral surfaces were sealed and the top and bottom surface with dimensions of 800 x 300 mm each 
were exposed to drying at 65% relative humidity. After more than two years of drying the top surface 
was roughened and wetted by a high-pressure water blasting unit and, subsequently, a concrete over-
lay was placed at the top surface of the brick-shaped specimen. For both, the brick-shaped specimen 
and the overlay a normal strength concrete was employed. 

The mass water content distributions in the original brick-shaped specimen was measured for 
depths ranging from 10 mm to 87 mm below the top surface for several time instants during moist 
curing and subsequent drying. Measurements of the mass water content were continued during rough-
ening and wetting of the top surface of the brick-shaped specimens and after placement of the over-
lay. The measured distributions of the mass water content in the brick-shaped specimen immediately 
before roughening and wetting (corresponding to the specimen age of 823 days) and afterwards are 
displayed in Figure 2 (a). As can be seen in Figure 2 (a) before wetting the mass water content in the 
near-surface region is considerably lower than in the interior region, which is the consequence of 
having exposed the top-surface of the brick-shaped specimen to drying for more than two years. The 
wetting produces a sharp increase of the mass water content in the uppermost 40 mm of the specimen. 
Subsequently, the mass water content in the near-surface region is decreasing slowly with progressing 
time. In addition, the mass water content distributions were measured in the overlay at several time 
instants during hardening and drying of the overlay, the latter due to exposing its top surface to a 
relative humidity of 65%. The evolution of the measured longitudinal strain at the top surface of the 
overlay is displayed in Figure 2 (b) by the continuous line. 

The numerical model of the brick-shaped specimen and the overlay consists of 2856 3D finite el-
ements with quadratic interpolation of the displacements and linear interpolation of the temperature 
and the capillary pressure. The gas pressure is assumed to be equal to the atmospheric air pressure.  

In the first step of the analysis drying of the brick-shaped specimen is simulated, followed by the 
numerical simulation of wetting of the top surface of the brick-shaped specimen by applying a high 
water pressure to its top surface. The computed distributions of the mass water content before and 
after wetting are shown by the dashed lines in Fig 2 (a). Compared to the measured values, the com-
puted mass water content is somewhat higher, however, with a similar distribution. It is emphasized 
that it is difficult to numerically simulate the high-pressure water blasting. 
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Fig. 2 (a) Measured mass water content (continuous lines) and computed mass water content 

(dashed lines) in the brick-shaped specimen before (823 days) and after (824 days) rough-
ening and wetting of the interface. (b) Measured evolution (continuous line) and comput-
ed evolution (dashed line) of the longitudinal strain at the top surface of the concrete over-
lay. 

In the second step of the analysis the concrete overlay is applied and hardening of the latter is simu-
lated. After 12 hours of moist curing, its top surface is exposed to drying at a relative humidity of 
65%. The computed evolution of the longitudinal strain at the top surface of the overlay is depicted by 
the dashed line in Figure 2 (b). It follows from (12) that in the employed multi-phase concrete model 
drying shrinkage results from the capillary pressure, which is generated by a decrease of the degree of 
water saturation during drying. Since the capillary pressure exerts a hydrostatic pressure on the solid 
skeleton, it also produces creep strains. However, the latter are not taken into account in the present 
investigation. 

Finally, the shrinkage strains, computed according to (12), and the computed total as well as ef-
fective vertical stress are plotted for the overlay after 14 days of hardening and drying in Figure 3. It 
also shows the deformations of the overlay (magnified by a factor of 1000). As can be seen in Figure 
3 (c), effective vertical tensile stresses are predicted at the interface between old and new concrete 
along the outer boundary of the specimen, in particular, at the outer edge. If the effective tensile 
stresses exceed the tensile strength, debonding of the overlay from the old concrete will be initiated. 

 

 

Fig. 3 Computed response of the overlay after 14 days of hardening and drying: (a) drying 
shrinkage strains [‰], (b) total and (c) effective stress [MPa] in longitudinal direction 

4 Summary and conclusions 
A multi-phase concrete model, in which drying shrinkage is predicted from the capillary pressure, 
generated by the decreasing degree of water saturation during drying, was applied to the numerical 
simulation of laboratory tests, aiming at the investigation of the effects of drying shrinkage of con-
crete overlays. Since in the employed multi-phase concrete model drying shrinkage results from the 
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capillary pressure, the latter also produces creep strains [14]. Hence, in the next step the impact of 
creep on the overlay behaviour will be investigated. 
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Abstract 
This study examines the relationship between slag reactivity, paste microstructure and long term 
durability; particularly with regards to sulphate attack. This is achieved by combining standard engi-
neering tests on slag cement blends with comprehensive characterisation. The engineering property 
measured to-date is the compressive strength. Characterisation has been achieved by simultaneous 
thermal analysis (STA) and scanning electron microscopy (SEM). The degree of hydration of both the 
slag and cement components has also been followed by chemical shrinkage and calorimetry, plus 
image analysis of SEM micrographs.  

1 Introduction 
Whilst concrete may be considered a durable material, it can be prone to damage by external sulphate 
attack. External sources of sulphate, e.g. in groundwater where sulphate concentrations may vary 
from 0.02-3g.L-1, may react with aluminate phases within the hydrated cement paste to form ettringite 
and gypsum, whilst the associated cations may be a source of further damage. Sources of aluminium 
typically include unreacted C3A, monosulphates and other AFm phases (hydroxyl and carbonate) [1]. 
These reactions are expansive and the re-formed ettringite may not be accommodated in the hardened 
cement paste, resulting in tensile forces. This, in turn, may lead to expansion then ultimately cracking 
and spalling of the cement.  One potential solution is blending cement with ground granulated blast 
furnace slag (ggbs).  

Being a latent hydraulic material slag can react with water in an alkaline environment such as ce-
ment, potentially improving performance whilst reducing the environmental burden. Slags typically 
replace up to 40% clinker, but specialist applications may require up to 90% replacement. The substi-
tution of cement with slag may lead to a denser matrix opposing ingress of the deleterious species and 
thus increasing resistance as well as reducing the availability of calcium ions needed for ettringite and 
gypsum formation. Slag reactivity is affected by its particle size, glass content, composition and the 
type of activator used [2, 3]. Furthermore, slags are typically richer in aluminium than cement clinker; 
and since it is the aluminate content in the clinker which is involved in sulphate attack, then an in-
crease in total aluminium content within a blend could potentially increase the risk of sulphate attack. 
Sulphate resistance shows no real improvement at low levels of replacement, sometimes even having 
an adverse effect, but high levels of replacement almost always lead to improvement [4,5]. 

This study probes the relationship between slag reactivity, paste microstructure and long term du-
rability; particularly with regards to sulphate attack. This is achieved by combining standard engineer-
ing tests on slag cement blends with comprehensive characterisation. Compressive strength data will 
be complemented by linear expansion due to sulphate attack and air permeability. Characterisation by 
simultaneous thermal analysis (STA) and scanning electron microscopy (SEM) has been supported by 
X-ray diffraction (XRD). The degree of hydration of the slag and cement components has been fol-
lowed by chemical shrinkage, isothermal calorimetry and image analysis of SEM micrographs. 

2 Experimental Method 
This project uses combinations of 2 cements, CEM I 42.5R and CEM I 52.5 N referred to as C1 and 
C2 respectively with three slags (A, B and C) of varying compositions. Slag replacement of cement is 
40% or 70%, with the effect of additional sulphate also studied by replacing 3 wt% of the binder in 
the form of anhydrite. These latter blends are denoted with a $. This results in 28 different mixes as 
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shown in Table 1. Full characterisation thus far has been limited to 5 mixes; C1, C140Sb, C140Sc, 
C170Sc and C140Sc$, with selected characterisation (by chemical shrinkage and isothermal calo-
rimetry) performed on the complete matrix. Slags B and C were chosen for complete analysis based 
on their aluminium contents, having the lowest and highest aluminium contents respectively.  

Characterisation has been performed on pastes with w/b=0.5. Engineering properties have and 
will be measured on mortars using a mix design ratio of 1:3:0.5 of binder:sand:water.  

Table 1 Matrix Design, with samples chosen for characterisation marked in bold 

Sa Sb Sc `  
  40% 70% 40% 70% 40% 70% 
C1 C140Sa C170Sa C140Sb C170Sb C140Sc C170Sc 
C2 C240Sa C270Sa C240Sb C270Sb C240Sc C270Sc 
C1$ C140Sa$ C170Sa$ C140Sb$ C170Sb$ C140Sc$ C170Sc$ 
C2$ C240Sa$ C2-70Sa$ C240Sb$ C270Sb$ C240Sc$ C270Sc$ 

2.1  Engineering Properties 
Expansion due to external sulphate attack has been measured according to ASTM C452-06 [6] and 
C1012/1012M-09 [7] with some deviation. The sample size was reduced to 200mm in length, with no 
changes in mix design as suggested by the standards to satisfy workability conditions when working 
with blended cements. All samples were exposed to sulphate solutions 14 days of curing, regardless 
of their strengths. Furthermore the solution concentration was reduced to 3g.L-1 to better reflect field 
conditions, and renewed every fortnight with a risk of calcium leaching. The net expansion from 
sulphate attack will be determined by curing parallel samples in a saturated CH solution. Samples will 
be polished prior immersion to remove any surface carbonation occurring during curing or storage. 

Strength was assessed on mortars as described in BS EN 196-1:2005 [9], with samples cured in a 
water bath until testing. 

2.2 Characterisation 
Paste samples 20mm in diameter and 50mm long were prepared for characterisation. These were 
placed in a sulphate solution (3g.L-1) after 14 days of hydration, with reference samples placed in a 
saturated CH solution. Care was taken to analyse the outer layer (<500μm) of the samples placed in a 
sulphate solution. Samples prepared for TG and SEM were freeze dried prior analysis. 

The CH content of the blends was measured using a STA 780 Series simultaneous thermal ana-
lyser. 15-18mg of sample was placed in a crucible and heated to 1000°C at a rate of 20°C/min under a 
nitrogen atmosphere 

Chemical shrinkage was measured by dilatometry [10, 11] following initial work by Geiker [12]. 
50g of paste was hand-mixed for 2 minutes, with 15g taken and placed in a plastic beaker. A thin 
layer of water (5g) was carefully poured onto the paste, taking care to minimise surface disturbance. 
The beaker was then filled to the rim with paraffin oil and sealed with a bung through which a 1mL 
pipette was attached. Chemical shrinkage was measured by following the drop in height of the oil. 
Images were captured with a 10MP camera every 5 minutes for a period of 28 days. 

Isothermal calorimetry was conducted using a TAMair twin channel calorimeter. Samples were 
prepared by mixing 50g of paste (w/b=0.5) for 2 minutes of which 6g were placed in a plastic am-
poule. Reference samples prepared with quartz in place of slag were prepared to account for particle 
effects. Measurements were taken every 5 minutes for 28 days. 

Image analysis allowed quantitative determination of the degree of hydration of cement and slag, 
using grey-level histograms to identify unreacted material, hydration products and pores [13]. Back-
scattered electron mages were captured using a JEOL JSM-5800LV at 800x magnification with a 
15KeV accelerating voltage. 50 images were taken for analysis with chemical mapping in respect to 
magnesium performed to isolate the slag particles. 

3 Results and Discussion 
Figure 1 shows the heat evolution rate (left) and total heat evolved (right) of the 5 mixes mentioned in 
§2. The addition of slag to cement affects cement hydration, with both quantity and type of slag hav-
ing an effect. Slag addition leads to the appearance of a new exotherm located just after the main alite 
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hydration peak, with the location dependent on the slag composition. The addition of sulphate, a 
known slag activator, delays the appearance of the new peak, whilst increasing the slag content accel-
erates its appearance, such that it almost coincides with the alite hydration peak [14].  

 

 
Fig. 1  Heat Evolution Rate [left] And Total Heat Evolved [right] 

Blended mixes evolved less heat than pure cement pastes, as shown in Figure 1 on the right. After 28 
days, slag C had evolved more heat than slag B, and higher slag replacement levels reduced the heat 
further. The addition of sulphate (C140Sc$) increased the total heat evolved during the early stages of 
hydration but not at later ages. The contribution of the slag towards heat evolution could be deter-
mined by comparisons with the quartz blend; the quartz being non-reactive yet providing nucleation 
sites and acting as a diluent. This contribution is determined by first normalising the heat evolution to 
their respective cement contents. The difference between the quartz and slag blends is due to slag 
hydration, which can then be normalised to the slag content (Fig 2, left). The slag reactivity is demon-
strated in Fig 2 (right) showing a higher reactivity of Slag C over slag B at 40% replacement. The 
apparent increase in slag reactivity with increased slag content could be explained by a greater avail-
ability of water for slag hydration. Early stage hydration appears to be endothermic, however, perhaps 
due to precipitation of the slag. 

As with isothermal calorimetry, chemical shrinkage allows measurement of the degree of hydra-
tion of cements and blends. Chemical shrinkage occurs because water occupies a lesser volume when 
bound to a solid than in a free state. As hydration continues, more water is bound, resulting in paste 
shrinkage. Slag addition reduces shrinkage, with the same trends seen as when measuring heat evolu-
tion during hydration. Mix C140Sc however exhibited an unusually high shrinkage. Plotting the total 
heat evolved against the total shrinkage (Fig. 3, right) gave a linear relationship, with R2>96% for all 
mixes except C140Sc, suggesting error when collecting data. Future work will aim to determine the 
shrinkage of the slag component alone. 

These two methods allow quantitative measurement of the total degree of hydration. The results 
are complemented by SEM backscattered electron image analysis and XRD with Rietveld refinement 
(not shown), to enable quantification of the degree of hydration of the cement and slag alike. To date 
results are limited, but preliminary results have enabled the degree of hydration of pure cement pastes 
to be determined and correlated with equivalent calculations by isothermal calorimetry and dilatome-
try.  
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Fig. 2  Heat Evolution Plots Used To Determine The Heat Evolved By The Slag Component 

[left] and Total Heat Evolved Due to Slag Hydration Normalised To The Slag Content 

 

 
Fig. 3  Total Chemical Shrinkage [left] And Its Linear Relationship with the Total Heat Evolved 

During Hydration 

Figure 4 shows a SEM-BSE image of a pure cement paste hydrated for 14 days with its associated 
grey level histogram. The histogram can be split into 4 different sections including pores, C-S-H and 
other hydrates, CH and anhydrous material. It is then possible to calculate the degree of hydration by 
measuring the change in area of the anhydrous fraction over time. The degree of hydration is shown 
in Figure 5. 

 

 
Fig. 4  SEM-BSE of a Pure Cement Paste Hydrated For 14 days (left) And Associated Greylevel 

Histogram (right) 
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The area fraction of the anhydrous material, Vf, before hydration can be easy calculated and has been 
estimated at 37.56% for the pure cement paste. It is also possible to follow the formation of the other 
phases as shown in Figure 5 (right) where a reduction in both the anhydrous and pore contents is 
observed, with a continual increase in CH, C-S-H and various hydrates. Although not shown here, the 
degree of hydration of the slag can also be estimated by first isolating the slag particles by chemical 
mapping and again by greyscale segregation; with slag hydration revealing a characteristic darkened 
rim upon hydration. 
 

 
Fig. 5 Measured Degree of Hydration Of A Pure Paste (left) And The Total Area Of the Other 

Hydrates (right) 

Figure 6 (left) shows the compressive strength evolution over time. Replacement of cement with slag 
led to a reduction in strength up to 28 days, with the effect being greater at early ages, particularly at 
high replacement levels, e.g. 80% reduction in strength from C1 to C170Sc. After 28 days of hydra-
tion the strengths were comparable for all the blends containing 40% slag, all marginally lower than 
the pure cement system; with now only 18% difference between C1 and C170Sc. The addition of 
sulphate also appears to aid early stage hydration of the blended system C140Sc$. 
                     

     
 

Fig. 6 Strength [Left] and CH [right] Evolution During Hydration 

Figure 6 (right) shows the CH evolution during hydration in a CH solution. The pure cement paste 
contained the most portlandite. Increased replacement of cement with slag reduced the CH content. 
Slag hydration consumes portlandite [15] and it has been suggested that there is a maxima in the CH 
content during the early stages of hydration. No such trends have been found here, agreeing with 
previous observations by Luke and Glasser [16]. For the same level of replacement however, the 
blend using Slag C consumed more CH than slag B. This may be attributed to its higher reactivity. 
The addition of sulphate either further increased slag reactivity or reacted with CH to form gypsum 
marked with an increase. 
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4 Conclusions 
This paper has primarily focused on qualitative determination of the degree of hydration as shown by 
calorimetric and shrinkage data, together with SEM-BSE image analysis. Slag addition greatly affects 
the normal hydration of cement. Firstly, by reducing the overall heat evolution and chemical shrink-
age, and secondly resulting in a second prominent exotherm during isothermal calorimetry, as seen in 
figure 1 (left).  

Further work will include permeability and expansion data due to sulphate attack as well as XRD 
with Rietveld refinement combined with SEM-IA to complement calorimetric and shrinkage data. 
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Abstract 
The following paper gives a brief outline on current research activities regarding the testing and de-
velopment of CO2-resistant well cements. Within the presented work, several approaches were stud-
ied in order to improve the durability of well cements exposed to supercritical CO2 and to carbonic 
acid formed from CO2 and brines from formation waters, respectively. Among these was the addition 
of puzzolanic and inert fillers to the cement aiming for reduced cement permeability. Another ap-
proach consisted in adding salt to the mixing water and thus reducing the solubility of CO2 in the pore 
fluid. In the third approach barium silicate cements were developed and tested for a possibly in-
creased corrosion resistance. All cements were optimized for their rheological performance and hard-
ened cement samples were examined thoroughly. To evaluate their corrosion resistance, samples were 
exposed to carbonic acid in autoclave experiments. Long-term autoclave tests are still ongoing. 

1 Introduction 
To protect global climate, the carbon dioxide emission from power plants is to be reduced worldwide 
in the future. To justify a further use of fossil fuels in power plants, the Carbon Capture and Storage 
(CCS) technology is considered as an alternative. This means that CO2 has to be separated from flue 
gas and subsequently be stored in deep geological reservoirs. One key requirement for storing CO2 
securely underground is to guarantee long term tightness of the boreholes in the reservoir. 

In the oil and gas industry well cements have been employed as borehole seals for decades. How-
ever, it has to be expected that conventional well cements are not chemically stable when in contact 
with CO2 and carbonic acid, respectively, which may form from formation waters and CO2. Carbonic 
acid and hardened cement react with each other dissolving portlandite initially and forming calcium-
carbonate (CaCO3) subsequently. A continuous carbonic acid attack leads to anew dissolution of the 
freshly formed calciumcarbonate, possibly causing a complete deterioration of the hardened cement 
and thereby of the borehole seal. If this is the case long-term reservoir integrity is not guaranteed. 

Based thereon, rheologically optimised CO2-resistant cement types should be developed to enable 
a durable sealing of the CO2-reservoirs. The following approaches were looked into: 

 reference well cement 
 approach 1: salt cements 

reduced solubility of CO2 in pore fluid of hardened cement due to salt addition 

 approach 2: modified well cements 
reduced permeability of hardened cement due to addition of puzzolanic and inert fillers, re-
spectively 

 approach 3: barium cements 
substitution of Barium for Calcium in cement clinker in anticipation of sparingly soluble 
phases in hardened cement and therefore slowing down of corrosion 

The main subjective of the presented research activities was to investigate these newly developed 
cements thoroughly and to compare them to conventional well cements. Thereby, autoclave experi-
ments were of special importance, since they could simulate the cement corrosion under temperature 
and CO2-pressure conditions, as may be found in geological CO2-reservoirs.  
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2 Cement development 

2.1 Salt cements and modified well cements 
A large number of experiments was carried out to choose the most suitable raw materials for the 
cement development. Miscellaneous cements, quartz powders, fly ashes, salts and additives were 
tested. 

Table 1 Composition and porosity of the developed cement types 

cement 
type 

composition*) w/cequ. 

[-] 
porosity***) 

[vol.-%] 

Class G Class G well cement 0.40 30 (16) 

SaltCem-24 
Class G well cement, NaCl (24 % by weight of 
water), CaCl2, superplasticiser, latex suspension 

0.40 30 (22) 

SaltCem-36 
Class G well cement, NaCl (36 % by weight of 
water), CaCl2, superplasticiser, latex suspension 

0.40 34 (28) 

MWC-FA 
Class G well cement, 3 types of quartz powder, 
fly ash, superplasticiser, latex suspension 

0.44 18 (12) 

MWC-1 
Class G well cement, 3 types of quartz powder, 
superplasticiser, latex suspension 

0.46 19 (10) 

MWC-2 
Class G well cement, 3 types of quartz powder, 
superplasticiser, latex suspension 

0.46 14 (10) 

BaCem  
1 and 2 

barium silicate clinkers 
0.40 and 

0.50 
not yet 
tested 

*) water contained in all cement types 

**) dertermined 28 days after production 
***) first value for non-corroded cement (second value for cement carbonised for 4 weeks at 40 °C and 90 bar) 

In Table 1 all developed cement types are listed. For the purpos of comparison a reference well ce-
ment only consisting of conventional well cement (i.e. Portland cement with defined composition) 
and water was produced (Class G). 

Two salt cements (see Table 1, SaltCem-24, SaltCem-36) were developed. For their production 
NaCl brine was used instead of water. The solubility of CO2 in brine is lower than in water, therefore 
a slowing down of the carbonation of the hardened cement is expected. 

Three modified well cements were developed within the project (see Table 1, MWC-FA, MWC-
1, MWC-2). These cement types are characterised by a substitution of cement by quartz powder and 
fly ash, respectively. The addition of quartz powders and fly ash is intended to lead to an optimized 
grain-size distribution of the modified well cements and thus increase durability of the hardened 
cements in raising turtuosity and reducing porosity and permeability. In addition the added quartz 
powders are inert and therefore sparingly soluble. An increased durability of the modified well ce-
ments is expected. 

During the development of all cement types listed above, the main objective was to design mate-
rials as durable and fluid-tight as possible. Fluid-tightness of a borehole seal though requires an opti-
mal placing of the cement slurry in the borehole with a minimum of flaws. In order to achieve this, 
the rheological properties of the developed cements were optimised in numerous tests. In comparison 
with the reference well cement, all salt cements and modified well cements show strongly improved 
workability. This part of the research however is not dealt with in detail in this paper. 

Following the rheological optimisation, hardened cement samples were produced of all the ce-
ment types. These samples were used in corrosion experiments and for further mechanical, physical 
and chemical analysis (see chapter 3). 
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2.2 Barium cements 
As special barium silicate based cements are not available worldwide, barium silicate clinkers were 
synthesised and subsequently investigated. It is known from literature [1] that hydraulic barium sili-
cates exist, corresponding to the hydraulic phases 2CaO·SiO2 and 3CaO·SiO2 (C2S and C3S) in port-
land cement. Thus, the synthesization of the pure phases 2BaO·SiO2 and 3BaO·SiO2 (B2S and B3S) 
was investigated. 

 
Fig. 1 Kiln and crucible fort the burning of cement clinker (left); several burnt barium silicate 

clinkers and calcium silicate clinkers (right) 

Although not pure B2S and B3S, several barium silicate clinkers could be produced (BaCem in Ta-
ble 1, below referred to as barium cements) from barium carbonate and amorphous silica. The raw 
materials were burnt at 1350 °C for 9 hours and subsequently ground. The so generated powders 
showed hydraulic properties and reacted with water to form white solids with defined strength. Char-
acteristic for the barium cements was an extremely rapid setting, which caused very poor workability 
and compactability of the material. Several samples of hardened barium cement were examined in 
corrosion experiments. 

3 Corrosion experiments 
For the realistic simulation of the CO2-attack in boreholes, a high-pressure-high-temperature auto-
clave system was constructed and built. To determine the time-dependent cement corrosion, samples 
of all developed cement types were exposed to carbonic acid under high pressures and temperatures 
in the autoclaves. Following the corrosion experiments, carbonated cement samples and non-corroded 
control samples were thoroughly examined and compared with each other (see chapter 3.2 and 3.3). 

3.1 Autoclave System and experimental procedure 
Figure 2 shows the autoclave system. It consists of a pressure generator with a control panel (left) and 
of a framework with two autoclaves (right). Two identical autoclaves, each 0.99 dm³ of volume, are 
operated independently. They can be heated up to 150 °C. In the start of each experiment hardened 
cement samples and brine or water are filled into the autoclaves before they are closed. The target 
pressure, up to 300 bar, is subsequently built up, using fluid CO2. During experiments continuous 
temperature and pressure control as well as CO2 supply are guaranteed. Furthermore temperature, 
pressure and CO2 consumption are documented digitally. The key advantage of the autoclave system 
lies in the possibility to investigate the chemical processes in the autoclave during experiments by 
fluid sample extraction (see Chapter 3.2) and replacement of attack medium during tests at nearly 
constant pressures and temperatures. 

Numerous experiments were carried out. In most, cement samples were covered with water or 
brine to guarantee carbonic acid attack throughout the experiment. At specified intervals, a defined 
volume of less than 2-3 cm³ of attack medium were extracted for further analysis. For test durations 
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exceeding seven days, half of the attack medium was replaced by new water or brine. This was done 
to prevent slowing down of the corrosion process due to saturation of the attack medium with dis-
solved solids. 

  
Fig. 2 Autoclave system; pressure generator with a control panel (left); framework with two 

autoclaves (right) 

3.2 Analytical methods 
The identification of the minerals found in non-corroded control samples and in carbonated samples 
was performed by means of X-ray powder diffraction. 

Changes of pore space distribution due to carbonation are of vital importance for the durability 
development of the hardened cements. An exact description of the pore space was gained by the use 
of mercury porosimetry. Again non-corroded control samples and carbonated samples were exam-
ined. 

To measure the carbonation depth, samples were split lengthways after the corrosion experiments. 
The carbonation front was always clearly visible, even more so when the sample surface was wetted 
with phenolphthalein. So the carbonation depth could easily be measured on high resolution digital 
scans. 

The interaction between the attack medium and hardened cement samples was evaluated by the 
examination of fluid samples extracted during corrosion experiments. This is of importance because 
the leaching out of material indirectly indicates the durability of the cement. Fluid samples were 
analysed primarily via atomic absorption spectrometry. The contents of calcium, silicon, sodium, 
magnesium, potassium, chloride and sulphate were determined. For each date, the complete quantity 
of an element (e.g. calcium) leached out until this point was calculated. 

3.3 Results of corrosion experiments 
So far only experiments with a duration of up to 28 days have been carried out. Long term tests are 
still ongoing. For most of the experiments the test conditions were set to 40 °C and 90 bar, guarantee-
ing supercritical conditions. These pressure and temperature conditions were chosen to resemble the 
ones found in real CO2-Reservoirs (e.g. Ketzin, Germany). 

3.3.1 Mineralogy 
X-ray powder diffraction showed considerable amounts of portlandite in non-corroded samples of the 
reference well cement and the salt cements, whereas all tree modified well cements only contained 
little portlandite. This can be explained by the fact that in these cements a part of the originally 
formed portlandite is consumed by the puzzolanic reaction with fly ash and SiO2 from fine quartz 
powders. 
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All non-corroded cement samples contained remains of non-hydrated cement. Modified well ce-
ments showed very high SiO2-peaks, whereas small amounts of the chloride containing Friedel's salt 
were identified in salt cements. 

In all cement samples that were carbonated for 28 days, considerable amounts of calcium carbon-
ates were detected. Furthermore, the formation of calcium carbonate was always coupled with a 
decrease of the portlandite content. This confirms the assumption, that most of the calcium in the 
newly precipitated calcium carbonates is derived from the dissolution of portlandite. Thus, in the 
originally portlandite rich cement types (reference well cement and the salt cements) much more 
calcium carbonate was detected than in the modified well cements, formerly poor in portlandite. 

3.3.2 Porosity 
In table 1 the porosities of non-corroded cement samples and of samples carbonated for 28 days are 
given. Porosities were measured using mercury porosimetry. 

Porosities of non-corroded samples of reference well cement and salt cements were comparatively 
high (30 to 35 vol.-%). Due to their optimized grain-size distribution non-corroded modified well 
cements have reduced porosities of only about 10 to 15 vol.-%. 

28 days long carbonation experiments lead to a porosity reduction of about 5 to 10 vol.-% for all 
examined cements. The reason therefore is primarily the precipitation of calcium carbonate in the 
pore space of the hardened cement. As discussed in chapter 3.3.1 this effect is particularly pro-
nounced for the reference well cement and the salt cements. 

3.3.2 Carbonation depth 
Figure 3 shows two carbonated samples of hardened cement. The carbonation front is clearly visible 
and marked by an arrow. Figure 3 (left) shows a barium cement sample that was carbonated for 7 
days at 40 °C and 90 bar. Caused by the wetting of the sample with phenolphthalein, the non-
corroded inner part of the sample is displayed darker than the carbonated outer part. With a carbona-
tion depth of 4 mm, the barium cements corrodes much faster than all other cement types, for which 
the maximum carbonation depth under the same conditions is 1.8 mm (see figure 4, left). The reason 
therefore is seen in the extremely poor workability and compactability of the barium cements (see 
chapter 2.2), which obviously leads to a highly permeable pore system. 

 

 

 

 

Fig. 3  

BaCem, w/c = 0,4, carbonised for 7days at 40°C 
and 90 bar (left); MWC-FA, w/c = 0,44, 
carbonised for 7days at 40°C and 90 bar (right) 

In contrast, figure 3 (right) shows the much smaller carbonation depth of only 2.5 mm after 28 days at 
40 °C and 90 bar for the modified well cement MWC-FA. 

Figure 4 (left) shows the development of the carbonation depth fort he first 28 days at 40 °C and 
90 bar for all developed cement types with the exception of the barium cements. Already after 28 
days, it can be seen that all curves level off. For comparison a √t–curve is added to figure 4 (left), as 
carbonation of concrete is often described by √t–curves in literature [2]. The curves for the reference 
well cement and the salt cements are more or less parallel, whereas modified well cements exhibit 
slightly higher carbonation depths. Again, the reason is probably the lower portlandite contents of 
modified well cements and therefore less formation of in the pore system. In comparison, for the 
reference well cement and the salt cements the precipitation of calcium carbonates seems to cause 
clogging of pores and thereby slowing down the carbonation. 
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Fig. 4 development of carbonation depth for the first 28 days at 40 °C and 90 bar (left); dis-
solved amount of calcium and silica in relation to carbonised sample volume, after 28 
days at 40 °C and 90 bar (right) 

3.3.4 Leaching tests 
The low durability of the barium cements is confirmed in the leaching tests. After 7 days up to three 
times as much silica is dissolved from barium cement as from all other cement types. 

Figure 4 (right) shows the amount of dissolved calcium and silica (after 28 days at 40 °C and 
90 bar) in relation to carbonised sample volume, that was calculated from the measured carbonation 
depths. It can be seen, that modified well cements are leached less intensive than the reference well 
cement and the salt cement SaltCem-24, even if the former exhibit higher carbonation depths. This 
effect seems to be a result of the smaller porosity and permeability of the modified well cements. 

3 Conclusions and summary 
In the presented project seven new cements of three types have been developed: salt cements, modi-
fied well cements and barium silicate cements. All cements were thoroughly investigated as slurries 
and in the hardened state. For the simulation of the CO2-attack in a borehole, a high-pressure-high-
temperature autoclave system was constructed, so that cements samples could be tested under realistic 
conditions. To the knowledge of the authors such equipment has not been available in market so far. 

In comparison with the reference well cement all developed cements, with the exception of the 
barium silicate cements, show strongly improved workability and same or better durability against 
borehole conditions. 

For the carbonic acid attack on reference well cement and salt cements, a fast clogging of pores 
by calcium carbonate was observed that led to a strong reduction of porosity and slowing down of the 
carbonation process. However, it has not yet been determined, whether long term carbonic acid attack 
may lead to dissolution of the newly formed calcium carbonate. 

Due to their reduced portlandite contents modified well cements show less clogging of pores and 
deeper carbonation than the reference well cement and the salt cements. However, as a consequence 
of their very low porosity and permeability as well as their low leaching tendency, it is expected that 
under long term carbonic acid attack, modified well cements will be at an advantage. 

At present, long-time tests with durations longer than one year are being carried out aiming at a 
definite estimation of the developed cements’ long-term durability. 

In addition, important basic information on the production of barium silicate cements and their 
physico-chemical properties was gained within the project. Further experiments with barium silicate 
cements are planned. 
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Abstract 
Green concretes with a low amount of Portland cement clinker were developed to reduce the global 
warming potential of concrete structures. The relevant criterion which often prevents the application 
of the cement reduced concretes for elements in exterior environmental climate conditions is normally 
the adequate carbonation resistance of the concrete. A new prediction model for the carbonation 
resistance based on the raw materials should support the further development and application of 
cement reduced concretes. 

1 Introduction 
The major environmental impact of concrete is caused by the CO2-emission during the cement pro-
duction. Recent studies revealed that the use of superplasticizer, high reactive cements and the reduc-
tion of the water volume enables a significant reduction of the Portland cement clinker in the mixture. 
Furthermore a possibility is the substitution of the cement by secondary raw materials like fly ash, 
furnace slag or limestone powder. Unfortunately this option is limited by the availability of these 
resources. For the practical application of green concretes with very low cement content, questions 
arise regarding the durability including the carbonation progress of the concrete to avoid corrosion of 
the steel reinforcement. Using the environmental performance evaluation the ecological advantages 
were identified. 

During the hydration of the cement phases, solid calcium hydroxide Ca(OH)2 is formed. Addi-
tionally a highly alkaline solution (KOH/NaOH) is enriched in the pore water [1]. The alkalinity 
ensures the passivation of the steel reinforcement to avoid corrosion. In the course of time, the calci-
um hydroxide Ca(OH)2 and eventually the alkali hydroxides KOH/NaOH are attacked by the carbon 
dioxide from the air. The reaction of Ca(OH)2 and CO2 to calcium carbonate CaCO3 and water (the 
carbonation process) is connected with a reduction in the pH of the pore water solution. The pH in the 
pore solution should not decrease below approximately 9-10 [1]. Otherwise the passivation layer of 
the steel reinforcement will diminish and the risk of corrosion in wet conditions and the spalling of 
the concrete will increase. 

In cement reduced concretes the potential amount of Ca(OH)2 decreases in proportion to the 
cement clinker reduction. In addition, the use of pozzolanic reacting additives reduces the calcium 
hydroxide accumulation [2]. This raises questions about whether cement reduced concretes provide 
sufficient resistance against carbonation induced corrosion. 

2 Experimental program 
At the Technische Universität Darmstadt, intensive studies on the topic of “Green Concrete” have 
been carried out as part of research projects in the field of Sustainable Concrete Structures. Different 
kinds of concrete with reduced cement content were developed for the ready-mix and precast industry 
especially for building structures. 

Cement reduced concretes are intended to be used for interior structures (exposure class XC1) as 
well as for exterior structures (exposure classes XC4, XF1 and XA1). The German standard 
DIN 1045-2:2008-08 defines the requirements for the concrete mix design depending on the exposure 
class. For the application in exterior structures the minimum cement content is 270 kg/m³, whereas 
the minimum strength class is C25/30 and the maximal water-cement ratio is 0.60. For interior struc-
tures the minimum cement content is 240 kg/m³, the strength class C16/20 and the maximal water-
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cement ratio 0.75. For the evaluation of the concrete performance, reference concretes based on the 
concrete mix design according to DIN 1045-2:2008-08 were included in the test program. Referring 
to this Table 1 illustrates the mix design of reference concretes with a cement content of 240 kg/m³ 
(exposure class XC1) and 270 kg/m³ (exposure class XC4, XF1 and XA1). 

Starting with the reference concrete, the cement content was reduced from 270 kg/m³ to 
100 kg/m³ (see Table 2). The cement was substituted incrementally by additives. At the same time the 
water volume was reduced. The lowest value was 125 kg/m³. To maintain a sufficient workability, the 
paste volume was fixed at a constant value of 300 l/m³ by the addition of fly ash und limestone pow-
der. The concrete consistency was adjusted by changing the dosage of superplasticizer to reach a table 
flow of about a = 550 mm. A cement CEM I 52.5 R was generally used. Additionally, a cement 
CEM I 32.5 R was included. Subsequently, the influence of a high performance CEM III/A 52.5 R 
with reduced clinker content and a high amount of blast furnace slag was analysed. The limestone 
powder and fly ash additives were used in the ratios 0, 50, and 100% by volume. 

Table 1 Mix design of the reference concretes 

Mix design 

 

 

Mass per m³ concrete 

B270 
CEM I 
52.5 R 
SFA10 
w165 
DIN 

B270 
CEM I 
42.5 R 
SFA10 
w165 
DIN 

B270 
CEM I 
32.5 R 
SFA10 
w165 
DIN 

B240 
CEM I 
52.5 R 
w180 
DIN 

B240 
CEM I 
42.5 R 
w180 
DIN 

B240 
CEM I 
52.5 R 

SFA160 
w180 

B240 
CEM I 
52.5 R 

SFA160 
w145 

Cement kg 270 270 270 240 240 240 240 

Fly ash kg 10 10 10   160 160 

Limestone kg        

Water kg 162 162 162 180 180 179 142 

SP kg 2.8 1.9 3.0  1.3 1.7 4.0 

Aggregates mm 0-16 0-16 0-16 0-16 0-16 0-16 0-16 

w/c [-] 0.61 0.61 0.61 0.75 0.76 0.75 0.60 

w/ceq [-] 0.60 0.60 0.60 0.75 0.76 0.66 0.53 

 

Table 2 Mix design of the cement reduced concretes (selected mixtures) 

Mix design 

 

 

 

Mass per m³ concrete 

B175-
CEM I 
52.5 R-

SFA160-
w145 

B150 
CEM I 
52.5 R 

SFA250 
w145 

B150 
CEM I 
52.5 R 

SFA125 
KSM145 

w145 

B150 
CEM I 
52.5 R 

KSM289 
w145 

B150 
CEM 
III/A 

52.5 R 
SFA250 

w145 

B150 
CEM 
III/A 

52.5 R 
SFA125 
KSM145 

w145 

B150 
CEM 
III/A 

52.5 R 
KSM289 

w145 

Cement kg 175 150 150 150 150 150 150 

Fly ash kg 225 250 125  250 125  

Limestone kg   145 289  145 289 

Water kg 142 142 142 142 143 142 142 

SP kg 3.9 3.1 4.0 5.1 2.4 3.3 4.5 

Aggregates mm 0-16 0-16 0-16 0-16 0-16 0-16 0-16 

w/c [-] 0.83 0.96 0.97 0.97 0.96 0.97 0.97 

w/ceq [-] 0.73 0.85 0.85 0.97 0.85 0.85 0.97 
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3 Experimental results 
It was shown that even concretes with cement content lower than 125 kg/m³ were able to meet the 
usually required strength for the strength class C20/25 and a sufficient workability. Even concretes 
with cement content lower than 150 kg/m³ were able to meet the defined strength requirements for the 
strength class C30/37 (Figure 1). However, a significant reduction in the water content as well as the 
addition of reactive powders like fly ash or a higher strength cement class was necessary to achieve 
this strength. Secondary, a higher demand of superplasticizer was required. 
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Fig. 1 Strength development of the concretes. 

Figure 2 shows the measured carbonation depth as a result of the ACC-test. The concrete mix 
B270-CEM I 32.5 R-w165-DIN according to the German standard has a relatively high carbonation 
depth of approximately 6 mm. The concrete with CEM I 52.5 R has a significantly lower carbonation 
depth. 

Compared to the carbonation depth of the concrete with CEM I 32.5 R, approximately the same 
value was measured for the concretes with only 150 kg/m³ CEM III/A 52.5 R. In contrast, the 
concrete mixes with 150 kg/m³ CEM I 52.5 R had a considerably higher carbonation depth than the 
reference concrete. However, requirements for exterior structures can be fulfilled by the reduction of 
water or a slight increase in cement. The influence of the concrete additives on the carbonation was 
remarkable. Notwithstanding the consumption of calcium hydroxide fly ash reduced as expected, the 
carbonation even more than limestone powder. A reduction of the cement content to 125 kg/m³ and 
100 kg/m³ tends to result in values which are significantly higher than the carbonation depths of the 
reference concrete. However, concretes may be applied in interior structures. 
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Fig. 2 Carbonation depth of the investigated concretes. 

4 Prediction model 
In order to ensure the durability of concrete structures, the national standard DIN 1045-2 in accord-
ance with EN 206-1 provides limiting values for the minimum cement content, the compressive 
strength and the water-cement ratio. Reactive additives such as fly ash can be taken to some extent 
into account for the calculation of the normative cement content and the water-cement ratio, using an 
efficiency factor (k-value). Based on the k-value concept, concretes with the same equivalent water-
cement ratio show an equivalent performance, even if the mixture composition varies significantly. If 
the efficiency factor is k = 1, the additive will contribute to the durability in the same way as cement. 
The maximum amount of concrete additives that can be taken into account is limited according to 
EN 206-1. 

As part of the investigations performed at the TU Darmstadt, it was determined whether this 
approach is also applicable for concretes with highly reduced cement content or if modifications are 
necessary. Assuming that concrete additives contribute differently to the concrete, compressive 
strength and carbonation resistance, the k-values as well as the concept were modified. In contrast to 
the existing concepts, this approach takes the influence of the cement strength class and the "inert" 
additives (< 0.25 mm) into account directly (equation 1). For the calibration of the k-values and 
constants, the previously presented test results were used. The k-values are given in Table 3. Based on 
the equivalent water-cement ratio for the carbonation, the carbonation depth for cement reduced 
concrete with a high amount of additives can be predicted (equation 2). 

The w/c-ratio directly correlates to the carbonation depth in the accelerated test. The carbonation 
depth of the accelerated carbonation test [3] resembles the carbonation in a conditioned environment 
(65% r. h., 20°C) for a time period of approximated 2.7 years. In addition, an adequate carbonation 
resistance can be proved by the equivalent w/c-ratio. 

 

carbo C FA P

W W
C C k FA k P k

         
  (1) 

 

35.8 15.9c
carbo

Wx
C

    
 

 (2) 
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Table 3 K-values for approach 2 

Component Symbol Quantity k-value Symbol k-value 

CEM I 32.5  

C 

 

100% 

1.00  

kC CEM I 42.5 1.10 

CEM I 52.5 1.20 

Fly Ash FA max. 33% from C 0.40 kFA 

Powder P 100% 0.03 kP 

 

Figure 3 highlights the measured carbonation depths of the accelerated test compared to the calculated 
equivalent w/c-values based on the described approach. The correlation of the two variables can be 
described linearly. With the regression lines (Figure 3) the carbonation depths of the accelerated test 
can be calculated based on the equivalent w/c-ratio of the mix design. This means that only the mate-
rial weights of the individual concrete additives are the input parameters. In particular, a simplified 
prediction of the resistance against carbonation-induced corrosion of reinforcement is given by the 
equivalent w/c-ratio. For instance, the equivalent w/c-ratio must not exceed 0.75 for exposure class 
XC4 and 0.60 for XC1. To guarantee the durability, the limiting values with respect to the cement 
content and strength class are no longer required. 
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Fig. 3 Correlation between the calculated equivalent w/c-ratio of the carbonation and measured 

carbonation depth of the accelerated test. 

5 Comparison and verification 
Figure 4 presents the measured and calculated carbonation depths. Using both equations (1) and (2) it 
is obviously possible to predict the carbonation depths. The chosen k-values are calibrated for the 
materials used in the investigations at TU Darmstadt and are not necessarily applicable for all such 
materials. 

 

503



9th fib International PhD Symposium in Civil Engineering 

0

2

4

6

8

10

12

14

16

18

20

22

B2
70

-5
2,

5R
-w

16
5r

ef

B2
70

-4
2,

5R
-w

16
5 

re
f

B2
70

-3
2,

5R
-w

16
5-

re
f

B2
70

-3
2,

5R
-w

16
5 

re
f (

w
)

B2
40

-5
2,

5R
-w

18
0r

ef

B2
40

-3
2,

5R
-w

18
0 

re
f

B2
40

-5
2,

5R
-w

18
0

B2
40

-5
2,

5R
-w

14
5

B2
00

-5
2,

5R
-w

14
5

B1
75

-5
2,

5R
-w

14
5

B1
50

-5
2,

5R
-w

14
5

B1
50

-5
2,

5R
-0

,5
KS

M
-w

14
5

B1
50

-5
2,

5R
-1

,0
KS

M
-w

14
5

B1
50

-5
2,

5R
-w

12
5

B1
50

-5
2,

5R
-1

,0
KS

M
-w

12
5

B1
50

-5
2,

5R
III

-w
14

5

B1
50

-5
2,

5R
III

-0
,5

KS
M

-w
14

5

B1
50

-5
2,

5R
III

-1
,0

KS
M

-w
14

5

B1
25

-5
2,

5R
-w

14
5

B1
00

-5
2,

5R
-w

14
5

C
ar

bo
na

tio
n 

de
pt

h 
x c

[m
m

]
Measured values

Calculated values

 
Fig. 4 Comparison of the calculated and measured carbonation depth 

6 Conclusions 
Based on the experimental studies presented here, the following conclusions can be drawn: Applying 
the equivalent performance concept of concrete demonstrates that highly reduced cement concretes 
are able to fulfil the requirements for the carbonation resistance according to EN 206-1 and 
DIN 1045-2:2008-08 for exposure classes XC1 to XC4. For the application of cement reduced con-
cretes in Germany, a building authority approval for the production of reinforced concrete structures 
is necessary if the mixture design does not meet the national standards, especially the minimum ce-
ment content of 240 kg/m³ (for dry and wet conditions) and 270 kg/m³ (for moderate exposed con-
crete members). The existing k-value concept was improved, focused on the compressive strength and 
the carbonation depth. For these concrete properties, a prediction model based on the experimental 
tests was developed. It considers the cement strength class, the reactive and inert concrete additives 
and the absolute cement and water content. Additional approaches are publicized in [4]. According to 
the existing design procedure, the equivalent w/c-ratio can be used for the simplified verification of 
the resistance against the corrosion induced by carbonation. However, the durability against other 
exposure (e.g. sulphate attack, freeze-thaw) should be verified. The results should also be proved 
based on analytical methods which reveal the fundamental chemical reactions. 
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Abstract 
Experiences from practice show the need for more of an understanding and optimization of the com-
paction process in order to design a more durable concrete structure. Local variations in compaction 
are very often the reason for initiation of local damage and initiation of chloride induced corrosion. 
Poor compaction is often manifested locally in concrete structures in the form of large voids, profuse 
honeycombing and heterogeneity. Controlling compaction in practice today depends largely on the 
operator and his experience. The reliability of such a practice goes with many uncertainties. Depend-
ing on the exposure conditions, cement based materials maybe attacked by aggressive substances 
which can influence the performance of a concrete structure. Therefore the change in chloride ingress 
was investigated as a function of compaction time and sample depth. In this paper the Rapid Chloride 
Migration method, (RCM), was used and test results show a change of the diffusion coefficient with 
time of compaction. Along with the RCM results, the compressive strength was measured and the 
results are presented as well. 

1 Introduction 
Durability of concrete depends on the long-term quality of a microstructure, which depends, on its 
turn, on the used materials, quality of construction, quality of design, the exposure conditions, and the 
on-site execution. When placed in a form, concretes may contain from 5 up to 20 % of entrapped air 
by volume. Presence of air voids in hardened concrete turned out to have a significant effect on me-
chanical properties and can be controlled by compaction. Compaction has a very good correlation 
with several important properties such as strength, permeability (and hence durability) and shrinkage 
[1]. It has been found that for every 1 % of air voids there is a 5 % of decrease in compressive 
strength [2]. Air voids are expelled by compaction. Compaction can be achieved by vibration, centrif-
ugation, rodding, tamping, or combination of these actions [3].The compaction consists of two pro-
cesses; in the first stage the particles are set in motion and concrete is “liquefied” and slumps to fill 
the forms, while during the second stage air bubbles escape from the concrete element. There is a 
distinction between the two stages because they don’t start and finish at the same time. The conse-
quence of inadequate compaction is appearance of sand streaks, honeycomb and as mentioned exces-
sive entrapped air voids. If the workability of the concrete is constant, the skill and consistency of 
workers in operating the vibrators (i.e., compaction effort) will significantly influence the degree of 
compaction attained and with this the long-term durability [4]. Because concrete contains 65-75 
%vol. of aggregate and all of the air voids reside in the cement paste, a small amount of air entrain-
ment causes a significant change of the microstructure of the paste, and to its pore structure in particu-
lar[5]. The focus of this research was on the relationship between time of compaction, transport and 
mechanical properties of concrete a specimen. Transport properties are measured by the Rapid Chlo-
ride Migration, RCM, test and the mechanical properties are presented in terms of compressive 
strength after 7 and 28 days. Because the chloride transport is of great significance, but in real life this 
process lasts for many years, the RCM test is used which has shown that it can adequately represent 
chloride transport in cement-based materials [6]. 

2 Materials and experimental procedure 
Concrete samples with the same mix design, table 1, were casted. In order to view the influence of 
compaction of the properties of concrete mix design, mixing, vibration frequency (65 Hz), vibration 
amplitude (0,087 mm), curing conditions and temperature were kept constant. Samples were cast in 
cube moulds 150mm×150mm×150mm. The compaction was done on a vibration table. After the 
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compaction was done the samples were stored in the fog room at 20 °C. The specimens were tested 
for compressive strength after 7 and 28 days and chloride migration coefficient, which was performed 
by the RCM test. The whole experimental procedure is outlined in figure 1. 

Table 1 Mix proportions 

CEM III/B 42.5N [Kgm-3] 370 

Water [Kgm-3] 185 

Aggregate [Kgm-3] 1794 

 

 
Fig. 1  Experimental scheme 

In order to evaluate the difference in transport properties of the samples determination of the chloride 
coefficient in concrete using the RCM is used. The method is prescribed in NT Build 492 [7]. The 
principle behind this method is the application of external electrical potential axially across the con-
crete specimen which forces the chloride ions to migrate into the specimen. A sketch of the RCM test 
is shown in figure 2. Sampling was done by drilling the cubes and slicing the cylinders in order to 
obtain 100 mm diameter and 50 mm height sample. The samples were then preconditioned by putting 
them in vacuum for 3 hours and then, with the vacuum pump still running, the samples were covered 
with saturated Ca(OH)2 solution. After 1 hour the vacuum pump was turned off and air was allowed 
to enter the container and the specimens were kept in the Ca(OH)2 solution for 18 ± 2 hours.  After 
the preconditioning the samples were mounted in the RCM setup which consists of a rubber sleeve in 
which the sample is placed and anolyte solution (0.3 M NaOH) was poured in the sleeve. The speci-
men was then put into a catholyte solution (2 M NaOH). The electrodes were immersed in anolyte 
and catholyte solutions and connected with the power supply.  
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Fig. 2 Schematic representation of the RCM test 

The initial current through the specimen at 30 V is recorded and the voltage was adjusted according to 
the standard which then states the duration of the test as well. Initial and final temperatures were 
recorded. After the stated duration of the test the specimens were removed from the RCM setup and 
sliced axially into two pieces. On the freshly split surface 0.1 M AgNO3 was sprayed and after a few 
minutes white silver chloride started to precipitate. The white precipitated silver chloride represents 
the penetration depth of the chlorides which was measured by a calliper. For each measurement three 
samples were made. 

3 Results and discussion 
In figure 3 the change in compressive strength after 7 and 28 days is shown. There is a difference in 
compressive strength with time of compaction. This is due to the presence of the air voids that are 
entrapped in the specimen. Air voids are reduced by the time of compaction which is shown as an 
increase of the compressive strength. There is a big rise in the compressive strength from no compac-
tion to 10 seconds of compaction, after that increase in compressive strength is shown. So it could be 
said that most of the air inside of the concrete has escaped. 
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Fig. 3 7 and 28 day compressive strength as a function of compaction duration. 

Also shown in the figure 3 is less scatter in the attained compressive strength results for compaction 
from10 to 30 seconds. That shows a more homogenous and consistent microstructure and results. 
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Fig. 4 Chloride migration coefficient measured from the chloride penetration depth after RCM 
test as a function of compaction time 

From the penetration depths, measured after silver chloride, AgCl, precipitation, chloride non-steady 
state migration coefficient was calculated. It can be seen in figure 4 and table 2 that the migration 
coefficient decreases with time of compaction. The reason for the lowering in the migration coeffi-
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cient can be found in change in aggregate to cement ratio which changes during compaction, and 
decrease of volume fraction of air voids. Wong et al. [5] found that the microstructure of the air void-
paste interface is similar to that of the aggregate-paste interfacial transition zone. Kreijger [8] showed 
that the “skin” of a concrete consists of three layers, and during compaction the biggest change in 
composition, aggregate to cement ratio, is within few cm. This skin concrete layer that is rich in 
cement paste has different transport properties than the bulk concrete. That difference could also be 
enhanced due to chloride binding by cement hydration products. That is one of the downfalls of RCM 
method in which up to 2 cm of “concrete skin” is cut off.  

Table 2 Summary of the results measured for compressive strength after 7 and 28 days, and RCM 
test after 28 days.  

Sample Compressive strength [MPa] DRCM [m2s-1] 

7 day 28 day 

CC0 10.13 ± 1.92 14.76 ± 1.60 4.69×10-12 ± 1.05×10-12 

CC5 25.46 ± 3.28 45.79 ± 1.12 3.34×10-12 ± 0.75×10-12 

CC10 29.05 ± 1.94 44.44 ± 0.68 3.10×10-12 ± 0.74×10-12 

CC15 29.12 ± 0.87 45.76 ± 0.13 3.06×10-12 ± 0.51×10-12 

CC25 30.45 ± 1.82 46.62 ± 0.65 3.05×10-12 ± 0.73×10-12 

CC30 29.50 ± 0.71 49.74 ± 0.28 2.94×10-12 ± 0.43×10-12 

4 Conclusions 
This study was undertaken to investigate the importance and the influence of compaction on the 
chloride migration coefficient and compressive strength. Specimens with constant mix design were 
characterized and the findings are outlined below. 

RCM test shows sensitivity towards time of compaction, this sensitivity is greater while there is a 
higher volume fraction of air inside the concrete specimens. For compaction longer than 10 seconds 
the part that changes most is the outermost part where the segregation happens with the change in 
aggregate to cement ratio which in the standard RCM test is cut off.  

Compressive strength showed an increase with time of compaction which is a consequence of en-
trapped air leaving the concrete specimen due to vibration. The biggest difference was until 10 se-
conds of vibration, later little difference was observed. The difference was more pronounced on the 
standard deviation rather than the compressive strength. 

Up to thirty seconds of compaction leads to a more uniform and homogenous concrete element, in 
which the properties differentiate less than compared with no compaction.  
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Abstract 
In order to properly identify ongoing sulphate attack on concrete and assess the levels of damage a 
structure has sustained, it is important to understand how the attack progresses relative to its environ-
ment: sulphate exposure parameters and ambient environmental exposure conditions. Currently, much 
debate revolves around the path that sulphates follow in partially exposed concrete sitting in sulphate 
laden soils. Simulating a realistic attack mechanism and reproducing field conditions in the laboratory 
are added challenges in sulphate attack research. This research utilized large scale concrete blocks 
similar in dimension to residential foundation elements, cast from a 0.45 water to cement ratio con-
crete mixture. The specimen was partially exposed (i.e. partly submerged) to a 5% sodium sulphate 
solution for a period of two years. During the exposure period, dual degradation mechanisms co-
existed, both chemical and physical, as seen in ongoing attacks in the field. Chemical analysis was 
used to create a two-dimensional sulphate profile within the blocks to determine the effect of an 
evaporative surface above the immersion line on accelerating movement of sulphate into and through 
the concrete. This process may lead to paste softening and expansive cracking along the transport path 
and surface scaling due to salt crystallization at the evaporation surface. To establish this profile, a 
method of sampling the deteriorated concrete block without changing the chemical composition of the 
cementitious matrix was devised. Samples were taken at regular intervals throughout the cross-section 
of the block and prepared for analysis of sulphate content using inductively coupled plasma optical 
emission spectrometry (ICP-OES). 

1 Introduction 
The culprits involved in external sulphate attack (ESA) and their related degradation mechanisms 
have been extensively reviewed in literature; Mehta 1992, Skalny et al. 2002 and Stark 2002 to name 
a few.   In the field, sulphate related damage to concrete begins at any surface exposed to a sulphate-
rich solution, which may come from an underground, marine or industrial environment; and from 
sulphate containing salts that form on the concrete surface (i.e. salt weathering). Arguably, there are 
many ways of reproducing the effects of ESA seen in the field under laboratory conditions; each case 
leading to different results due to a wide spectrum of deterioration processes dependant on various 
exposure conditions. (Santhanam et al 2001) 

It is often argued that specimen size and shape affect the outcome of durability tests. An increase 
in surface reaction (i.e. a small specimen with a large surface area such as a cube) is one way to ac-
celerate the attack’s development. Doing so, however, may change the course of the reaction kinetics. 
(Cohen and Mather 1991) Traditional small scale simulations can rapidly provide information on 
specific durability issues associated with sulphate attack but they do not provide an overall realistic 
degradation pattern since the entire specimen is subjected to the aggressive agent. In reality, the core 
of a larger scale concrete element may not be affected at all, thus changing the mechanical behaviour 
of the concrete. This study avoids the problems with small scale samples by utilizing large blocks 
similar in dimension to actual structures in the field. 

Since virtually all structures subjected to ESA are partially buried or submerged, such as house 
foundations, simulating a partial exposure in the lab instead of complete submersion was found to be 
more representative of actual structural or surface damage observed in the field by producing both 
chemical and physical attack modes. It is believed that the change in moisture gradient at the immer-
sion line creates a wicking transport mechanism that draws the soluble sulphates through the porous 
concrete, which then recrystallize near the evaporative surface. (Boyd and Mindess 2004) On the 
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other hand, claims have also been made that the sulphates only travel up, or near, the outer surface via 
capillary suction and that the surface damage above the immersion line is essentially superficial. 
(Hime 2005) Reported field case studies, both in Southern California, demonstrate opposing conclu-
sions on sulphate transport mechanism and their related chemical interactions with concrete.  

Brown and Doerr’s (2000) study on cores taken from housing foundations which had not been in 
direct contact with the soil revealed that multiple phases had formed in the concrete as a result of the 
transport of sulphate, and other typical compounds found in aggressive soils, to significant distances 
throughout the cementitious matrix.  However, a Novak and Colville (1989) study analyzed efflo-
rescent salts filling cracked foundation slabs and the concrete material adjacent to these cracks.  X-ray 
diffraction results indicate that no ESA by-products where found in the concrete material with the 
exception of trace amounts of gypsum. 

This research attempted to reproduce the exposure conditions seen in the field in order to demon-
strate the true path of the sulphates as they move upward toward the evaporation plane. Prior work 
has indicated that based solely upon visual inspection, the chemical changes causing paste softening 
and expansive cracking in the bulk cementitious matrix can be overshadowed by superficial physical 
damage at the evaporation plane, but mechanical testing distinctly illustrates the more significant 
damage hidden beneath this scaling. (Hartell et al. 2011) Confirming the path that sulphates take in 
larger scale specimens is thus critical toward understanding the degradation of concrete subjected to 
ESA in the field.  Inductively coupled plasma optical emission spectrometry (ICP-OES) was the 
chosen analytical technique to meet this objective. 

2 Experimental Program 

2.1  Sample Preparation 
In order to recreate a realistic field exposure mimicking that of foundation structures, concrete blocks 
measuring 900 mm long x 240 mm thick x 485mm high were cast and immersed to a depth of 150mm 
in a 5% sodium sulphate solution. Only one mixture, 0.45 w/c, was analyzed in this study; represent-
ing the prescribed value in the Canadian standard to resist a severe exposure type. Table 1 provides 
further details on the mixture design. 

Table 1 Concrete Mixture Design 

Mixture 0.45 w/c 

Cement – Type I  [kg/m3] 507.7 

Water  [kg/m3] 228.6 

Fine Aggregate  [kg/m3] 855.1 

Coarse Aggregate  [kg/m3] 733.4 

Admixture - Superplasticizer  [L/m3] 0.8 

 

After two years of exposure, the block was removed from the solution and sealed with paraffin wax in 
order to minimize further interactions with the ambient surroundings. A section was then removed for 
chemical analysis. This section, measuring 100 mm in thickness, was cut from the mid section of the 
block, using a concrete chain saw. Then, a concrete bench saw was used to accurately cut the section 
in half along its vertical axis to produce two 100 mm long x 120 mm thick x 485 mm high samples, 
each containing one exposure face and one inner-core face.  All cuts were performed dry to prevent 
soluble sulphate compounds from washing out of the concrete samples.  Even though dry-cutting can 
induce friction heat and change the chemical structure of the sulphate phases present, this was not 
considered to be an issue since only the total amount in sulphur was desired. Whether it was present 
in the form of ettringite, gypsum or even thaumasite was of no interest for the purpose of this study, 
only the distribution and quantities of sulphur were evaluated. 

The two dimensional sulphate profile was created by accurately milling the surface of the con-
crete prism layer by layer (Fig. 1). The powdered concrete was collected using a high pressure vacu-
um system. Each sample represented a portion of concrete measuring 100 mm long x 10 mm thick x 
20 mm high.  
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Fig. 1  Sectional milling of concrete prism. 

Because of the large scale of the specimen, the entirety of the prism was not processed. Powdered 
samples were prepared for the entire submerged portion and the region immediately above the immer-
sion line containing the evaporative plane. This included the physically damaged zone (extending 
approximately 60 mm above the immersion line) and a visually intact zone (extending 50 mm above 
that). Reference samples were also taken from the top end of the concrete block to determine the 
initial 'background' sulphur content of the concrete due to the presence of sulphates in the cement 
(Fig. 2). It was assumed that the upper portion of the concrete block had not been affected by ESA 
since it was situated more than 250 mm above the evaporative plane. 

 
 
 
 
 
 
 
 
 
 
 
 

 
 
 
 
 
 
 
 
 

Fig. 2  Details of powdered concrete sample location and profiling of concrete prism 

The outer layer of concrete (measuring 5 mm in depth) was not used in this study because of surface 
geometry inconsistencies (i.e. loss of mass due to salt crystallization). 

2.2  Analytical Procedure 
The amount of sulphur in each concrete powder sample was determined using an analytical technique 
called inductively coupled plasma optical emission spectrometry (ICP-OES). This type of emission 
spectroscopy uses inductively coupled plasma to generate excited atoms which produce electromag-
netic radiation at wavelengths characteristic to a particular element and then, in this work, examining 
the intensity of the emission produced by the sulphur element in solution. Herein, the 182.040 emis-
sion line was selected to conduct the quantitative analysis on only the sulphur element in order to 
minimize spectral interference from other elements which might be present in the sample, such as 
silicon.  

Individual sample solutions were prepared according to the following procedure. First, 0.5 g (± 
0.001 g) of a concrete powder sample was selected and diluted into 25 ml of deionised water. Slowly, 
5 ml of hydrochloric acid was added to the solution, heated just below its boiling point and allowed to 
digest for a few minutes. Then, the acid solution was further diluted to 50 ml with hot deionised water 
to obtain an approximate 10% v/v HCl solution. The latter was further digested using a sonicator bath 
and then filtrated to minimize the presence of solid particles in the solution. Finally, approximately 10 
ml of filtrate was collected for ICP-OES analysis.  
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From the known quantity of dissolved concrete powder in the solution (10 g/l ± 0.05 g) and the ob-
tained concentration of sulphur (ppm) determined by ICP-OES, the mass of sulphur (kg) over the 
mass of concrete (kg) ratio was determined, S/C. These results were then used to create a quantitative 
map of the sulphur concentration throughout the concrete matrix, which should be instructive as to 
sulphate movement mechanisms within the concrete element. 

3. Results and Discussion 
The graphical results displayed in Figure 3 represent a two-dimensional sulphur concentration profile 
within the analyzed section of the 0.45 w/c concrete block. The values are expressed as a ratio be-
tween the sulphur quantity in kilograms per kilogram of concrete. Each region of varying colour 
corresponds to a range of sulphur concentration. Both axes represent the concrete prism’s longitudinal 
(i.e. height) and transversal (i.e. depth of penetration) dimensions in millimeters.  
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Fig.3  Sulphur concentration profile of 0.45 w/c concrete prism, S/C. 

From the ICP-OES analysis on the reference samples situated at the upper end of the block exposed to 
ambient conditions (465 to 485mm), it was determined that the average background sulphur concen-
tration in the concrete was below 0.002 kilograms per kilogram of concrete. Therefore, the initial 
range shown in Figure 3 (0.000 to 0.002) represents the area of the cementitious matrix that was not 
affected by ESA. 

Starting with the solution exposed half, the depth of penetration was greater for the bottom por-
tion of the block (0 – 20 mm) because of the two-dimensional ingress front. The bottom face of the 
block was not sealed to prevent solution penetration. However, between 20 and 60 mm from the 
bottom there is a drop in sulphate concentration from the surface to the core; this being the lowest 
recorded penetration depth. The values presented herein assume that the concrete was uniform in 
composition throughout the block. On the other hand, this decrease may be a consequence of aggre-
gate segregation, thus changing the concrete’s density in the lower section of the block. However, the 
continuing trend as it approaches the immersion line might suggest otherwise.  

The sulphur concentration and the depth of penetration seem to increase as the immersion line 
(150 mm) is approached. It is thought that the presence of an evaporation plane draws greater 
amounts of solution further within the porous concrete to compensate for the continuous change in 
moisture gradient above the immersion line. From 60 to 140 mm, the penetration depth reaches its 
greatest, approximately 45 mm into the bulk. It should be noted that this exceeds the depth of the 
average covercrete where structural rebar is present in residential foundation structures. Chemical 
interactions between the sulphates and the cementitious matrix may lead to diminished mechanical 
properties of the concrete, which may become critical at these depths as it will affect the bond be-
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tween the concrete and the reinforcing steel. Looking at the results above the immersion line, the 
concentration values continue to increase within the evaporation plane but, the overall depth of pene-
tration decreases.  

It seems that the combined action of capillary suction and wicking, due to the presence of contin-
uous evaporation, creates a transport mechanism where the pore solution is drawn upwards through 
the concrete matrix, but not just along the outside surface of the block. As the solution travels, more 
and more sulphates are available to react with the matrix where various compounds may form. This 
corroborates with Brown and Doerr’s (2000) findings. Also, as the soluble sulphates migrate toward 
the surface of the concrete, the solution evaporates leaving the sulphates behind to crystallize. This 
phenomena causes crystallization pressures which lead to surface disintegration. The highest concen-
tration values recorded were situated within 5 mm of the block's surface and between 160 and 220 
mm up from its bottom. This portion of the prism corresponds to the area damaged by salt crystalliza-
tion. The amount of sulphur peaks around the 220 mm mark, which is directly above the upper edge 
of crystal formation due to efflorescence. Then, the concentration values decrease for the upper re-
mainder of the block (220 to 260 mm).   

It was noticed that as the attack progressed in time the area affected by salt crystallization spread 
upwards from the immersion line. One hypothesis is that a barrier was formed at the surface of the 
concrete element by the crystal growth. Therefore, the solution was wicked higher to evaporate above 
this pore filled concrete. Thus, with time the physically damaged area grew and the actual evaporation 
plane continuously moved upward.  

As the concrete degrades physically and chemically the pore structure is altered further, accentu-
ating the transport mechanisms described above. The rate at which the sulphates penetrate and circu-
late is unknown from this investigation but is currently being analyzed for various exposure types in 
separate research. Further analytical and mechanical testing techniques are also being devised for 
determining the type of damage being induced along their path of travel. 

4 Conclusions 
The primary outcome from this research is a better understanding of how sulphates move through a 
concrete element in the field. The results of ICP-OES testing corroborate past research investigations 
where soluble sulphates migrated through the bulk of the porous concrete to then crystallize once the 
solution evaporates at the surface, leaving higher concentrations of sulphate salts behind in the pores. 
After an exposure period of two years the solution does not appear to travel along the outside surface 
through capillary suction alone, but penetrates a significant distance into the concrete. Moreover, the 
presence of salt crystal growth at the surface seems to form an barrier to evaporative transport, thus 
drawing more sulphates from other regions of the concrete by continually displacing the evaporative 
front. 

The use of ICP-OES was found to be an accurate and viable method for evaluating sulphur con-
centration and distribution throughout the matrix.  Knowing the sulphate transport mechanisms, this 
research offers insight into how and where to sample a deteriorated structure, with respect to its expo-
sure conditions, in order to appropriately identify the extent of damage it has sustained. 
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Abstract 
Alkali-silica reaction (ASR) is one of the main processes reducing the service life of concrete struc-
tures worldwide. The objective of this research is to develop an effective and reliable approach to 
evaluate the damage and the potential for further distress of concrete damaged by ASR, based on 
selected mechanical (Stiffness Damage Test) and petrographic (Damage Rating Index) test methods 
performed in the laboratory. To achieve this goal, concrete specimens were cast and exposed to con-
ditions promoting damage due to ASR. At selected expansion levels, they were tested through the 
procedures mentioned above. Results show that the SDT should be carried out with a percentage of 
the design strength and parameters such as the hysteresis area, the modulus of elasticity and the plas-
tic deformation provide good correlations with the amount of expansion reached by the concrete. 

1 Alkali Silica Reaction (ASR) 
Alkali–silica reaction (ASR) is a chemical reaction between the alkali hydroxides in the concrete pore 
solution and certain reactive siliceous phases present within the aggregates. ASR generates a number 
of petrographic features of distress within or in the immediate proximity of the reactive aggregate 
particles (e.g., microcracks, reaction rims, debonding), including an alkali–calcium–silica gel that 
swells in the presence of water, thus developing pressures on the surrounding cement paste. These 
pressures are able to exceed the tensile strength of the paste and the aggregates, thus creating mi-
crocracks and causing volumetric expansion of concrete [1]. 

2 Assessment of damage in concretes damaged by ASR 
First of all, the word “damage” has been defined in this work as the harmful consequences (measura-
ble ones) of various types of mechanisms (e.g. loadings, shrinkage, creep, ASR, DEF, freezing and 
thawing, etc.) on the mechanical properties, physical integrity and durability of a concrete element. It 
is well-established that different deleterious mechanisms affecting the long-term durability of con-
crete generate different patterns of internal damage whose "signatures" were schematized by BCA [2] 
and St-John et al. [3]. However, one of the biggest challenges in engineering is to establish the corre-
lation between the above "signatures" and the loss in mechanical properties and durability of the 
material. Many petrographic methods were developed with this aim but almost all the analyses carried 
out were described in a qualitative (and narrative) way. Therefore, petrographic analysis is often 
criticized by engineers as they look for a precise evaluation on the extent of damage of a concrete 
element [4]. Recent studies dealing with the mechanical responses of damaged materials suggest that 
the “Stiffness Damage Test (SDT)” could provide a diagnostic evaluation of the damage in concrete 
due to ASR. Nevertheless, the SDT does not have a standard test procedure so far, and an in-depth 
evaluation on the input and output parameters of the test should be done for its correct use. 

3 The Stiffness Damage Test (SDT) 
The concept of the SDT is to quantify the degree of distress in concrete damaged by ASR [5, 6]. The 
method is based on the cyclic loading (in compression) of concrete samples (cylinders or cores) with 
diameters greater than 70 mm (length / diameter of 2.5 – 2.75) [4]. Initially, the SDT involved the 
application of five cycles under a loading stress of 5.5 MPa at a rate of 0.1 MPa/s. Crisp et al. [5, 6] 
carried out more than 1000 tests with cores extracted from damaged concrete structures and they 
proposed the following as the diagnostic parameters of the test [5]: 
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 Modulus of elasticity (Ec): concrete samples of damaged concretes presented lower modulus 
of elasticity (average modulus of elasticity value of the last four cycles) than undamaged 
samples;   

 Hysteresis area (H - J/m3): damaged concrete samples showed greater hysteresis areas (aver-
age hysteresis area of the last four cycles) than undamaged samples; 

 Non linearity index (NLI): it represents the ratio between Ec and the value of the modulus of 
elasticity when taken on the half of the slope of the stress applied.  

Smaoui et al. [1] continued studying the SDT on laboratory concrete samples incorporating a variety 
of reactive rock types and that had reached differents expansion levels (stored at 38°C at 100% R.H.). 
After carrying out many tests, the authors found that the best output response for the SDT was the 
hysteresis area of the first cycle for test specimens loaded at the 10 MPa level; lower stresses did not 
offer the capacity of diagnosing the degree of damage in the concrete due to ASR. The authors also 
evaluated other parameters of the test, including plastic deformation during loading/unloading cycles, 
and they found that the correlation between the expansion and plastic deformation was also fairly 
satisfactory. They however noted significant variations for either the hysteresis area or the plastic 
deformation for concretes incorporating different types of reactive aggregates. These differences were 
possibly associated to the nature of the aggregate (fine or coarse) and differences in the internal pat-
tern of damage, as they can generate their own mode of reaction (i.e. pattern/density/orientation of 
cracking depending on whether the damage is generated in the fine or the coarse aggregate, or by 
different rock types, etc.). Based on their findings, Smaoui et al. [1] proposed the following parame-
ters as the best responses of the test: 

 Hysteresis area of the first cycle (J/m3); 
 Plastic deformation accumulated during the five cycles of loading/unloading (µstrains). 

It is important to mention that the work of Smaoui et al. [1] was based on one single concrete mix-
design (420kg/m3), and the proposed value of 10 MPa, as a fixed loading value in the test, worked 
only for such a type of concrete. It is therefore logical to believe that applying a single load of 10 
MPa could result in different responses in the SDT, depending on the characteristics of the concrete 
analyzed (i.e. ≠ mix-designs, ≠ types of fine / coarse aggregate, etc.). However, this information has 
not been studied deeply yet. Without this information, the analysis of the SDT for different mix-
designs could result into erroneous estimates of the actual level of damage and the expansion 
achieved to date. Finally, the SDT was originally developed to assess the effects of ASR on concrete, 
but the test certainly has the potential to assess damage from other mechanisms, such as freezing and 
thawing, action of fire, impact loads, DEF, etc. (Crisp et al., [6]). Smaoui et al. [1] also reported a 
good correlation between the expansion to date of a concrete associable to freezing-thawing cycles 
and the hysteresis area of the first cycle in the SDT. However, there is currently no data recognizing 
the signature of a damage mechanism over another when tested by the SDT. In addition, the SDT has 
the characteristic of being non-destructive, so as the number of samples taken within the structures is 
often limited (for economic reasons), we can consider using the same cores to perform other tests 
such as residual expansion, petrographic tests, compressive and tensile strengths, etc. (Crisp et al., 
[6]). 

4 Scope of the work 
As indicated in the previous section, the lack of a thorough study on the input/output parameters of 
the SDT could lead to erroneous interpretation of the test results. Among all of the parameters of the 
test, the most important ones are as follows: 

 Input parameters: Test loading (versus concrete mixture designs); 
 Output parameters: Analysis of hysteresis area (1st cycle vs. last four cycles), modulus of elas-

ticity (1st cycle vs. average for cycles 2 and 3) and plastic deformation (over the 5 cycles) of 
the damaged concretes.  

This paper presents the evaluation of these parameters on the responses in the SDT.  
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5 Materials and methods 

5.1 Materials and mixture proportions 
The analyses were carried out with two types of concrete (25 MPa and 35 MPa) and two highly-
reactive aggregates (New Mexico (NM) gravel and Texas (Tx) sand)1. The two concretes were de-
signed to contain the same volume of paste and the same volume of aggregates (i.e. from one mix to 
another), so one can compare similar systems. A total of 56 samples (cylinders) were cast from each 
of the mixtures made in the laboratory. After casting, the specimens were cured for 48h in the moist 
curing room and then stored at 38°C and 100% R.H. until they reach the expansion levels chosen for 
this research (i.e. 0.05%, 0.12%, 0.20% and 0.30%).  

When they reached the above expansion levels, the specimens were wrapped in plastic film and 
stored at 12°C until testing (because of testing capacity issues). Even though they were wrapped, the 
specimens were restored for 48h in the moist curing room before stiffness damage testing in order to 
follow the procedure proposed for concrete cores extracted from real structures (CSA A23.2-14C).  

5.2 Methods for assessment and analysis 

5.2.1 Stiffness damage test (SDT) 
The test samples were subjected to five cycles of loading/unloading at a controlled loading rate (0.15 
MPa/s). One set of samples was composed of twelve concrete cylinders with the same mix-design, 
type of aggregate and expansion level. Each set of samples was divided into 4 sub-sets of three cylin-
ders, in order to evaluate four different loading levels through the test, i.e. 15%, 20%, 30% and 40% 
of the design (28-day) concrete strength). The results evaluated were the average values of three 
specimens (sub-sets) tested. 

5.2.2 Damage Rating Index (DRI) 
The semi-quantitative petrographic analysis of the concrete specimens was carried out using the 
Damage Rating Index method proposed by Grattan-Bellew & Danay [10] and recently modified by 
researchers from the Laval University [11]. Petrographic features of deterioration are counted in a 
grid (minimum of 200, 1 cm by 1 cm squares) drawn on polished concrete sections (16x magnifica-
tion under the stereomicroscope). The counts of each of the features are then multiplied by selected 
weighing factors, and those results summed up, to produce the DRI (normalized to 100 cm2). 

The tests were carried out in two ways. First, the DRI was performed on a polished sample that 
was not subjected to SDT, for verifying the degree of damage at the selected expansion levels. 
Second, the third sample of each sub-set mentioned before was cut and polished, after completion of 
the SDT (40% load), for verifying the non-destructive character of the SDT. 

6 Results 

6.1 Stiffness Damage Test (SDT) 
For both aggregates tested in the 25 MPa and the 35MPa concretes, clear differences in the responses 
with increasing expansion in the test specimens could be seen only at a load corresponding to 40% of 
the design concrete strength; this can be seen either by the measurements of the hysteresis area or the 
plastic deformation of the test specimens (first cycle, average value of the last four cycles or over the 
five cycles). The modulus of elasticity for both mixtures decreases as a function of the expansion 
level, as expected. 

6.2 Damage Rating Index (DRI) 
Table 1 shows the results of the petrographic analysis performed on the 25 MPa specimens incorpo-
rating the Texas sand (Tx) and New Mexico gravel (NM), before and after the SDT test (40%). One 
can see that the DRI values are similar from one set to another and the fairly low values of either the 
standard deviation (SD) or the coefficient of variation (CV) (considering that the DRI is a subjective 

                                                 
1 The 14-day accelerated mortar bar (ASTM C 1260) expansions for the Texas sand and the New Mexico gravel 
are 0.995% and 1.114%, respectively [9]. The reactive sand (Jobe) and gravel (New Mexico) were used in combi-
nation with non-reactive coarse (pure limestone) and fine (granitic) aggregates, respectively. 
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analysis) suggest that carrying out the SDT up to 40% of the concrete design strength does not intro-
duce additional damage into the sample analyzed, at least at the magnification used in the DRI analy-
sis (16X). This is true for both aggregates investigated, and preliminary results show that this trend is 
also applicable for the 35 MPa mixtures studied. 

6 Discussion 
In this study, the SDT was carried out with loading levels ranging from 15 to 40% of the 28-day 
concrete mix-design strength. The maximum loading (40%) was chosen as one knows that loadings 
above and beyond this value can introduce new cracks in the sample tested in compression [12]. 
Table 2 shows that when fixed loading values are used for the SDT, one could easily misinterpret the 
response of the test, for example based on the hysteresis area values measured. As discussed previ-
ously, it seems the best loading to apply in the SDT is 40% of the concrete mix-design strength, as it 
provides a good diagnosis of the expansion degree of the damaged material and it still maintains a 
non destructive character in the test, thus allowing other tests like microscopic analysis or compres-
sive strength determination to be carried out on the same specimens, if needed or desired. 

The test data obtained in this study confirmed that the hysteresis area, the modulus of elasticity 
and the plastic deformation are very important responses of the damaged concretes under cyclic load-
ing. But there is a question that still remains: must one use the values measured for first cycle, the 
average values of the last four cycles or the total value over the test? To answer this question, one 
needs to analyze each parameter separately. The hysteresis area of a damaged sample corresponds to 
the energy used to close disseminated cracks during a compressive test. The results obtained in this 
study indicate that the hysteresis area values for the first cycle are 2 to 3 times greater than the aver-
age ones for the last four cycles. Even though both situations could be used for evaluating the damage 
level in concrete affected by ASR (at the 40% load level), eliminating the response obtained during 
the first cycle may result in losing important information about the extent of cracking in the test spec-
imens. So, for this parameter, one should consider the first cycle.  However, comparing the use of the 
hysteresis area of the first cycle and the use of the five cycles in terms of correlation against the de-
gree of expansion, it is possible to notice that, for the majority of mixtures, the correlation is better 
when one uses the five cycles over the SDT (Figures 1A & B). Regarding physically these results, the 
increase of this correlation could likely be explained by the homogenization of the cracks closure over 
the test. It seems that maybe one cycle is not sufficient to close all of the cracks and that the use of the 
four additional ones could help to complete this process. Moreover, the use of the hysteresis area over 
the five cycles could as well decrease or even mitigate the potential influence of the cage setting 
(testing equipment "issue") that may occur over the first cycle. Therefore, as all the mixtures with 
both aggregates were well classified against the expansion level using the hysteresis area over the test, 
one this parameter is chosen as the first SDT output parameter. 

Regarding the plastic deformation in a cyclic testing, it is known that this parameter better distin-
guishes damaged materials as the numbers of cycles are increased. It is possible to notice that, like to 
the hysteresis area, the correlation of the plastic deformation against the degree of expansion is better 
when the five cycles are taken into account (Figures 1E & F). So, it is logical to think that the anal-
yses of the plastic deformation over the five cycles of the test could be more diagnostic and thus, this 
could be chosen as the second output parameter of the test. Finally, since the five cycles of the SDT 
will be carried out at 40% of the concrete mix design strength, it is logical that the same parameters 
commonly used for the ordinary modulus of elasticity determination are maintained. So, the use of the 
average value of the cycles II and III could be used as the third output parameter of the test (Figures 
1C & D). Globally, carrying out the SDT with the above procedure introduces a lot of additional and 
useful information (hysteresis areas and plastic deformation) to the conventional modulus of elasticity 
test. 

7 Conclusion 
Input and output parameters of the Stiffness Damage test (SDT) were discussed for tests carried out 
using 25 MPa and 35 MPa concrete mixtures incorporating two types of reactive aggregates (Texas 
sand and New Mexico gravel). The main conclusions are: 

 The SDT should be carried out with a percentage of the mix-design strength instead of a fixed 
loading to analyze damage in different types of concretes; 
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 Carrying out the SDT with percentages of loading of less than 40% of the concrete mix-
design strength, does not make the SDT a diagnostic test against the degree of expansion of 
concretes damaged by ASR;  

 The hysteresis area  and the plastic deformation over the five cycles, as well as the average 
value of the modulus of elasticity obtained in second and third cycles, seem to be the best pa-
rameters to use as output responses in the test; 

 Even using 40% of the concrete mix-design strength, the test seems to maintain its “non-
destructive” character (as one could see from the determination of the microscopic features of 
deterioration in the samples using the DRI);   

 The SDT seems to be a powerful tool but more tests are required  with a greater number of 
samples (different mix-designs and reactive aggregates) to confirm its efficiency; 

 Maybe the SDT could be used for other mechanisms as DEF, freezing and thawing, but an in-
depth study needs to be carried out. 
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Table 1. Microscopic analysis (over the DRI) of the 25 MPa mixtures with the Texas sand and the 
New Mexico gravel for different degrees of expansion. 

Tests 
Expansion degrees for all the 25 MPa mixtures 

0.05%  
Tx 

0.05%  
NM  

0.12% 
Tx  

0.12%  
Nm  

0.20% 
Tx  

0.20%  
NM  

0.30% 
Tx 

DRI 
values 

Standard 
(without 

SDT) 
226 270 369 396 554 598 724 

SDT 40% 
+ DRI 

249 237 360 358 536 599 739 

SD 16.3 23.3 6.4 26.9 12.7 0.7 10.6 
CV (%) 7.2 8.6 1.7 6.8 2.3 0.1 1.5 
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         Table 2.Comparison between loadings over the SDT: fixed vs. percentage of the concrete mix-design. 

(%) 
fck 

MPa 
Loading 
(MPa) 

Expansion (%) 
Hysteresis area 

(J/m³) - Texas sand 
Hysteresis area (J/m³) -  

New Mexico gravel 

40% 25 10 0.12 1142 1883 
30% 35 10.5 0.12 691 623 
40% 25 10 0.20 1802 2213 
30% 35 10.5 0.20 897 913 
 

 

A - Tx sand B - NM gravel 

 
C - Tx sand D - NM gravel 

 
E - Tx sand F - NM gravel 

  

 
Figure 1. Analysis of the SDT output parameters when 40% of the mix-design strength is used over 

the test for the 25 and 35 MPa mixtures with both reactive aggregates.  
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Abstract 
The concrete surfaces of hydraulic structures can deteriorate severely when continuously or frequent-
ly overflowed by water containing solid particles; this process is called hydro-abrasion. In predicting 
the abrasion resistance and the remaining lifetime of concrete structures subjected to hydro-abrasion, 
a sound knowledge of the mechanisms leading to the wear of concrete on different levels of observa-
tion is needed. Hydro-abrasion tests and morphological analysis of the concrete microstructure were 
performed on various concrete mixtures in order to characterize the occurring damage. It could be 
established that wear resistance was affected strongly by both the type and the maximum size of the 
aggregate. Furthermore, the experimental results show the possibilities and limits of the individual 
examination methods. 

1 Introduction 
Surfaces of hydraulic structures made of concrete (e.g. weirs, spillways, plunge pools) are often ex-
posed to flowing water that effects mechanical erosion on the concrete surface. The surface wear 
referred to as hydraulic abrasion or hydro-abrasion results from the abrasive action of solid particles 
transported by the water. Essentially, hydraulic abrasion is – along with cavitation and erosion by 
“pure” moving fluids – just one of the types of wear resulting from flow processes. However, hydro-
abrasion by sediments transported in natural waters is the most common form of wear occurring to 
hydraulic concrete structures. The hydro-abrasive attack comprises a complex exposure which com-
bines sliding, rolling, and saltation effects. 

The development of concrete damage due to hydro-abrasion depends on the abrasive regime, 
which is determined by a variety of influencing factors such as the velocity of the flow, the duration 
of the exposure as well as the amount and properties (geometry, hardness) of the sediments transport-
ed. The main findings of the previous research work in this field can be summarized as follows: 

 The higher the flow velocity the higher the erosive-acting kinetic energy of the moving water 
([1], [2], [3], [4]); 

 the angle of incidence by the solid particles significantly influences the erosion grade ([1], 
[5]); 

 scuffing of the structure increases with increasing grain hardness as well as with increasing 
sharpness of the grains’ edges ([1], [6]). 

The meso- and micro-structure of concrete, and herewith, its resistance to abrasion, is influenced by 
its composition. The main parameters are the water-to-binder ratio, the composition and size of the 
aggregates, and the quality of the bond between the matrix and aggregates. Although a number of 
experimental parameter studies have been performed to investigate the hydro-abrasion of concrete, 
there is very little information on the particular mechanisms of material deterioration due to abrasive 
wear. 

Thus, this study focuses on the methodology for observing and quantifying changes in the surface 
layer of concrete exposed to hydro-abrasion. The experimental program included both hydro-abrasion 
tests in various regimes and different methods of the damage characterisations. On the macroscopic 
level of observation changes in surface roughness, ultra-sound velocity and loss of mass provide a 
first assessment of the degrees of damage. In order to attain better understanding of the wear mecha-
nisms, morphological analysis of the concrete microstructure is performed, e.g. on the resin-soaked 
thin-section samples as well as using the environmental scanning electron microscopy (ESEM). 
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2 Hydroabrasion tests and concrete composition 
For the simulation of planar hydro-abrasive loading and the determination of the abrasion behaviour 
of concrete test series were accomplished by means of a special testing machine with a rotating drum-
like container. The main part of the test facility was an octagonal, horizontally mounted drum con-
trolled via a PC programmable driving unit; cf. Fig. 1 (left). Up to eight slab-type specimens with 
dimensions of maximum 350mm by 350mm can be mounted in the drum and subjected to dry or wet 
abrasive loading. 

 

 
Fig. 1 Left: schematic view of the abrasion test facility [7]; right: testing slab after hydro-

abrasive loading [8]. 

For purposes of this study the dimensions of the slabs were 300x300x50 mm³; cf. Fig. 1 (right) and 
the abrasive sediment was a mix of steel balls and water. The steel balls-to-water ratio was chosen at 
1:1 to coincide with Haroske [1], such that 10 kg of steel balls and 10 kg water were placed into the 
drum before each experiment. Three characteristic abrasion regimes were examined, which are typical 
for lower (R1), middle (R2) and upper (R3) river reaches. Therefore the rotational speed of the drum 
was adjusted to the corresponding, prevalent flow velocity; cf. Table 1. The grain gradation of the 
sediment was also varied according to the abrasion regime. Representative sediment samples of Elbe, 
Lower Rhine and Upper Rhine gave an orientation for the selected grading curves (see [8]). 

Table 1  Representative conditions of the investigated abrasion regimes [7], [8]. 

parameter regime 1 (R1) regime 2 (R2) regime 3 (R3) 

average grain size: dm [mm] 4.4 5.0 8.0 

rotation speed: u [rot/min] 10.0 13.5 17.0 

total loading time of one slab: 
ttot [h] 

 
15.5 

 
11.5 

 
9.1 

 

Several concrete mixtures were investigated, all of them meeting the basic requirements for concrete 
subjected to strong abrasion exposure according to the state of the art; cf., e.g., DIN 1045 [9], ZTV-
W [10]. A selection of the investigated mixtures is presented in Table 2. A Portland cement 
CEM I 32.5 R was used as binder and a water-to-cement ratio of 0.45 was kept constant for these 
mixtures. The fine aggregate was natural quartz sand with a maximum aggregate size of 2 mm. The 
variation parameter was the type of coarse aggregate (basalt split or quartz gravel) as well as the 
maximum aggregate size (8 mm or 16 mm); cf. Table 2. Additionally, concrete 2 (cf. Table 2) was 
pre-damaged by 56 freezing-thawing cycles with plain water prior to the abrasion exposure. 
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Table 2  Composition of the examined concrete mixtures, data for 1 m³ concrete [7]. 

  concrete 1 concrete 2 concrete 3 concrete 4 concrete 5 

pre-damage by frost   X    

CEM I 32.5 R [kg] 367.5 367.5 330.8 350.0 315.0 

fly ash [kg] 120.7 120.7 108.7 115.0 103.5 

fine sand 0.06/0.2 [kg] 176.9 176.9 139.3 187.0 118.1 

sand 0/2 [kg] 675.5 675.5 531.9 714.0 451.0 

basalt split 2/5 [kg] 534.2 534.2 420.7   

basalt split 5/8 [kg] 374.7 374.7 295.1   

basalt split 8/11 [kg]   231.9   

basalt split 11/16 [kg]   273.1   

quartz gravel 2/8 [kg]    799.0 504.7 

quartz gravel 8/16 [kg]     715.9 

water [kg] 187.1 187.1 168.4 178.2 160.4 

super plasticizer [kg] 2.4 2.4 2.0 3.0 1.1 

 

Further investigated concrete mixtures are presented in [8] and detailed information to the concrete 
composition can be found in [7]. 

3 Experimental results 

3.1 Weighting of mass loss and laser-optical surface measurement 
The hydro-abrasive loading period amounted to altogether 60000 revolutions. After defined test inter-
vals of in total 5000, 15000, 30000 and 60000 drum rotations typical erosion values like mass loss 
and abrasion depth were determined in order to characterize and quantify the deterioration of the 
concrete and to analyse the slab’s surface condition. The mass loss of the concrete slabs was docu-
mented by means of a precision mass weighing and the remaining thickness of the slabs was laser-
optically measured. The investigations of the specimens took place always in the water-saturated 
condition. 

Fig. 2 Left: average mass loss of concrete slabs of all tested concretes in the loading regime R3; 
right: digitised surface of the concrete slabs (concrete 4) after 9.1 h permanent loading in 
the abrasion regime R3. 
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The average absolute mass loss of the slabs stressed in the abrasion regime R3 is presented in 
Fig. 2 (left) for the concrete mixtures given in Table 2. In comparison to the mixtures, in which 
smaller coarse aggregates (maximum size of 8 mm) were used, the concrete mixtures with a maxi-
mum grain size of 16 mm show a substantially higher resistance to the abrasion, whether the aggre-
gate type is basalt split or quartz gravel. Furthermore, it can be seen that the abrasion resistance was 
also reduced by the pre-damage of the specimens by the exposure to cyclic freezing and thawing, as 
had been expected. The linear tendencies presented in Fig. 2 (left) could be observed in all abrasion 
regimes under investigation (see also [7]). 

The values of the laser-based surface measurement indicate similar relations of the material’s 
abrasion resistance. However, this examination method also yields supplementary information, which 
would remain hidden in the determination of the total loss of mass alone. As the digitised surface of 
concrete 4 (cf. Fig. 2 (right)) shows, the abrasive wear in the drum was not in every case evenly dis-
tributed over the surface of the specimens tested. The rib formation transverse to the direction of 
movement of the slabs particularly occurred in the abrasion regime R3. This phenomenon has proba-
bly its cause in drum geometry and is systems-inherent. The increasing over time of the average 
abrasion depth can be found in [8] for a variety of concrete mixtures according to the abrasion re-
gimes. 

3.2 Ultrasonic measurement 
The non-visible, internal deterioration of the concrete was studied by the non-destructive method of 
ultrasonic measurements during the abrasion process. Fig. 3 clearly shows for exposure in the abra-
sion regime R1 a reduction of ultrasonic transit times arising from increasing duration of the abrasion 
process. This behaviour indicates an increase in the internal damage in the concrete slabs. Different to 
those of mass loss or erosion, the declining values of ultrasonic velocity possess a non-linear charac-
ter. This indicates that there is no constant increase of damage to the internal structure of the slabs 
during the drum experiment. 

 

 
Fig. 3 Relative ultrasonic velocity through concrete slabs of all tested concretes as measured on 

the side of the specimens exposed to abrasion in the loading regime R1. 

Although the values of ultrasonic velocity do not provide quantitative information on the number or 
size of micro-cracks, the changes in these values resulting from the abrasive loading can be used to 
characterise the damage to the microstructure. A more detailed presentation of the results of the ultra-
sonic measurement and an in-depth discussion are presented in [7]. 

4 Microstructure analysis 
The hydro-abrasive loading is a complex procedure, which leads to crack development in concrete. A 
microscopic analysis of the damaged concrete material by means of an optical microscope and the use 
of an environmental scanning electron microscope (ESEM) can give information, how this process in 
detail takes place. 

Fig. 4 (left) shows as an example the surface layer of concrete 4 (quartz gravel, maximum grain 
size of 8 mm) after 9.1 h permanent loading in the abrasion regime R3 on a thin section sample, 
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which had been prepared from the concrete specimen soaked with fluorescent resin. The characteristic 
damage due to the hydro-abrasive loading can also be noticed by the ESEM-depiction of the stressed 
slab surface of concrete 3 (basalt split, 16 mm maximum particle size); cf. Fig. 4 (right). Both figures 
illustrate that the surface of the concrete slabs is uneven and strongly damaged. The aggregate parti-
cles at the surface are partially smashed. Further examination should determine whether or not this 
damage pattern corresponds to damage by natural hydro-abrasion (cf. also Bertram [11], who ob-
served that steel balls caused a higher wear effect then particles of natural stones). 

 

 
Fig. 4 Microscopic images of the slab surfaces, left: concrete 4 after 15.5 h permanent loading in 

the abrasion regime R1; right: concrete 3 after 9.1 h permanent loading in the abrasion re-
gime R3 (ESEM). 

The spalling of little concrete particles from the slab surfaces is graphically documented in [7]. Fur-
ther analyses applying environmental scanning electron microscopy (ESEM) are necessary to show 
micro-cracks and to specify the wear mechanisms in detail. 

5 Summary 
In this paper the results of an experimental investigation on the effects of wear exposure on the con-
crete degradation due to hydro-abrasion are presented. Parameters under investigation were the con-
crete composition, the duration of the wear exposure as well as the degree of pre-damage by freezing 
and thawing cycles. It was found that wear resistance of concrete was affected strongly by the maxi-
mum size of the aggregates. Furthermore, concrete pre-damaged by freezing and thawing cycles 
shows clearly higher signs of wear than the corresponding concrete mixture without pre-damaging. In 
all experiments a linear relationship between the duration of the wear exposure and the loss of mass 
was observed. The laser measurements served as an additional facility for the assessment of the con-
crete’s surface characteristics due to hydro-abrasive loading. The digitisation of the damaged surfaces 
showed unevenly distributed material losses over the surfaces of the concrete slabs stressed in an 
intense abrasion regime. 

With the determination of the ultrasonic velocity through the concrete a non-destructive measur-
ing procedure was used for the characterization of the internal material damage. Here the relationship 
between the duration of the exposure and the increase of the relative velocity of the ultrasonic waves 
was non-linear. At the microscopic level of observation it was discovered by means of an optical 
microscope and an ESEM that, due to the saltation effect of the steel balls, the aggregate grains were 
partly destroyed while these were still anchored in the hardened cement. The ongoing microscopic 
investigations will provide information on the development of micro-cracks due to hydro-abrasion. 

The results of the performed experiments show the possibilities and limits of the individual re-
search methods for characterization of concrete damage due to hydraulic abrasion. The determined 
data will serve among others as a basis for the development of a numeric model, which is based on 
the Distinct Element Method (DEM), to simulate the hydraulic abrasion of concrete. Further, the 
experimental data enables also the further development of approximation approaches for the determi-
nation of the hydraulic abrasion wear [8]. 
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Abstract 
Modelling of frost damage is a key element in the life cycle management of concrete structures. In 
case of a pure freeze-thaw cyclic loading, a depth-resolved quantification of the water saturation 
behaviour of concrete is of key interest. Upon reaching a critical value of saturation, structural 
damage will occur at only one freeze-thaw cycle (FTC). Because the frost suction cannot be described 
from single classical transport laws, the challenge in assessing the saturation behaviour of concrete is 
a continuous, non-destructive and spatially resolved registration of the water uptake during the frost 
exposure. Based on time- and depth-resolved experimental moisture investigations during the 
freezing-thawing action on hardened cement paste a new engineering model approach was developed.  

1 Introduction 
Concrete structures are exposed to various environmental stresses. One of the most relevant stresses 
in moderate climate zones such as northern Europe is the frost attack. Frost damage occurs in case 
several unfavourable conditions are met at the same time. The damage characterized by scaling and 
internal cracking can lead to a reduction of the strength of the concrete so that the intended service 
life of the building is reduced. The life-time prediction of concrete exposed to frost strongly depends 
on the accuracy of the model laws. However, due to the complexity of the physical effects observed 
during freezing and thawing the formulation of time-dependent deterioration laws is extremely diffi-
cult. So far, no model with a sufficient accuracy for the service life prediction of the freeze-thaw 
attack for concrete is available. Hence, there is great need for research. 

2 Physical mechanisms of frost damage 
The deterioration of concrete caused by freeze-thaw action is directly linked to the formation of ice on 
the concrete surface and within its porous microstructure. During the phase change from liquid to 
solid water exhibits a volume dilatation of approx. 9 vol.-%. In case the degree of water saturation in 
the pores exceeds a defined critical value the pore space is not sufficient for the volume expansion of 
freezing water [1]. The freezing water causes a burst pressure in the pores which can lead to tensile 
stresses and so gives rise to an internal cracking [2]. Against this background, the degree of water 
saturation of the pore system is essential for the formation of damages within the concrete. The criti-
cal degree of saturation is reached only by repeated freeze-thaw action with low temperatures [5]. The 
relevant mechanisms were explained by Setzer with the so-called “micro ice lens model” [4]. Essen-
tial for understanding the mechanisms of freeze-thaw damaging is the fact, that the freezing tempera-
ture of water is strongly influenced by surface forces. As the surface forces strongly increase with 
reducing pore size, the freezing behaviour of the pore water thus is a function of the pore size distri-
bution of the concrete [7, 8]. As concrete basically has a very wide range of pore sizes, water exists at 
normal freezing temperatures in all three aggregate states, i. e. in larger pores in vaporous, liquid and 
solid state,  in small one in vaporous and liquid state [8, 4]. The ice contained in larger micro pores 
has a much lower vapour pressure than the water contained in the smallest gel pores. This causes a 
water rearrangement process within the pore system. The degree of saturation in the micro pores 
increases whereas the much finer gel pores dry out. During the thawing process, the water in larger 
micro pores is still frozen (micro ice lens) while the gel pores seek to recover their primary saturation 
state [4]. In case at this time liquid water is available e. g. on the concrete surface, then it will be 
sucked into the pore system and causes an increase of the degree of saturation [4]. This process is 
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described as frost suction [4]. Hence the damage mechanism due to frost attack can be subdivided in a 
non-damaged, reversible initiation phase and after reaching the critical degree of saturation into a 
damage phase. The duration of the initiation phase is dominated by the frost suction which cannot be 
described from classical transport processes such as capillary suction or diffusion (also see [3]). Fig. 1 
shows that the water uptake resulting from freeze-thaw action by far outweighs the one from capillary 
suction. Further results presented by Kruschwitz [3] using a thermodynamic model show, that 
changes in the water saturation of the concrete are normally limited to the top millimetres of the 
concrete, see Fig. 1. Experimental evidence for these results is however missing so far. 

 
Fig. 1 Left: water absorption of two different concretes with water/cement ratio (w/c) of 0,5 and 

0,6 during capillary suction and frost suction (dashed lines: data from [5]). Right: related 
water content change in dependence of the distance from the hardened cement paste sur-
face before and after the frost stress from a numerical calculation [3]. 

As damages occur when the critical saturation is reached, modelling the deterioration behaviour of 
concrete must focus on the description of its saturation behaviour. 

3 Deterioration time laws 
Deterioration time laws are mathematical models which describe e. g. the scaling of concrete as a 
function of time. The model can either be chosen on an empiric basis or correctly reproduce the 
physical processes taking place. The most important ones are discussed below. In case of frost action, 
this later task turns out to be very difficult. Although with Setzer´s micro ice lens model in principle 
the physical processes of frost damage are understood, only a very restricted prediction of the 
saturation and damage behaviour of concrete at a given frost action is feasible so far. This is mainly 
due to the fact of the nearly endless range of possible freezing temperatures, temperature gradients 
and moisture supply scenarios, which interact via the pore radius freezing point relationship with a 
very large number of different pore sizes [7, 8].  

3.1 Model by Sarja and Vesikari 
The deterioration time law of Sarja and Vesikari [9] allows the determination of the annual scaling of 
the concrete surface based on empirical data, see Equation 1. 

0,7 1,4
env cur age ckr(t) c c c a (f 8) t           (1) 

where r(t) = concrete scaling [mm]; t = time [year]; cenv = coefficient considering the intensity of the 
frost loading [-]; ccur = coefficient considering the curing quality [-]; cage = coefficient considering the 
concrete ageing or rather the applied additives [-]; a = air content [%]; and fck = characteristic 
compressive cube strength of concrete at 28 days [MPa]. 

Equation 1 shows that the intensity of frost loading as well as the properties of concrete are included 
in the model. The climatic conditions are incorporated in the environmental coefficient cenv, which is 
subdivided in four classes [9]. Here a differentiation between a pure frost loading and a combined 
frost loading with chlorides is possible. Adjacent to the characteristic compressive strength and the air 
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content, the addition of pozzolanic additives can be taken into account by the coefficient cage repre-
senting the effective age of the concrete. The curing quality is also considered in the model. 

3.2 Model approach by Lowke and Brandes 
An additional model for determination of the annual, time-dependant scaling of concrete surfaces is 
the proposed product approach by Lowke and Brandes [10], see Equation 2. 

mins T ,c wc bin aea carbr k f f f f f f           (2) 

where r = scaling per one FTC [m]; k = maximum tolerable scaling per FTC [m]; fS = factor consider-
ing the salt concentration [-]; fTmin,c = factor considering the minimum temperature [-]; fwc = factor 
considering the w/c-ratio [-]; fbin = factor considering the bonding agent [-]; faea = factor considering 
the air-entraining agent [-]; and fcarb = factor considering the carbonated edge zone of concrete [-]. 

The deterioration time law shown in Equation 2 is designated for the description of a combined 
frost attack with chlorides. The damage (scaling), is calculated as a function of the exposure and the 
material resistance. Unfortunately the authors do not give any information on the determination of the 
different factors used in Equation 2. Further it should be kept in mind, that the ongoing saturation 
process and the concrete deterioration by frost are cumulative processes. The suitability of a product 
law approach must therefore be questioned until further information regarding the definition of the 
proposed factors is available. 

3.3 Model by Fagerlund 
The deterioration time law by Fagerlund is directly based on physical processes which are taking 
place in the material structure during the freeze-thaw loading [1]. According to Fagerlund, damage 
occurs when the degree of saturation reaches a defined critical value Scrit (see also [6]). Hence Fager-
lund focused himself on the modelling of the saturation process. Thereby the saturation process can 
be separated in two phases. The first phase is characterized by a very fast capillary suction process Sb 
(see Equation 3), which however is limited in the total saturation it can reach by the gaseous phase in 
the pores, i. e. the air. For this reason not every pore is completely saturated during capillary suction. 
The remaining air slowly dissolves within the pore water in the second phase of the saturation proc-
ess. Consequently the saturation increases also after ending of capillary suction (see Equation 3). 

d
b critS(t) S a t S        (3) 

where S(t) = degree of concrete saturation at time t [-]; Sb = degree of saturation due to fast capillary 
suction [-]; t = time [days]; a, d = material coefficients; and Scrit = critical degree of saturation. 

The critical degree of saturation Scrit depends on the concrete composition and can be determined 
in frost-tests by plotting the relative dynamic elastic modulus Edyn,rel as a function of the degree of 
water saturation. As soon as Edyn,rel reaches a value below 80 % [4], a critical saturation is reached. 
From Equation 3 it is clear, that with Fagerlund´s model it is not possible to map the real freeze-thaw 
action. The second additive term in Equation 3 is completely independent of the loading, which how-
ever in reality lead to the increased saturation and critical degree of saturation in concrete pores. 

3.4 Evaluation of the presented models 
So far, no comparative analysis of the presented frost models is existent in the literature. The reason 
for this is to be seen in the fact, that for some models, the determination of the model parameters is 
not clearly defined. Further, the definition of frost damage varies significantly, i. e. from the amount 
of scaling to the degree of saturation, and is thus not directly comparable. The model of Sarja and 
Vesikari [9] directly describes the damage phase and considers both the intensity of the frost loading 
as well as the quality and maturity of the used concrete. The large variation in the factor cenv however 
makes it difficult to accurately predict the concrete scaling in the practical use, as information on how 
to calibrate cenv on the actual environmental conditions is missing.. The model approach by Lowke 
and Brandes [10] represents a refinement of Sarjaʼs and Vesikariʼs model. In addition, the frost action 
can be differentiated closer. As already mentioned, unfortunately there is no information regarding 
the determination of material factors. In contrast to the models mentioned above, Fagerlundʼs model 
[1] describes only the initiation phase, but not the damage itself. The duration of the initiation phase 
(S < Scrit) is greatly underestimated by the model. This deficiency is attributed to the fact, that the 
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relationship between saturation and intensity of freeze-thaw loading is not covered by the model. 
Thus the whole mechanism of the micro ice lens pump is not included in this model.  

Although with regard to practical applications Fagerlund’s model is less suitable, it has to be re-
garded as a groundbreaking contribution with respect to the depiction of the physical processes caus-
ing frost damage. The limit state Scrit introduced by Fagerlund closely describes the instance, when 
damage will start to occur. The cumulative formulation of the model also seems to be suited to de-
scribe the unidirectional process of water proceeding into the concrete from the surface. 

4 Moisture measurement with NMR 
The non-destructive and spatially resolved quantification of the water suction of hardened cement 
paste caused by repeated freeze-thaw cycling is essential in the context of a physically correct model-
ling of progressive saturation. A suitable measurement tool for this is nuclear magnetic resonance 
imaging (NMR). It is primarily known for medical applications. Furthermore, NMR has come into 
operation in many engineering studies, particularly in building materials. This chapter gives a short 
introduction to the NMR method and presents preliminary experimental investigations on hardened 
cement paste. Finally the developed setup for the one-dimensional temperature control within the 
NMR device is presented. 

4.1 Measurement principle of the NMR method 
The basic physical concept underlying the NMR method is the interaction of atom nuclei with exter-
nal magnetic fields. Hereby, hydrogen nuclei can be well detected. The NMR setup in principle is 
shown in Fig. 2. It consists of two permanent magnets (1), in the centre of which an open-ended 
cylindrical sample space (2) is located so that the specimen (5) is exposed to a directed magnetic field 
B0 through which an equilibrium magnetization is produced. The sample space itself is surrounded by 
a coil (3), by which the 1H nuclei of the sample can be excited for a short time with a high frequency 
field B1, perpendicular to the B0 field. By the superposition of these two magnetic fields, the nuclear 
magnetization of 1H nuclei atoms is deflected from its B0 orientation. After the B1 field has been 
turned off, a precession movement of the magnetization in the sample is observed, which induces an 
electrical response signal in the high frequency coil. The intensity of the response signal is propor-
tional to the existing number of 1H nuclei and thus to the water content of the sample.  

Using the NMR measurement technique an integral value for the water content in the sample can 
be obtained. For a depth-resolved moisture measurement, the experimental setup was equipped with a 
gradient coil (4) by which the magnetic field can be varied locally in its intensity, thus encoding the 
measurement signal with a spatial information. The measured intensity profile over the height of the 
sample is referred to as weighted moisture content. 

4.2 Preliminary experimental investigations with the NMR method 
To check, whether the low-field NMR methodology is suitable for depth-resolved moisture measure-
ment with high resolution, moisture measurements were performed on hardened cement pastes with 
different w/c-ratios. For the sample preparation Portland white cement CEM I 42.5 R was used. All 
hardened cement paste samples were vacuum-treated and then saturated with water. Fig. 2 shows the 
experimental setup and the results of measurements on saturated hardened cement paste samples with 
different w/c-ratios. 

 

Fig. 2 
Left: draft of the setup for 
NMR measurements on 
samples. Right: weighted 
relative moisture distribu-
ted over the longitudinal 
axis of the cement stone 
samples before drying. 
(signal is indicated relative 
to the signal of a homoge-
neous reference sample) 
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A spatial resolution of 250 µm between adjacent data points could be achieved in the experiments. 
The transition from air to the sample reflected in a sudden increase in signal intensity (Fig. 2). Fur-
ther, Fig. 2 shows that the signal intensity decreases strongly with decreasing w/c-ratio. This is attrib-
uted to the decreasing porosity with decreasing w/c-ratio and thus to the decreasing water content in 
the sample and modified NMR relaxation behaviour. 

4.3 In situ one-sided temperature control 
For the in situ investigation of moisture profiles in hardened cement paste samples during the frost 
attack a NMR measurement system with a specially adapted sample head was developed (see Fig. 3).  

 
Fig. 3 Setup for the in situ one-sided temperature control. 

For the one-sided cooling of the hardened cement paste sample in the NMR system, a suitable ther-
moelectric cooling element provides the required cooling power, which is transferred via a cooling 
bar to the sample. The material of the cooling bar has to be a good heat conductor without being an 
electrical conductor and neither being para- nor ferromagnetic. To ensure a one-dimensional moisture 
transport in the sample only its circumference is sealed with epoxy resin. In order to allow a unilateral 
water exposure of the sample from above, the sealant is manufactured longer than the real sample, 
forming a small water container in which water is inserted and cooled from above by the cooling bar.  

4 Modelling of the saturation behaviour of hardened cement paste  
The freeze-thaw model presented in the following is based on the Fagerlund´s model, which was 
modified in order to map the principal mechanisms of the micro ice lens model. Therefore the Fager-
lund´s model was extended by a term that simulates the frost suction. For the engineering-based 
quantification of a frost event this term should functionally map the incremental increase of water 
saturation of hardened cement paste during each freezing cycle (see Equation 4). According to Fager-
lund, failure of the concrete occurs, in case the water saturation exceeds a critical value Scrit. After the 
determination of the saturation function and the critical degree of saturation it will be possible to 
estimate the point of time at which the material damage starts to occur. A central feature of the pro-
posed model is the depth-resolved depiction of the attack and the prediction of the resulting change of 
water saturation. For this, the sample is discretized in layers. At the beginning of a freeze-thaw cycle 
a defined initial saturation Si,n-1 is assigned to each layer i. The current saturation Si, n results from 
pure capillary suction Scap, increments of previous cycles and from the current freeze-thaw cycle 
(Equation 4). 

v n

i,n i,n 1 i,n cap i,v
v 1

S S S S S





      < Scrit    (4) 

where Si,n = degree of saturation after n FTC for the layer i; Si,n-1 = degree of saturation after (n-1) 
FTC for layer i; ΔSi,n = increase of degree of saturation during the n-th FTC for the layer i; Scap = 
degree of saturation due to capillary water uptake; ΣΔSi,v = summation of all ΔSi,n (over all FTC) for 
the layer i; and Scrit = critical degree of saturation. 

533



9th fib International PhD Symposium in Civil Engineering 

It is assumed that the capillary suction is already completed at the beginning of the freezing action. 
Thus, Scap is only a function of concrete properties and is assumed to be constant over all layers i and 
so over the complete attack depth. The increment function ΔSi,n is dependent on the present environ-
mental conditions. Based on the available literature references and the micro ice lens model it has to 
be assumed that at pure frost attack the intensity of the suction process is a function of temperature, 
freezing duration, freezing and thawing rate and number of the freeze-thaw cycles. Moreover, the 
saturation function or increment function ΔSi,n has to consider the resistance of the used material, like 
the w/c-ratio, age of the samples and curing. For the parameterization of the saturation increment 
function ΔSi,n each function parameter is to be expressed as a function of the physical parameters 
given above using the depth-resolved NMR measurement results. The definition of these functions 
should guarantee the best possible prediction accuracy of the saturation increment function. 

6 Summary and Conclusions 
An engineering-based durability design allows for a physically based calculation of the concretes 
behaviour under a given exposure. Hereby the lifetime of the structural element can be estimated. A 
central role of such a design procedure is formed by deterioration time laws, which model the damage 
process for the respective exposure. In case of the frost action, design models for the lifetime predic-
tion with acceptable precision do not exist so far.  

The presented approach for modelling the deterioration of concrete subjected to a frost attack is 
based on the physical processes, namely the increasing water uptake during the freezing and thawing 
process which can lead to a critical saturation and provokes damages. Using non-destructive NMR 
measurements, the saturation behaviour of the concrete exposed to frost can be quantified in situ with 
a high spatial resolution. Building up on this data, the influence of both concrete-technological para-
meters as well as environmental conditions on the saturation behaviour of the concrete could be stu-
died. Using this experimental data, the model presented in this paper will be calibrated. The model 
allows for a depth resolved prediction of the degree of saturation of the concrete after a certain num-
ber of freeze-thaw cycles with varying minimum temperature and temperature gradients. 
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Abstract 
In this paper, the relationship between compressive strength, gas permeability and the corrosion level 
of steel reinforcement in concretes made with different cement binders is experimentally investigated.  
These binders included CEM II and blended cements of fly ash (PFA) and ground granulated blast 
furnace slag (GGBS).The experimental work was conducted by placing 200mm cube test specimens 
in a saline solution (3.5% NaCl) for a range of exposure times (3, 7, 10 and 14 days) with an applied 
external current of 10 mA and the gas permeability of concrete was measured using a pressure decay 
cell apparatus. The results showed that compressive strength increased in the three mixes as function 
of time. At the end of the exposure time, the corrosion level in CEMII was 21% higher than the 
blended cements. Also, concrete made with PFA exhibited lower permeability coefficient compared 
to CEMII and GGBS concrete. 

1 Introduction 
The surrounding environmental and exposure conditions affect concrete durability. The corrosion of 
steel reinforcement in concrete is one of the most significant problems that affects the durability and 
sustainability of reinforced concrete (RC) structures, particularly when the concrete is exposed to a 
marine environment, de-icing salts and carbonation [1]. The steel bar may become corroded in con-
crete leading to cracking, spalling of the concrete cover and a reduction in the cross sectional area of 
the reinforcing steel; all of which, in turn, reduce the service life of the structure[2, 3]. Moreover, 
concrete permeability is an important factor in the control of the movement of chloride ion through 
concrete towards the reinforcing bar. It is well known that the volume and size of the interconnected 
capillary pores in the cement paste affect concrete permeability. Consequently, achieving low perme-
ability of concrete can improve its resistance to the penetration of fluid, chloride ions, alkali ions, 
carbonation and other causes of chemical attack [4].  

The use of supplementary cementitious materials (SCMs), such as ground granulated blastfurnace 
slag (GGBS), pulverised fuel ash or fly ash (PFA), silica fume (FS) and metakaolin (MK) has become 
very common in concrete manufacture because of the ability of these materials to significantly im-
prove the durability of concrete by decreasing the permeability (i.e. porosity). An additional ad-
vantage is the reduction in the carbon dioxide emissions associated with the manufacture of cement 
thus, SCMs are considered more environmentally sustainable materials [5]. 

Many researchers have studied the use of SCMs in reinforced concrete. Yoon-Seok et al [6] found 
that the partial replacement of cement with PFA led to an improvement in corrosion resistance and 
decrease in the corrosion rate due to the reduction of permeability and hence an increase in the re-
sistance to movement of chloride ions. Moreover, Tae-Hyun Ha et al [7] investigated the effect of 
PFA (10-40%) on the corrosion performance of reinforcement in concrete mortar. It was found that 
up to 30% of PFA replacement enhanced the resistance of the corrosion properties of steel in concrete 
and improved the permeability characteristics of concrete.   

More recently, Hui-sheng et al [8] also observed an improvement in the behaviour of 50% slag 
concrete against gas permeability for prolonged wet curing and reported that the relationship between 
compressive strength and gas permeability of high performance concrete (HPC) greatly depends on 
the water/binder (w/b) ratio and mineral admixture types. According to Torii et al [9] the resistance to 
chloride penetration of 50% GGBS concrete was equivalent to that of 10% SF concrete. However, 
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when Hui-sheng et al [10], studied the influence of the water/cement (w/c) ratio on the gas permeabil-
ity of HPC, by using different levels of PFA at a 0.30 w/b ratio, it was found that the concrete mixes 
with PFA exhibited higher gas permeabilities compared to the concrete mixes without PFA. 

Currently, there is a growing interest in the use of mineral admixtures in reinforced concrete 
structures to improve durability and reduced porosity of concrete. The objective of the study is to 
investigate the influence of the micro-structure of different concrete types, measured via the nitrogen 
gas relative permeability test, on corrosion level of steel reinforcement.   

2 Experimental programme 

2.1 Test sample  
The dimensions of the cube samples for accelerated corrosion tests were 200 ×200 × 200 mm with a 
single ribbed bar of 12mm diameter embedded in the centre of the cube. A total of 24 samples of 100 
mm diameter by 100 mm long cylinders were cored from concrete slabs of dimensions 350 x 325 x 
100 mm for the purpose of gas permeability testing. Each concrete mix comprised eight samples for 
gas permeability and three 100 mm cubes and cylindrical samples of 100mm diameter and 200 mm 
height, for compressive strength and splitting strength respectively at 28 days. 

2.2 Materials 
The cement used in this study was Portland cement siliceous fly ash CEM II/B-V32.5 R containing 
fly ash up to a maximum of 7 % and manufactured by Lafarge cement UK Ltd, conforming to BS EN 
197-1.  The GGBS was manufactured according to BS 6699 and supplied by Hanson UK. The PFA 
used was class F supplied by Ash Resources Ltd.  The chemical compositions of these materials are 
listed in Table 1.  The fine aggregate used was a natural marine-dredged sand (0-4 mm), and the 
maximum size of coarse aggregate used was a 10 mm crushed limestone, both conforming to BS EN 
12620. 

Table 1 Chemical composition of CEM II, GGBS and PFA 
 

Chemical composition (%) 
 

Sample 
CEM II GGBS* PFA* 

Silicon dioxide, SiO2 29.91 41.78 51.44 
Aluminum oxide, Al2O3 11.18 10.56 27.03 
Iron oxide, Fe2O3 4.13 0.27 6.13 
Calcium oxide, CaO 45.00 34.65 2.42 
Magnesium oxide, MgO 2.43 7.33 1.26 
Sodium oxide, Na2O 0.38 0.50 0.66 
Potassium oxide, K2O 1.45 0.64 2.72 

* Chemical composition of GGBS and PFA was obtained from XPD in Cardiff University Laboratories. 

2.3 Mix design, casting and curing 
The samples were cast from three separate batches of concrete: one control (CEM II) and two mixes 
containing different percentages of GGBS and PFA. A water-cement ratio of 0.45 was selected to 
obtain a target 28-day compressive strength of 45 N/mm2. The mix proportions used for these batches 
are presented in Table 2. The components were mixed together using 300 kg capacity concrete mixer 
for 3 minutes. The water was then added in small amounts over a 2 minute period, and the mixing 
was continued for a further 3 minutes. After the mixing process was complete, a slump test was car-
ried out for each mix according to BS 12350-2:2009 the results of which are given in Table 2. Prior to 
casting all moulds used for the mix were oiled, fresh concrete was poured and compacted into the 
wooden moulds in which the reinforcing bar was placed horizontally. The filling process was per-
formed in three layers and the concrete was compacted using a vibrating table after placement of each 
layer. 

After casting, all the samples were left in their moulds overnight at room temperature and then de-
moulded approximately 24 hours later, at which point the reinforcing steel bar was wrapped in water-
proof tape to prevent water from reaching the surface of the exposed sections of the reinforcing bar 
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during the curing period. Finally, all samples were covered with damp hessian which was sprayed 
with water twice a day for 28 days. Cores were taken from the slab at age of 28 days and stored under 
wet hessian with the other test samples. 

Table 2 Mixture proportions 

Reference 
Mix 

Cement 
content 
kg/m3 

 
GGBS 
kg/m3 

 
PFA 

kg/m3 

 
Water 
kg/m3 

Fine 
agg. 

kg/m3 

Coarse 
agg. 

kg/m3 

 
W/C 

 

 
Slump 

mm 
CEM II 410   185 710 1070 0.45 125 
CEM II+30%PFA 287  123 185 710 1070 0.45 120 
CEM II+50%GGBS 205 205  185 710 1070 0.45 75 

 

2.4 Test Procedures 

2.4.1 Conditioning regime 

At 28 days a 6 mm diameter hole was drilled through the centre of the 100 mm diameter cylindrical 
cores and the core weighed. These cylinders were dried by placement in an oven at a temperature of 
105 ºC for 7 days and their weight recorded on a daily basis until no more than 0.02% weight loss was 
observed between consecutive readings in a 24 hour period as was reported by Gardner [11]. Samples 
were then kept in the dessicator at 20 ºC until the start of the permeability test. 

2.4.2 Gas permeability test 
The relative gas permeability method was used to investigate the concrete permeability and the full 
test method is described by Gardner [11].  The coefficient of gas permeability kef is calculated using 
equation (1) as follows: 

݇௘௙ = ୪୬ቤ(ುభ/మశುೌ೟೘)(ು೎బషುೌ೟೘)ቀುభ/మషುೌ೟೘ቁ(ು೎బశುೌ೟೘)ቤଶ௧భ/మగ௛௉ೌ ೟೘ ଴ܸߤ ln(ݎ௖	/ݎ௛)	      (1) 

where kef = permeability coefficient (m2); P1/2 = half pressure (578250 N/m2); Pc0= initial pres-
sure(1053250 N/m2);h = height of sample (m), Patm= atmosphere pressure (103250 N/m2); t1/2 = time 
to reach P1/2(s);rc = outer radius of cylinder (m); rh= radius of hole (m); V0 = the combined volume of 
the reservoir and the gas surrounding the sample (m3); µ= dynamic viscosity (1.76 10-5 Ns/m2) 

2.4. Accelerated corrosion  
In this study, an electrochemical corrosion technique was used to induce artificial accelerated corro-
sion of the reinforcing bar embedded in the concrete as reported by Fang et al [3] .The direct current 
supply was applied to the reinforcing steel bar using a series circuit to ensure a constant current 
(10 mA) through all samples. In order to investigate different corrosion levels, accelerated corrosion 
was carried out for 3, 7, 10 and 14 days. The corrosion level (CR) was calculated using equation (2): ܥோ		 = ீబ	ି	ீ௚బ௟ 	× 100	        (2) 

where G0 = the initial weight of the reinforcing bar before corrosion; G = the final weight of the steel 
bar after removal of the corrosion products; g0 = the weight per unit length of the reinforcing bar 
(G0/L), and l = the bond length. 

3 Results and discussion  

3.1 compressive strength and splitting concrete  
The compressive strength results of the concrete mix with CEM II, 30% PFA and 50% GGBS for 7, 
28 and 46 days are presented in Table 3. It can be seen that the control concrete (CEM II) exhibited 
higher value of compressive strength 53.9 N/mm2 than the two concrete mixes with pozzolanic mate-
rials (PFA, GGBS), which were 50.2 and 37.3 N/mm2 at 28-days respectively. It was observed that all 
concrete mix compressive strengths increased with curing age. This can be explained by the fact that 
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at early age, PFA and GGBS have slower rates of hydration compared to CEM II but with time, the 
pozzolanic reactions occurring in these blended cements cause an increase in strength. 

The splitting tensile strengths of the concrete mixes made with CEM II, 30%PFA and 50%GGBS 
were also determined at the ages of 28 days, and the test results are shown in Table 3. It can be ob-
served that the higher value of splitting strength was obtained with the CEM II (4.5 N/mm2) and that, 
as the compressive strength increases, the split tensile strength increases for all the concretes, irre-
spective of the type of cement. 

Table 3 Strength results of concrete investigated 

Cement types 
Slump 
(mm) 

Compressive strength (N/mm2) 
 

Split tensile 
strength 
28days 7 days 28days 46days 

CEM II-control 125 45.0 53.9 61.9 4.5 

CEM II + 50% GGBS 85 34.0 50.2 54.6 4.4 

CEM II + 30% PFA 75 24.4 37.3 40.2 3.2 

 

It is worth while to note that the obtained results in Table 3 for CEM II + 50 % GGBS are in agree-
ment with findings from other studies by McNally and Sheils [12] who also used CEM II and found 
the compressive strength of 50%GGBS at 28 and 56 days almost unchanged. Also, Sengul and 
Tasdemir [13] have concluded that the compressive strength of the concrete samples with 50% slag 
replacing cement is slightly lower than CEM I concrete for both at 28 and 90 days. Moreover, as for 
OPC + 30% PFA with a 0.5 w/c ratio, similar trends also have been reported by Saraswathy et al [14] 
who have found that the compressive strength was lower than control samples.  

3.2 Evaluation of corrosion level with time  
Figure 1 presents the variation of the corrosion level against with exposure time (3, 7, 10 and 14 days) 
for three concrete mixes CEM II, 30%PFA and 50% GGBS. From this figure, it can be observed that 
the level of corrosion of steel bar in CEM II concrete increased throughout the exposure time, with an 
increasing rate of corrosion at all exposure time considered. This was due to the breakdown of the 
passive layer surrounding the steel bar as a result of chloride ions penetration. The concrete with 30% 
of PFA and 50% of GGBS exhibited lower corrosion levels than the CEM II (control) at all exposure 
times.  The lower levels of corrosion in PFA concrete mix compared to the corresponding CEM II 
samples can be attributed to the lower permeability of the concrete and increased concrete resistivity 
[15, 16]. It is also worth noting that GGBS exhibited slightly lower levels of corrosion than that PFA 
for the first 7 days of exposure time but after this the levels of corrosion increased significantly after 
this to exceed the PFA corrosion levels at 10 days of exposure time. Nevertheless, for more detailed 
evaluations, different concrete mixes with varying replacement percentages are required. 

 
Fig. 1 The corrosion level versus exposure time for CEM II, PFA and GGBS concrete 
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3.3 Concrete gas permeability and corrosion 
Figure 2 shows the relationship between the corrosion modulus, which measures the rate of change of 
corrosion as a function of exposure time, with the 28 day permeability coefficient for the CEM II, 
30%PFA and 50%GGBS concrete mixes cured for 28 days and after 3 and 14 days of corrosion. From 
figure 2, it can be seen that the mean value of gas permeability coefficient Kef for PFA concrete was 
7.58×10-17 m2 and the value of the corrosion modulus (m) was 0.06% for 3 days of exposure time, up 
to 0.07% of 14 days of exposure time. It can also be observed that the concrete of PFA concrete mix 
exhibited the lowest permeability coefficient of all concrete mixes. This can be attributed to the for-
mation of the pozzolanic reaction products which produce C-S-H gel leading to enhancement of the 
pore structure, which ultimately reduces the permeability of the concrete. From literature, 15-30% 
PFA cement replacement in concrete has been reported to reduce the gas permeability by up to 65% 
of that of normal cement concrete [17, 10]. In general, the gas permeability coefficient of the CEM II 
was slightly higher than that of the PFA mix (9.58×10-17 m2), while the values of corrosion modulus 
were 0.09% for 3day and 0.13% for 14 days. This indicated a reduction in the resistance of CEM II 
concrete to chloride penetration with increased exposure time, whilst PFA concrete demonstrated 
enhanced resistance to corrosion, with little deterioration in this resistance over the exposure times 
considered. On the contrary, the mean value of gas permeability coefficient of the concrete with 50% 
GGBS was 2.2×10-16 m2 showing the highest gas permeability compared with the other two concrete 
mixes. Also, the value of the corrosion modulus was 0.03% for 3 days and 0.11% for 14 days of 
exposure time, which represents about a 3.5 fold increase.  

 
Fig. 2 Relationship between permeability coefficient and modulus of corrosion for CEM II, PFA 

and GGBS concrete 

The inclusion of GGBS in a concrete mix usually leads to reduction in the mobility of chloride ions, 
as a result of a change in the mineralogy of the cement hydrates, and this may explain why the GGBS 
concrete possesses the lowest 3-day corrosion modulus of all three mixes [18]. However, once the 
passive layer protecting the steel reinforcing bar has broken down then the relatively high permeabil-
ity of the GGBS concrete contributes to a significant increase in the rate of corrosion observed. 

4 Conclusions 
The following conclusions can be drawn. The compressive strength of the three mixes increased with 
curing age with that of the CEM II concrete being significantly higher than that of the blended cement 
(PFA and GGBS) concretes. The splitting tensile strength increased as a function of compressive 
strength.  As far as the corrosion level was concerned, the three mixes exhibited similar trends with 
exposure time and it was highest in the CEM II concrete. Permeabilities depended on curing time, 
pozzolanic reaction and cement replacement levels, with the PFA having the lowest permeability 
compared to the other two mixes. Nevertheless, to fully investigate the corrosion level under a range 
of exposure times and to identify its relationship with the permeability of the concrete, further exper-
iments using different cement replacement materials and varying replacement percentages are re-
quired. 
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Abstract 
The physical properties of rocks are important input parameters for the modelling and analysis of 
underground structures. Various test methods are known and are standardised to determine most of 
the data e.g. uniaxial compression strength or tensile strength. However because of the complexity of 
the test influencing parameters, such as surface roughness, normal stress, presence of joint infill mate-
rial, dilatancy…etc., for the analytical prediction of shear strength along discontinuities, no standards 
are available.  

The goal of the research is to investigate the most important shear strength influencing parameters 
through experiments, and to create a mathematical approach, in order to be able to determine a more 
exact value for the shear strength of rocks along discontinuities. 

The aim of this paper is to give a description of the most important shear strength influencing parame-
ters and to point out their importance through a series of direct shear strength tests, carried out on 
granite rocks under constant normal load conditions. The values of the surface roughness were deter-
mined from 2D profiles that were taken from the 3D images of the surfaces. The results showed that 
with increasing surface roughness, the shear strength of the joint raises. The same applies to increas-
ing normal stress. On the other hand the presence of the calcite infill material decreased the resistance 
of the joint. 

1 Introduction 
The determination of the shear strength of rock joints has been a very popular research topic in the 
past 50 years. The complexity of the discontinuities and the several factors that influence the test 
results complicate the analytical description of shear strength. Surface roughness, dilatancy, joint 
infill material, the magnitude of the applied normal stress, the size of the area that takes part in the 
shear test (contact area) and the scale effect, are considered to be the most important test influencing 
parameters of all. A formula that was invented by Barton [1] explains the connection between most of 
these factors and the peak shear strength, however it has many limitations. Modern technology, with 
the ability to create 3D images of surfaces opened new doors, which urged the researchers to continue 
the investigations. Although many series of tests have been delivered on these parameters by Grasselli 
[2], Indraratna et al. [3], Bahrani and Tannant [4] and others, no such up-to-date and unified formula 
has been invented that could replace the old one that is still in practise. The aim of this study is to give 
a short description of the test influencing parameters, to show new test results on the topic taking in 
consideration the surface roughness and the joint infill material as one of the most important factors, 
and to give a guideline for the further investigations.  

2 Test influencing parameters 
To determine the shear strength of rocks along discontinuities analytically, Barton [1] invented a 
formula (1) that is still in use today. 
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 (1) 
τ shear strength 
σn normal stress 
Φp peak internal angle of friction 
JRC Joint Roughness Coefficient 
JCS Joint Compressive Strength 

The results obtained by the formula are only valid for clean joints, neglecting the scale effect and 
using joint roughness data from 2D profiles. Due to the above mentioned limitations, the formula 
needs further improvements. 

2.1 Surface roughness 
The surface roughness of a joint describes the magnitude of the asperities of a discontinuity. It is 
considered to be the most important shear strength influencing parameter. In 1973 Barton invented a 
theory on how to specify the surface roughness of rocks numerically [1]. He predefined ten 2D pro-
files with a length of 10 cm that look the most typical for rock surfaces, and gave a JRC value interval 
(e.g. 8-10) for each. The JRC value scale starts at 0 and ends at 20. To record a profile of a rock, the 
Barton comb method was used [5]. The measured profiles are compared visually to the predefined 
profiles, and the value of the JRC is determined. Although with this method good results are obtained 
for shear strength, the way of defining the JRC is subjective. As technology improved, it offered new 
opportunities to measure the 2D profiles more precisely. Laser profilometers allowed the profiles to 
be digitalised [6]. With the evolution of photogrammetry and laser scanning technology, the examina-
tion of the entire joint surface became possible. 3D surface models can be produced by several meth-
ods e.g. by Advanced Topometric Sensor (ATS) System [2], photogrammetry or laser scanning [7]. 
Although with 2D profiles the equation of Barton (1) gives reliable results, with these profiles it is 
impossible to describe the features of the entire surface. To overcome this problem it is necessary 
either to calculate JRC from the 3D surface models of the joints, or develop a new mathematical 
approach on how to calculate shear strength taking into consideration the whole surface. Although 
Grasselli [2] proposed an equation for JRC, researchers still prefer the usage of the old Barton formu-
la (1) with 2D profiles. 

2.2 Dilatancy, normal stress  
Dilatancy and normal stress are parameters that depend on each other. The lower the normal load is, 
the higher the dilatancy becomes. Shear strength measurements can be carried out in two ways. One is 
under constant normal load conditions (CNL), where the normal load is constant and the dilation is 
allowed. The other way is under constant normal stiffness (CNS) conditions, when the upper and 
lower parts of the rock specimen are fixed during the shear test, and the normal load can alter. Both 
behaviours are present in the nature, CNL conditions occur by landslides, CNS conditions happen 
when a block would slide from the periphery of a tunnel [8]. Several experiments have been carried 
out investigating both conditions e.g. by Leichnitz [9] or Vásárhelyi [10].  

2.3 Contact area 
The magnitude of the contact area during the shear strength test highly influences the test results. The 
calculation of shear strength according to the suggestion of the International Society for Rock Me-
chanics [11] is: 

sP
A   (2) 

τ shear strength 
Ps total shear force 
A area of shear surface overlap (corrected to account for shear displacement), 

from which this high influence of the contact area on the shear strength is visible. 
The determination of the rock surface area that takes part in the shearing process is complex, es-

pecially under CNL conditions, when dilation is allowed.  
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Barton and Choubey [5] already took this phenomenon into consideration when the Barton formu-
la (1) was created and determined that the contact area ratio is related to the JCS/σn ratio applied in 
the shear test. After the 3D modeling of the rock joints became available, Grasselli [2] set up a theory 
in which he claims that the contact area of the rock joints can be calculated from the triangulated 
surface area, by knowing the orientation and steepness of these triangles. 

2.4 Joint infill material 
Most of the experiments and investigations focus on clean joints, but in nature, the presence of joint 
infill material frequently occurs. Brady and Brown [8] gave a short summary on the effects of infill 
materials, according to which the presence of infill materials that are weaker than the host rock, de-
crease the stiffness and shear strength of the rock, whereas the stronger infill materials such as quartz 
increase it. Also with the increasing thickness of the weaker infill material, the shear strength de-
creases. In the study of Indraratna et al. [3] the t/a ratio appears, which is the ratio of the thickness of 
the infill material (t) and the asperity height (a). They determined the critical t/a ratio for clay infills, 
beyond which no more decrease of shear strength can be measured. Oliveira et al. [12] carried out 
shear strength tests on clay filled rock joints both under CNL and CNS conditions. They proposed a 
model, which not only highlights the importance of the t/a ratio with respect to the shear strength, but 
also shows the interfering and non-interfering zones, and takes into consideration the infill cohesion 
as well. In 2011 Duriez et al. [13] published an article on the discrete-modeling of infilled rock joints, 
complemented by experimental data. 

2.5 Scale effect 
The value of shear strength along discontinuities is an important input parameter for modelling rock 
stability. However shear strength of rocks is determined under laboratory conditions on samples 
smaller in size. The application of these test results for rock masses depend on the scale effect. Ac-
cording to the description of Brady and Brown [8] three components change significantly the shear 
strength of discontinuities by the alteration of scale: the drained residual friction angle, the surface 
roughness (JRC) and the asperity failure that is controlled by the JCS/σ’n ratio (σ’n is the effective 
normal stress). The bigger the scale is, the smaller the asperity failure component and the surface 
roughness component gets. A study has been carried out recently on a 45 m high footwall slope in 
Canada by Bahrani and Tannant [4]. They concluded that the dilation angle for a given shear dis-
placement is not sensitive to the profile length, and the shear displacement needed to reach the peak 
shear strength can be better estimated with the help of getting high-resolution profile pictures of the 
slopes. 

3 Direct shear strength test 
In aware of the test influencing parameters, CNL direct shear strength tests have been carried out on 
granite rocks according to the suggestion of the ISRM [11]. From the above mentioned test influenc-
ing parameters the surface roughness, the normal stress and the infill material were taken into ac-
count. However the thickness of the infill material was not taken into consideration. The tests were 
carried out under laboratory conditions on samples similar in size, therefore the scale effect was 
irrelevant. 

3.1 Sample groups 
Two sample groups were formed according to the surface roughness of the granite samples: moder-
ately rough surfaced granites and rough surfaced granites. These samples had clean joints. A third 
group contained granite specimens with calcite covered surfaces. 

Surface roughness was determined from 2D profiles taken from 3D surface images that were cre-
ated by photogrammetric modelling, with the help of the software ShapeMetriX3D (© 3G Software & 
Measurement). On Figure 1, profiles of the sections are presented. 
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Fig. 1 2D profiles of granite rock surfaces. 

The profiles were compared to the predefined Barton profiles, and a JRC value was determined for 
each rock surface. The JRC values of the moderately rough surfaced granites fell between 5 and 8, the 
rough surfaced granites between 8 and 15. For the calcite covered surfaces, the JRC value varied 
between 4 and 11, which means that according to their surface roughness this group contained sam-
ples from both of the above mentioned two groups.  

3.2 Test results 
The direct shear strength tests were carried out in the Laboratory of the Department of Construction 
Materials and Engineering Geology at Budapest University of Technology and Economics by a Con-
trols shear apparatus, under CNL conditions. Table 1 shows the test results. 

Table 1 Direct shear strength test results along discontinuities for granite rocks. 

Surface Specimen JRC σn [MPa] τp [MPa] 

Moderately 
rough 

Gmr1 5 0.44 0.69 

Gmr2 6 0.28 0.63 

Gmr3 6 0.47 0.70 

Gmr4 8 0.44 0.93 

Calcite covered 

Gcc1 4 0.29 0.34 

Gcc2 4 0.63 0.78 

Gcc3 10 0.24 0.49 

Gcc4 11 0.44 1.21 

Rough 

Gr1 8 6.82 4.06 

Gr2 10 0.41 0.35 

Gr3 15 2.02 1.24 

Gr4 15 2.01 2.40 

 

Figure 2 shows the direct shear strength test results plotted on a Normal stress – Shear strength dia-
gram. The two clean jointed groups clearly separate from each other, red circles indicate each. Sam-
ples with rough surface and high JRC values have higher shear strength than the ones with moderately 
rough surface. Specimen with calcite covered surface behaved more similar to the moderately rough 
surfaced samples, only one sample with a JRC value of 11 fell in the group of the rough surfaced 
granites. It is also visible that the higher the normal stress value was, the higher the peak shear 
strength got. 
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Fig. 2 Normal stress – Shear strength diagram of granite rock samples (yellow rhombi: moder-

ately rough surfaced granite samples, purple squares: granite samples with calcite covered 
surface, green triangles: rough surfaced granite samples) 

4 Conclusions 
Direct shear strength tests were carried out on clean and infilled granite joints, under CNL conditions. 
For the clean joints, sample groups were formed according to the surface roughness (JRC) of the 
discontinuities, determined from 2D profiles that were gained from 3D images.  

The test results showed that the samples with calcite covered surface, up to the JRC value of 10 
had as low or even lower shear strength than the moderately rough surfaced clean jointed granite 
samples. The calcite as an infill material showed weaker mechanical properties than the granite, 
therefore what Brady and Brown [8] stated (see 2.4) applied well. However the calcite covered sam-
ple having the JRC value of 11 fell in the group of the rough surfaces. This could mean that infill 
materials with high JRC values that are not as soft as soil-like infill materials, could influence more 
the shear strength of a rock joint. Further investigations are recommended on this topic. 

The most important shear strength influencing parameters have been introduced above. The topic 
of the impact of these parameters on shear strength is very popular among researchers, especially 
today when the technology is even more advanced. Many of the factors have been investigated sepa-
rately, but a whole extensive solution is needed in order to be able to use the theory in practice. To be 
able to carry out this project, in aware of the results obtained by the researchers, a big number of 
experiments should be carried out on the same samples or molds taking in consideration all of the test 
influencing parameters. All of the test results should be aligned together to be able to set up a global 
correlation among all the investigated factors, and define such a formula for the shear strength of rock 
joints that is easily applicable in the engineering practice. 
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Abstract 
Rheological sliding joints are preferred for use in reducing friction in foundation structures exposed to 
effects of horizontal loading (e.g., effects of undermining). Correctness of the rheological sliding joint 
design depends on knowledge of the mechanical response of materials. The most common material 
for a sliding joint is an asphalt belt. To better understand the wide spectrum of asphalt-based materials 
and their mechanical response to long-acting stress, the Faculty of Civil Engineering at VSB - Tech-
nical University constructed testing equipment and a temperature-controlled room. Up to this point, a 
series of measurements has been carried out so the results could be used for numerical modeling. The 
long-term goal of this research is to contribute to updating the existing design methods for sliding 
joints.  

1 Testing of asphalt belts 
Correct design of rheological sliding joints demands the knowledge of the response of used material 
for long-acting shear load. This was the purpose for which original measuring equipment was con-
structed at the VSB-Technical University, Faculty of Civil Engineering. In 2007 first measurements 
were carried out for different types of asphalt belts at laboratory temperature. These measurements 
followed loosely the measurements of asphalt belts from the 1980s [2]. The basic principle of the test 
is demonstrated in Figure 1. In 2010, a temperature-controlled room was constructed for investigation 
into the influence of temperature. The original measurement equipment was placed in this room, 
Figure 2.  

Our measurement methodology is described in detail in [1]. Currently, oxidized asphalt belts have 
been tested for different temperatures and different load combinations.  It is expected that a wide 
spectrum of modern materials will be measured. Vertical load value corresponds to real stress, hori-
zontal load corresponds to the displacement rate expected in the footing bottom, e.g., from the effect 
of undermining. Particular results are presented in this paper, Figure 3, and also in the papers [3] and 
[4]. 

 
Fig. 1 Basic principle of the test 
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Fig. 2 Measuring equipment in the temperature controlled room 

2 Testing results 
For the duration of testing, usually 6 days, deformation of the middle concrete block is monitored for 
arbitrary temperature and load combination (Figure 3). It can generally be stated that at higher tem-
peratures the deformations are greater, and vice versa. From the measured deformation, we can derive 
the value of the friction parameter, Figure 4, which is possible to utilize in commercial software as 
well as in design practice. 
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Fig. 3 Measuring results for horizontal force 0,95 kN and vertical pressure 100kPa 

3 Friction parameters 
There are two methods of the friction parameter calculation – analytical and numerical [5, 6]. Com-
plete derivation of the resulting functions for calculating the friction parameters can be found in [7] 

3.1 Analytical calculation of friction parameter 
Analytical solutions can only be found for simple one-dimensional problems. In Figure 4 there are 
demonstrated friction parameters C1z, C1x and C1y, where C1z characterizes vertical resistance and C1x 
and C1y represent horizontal resistance. From the equilibrium of forces on a differential element (Fig-
ure 5), which is loaded with horizontal deformation εmax, a differential equation is derived; whose 
solution corresponds to the process of axial deformation and the resulting normal force in the founda-
tion. 

 
Fig. 4 Scheme of parameters Cz, Cx and Cy 
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Fig. 5 Equilibrium of diferencial element 

If the maximum tensile or compressive force Nc,max  is known (for example from the simplified solu-
tion of internal forces in the foundations according to[8]), the formula for constant friction parameter 
C1x can be derived: 

2

maxmax,

max
1 cosharg

1































ccx

ccx
ccx AEN

AEF
L

AEC  

3.2 Numerical calculation of friction parameter 
If a more detailed solution is necessary to grasp the reality, a numerical calculation could be carried 
out: in each element a different value of friction parameter C1x is calculated. Friction parameters are 
determined iteratively, with the aid of FEM analysis.  

     ggg FrK   

where  gK  is the stiffness matrix of the whole truss structure including the effects of subsoil 

  gr   is the vector of nodal deformations  

  gF  is the axial force load vector 

The stiffness matrix of the one-dimensional element [Ke], occurring due to friction with the sub-
soil, has the form 
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The general nonlinear course of shear force could be expressed with an integral sum and from 

that, the simplified formula for calculating the friction parameter can be derived. After further deriva-
tions and implementation of boundary conditions, one can get this simplified formula for calculating 
the constant friction parameter C1x. 
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max,
1 u

C x
x


  

This constant value does not correspond to the real stress in the foundation bottom. This problem 
can be partially corrected by using a compact mesh of elements, thus approximating the nonlinear 
course of the stress. 

 

3.3 Calculation of friction parameter from the tests results 
Friction parameters are derived from the test results on the basis of shear stress expected in the foun-
dation joint and the total deformation u. Our goal is to derive shear stress in the sliding joint as a 
function of time for a particular subsoil deformation. In deriving the friction parameters, we take into 
account the influence of sliding joint materials, structural deformation and loads, and now also the 
temperature. The derivation of the friction parameters is treated in more detail in [1]. 
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4 Numerical modeling of sliding joints 
In numerical modeling, either of two approaches can be used. The first option is to model an asphalt 
layer in the “real” thickness and define the characteristics of this layer with viscoelastic material 
models (Figure 6). The second option is to define a contact layer, (Figure 7) between the foundation 
structures and a concrete base layer (which is always applied to protect the asphalt belt when applying 
the sliding joint). 

4.1 Modeling by using viscoelastic properties of asphalt 
Asphalt is a material with viscoelastic characteristics, which could be replaced with rheological mod-
els in a simplified way [9]. To define the viscoelastic behavior of asphalt belts in our case, the AN-
SYS program was used, in which we prescribed an elementary differential equation of stress in the 
form 
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where 

G(t) basic shear relaxation function 

K(t) basic volume relaxation function 

ti time in solved moment 

τi time in moment i-1 

γ shear part of deformation 

I identity matrix 

εvol volume part of deformation 

 

The basic equation for shear G(t) and volume K(t) function can be expressed in the ANSYS program 
in one of two ways – using a Maxwell rheological model and its combinations, or using a nonlinear 
material model using equations of the "Prony series", i.e., equations containing a general exponential 
expression 
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Because the Maxwell model requires us to define a lot of rheological constants, the second possibility 
was chosen for modeling – to define the material of the sliding joint using equations of the Prony 
series. In these equations we need to know the rheological constants to define shear modulus (αi

G) and 
volume modulus (αi

K) too, but those can be calculated into the ANSYS program using tools for calcu-
lating these constants with results from laboratory tests. The calculation of these constants in selected 
times was carried out on the basis of our knowing the time evolution of the shear modulus, and calcu-
lation of constants was limited only to the shear constants. Volume changes of asphalt belts in shear 
tests are considered insignificant and are not monitored. 

From the results of tests conducted in the temperature-controlled room, shear modulus values at 
different times and different temperatures are calculated – the methodology used in their calculations 
is described in [1]. After loading the data file into ANSYS we get the above-mentioned rheological 
constants in the required time intervals. 

Time-dependent material properties of asphalt are implemented as such in the calculation. The 
whole calculation in ANSYS must then be defined as time-dependent. 

The resulting model comprises three materials – concrete, asphalt and subsoil. The asphalt belt 
should be modeled in its actual thickness, but it is unsuitable since the thickness is small in compari-
son with other dimensions of the model. In the end it was decided to consider the asphalt layer several 
times higher and its height was divided into two elements. Another problem is a significant difference 
in the elastic modulus values of each material. Modulus of elasticity of concrete is about 30·109 Pa 
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and modulus of elasticity of asphalt is about 2·105 Pa. Figure 6 shows a model of a simple strip foun-
dation with the length of 16 m. 

 
Fig. 6 Model example – with sliding joint, modeling with asphalt layer 

4.2 Modeling with use of a contact element 
Another possible way to model the friction and shear in a footing bottom is by defining the contact 
elements. Contact can be defined simply with the friction coefficient depending only on the vertical 
and horizontal stress according to the Coulomb friction model. The friction coefficient μ for defining 
the contact elements was in our case calculated depending on the vertical and horizontal stress valid 
within the laboratory tests. The authors are currently working on a more precisely defined friction 
parameter with the effect of temperature, for example, which defines the dynamic coefficient of fric-
tion. A model with the contact element is in the Figure below. 

 
Fig. 7 Model example – with sliding joint, modeling with use of a contact element 

4.3 Comparison of results 
In Figure 8 there is a comparison of different approaches. In the charts there are shear stress values as 
a function of a foundation coordinate.  

Course of shear stress

0

25

50

75

100

125

150

175

200

0 1 2 3 4 5 6 7 8

Distance from the middle of foundation [m]

S
he

ar
 s

tr
es

s 
[k

P
a]

without sliding joint, modelling without using contact element
without sliding joint, modelling with using contact element
without sliding joint, calculation according normative procedure

with sliding joint, modelling with using viscoelastic properties of asphalt
with sliding joint, modelling with using contact element

 
Fig. 8 Comparison of shear stress course 

The curve, which shows a course of shear stress without a sliding joint calculated according to current 
codes [3], is also presented for comparison. The curves in Figure 8 show significant differences be-
tween the approaches to modeling.Although the courses of stress cannot be considered as final at all, 
they show correctly smaller shear resistance when using the sliding joint. This is particularly apparent 
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for the curve that characterizes the course of stress on the model using the contact elements. The 
question is which model is more suitable for actual calculation. Modeling with an asphalt layer en-
ables us to better express the viscoelastic material properties, including the timing course. As a disad-
vantage there is the necessity to increase the thickness of asphalt layers to unrealistic proportions. 
This distorts the resulting distribution of stress in the foundation joint (Figure 8). Due to these inaccu-
racies and considerable simplification, it seems preferable to model the sliding joint using contact 
elements. The necessity to find a suitable way to define the contact remains as an open problem. 

5 Conclusion 
In this paper, the authors introduce experimental testing of shear resistance of bitumen asphalt belts 
depending on the temperature. Laboratory test results show a significant effect of temperature on the 
shear deformation of asphalt belts. Further research must be done to implement these test results, 
including the effect of temperature, using correct mathematical modeling, whether to determine the 
parameters of contact elements or the material characteristics of the asphalt. On the one hand, it seems 
suitable to model the sliding joint using the layer with viscoelastic properties; on the other hand, such 
results can be significantly distorted due to the need to increase the thickness of layer and differences 
between moduli of elasticity of concrete and asphalt. Models with contact elements do not comprise 
the viscoelastic properties of asphalt, but in combination with the correct expression of contact pa-
rameters this seems to be an appropriate tool for modeling sliding joints. As both approaches have 
their advantages and disadvantages, both models will be developed in the future. 
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Abstract 
The subject of the current research is the local ductility of structural members and joints of seismic 
resistant dissipative steel frames. The main purpose is to develop a model for numerical simulations 
which can follow the hysteretic behaviour of the dissipative members and by the application of this 
tool to develop innovative and improve existing structural details. The numerical model should de-
scribe the cyclic behaviour of the steel material, the opening and closing phenomena under repeated 
loading, and the cyclic plate bucking. 

In the first part of the paper the research completed on the development of cyclic plasticity material 
model is presented. A Chaboche model with dynamically updated parameters is applied on the basis 
of nonlinear kinematic hardening, to follow the cyclic mechanical behaviour of structural steel. In the 
second part the developed model is applied for the analysis of Buckling Restrained Brace (BRB). 
BRBs are subjected to a combined loading protocol and the results are verified by experimental tests.   

1 Introduction 
The global ductility of dissipative steel frame structures is very important in seismic design. The 
global behaviour highly depends on the local ductility of structural members and joints. The seismic 
response can be studied by real and virtual experiments. The improvement of computational tech-
niques makes it possible to perform cyclic numerical simulations. In these computational models it is 
important to describe properly the cyclic behaviour of the material because it has significant effect on 
the local ductility of the structural members and joints.  Despite significant research completed on 
cyclic material models in the last decades, results are still only partially adapted in finite element 
programs. The main purpose of the current research is to develop an efficient material model for 
numerical analysis which takes into account the important characteristics of cyclic behaviour of the 
steel material and implement it in a finite element program. In the research a model combination 
(based on nonlinear kinematic and multi-linear isotropic hardening), and a dynamic parameter evalua-
tion method are applied. The model development is done in ANSYS finite element environment [1]. 
The accuracy and the efficiency of the model are verified by cyclic material test results. On the basis 
of the developed material model the cyclic simulation of Buckling Restrained Braces (BRB) is com-
pleted, subjected to combined loading protocol, in parallel with experimental tests 

2 Features of cyclic steel material models 
Behaviour under cyclic loading is difficult to describe when plastic deformation appears in the mate-
rial. The behaviour of an inelastic material can be described by the von Mises yield criterion and the 
normality yield law.  

The primary reason of observed difference between monotonic and cyclic behaviour is the crys-
tallite structure of the metals.  Dislocations and other crystal defects are able to modify the behaviour 
of ideal metals. The velocity of these defects is in the order of 100 ms-1, and it causes irregular elastic, 
and plastic behaviour. This paper focuses on the visible effects, it is not dealing with crystallite trans-
lations. The most important physical effects are the elastic after-effect, the Bauschinger effect, the 
memory of loading history and the effect of strain rate [2]. The monotonic mild steel material 
behaviour differs from cyclic behaviour, as observed by several experiments (e.g. in [3]). The 
material model has to take into consideration  that as the plastic strain increases, the structure of the 
crystals becomes more organized, which leads to the decrease of the yielding plateau and saturation of 
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the Bauschinger effect. In the case of typical structural steel, the vast of Bauschinger effect is 
saturating about 1% of the maximum plastic strain.  

3 Chaboche model with dynamically updated parameters 
Despite numerous Chaboche model based complex material models can be found in the literature, 
these are not able to describe the decrease of the yielding surface and plateau appropriately [4]. Alt-
hough increasing complexity is disadvantageous for practical applicability,  it is important to take into 
consideration the aforementioned physical phenomenon since it has significant influence on the glob-
al response. The objective is to develop a material model which is able to describe all the governing 
phenomena, while it  can be easily implemented in existing efficient finite element software for nu-
merical applications.  The following physical effects are considered during the model development: 
(i) kinematic hardening, (ii) Bauschinger effect, (iii) decrease of the yielding surface, (iv) disappear-
ance of the yielding plateau, (v) plastic creep, and (vi) strain memory.  

3.1 Development strategy 
The Chaboche model is selected as the basis of the new cyclic steel material model, due to its several 
beneficial aspects. Even a simple Chaboche model has fading memory effect, can describe the kine-
matic hardening and plastic creep. Another advantage is that Chaboche models can be easily super-
posed with each other and/or combined with other models for isotropic hardening.  

The significant differences between static and cyclic behaviour are difficult to describe with the 
same equations and material constants, therefore a separate static and cyclic parameter set should be 
created. The developed material model (called PRESCOM – Parameter Refreshed and Strain Con-
trolled Combined Chaboche model) is a combination of five Chaboche models superposed with mul-
ti-linear isotropic hardening. The combination of kinematic and isotropic hardening is able to describe 
the yielding plateau if the isotropic parameters are set as if the material was softening after the yield-
ing point. This approach gives accurate results for monotonic loading, therefore the corresponding 
parameter set is referred to as static set. A different set of parameters (cyclic set) define a material 
model that can describe the decrease of the yielding surface, the disappearance of the yielding plat-
eau, and the plastic creep. However, if the plastic strains are small, the PRESCOM model with con-
stant parameters (either static or cyclic) cannot follow the change of yield surface and the transition 
between the exclusively static and cyclic behaviour. Another parameter setting is defined to describe 
this phenomenon. This saturated state is followed by the combined model using a function to calcu-
late its parameters on the fly.  

3.2 Dynamic model parameter calculation 
At the beginning of the loading the static parameter set is used for every steel element in the dissipa-
tive zones of the structure. After the first load step, the maximum value of equivalent plastic strain is 
evaluated, and the material model constants  are updated using the following logic: If the value of the 
plastic strain is zero, the parameter set is kept static. If it is greater than a pre-defined limit (εEQW2), the 
cyclic parameter set is switched is loaded. If it is in between 0 and εQEW2, behaviour can be described 
by saturated parameters that are described by a function of the equivalent plastic strain mentioned in 
section 3.1. Equivalent plastic strains are evaluated after every load step. If the new strain value is 
greater than the previous, the above procedure is repeated, if its lower the parameters stay the same. 
By this procedure, the hardening memory effect at the critical range of small plastic strains is built 
into the material model using  the maximum plastic strain to describe the change in material behav-
iour. 

The numerical models use the saturated yield stress (fy,num), which refers to the decreased yield 
surface, except for the static parameter set, where the first yielding point corresponds to the virgin 
state. The decrease of yield surface is the function of maximal strain, and in spite of yielding stress 
reduction after some plasticity, if the loading reaches the same strain as before, the stress also has be 
identical, therefore the hardening has to be increased. At the transitional zone the model parameters 
are changed, in a way to reach the real yielding stress level, if the strain amplitudes reach the maxi-
mum.  

The material model contains five simple Chaboche models with different parameters (Table 1). 
The PRESCOM model’s initial hardening behaviour depends on first of all the Chaboche models’ C 
and γ parameters (the initial hardening is significant, but the whole hardening saturates at small plas-
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tic strain [4]), while the isotropic hardening is relatively small and the other Chaboche models do not 
influence the hardening behaviour at this strain rate. At the transition range of plastic strain the first 
three Chaboche models in Table 1 are dominant; the parameters of the other models can be left un-
changed. The translation of the yielding surface can be expressed as a function of accumulated plastic 
strain, as follows: 

tanh
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where Ci, γi are material model constants, Δεp is the accumulated plastic strain. The expression in 
parentheses in Eq. 1 (β) controls the saturation of the hardening. If β reaches 2.5, the hardening is 
99% saturated. The first Chaboche model reproduces the hardening between the virgin and the satura-
tion tendencies, while the second and third models describe the hardening observed in cyclic experi-
ments. At the end of the transition, the PRESCOM models’ behaviour shall be the same as the model 
with the cyclic parameter set. The parameters of the first model can be calculated as: 
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where β=2.5; εEQW is the maximal von Mises strain, and  σΔ takes the cyclic degradation of the yield 
stress into account. The second and third models’ parameters are described in Eq. 3: 
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The stress level at a given strain rate depends on the load history and these results in different stress 
values for the same strain level. This phenomenon is taken in consideration at transition model, with 
increasing coefficients at second and third models, and decreasing at the fifth Chaboche model: 
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If the hardening modulus of the combined models becomes greater than the Young’s modulus of 
steel, it is discarded and the Young’s modulus is used instead.  

3.3 Model parameter calibration 
The model has large number of parameters, therefore “Trial and error method” was used for model 
calibration. The experimental results  Youngjiu et. al [5] are used as the basis of the calibration. Two 
series of experiments with a total of 50 tests on Q235B and Q345B steel specimens were studied by 
the authors using several different load protocols. The experimental monotonic and hysteresis behav-
iour, ductility characteristics and cumulative damage degradation are discussed in details. Results of 
Q345B specimens are used for calibration. The numerical model is a simply supported, cuboids 
shape, that can describe the material behaviour without the influence of element geometry. The pa-
rameters are shown in Table 1. 

Table 1 The parameters of PRESCOM model calibrated on the basis of [5]  

fy,num=335 MPa 

fy,real=423 MPa 

Cyclic material model Transitional model 

Chaboche models Multi-linear Chaboche models  

Chaboche model no. C γ Δσ εpl [-] σ C γ Δσ 

I. 75000 1500 50 0 328 f(εEQW, σΔ, β) σΔ 

II. 21000 375 56 0.05 339 f(εEQW2, α, C02) 

III. 7000 120 58 0.1 350 f(εEQW2, α, C03) 

IV. 1000 25 40 4.5 451 1000 25 40 

V. 300 0    f(εEQW) 0  
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3.4 Static, saturated and cyclic behaviour 
The above detailed procedure results in a model that can describe the saturation of Bauschinger effect 
and the decrease of yield surface. Figure 1. shows the model behaviour under static loading,  with and 
without preloading; and the saturation under low strain cyclic loading.  

 

 
Fig. 1 The pure virgin and cyclic behaviour of PRESCOM model calibrated to Q345 under static 

loading (left); the behaviour of the model under static loading in the function of maximal 
plastic strain experienced in preloading (middle); disappearance of the yielding plateau 
and decrease of the yielding surface during cyclic loading with small amplitudes of plastic 
strain (right). 

Behaviour of the material model under cyclic loading is shown in Fig. 2. The obtained results are 
sufficiently accurate, especially at the tension side of the hardening. In case of compression the calcu-
lated curves shows higher values than the experimental test. 

 

 
Fig. 2 Cyclic behaviour of the developed model under cyclic loading with proportionally in-

creased amplitudes(left up); constant proportional loading (right up); non-proportionally 
increased amplitudes at tension side, and decrease at compression side loading, where the 
difference between the tension-compression is the same (left down); non-proportionally 
increased amplitude of loading (right down). 
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4. Numerical model of Bucking Restrained Braces (BRB) 
Using the developed material model a Buckling Restrained Brace (BRB) under cyclic loading is 
analysed. The BRB has three components: a slender steel core, where the energy can be dissipated; a 
concrete casing in a steel hollow section, which supports the core laterally under  compression; and an 
air gap separating the former two parts from each other. The purpose of the investigation is to explore 
the operation of the brace, paying special attention to the additional hardening at large strain levels 
under compression (pinching effect) [6].   

4.1 Description of the model  
Complexity of the BRB structural member requires the use of several advanced modelling tools, such 
as cyclic material cyclic plasticity, plastic buckling, contact problem and friction. The four parts of 
the numerical model are shown in Fig 3. 
 

 
Fig. 3 The numerical model  

In order to reduce computation time and improve convergence, symmetry plains are defined and one 
quarter of the member is modelled, as shown in Fig. 4, [6]. In order to maximize the accuracy of 
calculation serendipity element type and quadratic mesh have been used. The mesh has 25 mm ele-
ment size. 

 

 

Fig. 4 The mesh and boundary conditions. 

Loading is quasi-static with automatic time stepping and displacement control., identical to the labor-
atory experiments; the applied loading protocol is the combination of ECCS recommendations and 
EN15129 [6]. In order to improve convergence, the force label convergence criteria were softened, 
special contact parameters were used, and the normal penalty stiffness factor and the penetration 
tolerance factor were set to more rigid. 

4.2 Numerical analysis 
Comparison of the numerical and experimental results is shown in Fig. 5. As it can be seen they are in 
good agreement and the accuracy of the numerical model is satisfactory. The coefficient of friction 
μ=0.085 is selected during calibration. The primary reason of the pinching effect is the friction. Dur-
ing the cyclic loading increased plastic compression occurs at the top of the core, causing significant 
contraction. The contracted core gets trapped and transfers axial forces to the concrete. The pinching 

 Steel hollow section: modelled by 20-
node-serendipity element and elastic ma-
terial (E=210 GPa, ν=0.3). 

 Concrete: modelled by 20-node-
serendipity element and elastic material
(E=21 GPa, ν=0.18). 

  Steel core: modelled by 20-node- seren-
dipity element and PRESCOM material. 

 Air gap: modelled by 8-node-contact and
target element with initial contact offset
and friction.  
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effect can be eliminated by simple construction rules that ensure low friction and provide an appro-
priate air gap size.  

 

 
Fig. 5  Result of numerical simulation and experiment. 

5. Concluding remarks 
In the paper a parameter refreshed calculation method for Chaboche model is introduced for low 
carbon steels. Although the model is developed in the ANSYS finite element environment, the proce-
dure can easily be adapted to other software, where the Chaboche model is available anddifferent 
material models can be combined. The developed model is able to describe the static and cyclic be-
haviour, the saturation of Bauschinger effect, and the dependence of loading history. The material 
model calibration is done on the basis of experimental results. The accuracy of the numerical model is 
satisfactory, the material model can be used in nonlinear time history and cyclic geometrical and 
material nonlinear imperfect analyses (GMNI). Using the developed material model, a buckling re-
strained brace element is analysed. It is shown that by the numerical model such a complex structural 
member can be studied accurately. Based on the result this model can be the basis of innovative struc-
tural detail development.  
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Abstract 
The goal of the presented research project is to detect the effect of mesh geometry on structural be-

haviour of free form grid shells by performing systematic numerical analysis. A tool was developed, 

that is capable of generating an optimal mesh onto a free form surface. The tool performs a shape 

optimization process on an initial mesh topology by gradually moving its nodal positions along the 

surface. Optimality criterion is based on maximizing the load bearing capacity. This is determined by 

nonlinear finite element analysis in which material and geometrical nonlinearities are considered. The 

paper presents the design methodology and results of optimized structures completed up until writing 

this paper. Furthermore an imperfection sensitivity analysis is included. 

1 Introduction 
Free-form single-layer reticulated shells are spatial structures made of steel beams, where the nodes 

all lie on one double-curved, irregular surface. In the last decade several such structures have been 

realized, such as the court roof of the British Museum in London. In most cases the network of beams 

was derived from aesthetic reasons. Previous studies have shown that the behaviour can significantly 

change only by slightly modifying the mesh. Thus it is investigated, whether performance could be 

improved by slightly modifying nodal positions of the structure by performing a shape optimization 

process on given topologies. 

In the optimization literature the investigated single-layer structures are mostly domes, and the 

goal is to minimize weight. In topology or size optimization the geometric description is not general, 

but rather limited, so not all the geometrically possible structures can be investigated. Therefore the 

motivation for the presented research was to investigate more complex shapes with various mesh 

types obtained by a general meshing technique. 

A single layer structure is a discrete system of beams. The network made up of beam centrelines 

is called the mesh; in which five or six centrelines intersect in one node. Adjacent beams form faces, 

which are all triangles in the current investigation, so that the structure can be covered by flat panels.  

2 Mesh generation process 

   

Fig. 1 Automatically generated mesh topologies. Left: mesh generated on a dome (relaxed mesh 

with thicker line). Middle and right: a mesh generated on a free form surface with face 

normals. 

563



9th
 fib International PhD Symposium in Civil Engineering 

As part of the research project, an automated mesh generation process was developed. The tool gen-

erates a triangular mesh on any continuous convex free form surface, without singular points and with 

a convex ground plan. An important property of the mesh is that boundary points are placed equidis-

tantly. The basic concept of the meshing process is to intersect the surface with differently inclined 

planes, and to determine intersection points of the generated curves. Two basic parameters describe 

the mesh: one controls the density of the mesh (n), the other controls the angle between the slicing 

planes (φ). In this paper, mesh is generated on two surface types: on a spherical dome (Fig. 1 left)  

and on a free form surface (Fig. 1 middle and right).  

To improve the generated mesh on a geometrical basic, in certain cases dynamic relaxation was 

also used [3]. This method is used by architects, because it results in a mesh with smaller variety of 

beam length and a more harmonic network (Fig. 1 left). 

3 Nonlinear analysis 
In order to compare the behaviour of each mesh, the load bearing capacity had to be determined. In 

previous investigations of the authors, load bearing capacity was determined using first order analy-

sis. However investigation on the failure modes of single-layer grid shells shows in many cases the 

presence of snap-through or global buckling [1, 2]. Therefore it was decided to perform a more exact 

geometrically nonlinear analysis. However this increases the computational time significantly, there-

fore, there are only a few accurate numerical investigation in literature [1].  

The analysed structures have rigid joints and all boundary nodes are fixed supports. Each straight 

beam is modelled using 3 beam finite elements. Uniform tubular sections section sizes were chosen, 

so that element buckling and plasticity is not a typical failure mode, hence the initial mesh shows a 

global failure mode. The material is perfectly elasto-plastic steel with a yield stress of 23.5 kN/cm2. 

3.1 Determination of Load Bearing Capacity 
Nodal loads were applied with one load parameter; this will be detailed later. Load deflection curves 

were determined by finite element analysis. As single-layer shells may fail due to snap-through, the 

behaviour is instable. This required a special nonlinear solution method called arc-length method [1]. 

For each analysed mesh a load bearing capacity was defined. Load-deflection curves of each node - 

including the end nodes of each finite element - were investigated (Fig. 2). The capacity is defined as 

the maximum (critical) load, or the load for which deflection is higher than 0.2 meters for any of the 

nodes. 

 
Fig. 2 Load deflection curves of nodes. The load bearing capacity is qcr,0=2.08 kN/m2.  

4 Shape Optimization 
A shape optimization technique was developed, for which a simplified flowchart on Fig.3 shows how 

the used tools were linked together. When updating the grid, each inner node is moved along the 

surface. Each node can be moved as far as the closest adjacent node. During the optimization, the 

number of variables for a mesh is twice the number of the non-boundary or inner nodes of the mesh. 
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Fig. 3 Flowchart of analysis and optimization procedure. 

4.1 Optimization algorithm 
The optimization procedure was performed using a genetic algorithm (GA). The algorithm creates a 

random initial population from a discrete set of possible variables. The variables are represented by a 

string of numbers, and after computing the fitness value for each individual, strings with the best 

fitness are selected to construct the next generation. Two-point crossover and mutation are applied in 

order to obtain a new population. A self-adaptive approach for mutation given by Toğan and Daloğlu 

[5] is adopted in the design to increase the probability of obtaining the global optimum and to raise 

the performance of the GA. In this manner, the probability of mutation is chosen according to the 

fitness value of the solutions. The probability of crossover is fixed during the optimization with the 

value of 0.85. Elitist strategy is used, which means, that the best two individuals are copied into the 

new generation directly. In this paper, an optimal or improved mesh refers to the mesh that is the 

result of the optimization procedure, with the described fitness function, irrelevant of the fact that it is 

a global or local optimum. 

4.2 Load 
In order to simplify the optimization procedure the structure is loaded with vertical nodal forces. 

Loading the mesh with uniform magnitude in all the nodes would bias the results in the optimization 

procedure. This is demonstrated on the optimization of a dome mesh: Fig. 4 (left) shows the initial 

and the optimized mesh with a critical uniform nodal load of 225 and 255 kN respectively. The beam 

on the top of the optimized mesh became longer than the rest. In reality distributed forces act on the 

surface, hence in the model the nodes of this top beam should be loaded with a higher nodal force.  

         
Fig. 4 Left: initial mesh and optimized meshes with uniform vertical nodal loads;                

Right: Optimized mesh with distributed load with and without scaling. 

For this reason a more accurate load model was developed, where nodal force is calculated as if uni-

form vertical distributed load acted on the surface. It is assumed, that the distributed load on each face 

is transferred to its three nodes, equally divided between them. Thus the load bearing capacity is the 

maximum distributed load       . If this value was compared for each mesh, then the optimization 

procedure would result in a mesh, where the faces adjacent to boundary nodes become larger, so that 

most of the load goes directly to the boundary. To avoid this, the distributed load is scaled by the ratio 

of the full area ( ) of faces, to the area, from where the load is transferred to the inner nodes (      ). 

Thus the fitness function is:               . (Fig. 4 right)   
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4.3 Results 
First a mesh on a dome with 10 inner nodes was investigated. The span is 35 meters, and the average 

beam length is 8 meters, so this is a relatively coarse mesh with only a few inner nodes. Load bearing 

capacity of the initial mesh was 2.08 kN/m2 (Fig. 4 left). The fitness of the optimized mesh (Fig. 4 

right) is 14% higher than the initial. This does not show a completely symmetric layout, so the algo-

rithm did not find the best solution. The spherical surface - like any surface of revolution - is advanta-

geous, and the initial mesh has a harmonic layout, therefore a higher improvement was not expected.  

For a mesh with 42 inner nodes (Fig. 1 left) on the same surface, dynamic relaxation improved the 

mesh with 4 % increase in load bearing capacity, but the optimization procedure did not find a better 

solution. Results of the optimization meshes are briefly summarized in Table 1. 

The investigated free form mesh has a span of 25 meters. The mesh with 14 inner nodes has an 

avarage beam length of 6 meters (Fig. 5). In the optimization process the relaxed mesh serves as a 

better initial mesh, as it saves computational time, while it increased the load bearing capacity by 4%. 

At the beginning of the optimization process, the nodes close to the very shallow part of the surface 

were moved away; this way snap through failure mode was prevented. The optimal mesh (Fig. 5 

right) is a mesh where one node moved to the peak point of the surface while nodes adjacent to the 

boundary moved even closer to it. This result reflects the theoretical optimum of a grid with four 

corner supports, where there is only one inner node, and the grid forms a pyramid [4].  

For topologies with more inner nodes, that can be modified, smaller improvement in capacity is 

possible. The main reason is, that they behave more like shells; hence the typical failure modes are 

different. Snap through cannot be prevented only by moving away nodes from parts with smaller 

curvature, but more than one node would snap through. For the free form mesh with 29 inner nodes 

(Fig. 6), the algorithm found a solution with 19% higer load bearing capacity. An even higher impro-

vement is expected after expanding the set of possible variables. In the current state, the optimization 

process proved to be rather slow, but converged well. 

a)   b)   c)   d)  

Fig. 5 14 node mesh: initial (a), relaxed (b), one modified (c) and the optimal mesh (d). Load 

bearing capacity is 2.06; 2.14; 3.20; 4.11 kN/m2 respectively. Initial mesh with thin line. 

a)    b)   c)   d)  

Fig. 6 29 node mesh: initial mesh (a) and steps of optimization (b,c,d). Load bearing capacity is 

3.56; 3.96; 4.10; 4.23 kN/m2 respectively. Initial mesh with thin line. 

Table 1 Results of performed optimization  

Surface Number of 

inner nodes 

Load bearing capacity [kN/m2] 

Initial  Optimized  Improvement [%] 

Dome H/ L=0,2 (Fig. 10) 10 2,08 2,37 14 

Dome H/ L=0,2 (Fig. 1 left) 42 7,96 8,25 4 

Free form L=25m (Fig. 5) 14 2,06 4,11 100 

Free form L=25m (Fig. 6) 29 3,56 4,23 19 
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5 Imperfection sensitivity analysis 
To this point, load bearing capacity was determined based on geometrically and materially nonlinear 

analysis. However, shell structures are highly sensitive to imperfections. Therefore in future research, 

imperfection is intended to be included in the optimization process. A parametric analysis was carried 

out to investigate the effect of imperfection on different mesh types. Imperfection was calculated by 

scaling the first eigenmode (Fig. 7).  

In Fig. 8-11 the ratio of the critical loads (or load bearing capacity) of the perfect and imperfect 

models of various mesh types are presented. This ratio is also called reduction factor. For an imper-

fection scaled to a maximum of L/300 (Fig. 11), it varies between 0.4 and 0.9 depending on the 

eigenmode, surface type, stiffness and mesh coarseness. Fig. 8 shows results for domes with different 

mesh density parameters. For the densest mesh (n=11) the reduction factor is higher, mainly because 

the eigenmode is different (Fig. 7). Furthermore the mesh acts more like a shell and is stiffer due to 

the higher number of nodes. Fig. 9 shows that the reduction factor becomes smaller for a shallow 

dome, as the eigenmode differs from the other domes. The meshes generated on the investigated free 

form surface are less imperfection sensitive compared to the dome (Fig. 10-11).   

 

 

 
 

Fig. 7 First eigenmodes of dome meshes. Mesh density parameter varies: n=11, 7 and 5. 

 
Fig. 8 Effect of imperfection on dome meshes with different mesh density (n). The name of each 

mesh refers to geometric parameters: n, φ and average beam length respectively. 

 
Fig. 9 Effect of imperfection on dome meshes with different height to span ratio. 
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Fig. 10 Effect of imperfection on free form meshes with different mesh density (n). The name of 

each mesh refers to geometric parameters: n, φ and average beam length respectively. 

 
Fig. 11 Effect of imperfection scaled to L/300, on meshes with varying mesh density (n). 

6 Conclusions, further investigations 
The presented shape optimization process worked well and reached 19% increase in load bearing 

capacity for a presented free form mesh. It can be concluded that the results are highly dependent on 

boundary conditions, surface curvature and mesh coarseness: beam length and node number. It was 

demonstrated that imperfection significantly reduces the load bearing capacity to 40-90%. 

In the current paper plasticity occurred only partly in a very few sections and local element buck-

ling was also avoided. In the future, the effect of different section sizes will be investigated. A behav-

iour study on the effect of nodal stiffness will also be performed.  
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Abstract 
A 3D extension of the so-called large penetration algorithm using a covariant contact description in 
the local surface coordinate system is presented. As presented in [2] the Node-To-Surface (NTS) 
approach allows the computation with larger load increments than within a usual consistent 
linearization. The required specific structure of the tangent matrix for this 3D scheme is found in a 
straightforward fashion using the covariant contact description. In order to show the efficiency of the 
scheme for further approaches like e.g. the Surface-To-Analytical-Surface (STAS) examples with 
contact, bending and sliding of shells modelled with elements of quadratic approximation are 
presented. 

1 Introduction 
Contact mechanics as a field within nonlinear computational mechanics requires for all classical 
methods the consistent linearization in order to reach quadratic convergence. Several approaches to 
accomplish the linearization of contact expressions are described in [11] and [8]. Within [3], [4] and 
[7] a special approach allowing the linearization before discretization is developed. This enables the 
contact formulation in any curvilinear geometry as in [6]. Nevertheless, the consistent linearization 
converges for all these linearization techniques well only if the initial approximation is close to the 
searched solution and, therefore, often a large number of load steps is needed to reach the solution. 

In order to overcome this difficulty a combination of non-consistent and consistent linearization, 
the so-called large penetration algorithm, was proposed by Zavarise et al. in [12] for 2D linear 
geometries. Hereby, the tangent matrix derived according to the consistent linearization is split in a 
"basic" and a "geometrical" part. Starting only with the "basic" part of the tangent matrix the 
computation is switching after some iterations to the full tangent matrix. This procedure is 
nevertheless limited to linear elements in 2D. For 3D problems and arbitrary orders of discretization 
the required identification of the "basic" and "geometrical" part was already derived in [3]. The 
matrices therein derived by consistent linearization give a clear understanding which parts have to be 
incorporated for the large penetration scheme. 

A first reliable combination of the covariant description with the large penetration algorithm was 
presented in [2] for a frictionless Node-To-Surface (NTS) approach. The following contribution is 
focusing on the large penetration scheme based on the covariant contact description for the Surface-
To-Analytical-Surface (STAS) approach. Then 3D-numerical examples concentrating on setups with 
quadratic approximation of the geometry and non-frictional sliding are presented. 

2 Covariant contact formulation 
A special 3D local coordinate system as given in Fig. 1 is introduced for the so-called closest point  

 
Fig. 1 Definition of a local spatial coordinate system  
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projection of the slave point S on the master (M) where the third coordinate ξ³ has the direction of the 
normal n. Using ρ for the position vector of the master point M the position of the slave point S yields 

r(ξ1,ξ²,ξ³) = ρ(ξ1,ξ²)+ξ³ n(ξ1,ξ²).  (1) 

Based on this coordinate system contact relies on monitoring the penetration ξ3 where a non-positive 
value implies contact. All geometrical and kinematical characteristics of the contact formulation are 
investigated within this local coordinate system. Regarding contact kinematics with moving and 
changing contact surfaces all parameters can be considered as time dependent. Therefore, the 
important operation for obtaining the weak form is to specify the velocity of the slave point. The rate 
of penetration ξ3 eminent for the non-frictional formulation is obtained by projecting the slave point 
velocity vS at ξ3 = 0 on n. With the master point velocity vM this yields 

d/dt ξ3 = (vS − vM )· n . (2) 

2.1 Penalty regularization and consistent linearization 
With N denoting the normal component of the traction vector the virtual work for frictionless contact 
problems can be expressed in the form 

δWc =∫s Nδξ
3ds  (3) 

where the variation δξ3 is derived exploiting the analogy to time derivatives as given in Eq. (2) 

δξ3 = (δr − δρ)· n .  (4) 

Using a penalty scheme for the normal traction the regularized contact functional is given as 

δWc =∫sεN ξ3 H(− ξ3)δξ3ds  (5) 

where εN is the penalty parameter and H(− ξ3) is the Heaviside function.  
In order to solve this problem within a Newton type solution process a consistent linearization is 

required with the consequence of exploiting the full material time derivative for the covariant 
description within the local spatial coordinate system. Each parameter in the contact integral is 
considered in the spatial local coordinate system of the master surface, therefore, linearization of the 
slave surface ds is not needed in the process. Thus, ds is assumed to remain constant within 
linearization. The linearization of the regularized contact functional leads then to 

Dv(δWc) =∫sεN H(− ξ3) {(δr − δρ)(n ⊗ n)(vS − vM )−  (6) 
− ξ3 [δρ,ia ji(n ⊗ ρ,j)(vS − vM )+ (δr − δρ)(ρ,j ⊗ n)aij vM,i]−  (7) 
− ξ3 (δr − δρ)(ρ,k ⊗ ρ,l )h

lk (vS − vM )} ds .  (8) 

While aji are the contravariant components of the metric tensor, hlk represent the components of the 
curvature tensor. Obviously, the contact tangent matrix consists of three parts, namely the ”main” 
(Eq. (6)), the ”rotational” (Eq. (7)) and the ”curvature” (Eq. (8)) part, for details see [3], [4] and [7].  

2.2 Finite element discretization  
The current contribution is concentrating on the NTS and the STAS contact approaches with 
quadratic approximation of the master surface. Within finite element formalities using quadratic shape 
functions N(k)(ξ1,ξ2) and the nodal coordinates x(k) this leads for a master surface point ρ to 

ρ = ∑N(k) (ξ1,ξ2)x(k)     with      k = 1,2,...,9.  (9) 

In the case of NTS contact elements the contact surface denoted as the master surface is approximated 
by surface elements as given in Fig. 2. The slave surface is represented by single nodes directly taken 
from the structural finite element mesh of the slave body. Thus, a single NTS contact element consists 
of a pair of 9 nodes for the discretization of the master surface and a further node on the slave surface. 
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Fig. 2  Quadrilateral NTS element with quadratic approximation 

In the case of STAS contact elements the slave surface is represented by an analytically described 
surface. Thus, a single quadratic STAS contact element consists of only 9 nodes discretizing the 
master surface. Penetration is checked at integration points as e.g. Gauss or Lobatto points against the 
analytically described surface and is calculated in a closed form as e.g. for the sphere 

ξ3
ip = |ρ(ξ1

ip,ξ
2
ip) − xc)| − R  (11) 

with xc denoting the center of the sphere and R the radius, while ip goes along with the considered 
integration points.  

Both approaches have been implemented into FEAP-MeKA documented in [9] and [13]. 

3 Large penetration scheme 
Based on the separation of the tangent matrix as given in Eq. (6)-(8) a scheme for large load steps is 
employed. This scheme was already studied for some examples regarding the NTS approach in [2] 
and proved to be effective. Whereby, the efficiency is increasing with the complexity of the 
investigated example as the rotational (Eq. (7)) and curvature parts (Eq. (8)) are activated. This 
scheme, the so-called 3D large penetration scheme, is directly based on considerations introduced in a 
recent publication by Zavarise et al., see [12], dealing with 2D linear contact problems. 

In the following the general outline of the utilized 3D large penetration scheme for the STAS 
approach is given, see Fig. 3. The governing assumption, hereby, is to correctly estimate a priori the 
final resulting maximum contact pressure for a given contact setup.  

 
Fig. 3 Outline of applied LP scheme for 3D covariant STAS approach 
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The a priori estimated contact pressure denoted as pe is used then as an indicator to switch for each 
load step between two main phases of the algorithm. Within the first phase the tangent matrix consists 
only of the main part as Eq. (6) and the residual encounters an upper bound for the maximum contact 
pressure represented by the a priori estimated contact pressure pe. The latter modification allows to 
shift smoothly from phase one to phase two, where the standard consistently linearized terms - the full 
tangent matrix (Eqs. (6)-(8)) - are used. Furtheron an update scheme for a possibly underestimated a 
priori contact pressure is used as 

pen+1 = pen +αc pe  ,  (12) 

where αc represents a chosen weighting factor. As an update indicator a parameter R is used which 
considers the penetration within consecutive iteration steps, see [2].  

4 Numerical example 
The example presented within this contribution represents a setup with very high complexity as slid-
ing is encountered. Nevertheless, the example represents a frictionless contact problem between two 
bodies and demonstrates the effectiveness of the described large penetration algorithm in combination 
with the covariant contact approach. This example is taken for a comparison of the effectiveness for 
both considered approaches (NTS and STAS) regarding the used large penetration scheme. 

The efficiency of the used algorithm is measured by the influence on the convergence rate looking 
at the accumulated number of equilibrium iterations of a Newton algorithm within all load steps. As a 
reference computation the examples are also computed according to the consistent linearization. 

In case of the STAS approach 2 × 2 Gaussian integration points for each contact element are used 
and the surface of the rigid bodies is meshed for demonstration purposes. 

The setup of the example is as follows. A clamped elastic beam is bended over a double curved 
body - a rigid sphere. The beam has the dimensions 24.0 × 4.0 × 0.25 and the sphere a radius of 4.0. 
The beam consists of a St. Venant material with an elasticity modulus of 1.0 · 105 and a Poisson ratio 
of 0.0. The FE discretization is carried out using 12 ”solid-shell” elements with quadratic shape 
functions. In order to enable sliding on the sphere the edge of the beam is not clamped, but attached to 
springs with a total spring stiffness of 60. The loading consists of three asymmetric forces F1 = 2.5, F2 
= 2 × F1 and F3 = 4 × F1 applied in vertical direction and F4 = 8 × F1, F5 = 32 × F1 and F6 = 8 × F1 in 
horizontal direction on the nodes at the free end. 

Regarding the contact formulation the bottom surface of the elastic beam is considered as the 
master surface with quadratic approximation. The contact parameters are chosen as εN = 500 for the 
penalty parameter, and, the parameters specific for the large penetration scheme are given as 1.0 for 
the cut-off pressure pe, αc = 1 for the update multiplier and Rc = 0.1 for the update indicator. The setup 
is shown in Fig. 4. 

As is indicated in Table 1 the example does not converge for any feasible load step size within the 

 
Fig. 4  General setup of sliding and bending of a beam over a rigid sphere 
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CL scheme. In order to detect the limits of the CL scheme additional computations are carried out for 
the NTS approach resulting in a maximum load step size of 0.00004 and 75998 iterations for a finally 
converging computation. However, the LP scheme is capable of dealing with more suitable load step 
sizes, even applying the full load in one step, thus, the performance is increased tremendously. An-
other observation within this example is that for some load step sizes no convergence is achieved at 
all for some load levels, however, convergence is observed again for the next load steps and the com-
putation is then leading to the correct final result. In Table 1 this fact is denoted with (m × n)∗ where 
m is the number of load steps without convergence and n is the maximum number of iterations for 
each load step defined within the computation. Finally, a deformation sequence of extreme penetra-
tions allowed during the first iterations of the LP scheme are visualized in Fig. 5 with the contact area 
developing during the iterations for the load step size of 2.5 (one single load step). 

Table 1  Sliding and bending of a beam over a rigid sphere with quadratic approximation of the 
contact surfaces. Comparison of convergence and accumulated number of iterations nec-
essary for the final load F1 = 2.5 for the NTS and the STAS approach (here: n=100) 

 

 
Fig. 5  Sliding and bending of a beam over a rigid sphere with quadratic approximation of the 

contact surfaces. Development of the contact area at several iteration states for the LP 
scheme of the STAS approach with load step size 2.5 (one single load step) and 38 itera-
tions necessary for convergence 
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6 Conclusions 
A direct development of a finite element setup for the so-called large penetration scheme was present-
ed via the covariant contact description. An extension of the applicability of the large penetration 
algorithm to 3D problems with higher order shape functions was found for the NTS and the STAS 
approach. The restriction of the CL scheme for the STAS and NTS formulation to smaller load step 
sizes is not present within the LP scheme. Nevertheless, in the STAS approach some difficulties 
regarding load step sizes with non-converging load steps were found, however, continuing then with-
out a converged solution for the load step the correct final result is achieved in all cases. Finally, it has 
to be noted that a direct comparison between the NTS and the STAS approach is fairly difficult as the 
amount of contact points was fairly different using 2 × 2 Gaussian integration points for the STAS 
approach. 
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Abstract 
An implementation concept for highly efficient shell finite elements with linear shape functions is 
presented. In the context of explicit time integration small time steps in combination with only vector 
operations on global level lead to a domination of element processing. The presented implementation 
concept is based on the application of the symbolic programming tool AceGen, an extension to the 
computer algebra software Mathematica. The presented shell elements including standard (=full) 
numerical integration in combination with different approaches in order to reduce artificial stiffness 
effects are implemented into the in-house Finite Element code Feap-MeKa. The specifics of the im-
plementation concept are discussed and the efficiency and functionality of the element formulations 
are presented on numerical examples including large deformations. 

1 Introduction 
An explicit time integration method that is suitable for very fast processes and highly nonlinear prob-
lems is the central difference scheme [3], often also called VERLET-algorithm [24]. Due to the necessi-
ty of very small time steps the element routine is called very often inside the algorithm. For lumped 
mass matrices the costly solution of coupled linear equations on global level is not necessary. But the 
time step size is constricted by a critical value that is given by the COURANT-criterion [9]. Conse-
quently the central difference scheme is mostly attractive for highly dynamic problems where small 
time steps are required anyway. In addition it is preferably used for highly nonlinear problems where 
convergence with implicit algorithms is hard to achieve. 

For analysing thin-walled structures it is adequate to use shell elements that are able to capture 
thickness effects. For poor aspect ratios of the elements, e.g. for very small thicknesses, the so called 
geometric locking effect appears that is removed with the method of ‘Assumed Natural Strains’ 
(ANS), where the strains are evaluated at specific sampling points and interpolated. The volumetric 
locking effect that affects simulations near the incompressible limit is reduced with the ‘Enhanced 
Assumed Strain’ (EAS) method. 

In this contribution the focus lies on an efficient implementation concept that enables the 
generation of different types of finite elements with high computational performance. The 
implementation concept is based on the application of the symbolic programming tool AceGen which 
allows a combination of symbolic operations together with the automatic generation of highly 
efficient program code. The adaptability of the concept is demonstrated with the solid-shell finite 
element concept and with an axisymmetric volume shell element. The axisymmetric element 
formulation can be obtained by assembling axisymmetric constraints on a simple 3D-solid shell 
element. The implementation of further element procedures like the EAS and ANS method are 
implemented also applying symbolic programming. The functionality of the element formulations is 
presented on several numerical examples. 

2 Explicit time integration 
The implementation of the central difference method is done according to [3] also known as VERLET-
algorithm in [24]. The governing equations are shown briefly. 
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With a diagonalized mass matrix Μ , the system damping matrix C  and the time dependent values 

of the element load vector nf  at time n  and the velocities d at time 2
1n   the accelerations can be 

computed very efficiently as  






   2

1nn1n dCfMd     (1) 

at time step n . With the time step 2/)tΔtΔ(tΔ 1nnn   the velocity between two time steps is updat-
ed by 

nnnn
tΔ2

1
2
1

ddd   
 (2) 

This leads to the displacements 

2
1nnn1n tΔ

  ddd   (3) 

with the current time step size n1nn tttΔ   . The time step size is limited by the COURANT-criterion 
by 

)
c

l
min(α

ω

2
αtΔαtΔ

e

e

e
max

crit   (4) 

where maxω  is the largest eigenfrequency, el  represents a characteristic element length and ec  the 

wave propagation velocity. The COURANT-criterion [9] is based on linear problems, so in order to 
consider non-linearities, the factor 1  is introduced. For moderately non-linear applications, usual-
ly 9.0α  is sufficient, see also [10]. 

3 Element formulation 
In this section the governing equations for the solid-shell element and the axisymmetric element 
formulation are briefly introduced. For more detailed information, it is referred to the literature, e.g. 
[18,12,17]. The compensation of locking effects by reduced integration is presented in recent devel-
opments that are given e.g. in [1,19,7,20] using implicit finite element applications. 

First the kinematics for the solid-shell and the axisymmetric formulation are introduced. Then the 
residual force vector and the mass matrices are presented, where the same implementation concept 
can be used for each element formulation. 

3.1 The axisymmetric solid 
A recent formulation of an axisymmetric element is given in [8]. The formulation of an axisymmetric 
solid element consists according to Fig. 1 (left) of 4 nodal points, framing a plane that is fully rotated 
around an axis of revolution. This formulation can be obtained by constraining a fully 3D-continuum 
solid, in the first instance described in cylindrical coordinates, with the condition that the displace-
ment in circumferential direction vanishes. The geometry, material properties, loading and boundary 
conditions of the problem have to be constant in circumferential direction as a precondition. 

Thus the initial geometry can be described as for a plane element only depending on the 
coordinates that lie in the cross-section of the nodes by 

    ii ζξ,Nζξ, XX   (5) 

Due to the isoparametric concept the displacements are interpolated with the same shape functions 
and can be obtained as 

    ii ζξ,Nζξ, uu   (6) 

where i  is the number of the nodal points. For the later described computation of element matrices 
the kinematics are transformed from cylindrical coordinates to cartesian coordinates. 
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3.2 The Solid-Shell concept 
The concept of Solid-Shell Finite Elements as presented e.g. in [11] provides a shell formulation with 
full 3D capabilities and displacement degrees of freedom only. Under the assumption of the degener-
ated shell concept that the normals to the mid-surface remain straight, following the notation given in 
Fig. 1 (right), the initial geometry is given by 

          ξ,ηζ1ξ,ηζ1
2

1
ξ,η,ζ lu XXX   (7) 

Linear interpolation of the displacements of the upper and the lower surface leads to 

          ξ,ηζ1ξ,ηζ1
2

1
ξ,η,ζ lu uuu   (8) 

In this contribution linear isoparametric Solid-Shell elements are used with bilinear interpolation in 
membrane and linear interpolation in thickness direction. For the discretization of the initial geome-
try, this leads to 

     










nip

1i
ii

el ζξ,ηN
2

1
ξ,η,ζ XΘX  (9) 

where nip  is the number of in-plane nodes. The upper and lower nodal locations are described by the 

vector  T

iliui XXX  , the interpolation is performed linearly in thickness direction with the inter-

polation matrix  ζΘ . The in-plane interpolation is achieved in the present case with linear  4nip   
Lagrangian shape functions. According to the isoparametric concept, the displacements are interpo-
lated with the same shape functions. The application of higher order Lagrangian or Serendipity type 
shapes is also possible, quadratic Lagrange functions e.g. lead to a formulation with 18 element nodes 
 8nip  . 

 
 

Fig. 1 Geometry of a axisymmetric solid and a solid-shell. 

3.3 Residual force vector 

The system force vector in Eq. (1) is composed of the globally defined external nodal forces extf  and 
the internal nodal forces intf  which are computed on element level. The internal forces can be written 
as the derivative of the internal energy intΠ  with respect to the vector of nodal degrees of freedom d . 
The formulations presented here are implemented for different hyper-elastic material models as e.g. a 
version of the Neo-Hooke material law, defined by the strain energy function 

      C
22

C IIIJwithJln
2

λ
Jlnμ3I

2

μ
CW   (10) 

with the first and third invariant CI  and CIII  of the right Cauchy-Green deformation tensor and λ  

and μ  as the Lamé parameters. The internal energy and hence the internal nodal force vector is then 
obtained directly by 

   dVCWΠ,dVCWΠ
V

int
,d

int

V

int  



d

f  (11) 
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3.4 Mass matrices 
As mentioned in Section 2, an efficient usage of the central difference method implies diagonalized 
mass matrices. The entries of the consistent element mass matrix elM  

 
V

Tel dVρ NNM  (12) 

with the shape functions assembled in the matrix N  are therefore e.g. summed up row by row, in 
order to achieve the diagonalized form 








 
ji

ji

0

M
M k

el
ikel,d

ij  (13) 

For element formulations using Lagrangian shape functions, this method leads to identical or very 
similar mass matrices as other methods as e.g. described in [12] such as ‘nodal integration’ or ‘scaled 
diagonals’ which are also implemented in our code. When using Serendipity type shape functions, the 
‘row-sum’-technique in Eq. (11) is not applicable, as it leads to negative entries in the diagonalized 
mass matrix; other schemes are also not perfect. For this reason Serendipity elements are not used 
here, though they work very well for implicit methods. 

3.5 Locking phenomena 
A very important issue concerning the implementation of low order shell finite elements is the activa-
tion of artificial stresses for different loading situations, the so-called ‘locking’ phenomena. Locking 
can be reduced or even completely removed by several corrections within the element formulation. 
Proposals for locking-free Solid-Shell elements, using reduced integration rules together with stabili-
zation techniques against artificial kinematics can be found in [1,19,7,20]. In the current contribution, 
fully integrated element formulations are presented, where different locking phenomena are treated 
with the well-known methods of ‘Assumed Natural Strains (ANS)’ [2, 6] and ‘Enhanced Assumed 
Strains (EAS)’ [23, 22], which have already been applied to Solid-Shell elements for non-linear 
implicit analyses [12, 11]. For the axisymmetric element formulation Selective Reduced Integration’ 
is taken to alleviate transverse shear locking.  

4 Implementation concept 

4.1 AceGen 
In order to achieve an efficient and comfortable implementation of the algorithms on element level, 
the improved – so called ‘automatic’ – code generation and optimization tool ACEGEN, a plug-in for 
the computer algebra software MATHEMATICA is used. The program is developed by the group of 
KORELC, see [14, 15, 16]. The plug-in uses the symbolic capabilities of MATHEMATICA in order to 
create automatically optimized program code in FORTRAN. It is possible to enter formulas as written, 
without bothering about programming issues. A particular advantage is using the differentiation capa-
bilities. Hence matrix operations, summations and differentiation - also with respect to vectors and 
matrices – can be performed and implemented in a straight forward fashion and programming errors 
can be reduced significantly. Also the computational speed is increased by using automatic code 
generation. 

For the numerical integration of Eq. (11) at the current time step, the operation 

    kjikji

m

1i

m

1j

n

1k

kjiint
,

int
int wwwζ,η,ξdet

ζ,η,ξW
Π

Π J
dd

f d 
   







  (14) 

has to be evaluated for each element using an integration rule with mm  quadrature points in-plane 

and n  points in thickness direction. For code generation and implementation, the following steps- 
itemized in Fig. 2 (left) – have to be carried out: 

Initialization: The subroutine as well as the input (geometry, current displacements, coordinates 
and weights of the quadrature points and material parameters) and output variables (internal force 
vector) are defined. The used ACEGEN commands are SMSInitialize and SMSModule.  

Element matrices: After the import of the element data, the necessary matrices and vectors – 
Jacobian, convective base vectors, Green-Lagrange strain tensor, etc. – can be evaluated using 
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MATHEMATICA’s symbolic capabilities. Differentiation with respect to variables or tensors is also 
possible (SMSD), which is used e.g. to evaluate int

,Π d . 

Export internal force vector: The internal force vector at the current integration point has to be 
exported, to be available outside the symbolic subroutine. The command SMSExport is used with 
the optima “AddIn”=True in order to automatically sum the results for all quadrature points to the 
global memory field.  

Code generation: In the last step, e.g. FORTRAN-code is generated and automatically optimized, 
using the command SMSWrite. The language (FORTRAN, C, etc.) and the level of optimization 
depend on options, defined in SMSInitialize. Fig. 3 (right) shows a portion of the automatically 
generated FORTRAN-code. 

 

 
Fig. 2 Implementation concept and exemplary section of automatically generated optimized 

FORTRAN code 

5 Numerical examples 

5.1 Bending of a long cylindrical shell by a load uniformly distributed along a cir-
cular section 
This example is chosen to show how the element formulations behave in the case of volumetric lock-
ing by varying the Poisson ratio. The linear elastic solution of the displacement of the mid-section of 
a long cylindrical shell is given by TIMOSHENKO and KRIEGER and also used in [8].  

The uniform load is applied slowly thus quasi-statically according to the load function in Fig. 3 
(right), the radius 0.10R  and the thickness 04.0t   describe the geometry and the material is 

described by 3102100E  . In this example at first the results of both element formulations are 
identical until the 3D solid-shell discretization shows – not unexpected as the buckling stress is 
reached – buckling effects caused by circumferential compression whereas the axi-symmetric element 
by formulation does not contain this buckling mode. The corresponding buckling mode evolution is 
displayed in Fig. 4 from left to right. 

For different Poisson ratios the displacement of the axi-symmetric element at the mid-section of 
the cylinder is compared with the analytical solution in Tab. 1 by indicating the ratio of the numerical 
solution and the analytical result. Due to the use of only one single EAS-Parameter the locking effects 
could be almost eliminated. 
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Fig. 3 Geometry of a cylindrical shell and the curve of the applied load 

 
Fig. 4 Buckling mode processing for 3D-solid-shell discretization 

Table 1 Displacement ratios at the mid section for different Poisson ratios 

analytic

FEM
w

w  
Axisymmetric element 
w/o EAS w EAS 

3.0  0.883 0.948 

4999.0  0.181 0.835 

 

5.2 Spherical shell with hole under axisymmetric tip load 
This example presents a spherical shell with an 18° hole on top. Symmetric boundary conditions are 
constraining all sides of the eighth of the sphere. The geometry is described by radius of  

0.10R  and a thickness of 04.0t   and the material is defined by 310210E  .The prescribed 
wavelike displacement is given in Fig. 5 (right). The response is captured in radial direction at a 
reference node that lies on the mid section of the sphere. One eighth of the sphere is discretized with 

128128  elements for the solid-shell formulation, and one fourth of the symmetric sphere section is 
discretized with 128  axisymmetric elements. 

The evolution of the wave is shown in Fig. 6 (left) at the time 6100.3t   with tenfold scaled 
resultant displacement. The response, see Fig. 6 (right), begins with an opposite motion, and then 
passes into an oscillation. Comparing the solid-shell and axisymmetric element formulation a slightly 
growing shift of the phase and the amplitude is found. The reasons for this are the minor differences 
in the element formulations and the error that is automatically embedded by discretizing the curved 
sphere with bilinear elements. About the time 5100.2t   the nearly uniform oscillation is in 
general disturbed by cumulative reflections of compressional and transversal waves. 
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Fig. 5 Geometry of the spherical shell and the wavelike prescribed displacement curve 

 
Fig. 6 Propagation of the wave and response at the mid-section of the sphere 

6 Conclusions 
An implementation concept using the automatic code generation tool ACEGEN based on the computer 
algebra program MATHEMATICA is shown for modern shell elements with mixed interpolation and 
highly nonlinear behaviour. Further the advantages regarding programming and implementing differ-
ent element formulations are discussed. The correct application of ACEGEN allows the direct imple-
mentation of symbolic algorithms and the fast and error free generation of program code. Also modi-
fications in one element formulation or different element formulations can be quickly implemented 
without programming errors. A highly efficient program is achieved proven by the numerical exam-
ples with explicit time integration. 

The application of AceGen for further shell element formulations with quadratic geometry and 
displacement interpolations has shown similar advantages, as they are especially important to capture 
the behaviour of arbitrary curved shells in combination with explicit time integration. A very 
promising application is the implementation of complex material models – currently also underway – 
as here the advantage of automatic differentiation is particularly interesting. 
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Abstract 
Fibre efficiency in structural elements can be improved by controlling and influencing the final direc-
tion of the fibres in order to attain the same post-cracking behaviour with a smaller fibre content. This 
optimisation will be investigated by experiments. Besides a computational model will be developed to 
simulate the flow of fresh concrete in a given formwork and to predict the fibre alignment during the 
flow of SFRSCC. 

The results presented in this paper examine the influence of fibre length and flow distance on the fibre 
orientation and are part of an ongoing experimental programme. Fibre orientation and distribution are 
determined by manually counting the pulled out fibres in both cracking planes. The post-cracking 
behaviour is determined from the load-CMOD curve obtained by testing notched prisms, cut from 
longer beams, under three-point loading (EN 14651). 

1 Motivation and aim of the research 
The use of Steel Fibre Reinforced Self-Compacting Concrete (SFRSCC) can ease the production 
process because concrete elements can be made with a reduction or even complete substitution of 
conventional reinforcement and without vibrating the concrete. Since fibre distribution and orienta-
tion are influenced by the fresh concrete properties, casting procedure and mould geometry [1], the 
assumption of a homogeneous fibre distribution and an isotropic fibre orientation can be questioned.  

Fibre efficiency in structural elements can be improved by controlling and influencing the final 
direction of the fibres so that they have a preferential orientation along the tensile stress direction. In 
this doctoral study, the flow-induced fibre orientation and distribution in fresh SFRSCC is investigat-
ed.  

In the first part of the research project the influence of the rheological parameters of the concrete, 
the flow distance and the fibre geometry on fibre orientation and distribution are empirically investi-
gated. Based on these experimental results, a model will be developed to predict any segregation and 
to calculate how the fibres orient themselves along the concrete flow. The preliminary results present-
ed in this paper are part of an ongoing experimental programme at the Department of Civil Engineer-
ing of the KU Leuven. 

Numerical simulations of concrete flow enable to understand the filling behaviour of fresh con-
crete in a given formwork and provide insight into how fibres align during the flow of SFRSCC. The 
ability to predict the fibre orientation and a tool to optimise the casting procedure reduce the number 
of trial-and-error experiments required for the design of new SFRSCC structural elements. To the best 
of the author's knowledge, this PhD is the first study that will predict fibre orientation and distribution 
in SFRSCC by use of discrete particle flow simulation in three dimensions. 

2 Experimental programme 

2.1 Materials used 
The SFRSCC composition is designed to examine the flow-induced fibre orientation and distribution. 
The mixture proportion used in this study is presented in Table 1. The fibre content is kept constant at 
30 kg/m³ (≈ 0.38 vol%) of hooked-end steel fibres. 
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Table 1 Mixture proportions 

Component Type kg/m³ 

River gravel 4/14 695 

River sand 0/4 847 

Mineral addition Limestone powder 335 

Cement CEM I 42.5 R HES 335 

Water Tap water 150.8 

Superplasticiser PCE 8.375 

Steel fibres Hooked-end 30.0 

 

The constituent materials are initially mixed without fibres and only 80% of the superplasticiser. The 
fibres are then gradually added to avoid fibre balling and finally the remaining 20% of superplasticis-
er is added. Collated hooked-end steel fibres with circular cross-section are used. In order to avoid 
fibre rupture, steel fibres with a high tensile strength are applied. Their physical properties are pre-
sented in Table 2. 

Table 2 Properties of the hooked-end steel fibres 

Fibre type Aspect ratio 

[-] 

Length 

[mm] 

Diameter 

[mm] 

Tensile strength 

[MPa] 

RC80/30BP 80 30 0.38 3070 

RC80/60BP 80 60 0.71 2600 

2.2 Concrete properties 

2.2.1 Fresh concrete properties 
Slump-flow tests according to EN 12350-8 and V-funnel tests according to EN 12350-9 are per-
formed to measure the flowability and filling ability of the SFRSCC. Additionally the air content is 
determined by means of the pressure gauge method according to EN 12350-7. For each SFRSCC, the 
arithmetic mean values of three tests are given in Table 3. The fresh concrete properties are not signif-
icantly influenced by the fibre length. The slump-flow test did not indicate any segregation. 

Table 3 Fresh concrete properties 

Fibre type Slump-Flow 

[mm] 

t500 

[s] 

tV 

[s] 

Air content 

[%] 

Fresh concrete density 

[kg/m³] 

RC80/30BP 787 11.3 47.8 1.5 2400 

RC80/60BP 772 11.3 50.1 1.5 2400 

The product of fibre volume and aspect ratio is called the fibre factor and can be used to describe the 
effect of the type and content of steel fibres. Fresh mix workability is reduced with increasing fibre 
amount and aspect ratio of the fibres [2, 3]. Both SFRSCCs have the same flowability because of the 
constant fibre factor. The length of the fibres may have an influence on the passing ability [4].  

2.2.2 Hardened concrete properties 
All specimens are cured during four weeks at 20 ± 2 °C and 60 ± 2 %RH. The compressive strength is 
measured on 150 mm cubes according to EN 12390-3. The average cube compressive strength is 
equal to 73 N/mm² for SFRSCC80/30 and 75 N/mm² for SFRSCC80/60. SFRSCC80/60 (with a fibre 
length of 60 mm) has a slightly higher compressive strength due to the fact that this concrete was 
about 4 days older at the date of testing. The density of both hardened SFRSCCs is 2390 kg/m³. 
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2.3 Test results and discussion 

2.3.1 Flexural tensile strength 
For both fibre types, six beams having a length of 2.05 m and a cross-section of 150 mm by 150 mm 
are cast. These beams are cut in three different prisms and the specimens are numbered as illustrated 
in Fig. 1.  

     
Fig. 1 Casting setup (all dimensions in mm) width = 150 mm 

The post-cracking behaviour is determined from the load-crack mouth opening displacement curve 
obtained by three-point bending tests on notched prisms according to EN 14651. The test is per-
formed under crack mouth opening displacement (CMOD) control. 

 

 
Fig. 2 Average load-CMOD curves 

The average load-CMOD curves (Fig. 2) show that the post-cracking behaviour of the prisms is not 
significantly influenced by the flow distance in the beam. This is probably related to the fact that the 
fibres already have a preferential orientation due to the flow in the chute. Afterwards, the alignment 
of the fibres doesn’t change much due to the flow in the beam itself.  

Complete pull-out of the fibres is the principal failure mode. Fibre fracture would significantly 
reduce the toughness [5]. 

The results of three-point bending tests are compared with the number of fibres crossing the ac-
tive crack and their orientation profile. The results of one beam with RC80/60BP-fibres (Fig. 3) will 
be used as an example. In this beam, the prism with the greatest flow-distance has the best post-
cracking behaviour.  
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Fig. 3 Load-CMOD curve for one beam with RC80/60BP-fibres 

2.3.2 Fibre orientation and fibre distribution 
After the bending tests on the notched prisms, the number of fibres present at both cracking planes is 
manually counted for quantitative measurement of the fibre orientation. The cross section is divided 
in 36 square areas (Fig. 4) in order to register an orientation profile with different zones and not only 
an average value. This orientation profile will be used later to quantify the wall effect. From the dis-
tribution of the fibres in the cross-section it can be concluded that there is no significant segregation.  

The mean value of the sawn fibres in the notch added to the sum of the pulled out fibres in both 
cracking planes gives the total number of fibres in the cross-section. The average experimental orien-
tation factor is calculated by means of the formula proposed by Krenchel [6]:  

f

f c

A
N

V A
  


 

with:  : average orientation factor (-) 
 N : total number of fibres in the cross-section (-) 
 Af : cross section of the fibre (mm²) 
 Vf : fibre volume fraction (-) 
 Ac : cross section of the concrete beam (mm²) 

 
Fig. 4 Template for manual counting 

A perfect alignment of all fibres along one direction would result in an average orientation factor 
along that direction equal to 1. The orientation factor of randomly oriented fibres in bulk is 0.5. In 
order to take into account the influence of geometrical boundaries on the orientation factor, Dupont 
and Vandewalle [7] described an averaging calculation procedure for rectangular sections. With a 
fibre length of 60 mm and a notch depth of 25 mm, this results in a theoretical orientation factor of 
0.58.  
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Table 4 Orientation factor for one beam with RC80/60BP-fibres 

Prism 

Average orientation factor 

Experimental Theoretical 

RC80/60BP-1 0.81 

0.58 RC80/60BP-2  0.83 

RC80/60BP-3  0.90 

 

Table 4 compares the experimental with the theoretical orientation factor for the beam from which the 
load-CMOD curves are given in Fig. 3. Due to the casting procedure, a preferential fibre orientation 
occurs in the investigated SFRSCC-beam. The actual influence of geometrical boundaries on the 
orientation factor is greater than the theoretical factor. The prism at the largest distance of the pouring 
point has the largest average orientation factor and the best post-cracking behaviour.  

3 Future research 
At this time the orientation coefficients in well defined zones of each sawn surface are being deter-
mined by means of image analysis. Besides making use of the formula proposed by Krenchel, the 
ratio of the diameter of the steel fibre and the actual fibre length in the plane of consideration provides 
a direct measurement method for the orientation factor. In addition to the average orientation per 
cross-section, also the orientation factor in each zone will be calculated to quantify the wall effect. 
The load-CMOD curves will be compared with the results of the manual fibre counts and image 
analysis. A second SFRSCC with a lower viscosity and comparable flowability is currently in design 
to compare with the results of the SFRSCC of Table 1. The influence of the fibre aspect ratio will also 
be investigated.  

The computational model that will be developed is based on the Discrete Element Method in 
order to take into account fibre geometry and predict the fibre orientation profile. DEM is a particle 
based simulation technique and it allows for a detailed modelling of the moving free surface. Because 
computation time strongly depends on the number of particles in the simulation, only the largest 
particles (steel fibres and coarse aggregates) will be modelled separately and the mortar fraction is 
modelled as a single-phase suspending non-Newtonian fluid. The parameters of the DEM model will 
be estimated based on small-scale experimental tests such as rheometry and workability tests. 
Simulations and experiments will then gradually be scaled up to end with a case study. 

Based on the experimental findings, the accuracy of the model will be evaluated, and 
improvements will be made. The research focuses primarily on the fresh state of the concrete, but the 
fibre orientation and distribution can then be correlated with the mechanical behaviour of a structural 
element by use of adapted constitutive models designed by other researchers. 

4 Conclusions 
A viscous steel fibre reinforced self-compacting concrete with high flowability is designed. Two 
different fibre lengths are applied with all other parameters, apart from the flow distance, kept 
constant. From the ongoing research program the following conclusions can be drawn: 

 Flowability and filling ability are not significantly influenced by the fibre length. 
 In beam elements, steel fibres align along the flow direction of the fresh SFRSCC. 

Because the fibres already align due to the flow in the chute and the concrete bucket, an additional 
formwork geometry will be worked out to quantify the influence of the flow distance. 
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Abstract 
Concrete performance traditionally refers to compressive strength and workability. Recently, high 
performance concrete evidenced the possibility of enhancing other material properties. Among these, 
resistance to shrinkage cracking is gaining more attention among practitioners due to its strict relation 
to durability requirements. Shrinkage cracks occur in restrained structures: for this reason, material 
characterisation should be made on the basis of a restrained shrinkage test. The ring test is an easy-to-
use tool since one can measure the time-to-cracking of a concrete mix. Focus of this work is to criti-
cally discuss via non-linear numerical analyses the actual standard test procedure and then to propose 
enhancements of the test set-up in order to make the test duration more suitable for practical uses. 
Furthermore, the effect of fiber reinforcement on shrinkage cracking is presented. 

1 Introduction 
Recent advances in construction methods and new materials and admixtures have renewed the interest 
on early age cracking in cement based material due to restrained shrinkage; the latter has been recog-
nized as the main cause of damage for thin structures such as highway pavements, industrial floors, 
bridge decks but also for partial depth repairs, jacketing and overlays on existing structures. 

During the last few years, concrete technologists have been studying the mechanism governing 
early age cracking in concrete members, especially after the diffusion in the market of High Strength 
Concrete (HSC), where the autogenous shrinkage plays a major role. The latter occurs initially due to 
hydration reaction in the cement matrix. At a later stage, when the material is exposed to a low rela-
tive humidity environment, drying shrinkage takes place. In Normal Strength Concrete (NSC), where 
autogenous shrinkage plays a minor role, it can be assumed that the whole shrinkage strain is given by 
drying shrinkage. 

When shrinkage is restrained by a structural element or an internal restrain (rebars), tensile stress-
es occur and may give rise to crack formation. However, tensile stresses are relaxed by creep phe-
nomena that may delay or prevent cracking [1]. Therefore, shrinkage crack formation and develop-
ment depends on several factors such as air environmental humidity, creep, restrain conditions, tensile 
strength and stiffness as well as fracture toughness of concrete. 

Currently, there is no general consensus on a standard method to investigate the shrinkage crack-
ing behaviour of concrete. Many studies have been carried out, mainly using three types of test: the 
linear test [2], the plate test [3] and the ring test according to standard AASHTO PP 34-99 [4]. 

The linear restrained column type test gives a simple uniaxial stress development but suffers from 
the disadvantage of not providing a constant degree of restraint that makes this test complex. The 
plate test provides a biaxial restraint to evaluate both biaxial and plastic shrinkage. The ring test pro-
vides a nearly constant degree of reaction through an axi-symmetric specimen geometry. In this type 
of test, a concrete specimen is cast around an inner steel ring which provides a constant degree of 
restraint to shrinkage deformation; the steel ring is also used to evaluate the induced tensile stresses in 
concrete through the measure of the steel compressive strains with strain gauges. 

However, this test method can be ineffective: for instance, for a concrete with a high tensile 
strength, the induced tensile stresses might not be able to generate cracks in the composite. Beside the 
material properties, the low crack-sensitivity is associated to the specimen geometry. 

It is now commonly accepted that fiber reinforcement reduces cracking phenomena but it is not 
clear how to best quantify this contribution; in other words, the minimum material performance nec-
essary to reduce the crack width below a design value is still an open question. 
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This paper provides a critical discussion on the ring test method for assessing the performance of 
Fiber Reinforced Concrete (FRC) starting from AASHTO requirements and evaluating the influence 
of different set-up geometries and materials through numerical analyses based on Non Linear Fracture 
Mechanics (NLFM) [5]. The main phenomena governing the restrained shrinkage behaviour of early-
age concrete, such as elastic and post-cracking material properties (with special emphasis on FRC 
toughness), shrinkage strains and creep are considered. Stress evolution and crack formation is deter-
mined through a model based on a discrete crack approach with a time-step procedure. 

2 Testing Procedure 
As already mentioned, the AASHTO designation PP 34-99 is a testing procedure for the determina-
tion of the cracking tendency of ring-shaped concrete specimens. The time-to-cracking of the concrete 
ring is considered as the age when compressive strains in the steel ring suddenly decrease. This pro-
cedure represent a standard method and is not intended to determine the time-to-cracking of any 
particular structure cast with the same material. 

The standard steel ring have a wall thickness of 12.7 mm (1/2 in), an outside diameter of 305 mm 
(12 in) and an height of 152 mm (6 in). The ring surface in contact with the concrete is coated with a 
form-release agent to minimize bond between the concrete and the steel. The form is made of a non-
absorbent material and have an outside diameter of 457 mm (18 in). 

Two or more strain gauges are applied on the inside surface of the steel ring to measure the strain. 
After a wet curing of 24 hours, specimens are stored in a controlled environment room with a constant 
air temperature of 21°C (73.4°F) and relative humidity of 50%. During the test, the strains in the steel 
ring are recorded every 30 minutes; a sudden decrease of the compressive strains in the steel ring 
higher than 30 με usually indicates a crack formation. 

 
Fig. 1 AASHTO PP34-99 test apparatus. 

An essential parameter for this type of test is the degree of restraint that represents a measure of the 
effectiveness of the restraint provided by the steel ring. The degree of restraint R should be defined as 
the stiffness of the steel ring over the stiffness of both the concrete and steel ring, that is: 

ccstst

stst

EAEA
EAR


  (1) 

where Ast and Ac are the cross-sectional areas of the steel and concrete rings, respectively, and Est and 
Ec are the moduli of elasticity of the steel and concrete, respectively. 

3 Numerical Model 
A parametric study of the ring test was carried out through several numerical analyses performed with 
TNO DIANA 9.4 and a discrete crack approach [6]. The main phenomena governing early-age crack-
ing in cement-based materials, such as elastic and post cracking properties, shrinkage strains and 
tensile creep are considered by a set of features provided by the program. 

The inner steel ring and the outer concrete ring are modelled by four-point plane stress elements. 
Between the two rings, the steel-to-concrete interface is modelled using linear interface elements with 
a brittle Mode-I behaviour and a Mode-II behaviour, the latter given by a simple bond-slip relation-
ship suitable for smooth rebars [7] and a Coulomb friction criterion. The discrete crack was simulated 
by zero-thickness interface elements with a bilinear tension softening behaviour (Mode-I). Due to the 
axi-symmetric geometry the discrete crack is arbitrary placed (Figure 2). Material non-linearity is 
localized in the discrete crack while the concrete specimen and steel ring are defined as linear elastic. 
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Fig. 2 Ring-test model and mesh. 

The numerical analyses were performed with a time step procedure considering the evolution of the 
tensile stresses induced by shrinkage to be compared with the rising tensile strength of concrete. 
When the maximum tensile stress exceeds concrete tensile strength, a crack starts to open in the dis-
crete crack. The adopted time step was 1 day; analyses were performed up to 60 days. The time evo-
lution of drying shrinkage εsh(t) (Figure 3a) and compressive strength fc(t) (Figure 3b) were evaluat-
ed according to ACI 209R-92 [8]. The time evolution of tensile strength ft(t), elastic modulus Ec(t) 
and fracture energy Gf(t) were evaluated according to the following relationships: 
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where ft28, Ec28 and Gf28 are, respectively, tensile strength, elastic modulus and fracture energy 
after 28 days of curing. 

Concerning the viscoelasticity related to tensile creep at early age, it was chosen to develop creep 
functions in a Taylor series as DIANA does with a Power Law model for the stress calculation [9]. 
The compliance function for the Power Law model is given by the following relationship: 

))(1(
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E
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 (3) 

For these analyses the power of the creep function p = 0.5, the development point td = 15.0, the coef-
ficient α = 0.16 and the power of the time dependent part of the creep function d = 0.1 have been 
adopted. These values were chosen in order to best fit the compliance function J in Eq. 3 with that 
included in ACI [8]. 
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Fig. 3 Free shrinkage a) and compressive strength b) according to ACI209R-92. 

4 Parametric Study 
4.1 Effect of Geometry 
The parametric study on the specimen geometry is performed by considering as a reference the test 
setup given by AASHTO PP 34-99 and changing two significant parameters: the steel and the con-
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crete thickness. These parameters are related to the cross-sectional areas of the steel and concrete 
rings and then to the degree of restraint provided by the test set-up. A variation on the degree of re-
straint produces a direct effect on the time required to form a crack: an increase of steel thickness or a 
decrease of concrete thickness reduces the time-to-cracking. 

A first set of analyses has been performed with a constant steel ring thickness equal to 12.7 mm 
and a variable concrete thickness equal to 15, 30, 45, 60 76 and 90 mm, respectively. A second set of 
analyses has been carried out with a constant concrete ring thickness, equal to 76 mm, and a variable 
steel thickness equal to 6.3 mm (1/4 in), 12.7 (1/2 in), 25.4 (1 in), 50.8 (2 in) and 76.2 (3 in), respec-
tively. The specimen dimensions have been chosen to favour crack formation in a reasonable time for 
practical use in a laboratory. For each specimen geometry, three analyses were carried out by consid-
ering three different concrete grades: C12, C20 and C30. The mean values of elastic and post-
cracking properties were determined according to fib Model Code 2010 [10], as reported in Table I. 
Table II reports the degree of restraint R for the different specimen geometries considered for con-
crete C20. In the same table, the steel thickness (tst), the concrete thickness (tc) and elastic modulus 
(Ec) are reported. The elastic modulus of steel (Est) was assumed as 210 GPa. 

Table 1 Mean values of elastic and post-cracking properties for NSC. 
Table 2 Degree of restraint R of ring-test setup for concrete C20. 
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4.2 Effect of Material Toughness 
The parametric study on material toughness focused on the evaluation of cracking behaviour of plain 
(NSC) and Fibre Reinforced Concrete (FRC) having a post-cracking softening behaviour. A second 
aim of this study is the evaluation of the effect of the enhanced concrete toughness on crack develop-
ment. The tensile behaviour of both plain and FRC in tension was described with a linear relationship 
up to the cracking strength followed by a post-peak bilinear relationship. For plain concrete the latter 
was assumed according to fib MC2010 [10] (Figure 4) while, for FRC, the two branches of the biline-
ar law were varied as shown in Figure 5. 

Fig. 4 Constitutive laws for concrete under uniaxial tension. 

In particular, a first set of analyses for FRC was performed on Model 3, which was considered the 
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most efficient specimen geometry, with a steel thickness of 12.7 mm and a concrete thickness of 45 
mm, by varying the first branch of the softening law (Figure 5a). A second set of analyses was carried 
out by considering a variation on the second branch of the post-cracking softening law (Figure 5b). 

 
Fig. 5 Bilinear tension softening laws for FRC. 

5 Numerical Results 
An overview of the results of the parametric study on the effect of different geometries with regard to 
the time-to-cracking is given in Figure 6. The latter corresponds to a sudden strain drop in the steel 
ring. From a numerical point of view the time-to-cracking was identified as the age at which the crack 
interface is completely open and the tensile stress in all interface elements has reached the tensile 
strength; this assumption is reasonable by considering that a macro-crack has to form for releasing the 
steel ring, whereas a micro-cracking would probably not have any significant impact on the strain-
gauge measurements. 

As previously suggested, the time-to-cracking strongly depends on concrete thickness for two 
principal reasons: a decrease of concrete thickness implies, on one hand, an increase of the degree of 
restraint R and, on the other hand, an increase of the intensity of drying shrinkage due to a higher 
moisture exchange with the environment. Figure 6a shows the increase of the time-to-cracking with 
the concrete thickness for all the concrete grades considered. The results suggest to employ a concrete 
with a thickness lower than 60 mm (Models 1, 2 and 3) to maintain the time-to-cracking in the first 
two weeks after initiation of drying. Numerical results also show that the time-to-cracking depends on 
the steel thickness (Figure 6b): in fact, an initial strong decay is followed by a smoother decrease for a 
steel thickness larger than 25.4 mm. Therefore, a steel ring thicker than 25.4 mm (Models 9 and 10) 
does not provide an appreciable decrease of the time-to-cracking and, for this reason, it is not recom-
mended for this test. 
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Fig. 6 Effects of concrete and steel thickness on the time-to-cracking. 

The influence of fiber reinforcement on shrinkage cracking is shown in Figure 7; both sets of tension 
softening models adopted were able to prevent a sudden strain drop in the steel ring and allowed to 
control cracking by transfer tensile stresses after the appearance of the crack. The first set of analyses 
shows how a different slope of the first branch influences the model response from the early crack 
formation (Figure 7a). The second set of analyses illustrates how a modification on the second branch 
changes the numerical response only for considerable crack widths  (Figure 7b). The numerical re-
sults are consistent with experimental results available into the literature, stating the effectiveness of 
fiber reinforcement in controlling shrinkage cracking. However, FRC with a higher residual strength 
for micro-cracking is more suitable in controlling shrinkage cracking. 
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Fig. 7 Influence of different tension softening laws on ring-test response. 

6 Concluding Remarks 
Shrinkage cracking requires special attention from structural designers for many aspects: with regard 
to durability, early-age cracking advances the deterioration process of concrete and reduces the ser-
vice life of a structure; from an aesthetical and psychological point of view, it is not acceptable be-
cause makes structure appearance worse and people feel unsafe. Thus, the evaluation of cracking 
sensitivity of a material is strongly recommended for an effective and durable design of a structure. 
Based on the numerical study presented herein, the following conclusions can be drawn: 

 Time-to-cracking strongly depends on the specimen geometry and on the degree of restraint: 
an increase of steel ring thickness or a decrease of concrete thickness can accelerate the occur-
rence of cracking. For the normal concrete considered, starting from the standard AASTHO 
test, results suggest to employ concrete thickness lower than 60 mm to maintain the time-to-
cracking within the first two weeks after drying initiation. It is also recommended the use of a 
steel ring having a thickness in the range of 12.7÷25.4 mm (0.5÷1 in.) to provide enough 
stiffness to ensure crack formation. 

 Fiber reinforcement has a considerable effect on behaviour of FRC under restrained shrink-
age, by preventing sudden drops in the strain of the steel ring, controlling cracking and trans-
mitting tensile stresses after the appearance of the crack. The crack control is mainly influ-
enced by the residual strength for smaller crack opening (first branch of the tension softening 
law). 
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Abstract 
Precast tunnel segments are subjected to various loads during production, construction and service 
stages. Concrete damages, in the form of cracking and spalling, are quite likely to occur due to impact 
loads and local stress concentrations during construction. By means of adding steel fibres to concrete, 
the impact resistance and ductility of the material can be improved.  

To investigate the fibre-matrix bond characteristics, pullout tests on single steel fibres were 
performed. Parameters such as fibre shape, strength and inclination angle were studied. From the 
experimental results, it was observed that the pullout resistance, pullout work and utilization of tensile 
capacity increased with the increase of the deformation, however, decreased with the increment of the 
embedment angle; with the increase of embedment angle, the fibre tends to break more easily. 

1 Introduction 
Concrete, in particular in the case of high-strength concrete, is a brittle material exhibiting low tensile 
strength and fracture toughness. This brittle material tends to crack under low level of tensile strain. 
Such kind of tensile characteristics can be improved by the addition of steel fibres into the concrete 
matrix [1]. The primary contribution of fibres, in terms of structural aspects, is to enhance the post-
cracking tensile resistance and ductility, since fibres bridging the cracks can transfer the stresses 
across these cracks and retard the crack opening or propagation. Furthermore, the fatigue and impact 
resistance of the material can also be improved.   

Thus, fibre reinforced concrete has a distinct advantage in comparison with conventional 
concrete. This can particularly be used for the tunnel precast segment linings. For the production of 
tunnel lining segments, concrete with a minimum strength class of C35/45, C45/55 or even higher is 
applied [2]. The actual value of the concrete compressive strength achieved could reach that for a 
high-strength concrete. Concrete damages, in the form of cracking and spalling, can occur due to 
impact loads during demoulding, handling and transportation, especially due to point load from the 
rams of the Tunnel Boring Machine during the assembly process [3].   

As is well known, the bridging efficiency of a given fibre under tensile action depends largely on 
the fibre-matrix bond characteristics [4]. Therefore, it is important to study the bond characteristics in 
the fibre-matrix interface for understanding the mechanical behavior of steel fibre reinforced concrete 
in a real structural scale. Pullout tests on a single fibre are commonly used to investigate the fibre-
matrix behavior, where the force for pulling out a fibre embedded in a matrix under uniaxial tension is 
measured [5].   

2 Pullout mechanisms 
In general, the overall pullout process of a steel fibre in cementitious composites consists of two 
stages: debonding and frictional pullout.  

In the initial phase, the entire adhesive bonding remains between the fibre and surrounding 
matrix, if the shear stress, derived from the pullout force, is smaller than the adhesive strength along 
the fibre-matrix interface. When the shear stress exceeds the adhesive strength, the debonding 
process, regarded as an interfacial micro cracking process, takes place. The pullout force increases 
continuously during this process. After the adhesive bonding is fully destroyed, the fibre is being 
pulled out of the matrix. Subsequently, the frictional resistance controls the pullout behaviour. In this 
stage the pullout force decreases with the increase of fibre displacement out of the matrix.   
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If the fibre is geometrically deformed, the frictional pullout is accompanied by a mechanical bond 
mechanism and plastic deformation. Different from straight fibres, after fully debonding, the pullout 
force increases due to the mechanical anchorage. Beginning with the debonding process, the fibre 
slowly develops its full anchorage and approaches ultimate conditions up to the maximum pullout 
load [6]. Depending on the properties of fibre and matrix, the deformed fibre can either be pulled out 
from the matrix or break in the pullout process. 

3 Experiments  
The experimental program conducted in this research work was to study the bond mechanisms of 
fibres in high-strength concrete. Parameters controlling the pull-out behaviour, such as fibre shape 
(straight, crimped, end-hooked and twin-cone), tensile strength (normal and high) and fibre 
orientation (0°, 15°, 30°, 45° and 60°) with respect to load direction were investigated. 

3.1 Materials and specimen preparation 
Types and properties of the fibres chosen for the pullout tests are listed in Table 1. In order to perform 
the pullout tests of straight fibres, the hook end of steel fibre RC-80/60-BN was chopped off with 
pliers. This allowed a comparison of the same fibre with and without deformation.  

A concrete mixture with a compressive strength of 84 MPa was applied as pullout matrix. The 
proportions and properties are given in Table 2. The compressive strength of the concrete was 
determined at 28 days using 150 mm-cube in accordance with DIN EN 12390-3: 2009.   

A laboratory mortar mixer was used throughout the experiments to prepare the concrete mixture. 
The following mixing procedure was applied: cement, fly ash and aggregate (0-2 mm Sand, 2-8 mm 
crushed stone) were first dry-mixed for approximately 30 s. Water mixed with superplastiziser was 
then added gradually and mixed for another 2 minutes.  

Table 1 Types and properties of the steel fibres  

Fibre type Geometric 
deformation 

Length 
[mm] 

Diameter 
[mm] 

Tensile strength 
[MPa] 

Dramix RC-80/60-BP End-hooked 60 0.71 2600 

Dramix RC-80/60-BN 60 0.75 1250 

Stratec FWW 60/0.8 Crimped 60 0.80 1250 

Arcelormittal Twincone 1/54 Twin-cone 54 1.00 1100 

Table 2 Mix proportions and basic properties of the concrete  

Constituents Properties 

Cement 
[kg/m³] 

Fly ash  
[kg/m³] 

Aggregate
[kg/m³] 

Superplasticizer
[kg/m³] 

Water 
[kg/m³] 

Density
[kg/m³] 

Compressive strength 
[MPa] 

400 100 1644 1.5 180 2421 84 

A special steel mould shown in Fig. 1 was assembled to produce 6 cylindrical specimens with the 
dimension 60 mm × 60 mm for each series. During casting, the fibres were fixed with desired 
embedment length and inclination angle between two bars clamped with two screws. After casting, 
the specimens were placed in a plastic box and stored for 24 hours at room temperature. After 
demoulding, the specimens were then placed in a lime saturated water curing tank for 6 days, 
afterwards they were removed from the curing tank and cured in a climatic chamber with a 
temperature of 20 ± 2° and a relative humidity of 65 ± 5% for another 21 days. The pullout tests were 
performed at an age of 28 days.  

3.1 Test Setup and test procedure 
The pullout tests were performed using an universal testing machine with a 5 kN load cell (Zwick 
1435). As shown in Fig. 2, the specimen was glued, using a two part epoxy resin adhesive, to a thick 
cylindrical steel plate attached to the testing rig with one bolt. The free end of the steel fibre was fixed 
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to the grip which allowed a secure clamping. The pullout displacement of the steel fibre was meas-
measured with three LVDTs (HBM WI, linear stroke +/- 5 mm); these three LVDTs were mounted 
into an aluminium frame which was positioned onto the specimen using three screws. The tip of the 
LVDT touched the bottom surface of a thin aluminium plate fixed to the fibre with two fine screws. 
This allowed an exclusion of measuring fibre elongation or displacement at the grip which may occur 
during the pullout process. Load was applied at a cross-arm travel rate of 0.5 mm/min.  

 

                     

Fig. 1 Mould for casting the specimens (left) and Pullout specimen (right)  

                               

Fig. 2 Schematic of the pullout test (left) and photograph of pullout test in progress (right) 

4 Pullout Test results 

4.1 Effect of fibre shape 
The average load-displacement curves of 6 individual pullout tests up to a pullout displacement of 5 
mm for various fibre shapes are depicted in Fig. 3. In this series of tests, the single fibre was 
embedded 20 mm (Lf = 20 mm) in the matrix aligned with respect to the load direction (θ = 0°).  

As shown in Fig. 3, the pullout responses of the fibres differ from each other significantly. For the 
straight fibres, after fully debonding, the pullout load drops suddenly, which corresponds to an abrupt 
increase of damage along the fibre-matrix interface. Due to the mechanical bond, the pullout loads of 
deformed fibres continue to increase until the peak load is reached. Thus, deformed fibres provide 
significantly higher resistance against pullout than straight fibres. As a result of a better fibre 
anchoring in the matrix, both crimped and twin-cone fibres broke in all cases. In the case of end-
hooked fibre (Dramix RC-80/60-BN), after the hook end is deformed at the maximum pullout load, 
the mechanical anchorage tends to be progressively mobilized, which causes a decrease of the pullout 
force and a further increase of the pullout displacement. At a certain fibre displacement, the pullout 
process is mainly controlled by frictional resistance. Since the hook is usually only partially 
straightened, it generates an additional frictional resistance during the pullout process. Therefore, end-
hooked fibres have higher pullout force in the frictional pullout stage than straight fibres. 
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Fig. 3 Influence of various fibre shapes on the pullout behaviour (load-displacement curve) 

The load-displacement curves were further analyzed by comparing the peak pullout load (Ppeak), 
displacement at peak load (Δpeak), work at peak load (Wpeak), maximum tensile stress (σmax) and 
tensile capacity (σmax / fy). It can be seen in Table 3 that the twin-cone fibres had the highest Ppeak and 
Wpeak, whereas the straight fibres exhibited the lowest corresponding values. Furthermore, the tensile 
strength of the twin-cone fibres was exceeded, i.e. the tensile capacity is utilized over 100%. Hereby 
fibre fracture occurred at a very small displacement in all tests. Therefore, its overall absorbed energy 
is considerably less than that of the hooked-end fibre which underwent a complete pullout without 
rupture. 

Table 3 Average pullout results of various steel fibre shapes  

Fibre type Ppeak  
[N] 

Δpeak  
[mm] 

Wpeak  
[N.m] 

σmax  
[MPa] 

fy  
[MPa] 

σmax/fy 
[%] 

Straight 83.0 0.03 0.0021 188.0 1250 15.0 

Crimped 298.2 0.14 0.0358 593.6 1250 47.5 

Hook-ended 356.1 0.45 0.1334 806.4 1250 64.5 

Twin-cone 907.0 0.25 0.1893 1155.4 1100 105.0 

 

To obtain a ductile behavior of concrete after cracking, fibre rupture should be avoided at small crack 
width (i.e. fibre slip), and the fibre should rather be pulled out of the concrete matrix with a high 
utilization of the tensile capacity. For the application in tunnel linings where the allowable crack 
openings are relatively large, the end-hooked steel fibre has a distinct advantage over the other three 
fibre types [6]. 

4.2 Effect of fibre strength and embedment angle 
The average fibre pullout responses, in terms of fibre strength and inclination angle, are shown in Fig. 
4 for normal-strength (RC-80/60-BN) and high-strength fibres (RC-80/60-BP) respectively. It can be 
seen that, for both end-hooked fibres, the configurations of pullout load-displacement curves were 
similar.  

Fibres made of high-strength steel provided expectedly larger pullout load and work in the total 
pullout process, nevertheless the tensile capacity of fibre RC-80/60-BP (σmax/fy = 61.6%) was utilized 
up to almost the same level  of fibre RC-80/60-BN(σmax/fy = 64.5%). In the case of normal-strength 
steel fibres under complete pullout, the maximum pullout load did not change significantly with the 
variation of the inclination angles.  Only a slight increase was observed at a 30° inclination angle 
which is followed by a decrease at a 45° inclination angle. On the contrary, a drastic increase of the 
peak pullout load was ascertained for high-strength fibres at embedment angles of 30° and 45°. 
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  Fig. 4 Influence of fibre inclination angles on pullout behaviour: normal-strength fibre RC-

80/60-BN (left) and high-strength fibre RC-80/60-BP (right) 

In general, the slope of the pre-peak branch decreases with the increase of fibre orientation angle. 
That means the fibre displacement at maximum load increases as the embedment angle increases, 
particularly for an inclination angle greater than 30°. With the increase of the inclination angle, an 
increase of matrix crushing and spalling at the fibre exit point was also observed during the resting 
procedure. This phenomena was more pronounced in the case of fibres made of high-strength steel. 

Beside a complete fiber pullout, it was also observed that fibre fracture occurred for both inclined 
fibre types in the first stage of the pullout process. With the increase of inclination angle, the fibre 
tends to break more easily. Due to its high tensile strength, fibre RC-80/60-BP started to break from 
an inclination at 45°. Moreover, its number of broken fibres was less than that of fibre RC-80/60-BN.  

Table 4 Number of broken fibres at various embedment angles 

Fibre type Inclination angle 

0° 15° 30° 45° 60° 

RC-60/60-BN 0 0 3 4 6 

RC-80/60-BP 0 0 0 2 3 

 

In most concrete structures the maximum allowable crack width (i.e. fibre slip) is designed (by code) 
smaller than 0.4 mm [7]. Since the peak pullout load and the corresponding displacement (in this 
research work: Δpeak from 0.45 to 4.95 mm) do not say much about the performance of fibres in real 
structural elements, the tensile stress of inclined fibres should be evaluated at appropriate fibre 
displacements. Therefore, the ratio between the tensile stresses of aligned and inclined fibres was 
determined at fibre displacements of 0.1, 0.25, 0.5 mm and 1 mm, shown in Fig. 5. Except for the 
fibre displacement at 1 mm, aligned fibres (or fibres with very small inclination angle) provided the 
highest tensile capacity, whereas fibres inclined at 60° possessed the lowest efficiency for all fibre 
displacements. As a result of embedment inclination, the pullout work also decreased with the 
increase of inclination angle, shown in Table 5. 

Table 5 Pullout work by a fibre displacement of 1 mm at various embedment angles 

Fibre type Wpeak [N.m]  

0° 15° 30° 45° 60° 

RC-60/60-BN 0,3217 0,3221 0,2896 0,1565 0,1076 

RC-80/60-BP 0,5745 0,5445 0,5685 0,4968 0,1949 
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Fig. 5 Influence of inclination angles on the utilization of tensile capacity for 0.1, 0.25, 0.5 and 1 

mm fibre displacements : RC-80/60-BN (left) and RC-80/60-BP (right) 

5 Conclusions 
From the results of the experiments, the following conclusions can be drawn: 

Deformed fibres provided a significantly higher pullout resistance and an utilization of tensile 
capacity than straight fibres. Due to good anchorage and the high matrix strength, crimped and twin-
cone fibres broke in all tests at very small fibre displacements, whereas aligned end-hooked steel 
fibres underwent complete pullout and exhibited a better pullout response. Therefore, it could be more 
suitable for the application in structures with large allowable crack width. End-hooked fibres made of 
high-strength steel provided expectably larger pullout load and pullout work, however, its utilization 
of tensile capacity remained almost the same level of fibres made of normal-strength steel. 

 For aligned fibres with end-hook, the peak load was obtained at smaller displacements than that 
of inclined fibres ; furthermore, the utilization of tensile capacity and the absorbed energy were also 
higher up to a certain fibre displacement. At large inclination angles, fibre fracture was more likely to 
occur for both normal and high- strength fibres. Therefore, fibres aligned or inclined with small 
embedment angles exhibited a better pullout response under tensile load.  

Consequently, to guarantee a high efficiency of fibres in concrete matrix, i.e. a reliable tensile 
strength after cracking and a certain ductility in structural elements, fibres (with appropriate 
geometric deformation) should be distributed aligned or with small inclination angles with respect to 
the tensile loading direction. In terms of the application in tunnel linings, a homogeneous fibre 
distribution and an orientation in three dimensions are preferred, since the stresses occurred in the 
segments during the curing, transport, and assembly process are hardly predictable. 
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Abstract 
Short fibres have a big influence on the load-bearing behaviour of textile reinforced concrete. The 
first part of the paper deals with the ability of short fibres to increase the first crack strength of textile 
reinforced concrete under consideration of the pre-storage conditions. The second part describes the 
transition from the uncracked to the cracked stage and defines a criterion for a suitable fibre content. 
The main focus is the influence of short fibre volume and stiffness on the post-cracking behaviour. 
Especially the crack formation is described. The addition of short fibres improves the load-bearing 
capacity of textile reinforced concrete across the entire area of the stress-strain curve. 

1 Introduction 
Textile reinforced concrete is a combination of fine grained concrete and technical glass or carbon 
textiles as reinforcement. A major field of application are façade elements and lightweight construc-
tion. The load-bearing behaviour of textile reinforced concrete can be considerably improved by 
applying short fibres. Investigations show an increase in the first crack load at dry samples, a strain 
hardening behaviour with a finer distributed crack pattern as well as an increase in the load-bearing 
capacity mostly across the entire area of the stress-strain curve. The exact mechanisms, which allow 
for a targeted adjustment of the load-bearing behaviour, are not yet fully understood. Only few re-
searchers [1, 2, 3] have so far been engaged in this field and basically, they made similar observa-
tions. In [3] the potential load-bearing behaviour of textile reinforced concrete with short fibres was 
schematically defined and divided into two parts. The first part describes the contribution of the short 
fibres to a higher first crack load of the concrete (stage I). The second part describes the phase of 
crack formation until the textile fails. At first, the influence of short fibres on the crack resistance of 
concrete is described in this paper. In this context, also different storage conditions are examined. The 
transition from the uncracked to the cracked stage reveals the need for additional short fibre rein-
forcement and is described briefly. During the crack formation phase, the short fibres in the widening 
crack interact with the textile. It is to be expected that this interaction influences the local stiffness of 
the composite material in state II as well as the load level and the crack formation. All investigations 
were conducted at RWTH Aachen University within the framework of the Collaborative Research 
Centre 532.  

2 Test specimens, Raw materials and Production 
The tensile tests were performed on dumbbell tensile specimens according to [5]. As a rule, all tensile 
specimens were manufactured with the laminating technique in which fibre concrete as well as tex-
tiles are inserted in layers. As basic fine-grained concrete mixes, the mix Fil-10-09, which was espe-
cially developed for the application of short fibres, as well as a mix FC [3], which contains more 
binder, were applied. The textiles used were 1200 tex textiles made of AR-glass with tricot binding. 
As short fibres, mainly water dispersible micro-fibres made of different materials and with lengths of 
between 3 and 15 mm were used which are described in detail in the respective chapters. The pre-
storage of the specimens influences the load-bearing behaviour. During the investigations, three 
variations were examined. Wet specimens were stored under water for 28 days until immediately 
before the test. Permanently watered specimens which were however dry at the test were stored under 
water for 21 days and in a standard climate at 20°C and relative humidity of 65 % for 7 days. In addi-
tion, after demoulding, sealed specimens without moisture exchange were examined. Tensile 
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strengths and stress-strain curves of tensile specimens were measured with a universal test machine 
with a displacement ratio of 1 mm/m.  

3 First crack strength 
The investigations on the increase of the first crack strength of textile reinforced concrete are of spe-
cial importance because textile reinforced concrete components often have the quality of fair-faced 
concrete and therefore shall remain without cracks during service life. An increase in the crack re-
sistance of the matrix hence offers additional flexibility for design. The investigations showed a 
strong dependence on the pre-storage of the samples. 

It turned out that fine grained concrete which were permanently kept wet already feature a very 
high average tensile strength of about 7 MPa. Tensile tests with different types of short fibres (glass, 
carbon, PVA, PE) revealed that this tensile strength can hardly be further increased by adding short 
fibres. Crack initiating effects of the short fibres and the air entrainment at higher fibre contents seem 
to prevent a further increase in the tensile strength of water-stored samples. 

The short fibres come into effect, however, when the tensile strength of the fine grained concrete 
is reduced due to pre-damages induced by drying, which is to be expected under practical conditions. 
Due to the findings gathered at water stored specimens, an older test series with samples stored sealed 
was examined again. The plain concrete of this test series had a significantly lower average tensile 
strength of only 3 MPa. As fibres, glass, carbon and steel fibres were used. All fibre types led to a 
continuous increase in strength with increasing fibre content. With some fibre types tensile strengths 
up to 6.5 MPa were reached. But the strength level of the wet concrete was again not exceeded. Thus, 
the mode of action of the short fibres mainly consists in counteracting the strength losses induced by 
drying. The result shows that an assessment of the short fibres with regard to the first crack strength 
must absolutely be made taking into account exact pre-storage conditions. Preliminary results showed 
that drying of only a few minutes already causes a significant reduction in tensile strength of the plain 
concrete.  

4 Transition state I  state II 
A major aim when using short fibres in textile reinforced concrete is to achieve a continuous strain-
hardening behaviour after the first matrix crack. Investigations already showed that this can be 
achieved with several fibre dosages [4]. For practical applications it would be helpful to be able to 
estimate the necessary fibre volume.  

Due to the disturbed bond between textile and matrix in the vicinity of the crack faces and the 
asynchronous activation of the filaments, the textile needs a certain crack opening displacement to 
carry the load. This circumstance leads to a sudden load decrease in deformation-controlled tensile 
tests and to a decrease in stiffness as well. 

Fig. 1, left, shows this behaviour for a 1200 tex textile with tricot binding and a 2400 tex textile 
with chain stitch binding. As expected, the 2400 tex textile shows a bigger load decrease due to lower 
bond properties.  
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Fig. 1 Stress-crack opening displacement of notched TRC specimens for 2 types of textiles 

(left), double-sided pull-out behaviour of short fibres and textiles 
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Fig. 1, right, contains double-sided pull-out curves of either one textile layer or 1 % by vol. of glass 
short fibres. The comparison shows that 1 % by vol. of short fibres has better crack-bridging abilities 
in the early stage of the crack-opening compared to textile reinforcement. 

The amount of short fibres which is necessary to prevent the loss in strength can be determined by 
scaling and superimposing the pull-out curve with the stress-crack opening displacement in Fig. 1, 
left. 

5 Post-Crack behaviour 
A series of tests on textile reinforced concrete samples with two layers of textile and short fibres were 
conducted. In these tests, the fibre content and stiffness were varied. Textile reinforced concretes 
without short fibres with two and three layers of textile served as reference. To illustrate the devel-
opment of the crack formation, the tests were documented with an optical measuring system (Ara-
mis). 

Short fibres with a low stiffness (PP, 15 mm), with a medium stiffness (PVA, 8 mm and glass, 
6 mm) as well as with a high stiffness (steel, 12 mm) were applied. Fibre contents of 0.5 and 1.5 % by 
volume were adjusted per fibre type. The samples were stored in water for 21 days and in laboratory 
climate for 7 days before the test. 

For each fibre type, Fig. 2 illustrates exemplary tensile stress-strain curves of textile reinforced 
concrete samples with both short fibre contents. For reasons of comparison, each diagram contains the 
reference samples with only two layers of glass textile without short fibres. Averaged curves were 
deliberately not displayed so that the curves are not smoothed in the area of the crack formation. 

The crack patterns are documented in two ways. During the tests, images of the samples were 
taken with the optical deformation measuring every one to two seconds. The data was used to evalu-
ate the temporal development of the cracks. Since the procedure is limited in its resolution, the crack 
pattern was additionally visualised by wetting the samples after the test. Each of the last crack pat-
terns of the optical measuring taken before the sample failed are displayed in Fig. 3. Table contains 
the mean crack spacing determined on the samples after the test. 

5.1 Load level and stiffness in state II 
At the evaluation of the results, very different scenarios depending on the short fibre type were ob-
served which will be explained more closely in the following. At first, Fig. 2(a) illustrates the com-
parison of both reference concretes with two and three layers of textile. The first crack strengths are 
almost equal. As was to be expected, there is a higher local stiffness in state II due to the higher rein-
forcement ratio at three layers of textile because, basically, the load is related to the constant cross-
sectional area of the concrete. 

The following diagrams show how the tensile stress-strain curve changes when short fibres are 
added instead of a third layer of textile. The volume of the textile equals a short fibre volume of 1.5 
%. Fig. 2(b) shows textile reinforced concretes with 0.5 and 1.5 % by volume of PVA short fibres. 
Both fibre dosages lead to an increase in the first crack strength and thus also to an additionally re-
leased energy at the crack formation. This does however not lead to a more abrupt load decrease or to 
a more reduced stiffness during the crack formation as compared to the reference. Instead, there is a 
parallel displacement of the stress-strain curve because of the short fibres acting in the crack. It is 
noticeable that the increase in the short fibre content and thus the increase in the reinforcement ratio 
does not lead to a higher gradient of the stress-strain curve as displayed in Fig. 2(a). An explanation 
could be the larger crack formation at higher fibre contents. A distinct multiple crack formation leads 
to altogether larger deformations and hence to a lower local stiffness. This means that the expected 
increase in local stiffness due to the higher reinforcement ratio would be counterbalanced by the 
additional crack formation. This assumption seems possible because, at higher fibre contents, also the 
load transfer lengths to form further cracks decrease accordingly. 

Fig. 2(c) shows a similar situation with integral glass fibres. Although there was no increase in the 
first crack load at a glass fibre content of 0.5 % by volume, at least a small parallel displacement of 
the stress-strain curve occurred later since imperfections of samples which lead to an early first crack 
are no longer relevant after the first cracks have formed. 
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Fig. 2  Influence of different short fibre types and contents on the stress-strain behaviour 

Concerning stiffness and load-level, the PP-fibres illustrated in Fig. 2(d) behave in an almost neutral 
way because of the very low modulus of elasticity. Even at the high fibre content the crack pattern is 
only slightly improved as compared to the reference without fibres. Likewise, there is hardly any 
parallel displacement of the curve as explained before because the short fibres can hardly transfer any 
load due to the low modulus of elasticity. However, the higher ultimate strain with fibre concrete is 
noticeable. Maybe the slightly higher number of cracks increases the total strain or, more likely, stress 
concentrations of the textiles at the crack edges are reduced by the short fibres. 

The samples containing steel fibres in Fig. 2(e) feature a special behaviour because steel fibres 
have a considerably higher modulus of elasticity than all other fibre materials. Therefore, there is not 
only a parallel displacement of the curve but also an increase in the local stiffness. Since the rein-
forcement ratio and the number of cracks are comparable to the PVA-fibre concretes (cf. Fig. 3), this 

(a) (b)

(c) (d)

(e) (f)
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influence can directly be ascribed to the high stiffness of the steel. Thus, such a strong influence on 
the local stiffness is not to be expected at the short fibres normally used in textile reinforced concrete. 

Another limit case is shown in Fig. 2(f). The first crack strength of concrete containing dispersible 
glass fibres amounts to up to 9 MPa. Since the crack-bridging reinforcement cannot transfer the high 
fracture energy, high strains occur in the area of the crack formation. Due to the high load transfer 
length the crack pattern cannot be sufficiently influenced by the short fibres. In this case, short fibres 
and textile reinforcement are not correctly adjusted to each other. Therefore, short fibres featuring 
very good crack-bridging properties should be added when high concrete tensile strengths are 
achieved. 

All in all, it was determined that the advantages of short fibre reinforcement for practical applica-
tion mainly arise when the first crack strength is increased. The local stiffness of the short fibre rein-
forced samples immediately after the first crack is slightly lower as compared to a reference sample 
with three layers of textile. A higher local stiffness in the area of crack formation can only be 
achieved with higher short fibre volume. 

5.2  Crack formation 
At conventional textile reinforced concrete, the area of the crack formation can clearly be discerned 
on the course of the stress-strain curve. At high reinforcement ratios or when short fibres are used, 
this is not always possible. By approximation, the crack formation is assumed to be completed when 
the tensile stress-strain curve shows a linear shape in state II. In order to determine exactly until when 
the crack formation takes place, the crack patterns covering the entire strain area were evaluated. 

The examination of the photographed image sequences showed that, in some cases when short fi-
bres were used, the crack formation continued until the samples failed. The marks in the diagrams of 
Fig. 2 indicate the areas where crack formation occurred. Up to the first mark, continuous cracks 
formed in quick succession. Since these cracks occur suddenly, there are often major losses in stiff-
ness in this area. In the area between the marks, further (secondary) cracks developed which formed 
however very slowly and were not continuous. This kind of crack formation cannot always be dis-
cerned by means of the tensile stress-strain curves as can be seen from specimens with 1.5 % by 
volume of PVA-fibres and steel fibres. Many of these secondary cracks developed behind the first 
mark. Behind the second mark, no further cracks could be visualised with the optical measuring. 

A comparison of the fibre types shows that the crack pattern of the reference sample with two 
layers of textile can be improved with almost all fibre concretes. The dispersible glass fibres are an 
exception. They are well suited to increase the first crack strength but they are less suited for crack-
bridging. It is conceivable that the individual glass filaments are damaged at the fracture and therefore 
are no longer completely available in the opening crack. All in all, the smallest crack spacings were 
obtained when using steel and PVA-fibres. As expected, the crack formation does not directly depend 
on the stiffness of the short fibres. As compared to a third layer of textile, comparable or even signifi-
cantly smaller crack spacings could be obtained with steel fibres and a higher fibre volume of integral 
glass, PVA and PP fibres. 

Table 1  Crack spacings determined on the samples after the test 

Reinforcement Crack spacing in mm 

Short fibre type Textile 0.5 % by vol. 1.5 % by vol. 

Steel, 12.7 mm 

2 layers 

5.3 3.5 

Glass, 6 mm (dispersible) 18.0 10.0 

Glass, 6 mm (integral) 12.0 6.4 

PVA, 8 mm 7.2 4.1 

PP, 15 mm 7.5 6.9 

- 2 layers 9.0 

- 3 layers 6.0 
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Fig. 3  Visualization of the crack patterns with optical deformation measuring 

6 Conclusions  
The paper gives a short summary on the load-bearing behaviour of textile reinforced concrete with 
short fibres. Three stages of the stress-strain curve were defined and the influence of short fibres 
described. The mode of action of the short fibres mainly consists in counteracting the strength losses 
induced by drying. The tensile strength of wet-stored specimens could not be further increased. In 
stress-crack opening displacement tests the load-bearing behaviour of short fibres and textiles were 
compared. The tests revealed that short fibres take loads at much smaller crack widths which reduces 
the loss of stiffness during multiple cracking. Finally, the load-bearing behaviour of specimens with 
different types of short fibres was compared. Polymer fibres increase the strain capacity while dis-
persible glass fibres mainly increase the first crack strength. It was shown that, when using short 
fibres, cracking takes place continuously until the textile fails. The crack spacing is dependent on 
crack strength and type of short fibre but could be reduced with most fibre types. 
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Abstract 
The mechanical performance of textile-reinforced concrete (TRC) in tension can be considerably 
improved by adding short fibre to its matrix. The goal of the study is to understand the mechanisms of 
the interactions between continuous and short fibres in cement-based matrix and to develop a multi-
scale model for the mechanical behaviour of cement-based composites with such hybrid reinforce-
ment.  

Uniaxial tension tests on TRC specimens as well as multifilament-yarn pullout and single-fibre 
pullout tests were performed to study the fracture behaviour of the composite material and its compo-
nents and gain better understanding of the crack bridging mechanisms. Visual inspection and micro-
scopic investigation provided deeper insight into the specific phenomena relevant to the characteristic 
material properties.  

This article summarizes experimental findings for some chosen parameters including the type of short 
fibres and the water-to-binder ratio. Furthermore, the failure mechanisms are discussed providing a 
basis for a multi-scale model, which will be published elsewhere. 

1 Introduction 
Textile-reinforced concrete (TRC) is a composite material consisting of a finely grained cement-based 
matrix and high-performance, continuous multifilament yarns made of alkali-resistant (AR) glass, 
carbon, or polymer. The major advantages of TRC are its high load carrying capacity and pseudo-
ductile behaviour, which is characterised by large deformations due to its tolerance of multiple crack-
ing [1]. Such large deformations prior to material failure are crucial in respect of both structural safety 
and energy dissipation in the case of impact loading [2]. However, that high strength levels can be 
only reached at high deformations means that for the service state, where only small deformations are 
acceptable, the design load-bearing capacity of TRC must be much lower than its tensile strength. 
Moreover, relatively wide cracks observed at high deformations are undesirable. In recent years re-
searchers have performed several test series to investigate the influence of short fibres on various 
properties of TRC [3]. However, the mechanisms in the joint action of short fibre and textile rein-
forcement are still not fully understood. In order to gain more and better insight into the specific 
material behaviour of the finely grained concrete with such hybrid reinforcement, a new investigative 
program has been initiated at the TU Dresden. In this ongoing PhD project the influence of adding 
different types of short fibres on the fracture behaviour of textile-reinforced concrete is studied.  

Uniaxial tension tests (macro-level) on thin, narrow plates made of TRC constitute the core of the 
experimental program. Special attention is directed at the course of the stress-strain relationship, 
crack pattern development, and fibre failure behaviour. Furthermore, multifilament-yarn (meso-level) 
and single-fibre pullout (micro-level) tests were performed to provide detailed insights into the 
various failure mechanisms observed in the experiments, the bond behaviour between short fibres and 
the finely grained concrete as well as between the yarn surface and the matrix. Moreover, visual 
inspections of the specimens’ surfaces and microscopic investigation of the fracture surfaces were 
performed and evaluated.  

Based on the experimental results at the micro-scale physically based, rheological models 
consisting of simple rheological elements were developed. By means of statistical procedures the 
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combination of these models leads to description of the material behaviour at the meso-scale. 
According to the results of fracture mechanics and phenomenological investigations a material law 
for the macro-scale is going to be discussed and developed. 

The results presented in this paper are limited to the part of the experimental investigation dealing 
with the influence of the addition of short, dispersed fibres made of alkali-resistant (AR) glass and 
carbon on the fracture behaviour of TRC.  

2 Material 
Matrices with slag furnace cement (CEM III) and the addition of pozzolans show favourable proper-
ties regarding the durability of glass fibre [4]. Because of the small diameter of both the continuous 
filaments and the short fibres, the maximum aggregate diameter had to be small as well (<1 mm). One 
such fine-grained, cement-based concrete was chosen for this investigation. Two designated mixtures 
M030 and M045, having water-to-binder ratios of 0.30 and 0.45, respectively, were used. Finally, a 
super-plasticizer was added to achieve sufficient flowability.  

One type of polymer-coated, biaxial fabric made of alkali-resistant glass was used as textile 
reinforcement for TRC specimens as well as for the multifilament-yarn pullout tests. The weft and 
warp threads had a fineness of 2*640 tex (mass in g of 1km yarn; tex = g/km).  

Two types of short fibre were chosen and combined with textile layers for this investigation: 
dispersed AR glass and dispersed carbon fibres. 

More details concerning the properties of the materials used in this PhD-project can be found in 
[5]. 

3 Preparations of specimens and test setup 
Uniaxial tensile tests were performed on rectangular plates (500 mm x 100 mm x 12 mm) reinforced 
by 2 layers of textile and produced using the lamination technique explained in [5]. Additionally, 
specimens of the same dimensions made of plain mortar (matrix) as well of mortar reinforced with 
short fibre only were tested. The force was introduced to the specimens via non-rotatable steel plates 
glued to the TRC plates, cf. Fig 1a. 

For multifilament yarn pullout tests, rectangular specimens (200 mm x 70 mm x 12 mm) were cut 
from larger plates produced in the same manner as those for uniaxial tensile tests. Only one layer of 
textile was used as reinforcement. The anchorage length was determined by specific arrangement of a 
“should” crack-position using a saw cut on both sides, cf. Fig 1b. In the notched cross-section only 
one multifilament yarn will be active and connect the two parts of the plates to each other. More 
details may be found in [6].  

Single-fibre pullout tests were performed on specimens prepared according to [7]. This test was 
performed only on short glass fibres. The specimen was fixed to the clamps, and the fibre was glued 
to the upper mounting plate of a testing machine, cf. Fig. 1c. 

 

 
 
Fig. 1 Schematic view of tests’ setups: a) uniaxial tension, b) yarn pullout, c) single-fibre pullout 

4 Experimental results 
Fig. 2a shows representative stress-strain curves obtained from the tests on TRC specimens with and 
without the addition of 1.0% by volume of short dispersed glass (SGF) and carbon fibres (SCF). A 
pronounced increase in first-crack stress could be observed in all experiments with the addition of 
both types of short fibres in comparison to results obtained with reference TRC plates. The first-crack 
stress value increased approximately by a factor of 2.5.  
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The addition of short fibres led to the expansion of the region IIa, where multiple cracks form. This 
expansion was particularly pronounced in the case of the TRC with short carbon fibres: The width of 
this region (i.e., stains) more than doubled, cf. Fig. 2a. The observation of the specimens’ surfaces 
showed that this widening resulted from the formation of larger numbers of cracks. To emphasize, 
observably for the same strain level the TRC specimens with short fibre always exhibited a higher 
number of cracks in comparison to the TRC specimens without short fibre as shown in Fig. 2b. 

 

 
 

Fig. 2 a) Effect of addition of SGF and SCF on the characteristic stress-strain behaviour of TRC 
plates subjected to tensile loading, and b) effect of dispersed short AR glass fibres on the 
cracks pattern on specimen’s surface 

Moreover, since the stress-strain curves for TRC with short fibre are always above the corresponding 
curves for TRC without short fibre, it can be concluded that the area under the stress-strain curve, i.e., 
the energy dissipated when TRC with short fibres is subjected to tensile loading, increases noticeably 
in comparison to TRC without dispersed fibres. The energy absorption due to the addition of both 
glass and carbon short fibres increased by approximately 40% for the TRC specimens made of the 
matrix M030.  

Multifilament-yarn pullout tests were performed to investigate the effect of the short fibre on the 
pullout behaviour. Fig. 3a shows force-displacement curves obtained for the specimens made with 
matrix M045 and 1.0% of short glass fibre. Obviously, the addition of short fibre led to a higher 
ultimate pullout force, which indicates a better bond between matrix and yarn due to the addition of 
short fibres. Furthermore, a higher pullout force was needed when matrix M030 was used in 
comparison to that achieved for matrix M045. 

The single-fibre pullout tests, regarded as micro-level tests, sowed that brittle failure of fibres 
dominated behaviour when matrix M030 was used. Typically, a vertical drop in the force-
displacement curves due to fibre breakage was observed after the relatively high ultimate force was 
reached, see Fig. 3b. This relatively high ultimate force at fibre failure pointed to the good matrix-
fibre bond when matrix M030 was used. The ultimate pullout force of the fibres embedded into 
matrix M045 was much lower. Most of the fibres provided force-displacement relationships with a 
pronounced softening branch, which indicated fibre pullout, cf. Fig. 3b. 

More details on the obtained results may be found in [8, 9]. 
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Fig. 3 a) Results of multifilament-yarn pullout tests with the matrix M045 with and without the 

addition of 1.0% dispersed, short glass fibres, and b) Force-displacement curves obtained 
from the single glass fibre pullout tests with matrix M030 and matrix M045 

5 Discussion 
The improvement in the level of first-crack stress of TRC due to the addition of short fibres can be 
mainly ascribed to the bridging of micro-cracks by short fibres.  

The higher number of cracks observed on TRC specimens’ surfaces with short fibres can be 
traced back to the bridging of macro-cracks with short fibres which causes additional stress transfer 
over the macro-cracks and, thus, less relaxation of the matrix in the cracks’ vicinity, as schematically 
shown in Fig. 4. A new crack can form at a smaller distance from an existing crack, thus more cracks 
can develop. Microscopic investigation of fracture surfaces by means of ESEM showed that short 
fibres are frequently linked to multifilament yarns, cf. Fig. 5a. This might improve the bond between 
textile and matrix, thereby leading to smaller crack widths and higher cracking density. 

Microscopic investigation showed, moreover, that short fibres can improve the bond between 
multifilament yarn and surrounding matrix by means of new, additional cross-links, which lead to a 
better yarn-matrix bonding. By their random dispersion in the matrix and their positioning on the yarn 
surface, short fibres provide extra connecting points to the surrounding matrix. Fig. 5b illustrates 
experimental evidence that such cross-links in connection with short fibre indeed exist. 
 

 
 
Fig. 4  Stress gradient distribution in the vicinity of a macro-crack in TRC a) without short fibres 

and b) with the addition of short fibres 
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Results presented in Fig. 3b showed that the water-to-binder ratio influences the bond between the 
matrix and single short fibres. In order to explain this, the specimens of single-fibre pullout tests were 
carefully split in the middle and investigated using ESEM. In most of the specimens made with the 
matrix M030, a part of the fibre was found, i.e., the part remained in the specimen after fibre break-
age, cf. Fig 6a. In contrast, the empty fibre canal in the cases when matrix M045 was used indicated a 
complete fibre pullout, cf. Fig. 6b. 
 

 
Fig. 5  ESEM images of a) short carbon fibres linked to multifilament yarns of a textile layer, and 

b) “cross-link” between multifilament-yarn and matrix caused by a short carbon fibre  

 
Fig. 6  ESEM images on single-fibre pullout specimen with matrix a) M030 and b) M045 

More details of these mechanisms and deeper discussions are presented in [5, 8, 9]. 

6 Summary and conclusions 
In this research project the effects of adding different types of short fibres on the strength, defor-
mation, and failure behaviour of textile-reinforced concrete subjected to tensile loading were investi-
gated. The stress-strain curves obtained from uniaxial tension tests demonstrated clearly the positive 
influence of short fibre on the mechanical performance of TRC. Furthermore, depending on the wa-
ter-to-binder ratio of the matrix various degrees of matrix-fibre bond were observed. To clarify the 
mechanisms leading to the enhancement of the mechanical performance of TRC, multifilament-yarn 
and single-fibre pullout tests were performed. The morphology of the matrix-fibre interface was 
studied using an electron microscope and provided some explanation of the phenomena observed. 
From the findings the following conclusions could be drawn: 

 The first-crack stress value of TRC specimens increased by two to three times due to the addi-
tion of 1.0% by volume short fibres, more distinctly in the case of the short carbon fibres. 

 Expansion of the strain region, where multiple cracks form, was observed for the stress-strain 
curves due to the addition of short fibres. The visual inspection of the specimens´ surfaces 
showed that a higher number of cracks and finer cracks for given strain levels were formed 
when short fibres were added to TRC. 
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 The work-to-fracture of the composite was improved significantly by the addition of short fi-
bre. Here the effect when matrix M030 (water-to-binder ratio of 0.30) was used was more 
pronounced. 

 Short fibres improved the bond between multifilament-yarn and the surrounding matrix. By 
their random positioning on the yarn’s surface; short fibres built new “special” adhesive 
cross-links which provided extra connecting points to the surrounding matrix. 

 The water-to-binder ratio of the matrix influenced bond quality between fibre and matrix and, 
thus, the effect of short fibre on TRC-behaviour.  
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Abstract 
One important issue concerning the long-term resistance and durability of concrete structures is the 
fatigue damage caused by cyclic loading. Several experimental investigations to examine the influ-
ence of fibre reinforcement on the fatigue behaviour were carried out at the Institute of Building 
Materials Science, Leibniz University Hannover. An increase in the ultimate numbers of cycles to 
failure due to the fibre reinforcement could not be determined. However, the strain development of 
the fibre reinforced concrete shows an advantageous behaviour concerning the prior indications of 
failure. In this paper, the experimental and theoretical investigations on the fatigue behaviour of plain 
and fibre reinforced concretes are described, and the results of the experimental tests and the effects 
of the fibre reinforcement on the fatigue behaviour observed are presented. 

1 Introduction 
The fatigue behaviour of plain and fibre reinforced normal strength, high strength and ultra-high 
strength concretes was investigated in the course of several research projects at the Institute of Build-
ing Materials Science, Leibniz University Hannover [1], [2]. Determining the influence of steel fibre 
reinforcement on the fatigue behaviour was a partial aspect of these investigations [3]. In order to 
identify the influence of the steel fibres, plain and fibre reinforced concretes were investigated under 
uniaxial static loading and fatigue compressive loading with different loading amplitudes on cylindri-
cal specimens. Moreover, experimental investigations were conducted on specimens with a varied 
geometry. One side of the cylindrical specimens was bevelled, resulting in a truncated cone. This 
varied geometry causes passive transverse tension, thereby increasing the influence of the fibre rein-
forcement. In this paper, the test results of fatigue investigations on plain and fibre reinforced con-
crete will be presented and analysed in order to quantify the effect of fibre reinforcement on the fa-
tigue behaviour. 

2 Test Programme 

2.1 Tested Concrete Composition and Specimen Geometry 
The ultra-high strength concrete mixture examined has a maximum grain size of 0.5 mm and a 28-day 
compressive strength of fc,cube,100 = 160 MPa, following storage in water. This mixture also contains 
2.5 Vol.-% of 9 mm long, smooth, high-strength steel fibres with a l/d ratio of 60. It belongs to the 
standard mixtures of the priority programme “Sustainable Building with Ultra-High Performance 
Concrete (UHPC)” of the German Research Foundation (DFG).  

The experimental investigations were carried out primarily on cylindrical specimens with dimen-
sions of d/h = 60 mm/180 mm. Furthermore, a variation in geometry has been developed in coopera-
tion with the Institute for Concrete Constructions, Leibniz Universität Hannover [4]. The specimen 
geometries used are presented in Figure 1. 

The formwork of the specimens was removed after 48 hours. All the specimens were then sub-
jected to a two-day heat-treatment of 120° C. The mean value of the static compressive strength of the 
cylindrical specimens after heat treatment was fc,cyl = 185 MPa. Afterwards, the specimens were 
stored at a standard climate (20°C/65% r.H.). The top surfaces of the specimens were plane-parallel 
ground and polished before testing.  
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Fig. 1 Specimen geometries and schematically shown force distribution of the truncated cone 

Fibre reinforcement is mainly effective under tensile stress. However, direct tensile tests are usually 
hard to realise due to technical difficulties. The new specimen geometry was developed in order to 
create a passive transverse tension within the specimen, which should increase the effect of the fibre 
reinforcement. The force will be applied at the top surface with the reduced diameter, and spreads to 
the larger cross-sectional area. Due to this force distribution, a transverse tension occurs in the transi-
tion area between the cylinder and the truncated cone, as can be seen in Figure 1. In this way, investi-
gations with a combined loading of axial pressure and passive transverse tension can be carried out. 
According to [5] the occurring passive transverse tension of the presented truncated cones can be 
determined using the following equation: 

D,längs
Z,quer D,längs0,0833

12


      Eq. 1 

Based on this variation in the geometry, the influence of fibre reinforcement can be investigated more 
effectively. 

2.2 Experimental Set-up and Test Programme 
The experimental investigations were carried out with a servo-hydraulic testing machine with a 
1 MN-actuator. The experimental set-up is shown in figure 2. The axial deformation of the test spec-
imens, the surface temperature, the force applied by the machine, and the corresponding displacement 
were recorded during the investigations. Three laser distance sensors were positioned at 120° around 
the specimen in order to measure the axial deformation of the specimen. The surface temperature was 
measured using a temperature sensor. 
 

 
Fig. 2 Experimental Set-up 

The static compressive strength, which is adopted as the reference strength for the cyclic investiga-
tions, was determined based on the mean value of three specimens. The static uniaxial compressive 
tests were carried out using the displacement-controlled method at a rate of v = 0.2 mm/min prior to 
the cyclic investigations. 

The cyclic investigations were carried out under pure compression loading. At first, the mean load 
was applied using displacement-controlled method. The sinusoidal force-controlled fatigue load was 
then applied with a transient oscillation of 100 load cycles. The frequency used in all cyclic investiga-
tions had a magnitude of f = 10 Hz. 
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The cyclic investigations on plain and fibre reinforced concretes using normal cylindrical specimen 
geometry were carried out by Wefer [1]. The maximum and minimum compressive stress levels for 
these investigations were calculated based on the mean value of the static compressive strength. The 
minimum compressive stress level for all cyclic investigations was Sc,min = 0.05. The fibre reinforced 
cylindrical specimens were investigated using a maximum compressive stress level Sc,max with a value 
ranging between 70 % and 90 % of the static compressive strength. These tests made use of eight to 
eleven specimens per stress level. The cylindrical specimens without steel fibres were examined with 
a maximum stress level which varied between Sc,max = 0.70 and Sc,max = 0.80, using six to seven spec-
imens per stress level. The maximum stress level applied to investigate the truncated cones amounted 
to between 70 % and 90 % of the static compressive strength. Six specimens were used for each stress 
level for the truncated cones without fibre reinforcement, except the tests with a maximum stress level 
of Sc,max = 0.70. For this stress level, only three specimens were investigated. These investigations 
were stopped after reaching a number of cycles of N = 2*106. The investigations on the truncated 
cones with fibre reinforcement made use of four specimens per stress level. The maximum stress level 
varied between Sc,max = 0.70 and Sc,max = 0.85. An overview of the cyclic investigations performed is 
given in Table 1. 

Table 1 Overview of the cyclic investigations 

 Sc,max = 0.70 Sc,max = 0.75 Sc,max = 0.80 Sc,max = 0.85 Sc,max = 0.90 

Cylinder without fibre 
reinforcement 

7 - 6 - - 

Cylinder with fibre 
reinforcement 

8 - 11 - 9 

Truncated cone without 
fibre reinforcement 

31) 6 6 6 6 

Truncated cone with 
fibre reinforcement 

4 4 - 4 - 

1) run-out 

3 Experimental Results 

3.1 Static Investigations 
The mean values of the static compressive strength of the different specimen geometries with and 
without fibre reinforcement are summarized in Table 2. Furthermore, the ratio between the results 
with and without fibre reinforcement, and the ratio between the static compressive strength of the 
different specimen geometries are given. Comparison of the static compressive strength clearly 
demonstrates that the fibre reinforcement leads to an increase in the static strength for both specimen 
geometries. This static strength increment for the truncated cones, as a result of the fibre reinforce-
ment, is visibly higher than that of the cylindrical specimens.  

Table 2 Comparison of the static strength’s values of the specimens with and without fibre rein-
forcement 

  with fibre reinforcement without fibre reinforcement ratio [-] 

cylinder [MPa] 192 176 1.1 

truncated cone [MPa] 136 86 1.6 

ratio [-] 1.4 2.0 - 

 

The stress-strain curves of four selected truncated cones with and without steel fibres are presented in 
figure 3. The compressive strength is calculated based on the larger base area (d = 60 mm). As al-
ready shown in Table 2, the static strength’s values of the truncated cones with fibre reinforcement 
are about 58 % higher than the static compressive strength of the specimens without steel fibres. This 
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tendency was already observed by Cachim et al. [6] for cylindrical specimens with the dimensions 
d/h = 150 mm/300 mm. However, the static compressive strength was only about 17 % higher than 
the corresponding plain concrete compressive strength. Furthermore, it can be observed that the spec-
imens without fibre reinforcement have a brittle material behaviour which results in an abrupt failure. 
In contrast to this behaviour, the fibre reinforced specimens show certain signs in advance before 
failure. 
 

 
Fig. 3 Comparison of the stress-strain relation of truncated cones with and without fibre rein-

forcement 

3.2 Cyclic Investigations 

3.2.1 Ultimate number of cycles to failure 
The results of the cyclic investigations on the plain and fibre reinforced concrete are evaluated in 
relation to the ultimate numbers of cycles to failure N. The mean values of the ultimate numbers of 
cycles to failure N of the cylindrical specimens with and without fibre reinforcement are presented in 
figure 4. Furthermore, the S/N-curve for pure compression of the CEB-FIP Model Code 90 [7] and 
the S/N-curve for pure compression of the fib-Model Code 2010 [8] are shown. As can be seen, the 
ultimate numbers of cycles to failure of the concrete with and without fibre reinforcement are consid-
erably higher than the specifications in [7] and [8]. Furthermore, the inclination of the S/N-curves of 
both test series is nearly the same. Apparently, the ultra-high strength concrete without steel fibres 
reaches slightly higher ultimate numbers of cycles to failure. A comparison of test results on plain and 
fibre reinforced concrete under fatigue compressive loading by Lee and Barr [9] shows a similar trend 
concerning the ultimate numbers of cycles to failure. A slight reduction in the fatigue life of the fibre 
reinforced concrete can be observed compared to the plain concrete under compression loading. 

 

 
Fig. 4 Ultimate numbers of cycles to failure N of cylindrical specimens 

The mean ultimate numbers of cycles to failure of the truncated cones with and without fibre rein-
forcement are shown in figure 5 and the S/N-curves of CEB-FIP Model Code 90 [7] and fib-Model 
Code 2010 [8] are presented again. The difference in the ultimate numbers of cycles to failure, ob-

620



Influence of fibre reinforcement on the fatigue behaviour of concrete 

 

served on the cylindrical specimens, also appears for the truncated cones. The mean values of ulti-
mate numbers of cycles to failure for the fibre reinforced specimens are lower than the results of the 
plain concrete. Similar to the results of the cylindrical specimens, the inclination of S/N-curves of the 
truncated cones with and without steel fibre reinforcement is approximately the same.  
 

 
Fig. 5 Ultimate number of cycles to failure N of truncated cones  

The mean numbers of cycles to failure of all fibre reinforced specimens are lower than the corre-
sponding results of the plain concrete. With regard to these results, the fibre reinforcement seems to 
have a negative effect. As the maximum and minimum stress levels are calculated based on the static 
compressive strength, the influence of the fibre reinforcement is already captured in the static investi-
gations. Based on these results, an assumption can be made that the crack initiating mechanism of the 
steel fibre reinforcement is dominant. Steel fibres, which are positioned parallel to the direction of 
loading, could accelerate the damage and, therefore, cause slightly lower ultimate numbers of cycles 
to failure. This tendency is assisted by unpublished investigations.  

3.2.2 Strain Development 
In addition to the investigations concerning the influence of fibre reinforcement on the ultimate num-
bers of cycles to failure, the test results were evaluated with regard to the influence of fibre rein-
forcement on the strain development due to cyclic loading. Figure 6 shows the strain development of 
two selected truncated cones with fibre reinforcement (left) and two specimens without steel fibres 
(right). These tests were carried out with a maximum stress level of 80 % and a minimum stress level 
of 5 % of the static compressive strength. The progression of the strain is presented for the minimum 
and the maximum stress level.  
 

  

                                               
Fig. 6 Comparison of the strain development of specimens with fibres (left) and without fibres 

(right) 

Comparison of the strain development shows clear differences. The second phase of the strain devel-
opment showed a steeper inclination for the specimens with fibre reinforcement while it remains 
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nearly straight for the plain concrete. This indicates the existence of a continuous crack propagation in 
the fibre reinforced specimens. In contrast to this, the specimens without fibre reinforcement show 
merely a limited increase in strain, and therefore, a slight crack propagation. The third phase of the 
strain development is normally characterized by unstable crack propagation which results into a large 
increase in strain. As a consequence of this large increase in strain, fractured surfaces occur that lead 
to failure of the specimens. The third phase of the strain development of the fibre reinforced speci-
mens is more distinctive than the strain development of the plain concrete. An increase in strain can 
also be seen for the fibre reinforced concrete. Consequently, the failure does not occur abruptly. It 
rather occurs with a certain prior indications. The strain development of the specimens without fibre 
reinforcement does not indicate any distinctive pattern with respect to failure. The third phase of the 
strain development does not really exist. Therefore, the failure of the plain concrete occurs abruptly. 
In comparison with the results of the ultimate number of cycles to failure N, the fibre reinforcement 
clearly has a positive influence on the strain development.  

4 Conclusions 
In this paper, the results of experimental investigations concerning the influence of fibre reinforce-
ment on the static and fatigue behaviour of ultra-high performance concrete are presented. In order to 
increase the effectiveness of the fibre reinforcement, newly developed specimen geometry was used. 
The results of the static investigations showed that the static compressive strength can be increased 
through the usage of steel fibres. The fatigue investigations showed a slight reduction in the ultimate 
numbers of cycles to failure due to the fibre reinforcement. On the contrary, the plain concrete en-
dures a higher number of load cycles up to failure. As the minimum and maximum stress levels are 
calculated based on the static compressive strength, the influence of fibre reinforcement is already 
considered in the static investigations. Therefore, an additional improvement in the fatigue strength 
under compressive cyclic loading could not be achieved by the inclusion of fibre reinforcement. The 
fibre reinforcement has shown a positive influence with regard to the strain development. Due to the 
inclusion of the steel fibres, the failure of the specimens occurs with distinctive signs prior to failure. 
On the contrary, the failure in plain concrete occurs abruptly.  
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Abstract 
Currently, Croatia is undertaking significant efforts to ensure funds for construction of railway con-
nection between its continental and coastal regions. Construction of high speed railway is planned 
using concrete blastless track system. Technology and material needed to satisfy requirements for 
named track system are currently not available in Croatia. Overall goal of the presented research is to 
prepare concrete which could satisfy prescribed requirements on one side and on the other, provide 
ecological and economical savings. 

Presented rubberized hybrid fibre reinforced concrete (RHFRC) is tailored based on previous experi-
ence and available quantities of by-products from mechanical recycling of waste tyres. For purpose of 
material optimisation, 20 concrete mixtures are prepared with different recycled/industrial (steel and 
textile) fibre ratio and with addition of fine rubber particles (0.5–2 mm). More than 1 000 concrete 
specimens are prepared and tested on 16 different standardized tests. In this paper, investigation of 
compressive strength, modulus of elasticity, toughness, capillary absorption, resistance to wear and 
freeze-thaw cycles will be represented on selected concrete mixtures.  

Obtained results indicate that by partially replacing industrial with recycled fibres together with addi-
tion of fine rubber particles (5% on total volume of aggregate) good quality RHFRC can be prepared, 
assuring significant economic savings due to steel deficiency and its rising prices. 

1 Motivation of the research project 
Sustainability represents one of the major concerns of contemporary industry; concrete industry with 
use of million tons of natural resources per year settles between major environmental pollutants. 
Innovative materials and technologies are more than welcome to help preserving sufficient amount of 
natural resources as well as to decrease current gas emission. Waste materials are used and incorpo-
rated in concrete in order to replace aggregate or cement and in such way increase concretes sustain-
ability. At the same time million tons of waste tyres are inadequately managed and left in the envi-
ronment. To prevent this global devastation of the environment EU was pursuant to oblige all EU 
members and its candidates to start applying EU Directive 1999/31/EC which starting from 2006 
clearly prohibits any kind of waste tyre disposal in the environment [1]. Recent investigations implied 
significant decrease of abandoned tyres and currently EU average in their recycling reaches 94%. In 
Croatia, according to the regulations 70% of all available tyres should be mechanically or in another 
process recycled, while only 30% can be used for energy recovery. Croatian recycling company has 
mechanical recycling process and its by-products are currently the only available in Croatia. Previ-
ously conducted research on University of Zagreb Faculty of Civil Engineering indicated that all by 
product obtained during mechanical recycling can be further used in concrete industry [2–15]. Special 
application of these concrete encompasses structures such as noise barriers, industrial floors, concrete 
pavements, railway track system and etc.  

Although, current economic situation has decreased the amount of construction work, infrastruc-
tural projects has to go on. One of these engineering projects with special significance for Croatia and 
its habitants is modern, high seed railway connecting central Croatia and it capital with western 
coastal regions. According to the already prepared project documentation, track system will be con-
structed using concrete due to its capability to absorb large amounts of dynamic loadings and ob-
tained energies. A technology for such systems is currently unavailable in Croatian factories, follow-
ing that major part of this infrastructural investment should be imported from abroad. Investigations 
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and experience in materials design, especially concrete implies that usually applied materials for this 
purpose (ordinary concrete) shows certain disadvantages when used for named application. Major 
problem of such concrete structures is disability of ordinary concrete to absorb all energy produced 
during cycling loadings present in structure life span. Inclusion of short textile and/or steel fibres 
improves concrete ductility and absorption capacity, but due to the extremely high price of industrial 
obtained fibres caused by complexity of their production, fibre reinforced concrete is still struggling 
on the market. Accordingly, alternative materials are investigated whose properties could provide 
adequate attributes to the concrete at the same time assuring price reduction of fibre reinforced con-
crete (FRC).  

2 Investigation of innovative low cost material 
During different recycling processes of waste tyres similar by products are obtained and they mostly 
consists from rubber particles, steel and textile fibres. Research performed on University of Zagreb 
Faculty of Civil Engineering indicated that each of obtained by-products can provide special im-
provements of concrete characteristics, depending on its application. 

Rubber particles can be used as replacement of part of the aggregate, while the amount of re-
placed aggregate depends on the application. For example, small amounts (cca 5% of aggregate vol-
ume) are used for increase of concrete ductility and absorption capacity when high strength classes 
are required; when lightweight concrete is requested larger amounts are incorporated (up to 40-50% 
of aggregate volume). Example of the lightweight concrete is concrete were expanded clay is replaced 
with rubber and used for production of RUCONBAR – Rubberized Concrete Noise Barriers [3][12]. 
Steel fibres produced during mechanical recycling have different lengths and diameters since they 
origin from different types of tyre reinforcement, and most important they have irregular shapes. 
Although, they require development of special incorporation technologies due to their tendency to 
interlock, taking into account their attributes together with price they represent interesting alternative 
for industrially produced steel fibres [16–18]. Rubber particles are hard to totally dislodge from tex-
tile. This small amount of rubber incorporated can be positive for concrete characteristics since it not 
going to provide significant changes in concrete microstructure but will contribute to its ductility. 
Current research indicates that textile fibres can be used as a substitute for polypropylene fibres [10].  

According to the requirements set in relevant standards for railway track system, applied concrete 
should have strength class at least C45/55, adequate capillary absorption, wear and freezing resis-
tance, at the same time resisting to the significant dynamic loading present with each train pass. In-
sight in literature pointed good characteristics of fibre reinforced composite when such dynamic 
loadings are present. Although, fibre reinforced concrete with only recycled steel fibres has similar 
structural behaviour as ordinary fibre reinforced concrete [17–19] it is suggested to be used in higher 
amounts or blended with industrially produced fibres [13–15][16]. Compared to the ordinary con-
crete, fibres act as crack arrestors, giving substantial increase in toughness and better fatigue perform-
ance even when debonding and pulling out [20]. Besides mechanical characteristics durability is 
determined factor for reaching expected service life of the railway track system since appearance of 
cracks on the surface reduces service life of structure especially when one is exposed to the environ-
mental and traffic loads [14][15]. Capability of fibres to restrain cracks, presents detrimental factor 
for longer service life and reduced maintenance. Performed accelerated corrosion investigation [21] 
indicated good resistance of concrete with only recycled steel fibres since no compressive or flexural 
behaviour of investigated material was reduced. Disadvantage of recycled steel fibres is certainly their 
intensive external corrosion causing negative judgments of such and similar materials. It should be 
pointed that this negative appearance can be reduced by applying different coatings; important is that 
this external corrosion has no progress in concretes internal microstructure. 

Decreased energy absorption capacity of recycled fibres compared to the industrial ones can be 
further improved with addition of small amount of rubber particles in concrete mixture. Their low 
modulus of elasticity and high flexural strength additionally enhances concrete ductility and improves 
toughness and impact capability of recycled fibre reinforced concrete. Investigation of concrete be-
haviour with addition of steel beads confirms previous explanations [22]. Namely, steel beads consist 
of small amounts of rubber (cca 15%) and larger amount of recycled steel fibres (cca 75%), obtained 
during unfinished recycling process were steel fibres were not totally extracted from rubber. Accord-
ing to the results of performed investigation presence of steel beads in mixture increased its toughness 
and ductility, were cracking is controlled by present steel fibres altering post-cracking behaviour 
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while rubber absorbs produced energy and enhances additionally concrete ductility [22]. Their sig-
nificant disadvantage is interlocking during mixing process, leaving localized areas of high steel and 
rubber content. In order to avoid this negative consequence, others [19][20] performed investigation 
of positive synergy between rubber particles and industrially produced steel fibres. According to their 
investigation rubber particles act as crack arresters, giving rise to concrete exhibiting high strain 
capacity before macrocracking localisation while the fibres conferring the crack control mechanisms.  

Having in mind the costs of industrially produced steel fibres and already demonstrated capability 
of recycled steel fibres as their viable alternative, the main objective of this research is to prepare 
innovative low cost rubberized hybrid fibre reinforced concrete. Insights in literature and previous 
experience with by-products from mechanical recycling of waste tyres indicated great need for exten-
sive research on possible interaction between industrial and recycled steel fibres with or without 
incorporation of rubber particles depending of concrete intended application.  

3 Design of the experiment 
Significant effort was already undertaken to demonstrate the viability and importance of presented 
research. Results obtained during preliminary phase encompassed 20 different concrete mixtures and 
16 tests indicating positive interaction between industrial and recycled steel fibres. Following hy-
potheses will be verified during the investigation: 

 Saturated calcium hydroxide solution provides improvement of rubber adhesion to cement 
matrix, assuring production of hydrophilic groups on the rubber surface required for adequate 
degree of hydration on rubber/cement paste interface. 

 Presence of mineral admixtures enables consumption of accumulated calcium hydroxide from 
rubber pre-treatment contributing to the hardening process by providing secondary CSH gel 
through pozzolanic reaction. 

 Interaction of industrial and recycled steel fibres enables production of hybrid fibre reinforced 
concrete with adequate toughness and impact strength for special applications without influ-
encing on other mechanical and durability properties. 

 Addition of rubber particles assures improvement of ductility and post-cracking behaviour of 
hybrid fibre reinforced composite with blended industrial and recycled steel fibres, especially 
when air entraining admixtures are used. Other mechanical and durability properties are un-
changed. 

 Ageing of rubber and steel fibres during material exposure is minimised since they are sur-
rounded with cement matrix and has no influence on the composite chemical and physical be-
haviour.   

Stated hypothesis will be verified using following research procedures: 

 Positive influence of rubber pre-treatment with saturated calcium hydroxide solution using: 
scanning electron microscope and EDS analysis, infrared spectroscopy and contact angle. 
Testing will be conducted on rubber and rubberized mortar samples, encompassing rubber 
without pre-treatment, rubber pre-treated with saturated sodium hydroxide and calcium hy-
droxide solutions. Investigation of mechanical and durability properties will also be con-
ducted to determine pre-treatment influence on concrete properties, encompassing short and 
long term influence of used pre-treatment.  

 Positive interaction of industrial and recycled steel fibres compared to the fibre reinforced 
concrete with only recycled fibres will be demonstrated using set of mechanical and durability 
(toughness, impact strength, wear resistance) testing at the age of 28 days.  

 Additional enhancement of hybrid composite with rubber particles will be demonstrated using 
set of mechanical and durability (modulus of elasticity, toughness, impact strength and freez-
ing resistance) testing at the age of 28 days.  

 Influence of ageing of recycled fibres, rubber and composite will be determined through long 
term exposure of the specimens in salt chamber.  

4 Preliminary results  
Preliminary research was conducted along with project Concrete track systems – ECOTRACK. Spec-
imens were due to limited conditions in laboratory, prepared in precast concrete plant (TBP Pojatno, 
Viadukt dd) which in one way restrained possibility to control all parameters. In order to minimise 
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influences caused by robustness of the technologies used in precast concrete plant, all components 
were manually added in mixer. 

More than 1000 concrete specimens were cast and prepared, in this paper only part of the research 
is presented (Table 1). Constituents for preparation of concrete incorporate: CEM II/BM SV 42.5 N, 
combination of crushed and alluvial aggregate, silica fume, superplasticizer (polycarboxylic ether 
hyperplasticiser) and air entraining admixture. Industrial fibres, 35 mm long with diameter of 0.55 
mm and bent ends. Recycled steel fibres obtained during mechanical recycling of waste tires (irregu-
lar shape and dimension) and rubber particles (diameter 0.5 – 2 mm). Mixing procedure was adopted 
due to addition of rubber particles which were initially pre-treaded in saturated calcium hydroxide 
solution [4][10][12]. 

Table 1 Mixture composition  

By-products (kg) 
Mixture 

Cement 
(kg) 

Water 
(l) 

Aggregate 
(kg) 

Superplast. 
(kg) 

Air entr. 
(kg) 

S. fume 
(kg) 

Ind. steel 
fibres (kg) Fibres  Rubber  

0I0RAG 420 170 1666 2,31 0,25 21 0 0 18,9 

100I0R 420 170 1742 2,31 0 21 30 0 0 

100I0RG 420 170 1656 2,31 0,00 21 30 0 18,9 

100I0RA 420 170 1742 2,31 0,25 21 30 0 0 

100I0RAG 420 170 1656 2,31 0,25 21 30 0 18,9 

50I50R 420 170 1742 2,31 0 21 15 15 0 

50I50RG 420 170 1656 2,31 0,00 21 15 15 18,9 

50I50RA 420 170 1742 2,31 0,25 21 15 15 0 

50I50RAG 420 170 1656 2,31 0,25 21 15 15 18,9 

Abbreviation: I=industrial steel fibres; R=recycled steel fibres; G=rubber; A=air entraining admixture; 100I0RAG: 100% industrial 
fibres + 0% recycled fibres + air entraining admixture + rubber granulates 

 

Comparison of different pre-treatments of rubber was performed; without pre-treatment, immersion in 
saturated sodium hydroxide solution [25][26] and saturated calcium hydroxide solution. No difference 
in concrete attributes was obtained as result of different pre-treatments, indicating that saturated 
sodium hydroxide solution could be replaced by calcium hydroxide solution providing similar con-
crete characteristics. Detailed analysis of interface microstructure and rubber surface (SEM and EDS 
analyses, infrared spectroscopy and determination of contact angle) will be performed to confirm 
positive influence of saturated calcium hydroxide on improved hydrophilic properties of rubber sur-
face.  
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Fig. 1 Influence of different admixtures and fibre ratios of composite: a) compressive strength, 

b) modulus of elasticity 

Positive interaction between industrial and recycled steel fibres was determined during analysis of 
mechanical properties of the composite. Results of compressive strength (Fig.1 a) indicate slight 
increase in compressive strength with presence of both fibre types what is in accordance to the litera-

a)                                                                                                                         b)  
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ture data [21]. Although, capability of rubber and air entraining admixture to entrap air causes slight 
decrease of compressive strength, still high strength concretes are prepared (Fig.1 a).  

Very low modulus of elasticity of rubber particles, from 25 to 25 000 times lower than modulus 
of elasticity of the aggregate [27] assures rubber capability to withstand large deformations, acting 
like springs inside the composite and delaying crack widening as well as catastrophic failures [28]. 
Although, modulus of elasticity of steel fibres is very high due to their low volume contribution (< 
0,4% V) their presence in mixture has no influence on modulus of elasticity of the composite [29]. 
Even by combining industrial and recycled steel fibres no modifications in modulus were obtained 
since total volume of fibres in mixture was not changed (Fig.1 b). 

Inclusion of fibres assures progress of concrete properties, such as improved energy absorption 
capacity, ductility and fatigue performance. Their capability to transfer stress, from damaged to un-
damaged cross-sections, reduces brittleness of concrete. By reducing crack openings, improving 
ductility, energy absorption and post-cracking strength steel fibres represent optimum solution for 
materials used in structures exposed to cyclic dynamic loadings. Neocleous et al. 2011 [17] in their 
research investigated the use of recycled steel fibres from waste tires and according to the results 
recycled fibres present viable alternative to the industrially produced steel fibres, if used in higher 
amounts or blended with industrially produced fibres [16].  

Performed investigations of flexural behaviour using third point loading test on specimens with 
notch, positive synergy between industrial and recycled fibres is demonstrated (Fig.2). Load – dis-
placement curves imply that replacement of 50% of industrial with recycled steel fibres provides 
decrease of the surface area below the curve, when other admixtures are not present. This investiga-
tion is extended to determine positive synergy between hybrid fibre reinforced concrete (HFRC) and 
rubber particles in order to evaluate rubber contribution to improvement of composite ductility when 
recycled fibres are present since positive synergy of industrially produced steel fibres and rubber 
particles was already demonstrated [19][20]. According to the following figure (Fig.2), incorporation 
of equal content of industrial vs. recycled fibres together with addition of 5% of rubber particles to the 
total aggregate volume (50I50RG) assures similar composite behaviour as when ordinary FRC is used 
(100I0R). Thus, depending on requested concrete attributes (compressive strength, resistance to freez-
ing and thawing, value of dynamic loadings etc) hybrid fibre reinforced concrete with or without 
addition of rubber can be prepared presenting economically and ecologically viable alternative to the 
ordinary FRC. 
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Fig. 2 Load-displacement curves for tested mixtures  

5 Conclusions  
Inadequate knowledge of by-products from mechanical recycling of waste tyres is currently found to 
be big obstacle for further use of investigated material in concrete industry. Conducted investigation 
implies that by additional optimization of concrete constituents, high strength fibre reinforced con-
crete with adequate properties could be prepared assuring significant cost reductions. Positive synergy 
between blended industrial and recycled steel fibres together with rubber particles was obtained, 

a)                                                                                    b)  
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confirming that incorporated rubber serves as crack arrestor without affecting steel fibre capability to 
transfer stress across the crack. This is of special interest when freezing resistance is required and air 
entraining admixture is present; rubber particles due to their high energy absorption capacity assure 
better post-cracking behaviour of the composite. Although, testing of durability properties implied 
that HFRC with or without rubber can comply with all requirements from relevant standards here due 
to the limited space results are not presented. Following, rubberized hybrid fibre reinforced composite 
can be used in aggressive environments where its utilization for tailored applications could lead to 
significant environmental and economic benefits. 

References 
[1] Council of the European Union, “Council Directive 1999/31/EC of 26 April 1999 on the 

landfill of waste,” 1999. 

[2] I. Lakušić, S.; Bjegović, D.; Baričević, A.; Haladin, “Betoni visokih uporabnih svojstava kod 
kolosijeka za velike brzine,” in Međunarodni simpozijum o istraživanjima i primeni savreme-
nih dostignuća u građevinarstvu u oblasti materijala i konstrukcija, 2011, pp. 81-88. 

[3] S. Lakušić, D. Bjegović, A. Baričević, I. Haladin, and M. Serdar, “Apsorpcijska svojstva 
laganog betona s recikliranom gumom - RUCONBAR,” in Međunarodni simpozijum o is-
traživanjima i primeni savremenih dostignuća u građevinarstvu u oblasti materijala i kon-
strukcija, 2011. 

[4] D. Bjegović, A. Baričević, and M. Serdar, “Durability properties of concrete with recycled 
waste tyres,” in 12th International Conference on Durability of Building Materials and Com-
ponents, 2011, pp. 1659-1667. 

[5] D. Bjegović, M. Serdar, and K. Opačak, “Primjena reciklirane gume u graditeljstvu,” in IN-
DIS 2009 Planiranje, projektovanje, građenje i obnova graditeljstva, 2009. 

[6] S. Lakusic, D. Bjegović, M. Serdar, and A. Baričević, “ECOBAR- betonske barijere za zaštitu 
od buke – inovativno rješenje,” in Ekološki problemi prometnog razvoja, 2011, pp. 123-131. 

[7] S. Lakušić, D. Bjegović, A. Baričević, and I. Haladin, “Ekološke betonske barijere za zaštitu 
od buke - ECOBAR,” in Projektiranje prometne infrastrukture, S. Lakušić, Ed. Zagreb: 
Građevinski fakultet Sveučilišta u Zagrebu, Zavod za prometnice, 2011, pp. 7-30. 

[8] A. Lakušić, Stjepan; Haladin, Ivo; Baričević, “Primjena reciklirane gume u proizvodnji ap-
sorbirajućih betonskih barijere za zaštitu od buke,” in BH KONGRES O ŽELJEZNICAMA, 
2011. 

[9] D. Bjegović, S. Lakušić, and M. Serdar, “Primjena reciklirane gume na prometnicama,” in 
Prometnice-nove tehnologije i materijali, Građevinski fakultet Sveučilišta u Zagrebu, Zavod 
za Prometnice, 2010, pp. 7-46. 

[10] D. Bjegovic, S. Lakusic, M. Serdar, and A. Baricevic, “Properties of concrete with compo-
nents from waste tyre recycling,” in Concrete Structures for Challenging Times, 2010, pp. 
134-140. 

[11] Univesity of Zagreb Faculty of Civil Engineering, “Conrete railway tracks - ECOTRACK,” 
2011. 

[12] Univesity of Zagreb Faculty of Civil Engineering, “Rubberized concrete noise barriers - 
RUCONBAR,” 2011. 

[13] D. Bjegovic, A. Baricevic, and S. Lakusic, “RUBBERIZED HYBRID FIBRE REINFORCED 
CONCRETE,” in 2nd International Conference on Microstructure Related Durability of Ce-
mentitious Composites, 2012. 

[14] D. Bjegovic, A. Baricevic, and S. Lakusic, “Innovative low cost fiber-reinforced concrete. 
Part I: Mechanical and durability properties,” in 3rd International Conference on Concrete 
Repair, Rehabilitation and Retrofitting, 2012. 

[15] J. Krolo, D. Bjegovic, D. Damjanovic, I. Duvnjak, and A. Baricevic, “Innovative low cost 
fibre-reinforced concrete. Part II: Fracture toughness and impact strength,” in 3rd Interna-
tional Conference on Concrete Repair, Rehabilitation and Retrofitting, 2012. 

628



Rubberized hybrid fibre-reinforced concrete for special applications 

 

[16] C. Achilleos, D. Hadjimitsis, K. Neocleous, K. Pilakoutas, P. O. Neophytou, and S. Kallis, 
“Proportioning of Steel Fibre Reinforced Concrete Mixes for Pavement Construction and 
Their Impact on Environment and Cost,” Sustainability, vol. 3, no. 7, pp. 965-983, Jul. 2011. 

[17] K. Neocleous, H. Angelakopoulos, K. Pilakoutas, and M. Guadagnini, “Fibre- reinforced 
roller-compacted concrete transport pavements,” Proceeding of the ICE - Transport, vol. 164, 
no. 2, pp. 97-109, 2011. 

[18] M. A. Aiello, F. Leuzzi, G. Centonze, and A. Maffezzoli, “Use of steel fibres recovered from 
waste tyres as reinforcement in concrete: pull-out behaviour, compressive and flexural 
strength.,” Waste management (New York, N.Y.), vol. 29, no. 6, pp. 1960-70, Jun. 2009. 

[19] K. Pilakoutas, K. Neocleous, and H. Tlemat, “Reuse of tyre steel fibres as concrete rein-
forcement,” Proceedings of the ICE: Engineering Sustainability, vol. 157, no. 3, pp. 131-138, 
Feb. 2004. 

[20] H. Tlemat, K. Pilakoutas, K. Neocleous, and K. (2006) Tlemat, H., Pilakoutas, K., Neocleous, 
“Modelling of SFRC using inverse finite element analysis,” Materials and Structures, vol. 39, 
no. 2005, pp. 365-377, 2006. 

[21] A. Graeff, K. Pilakoutas, C. Lynsdake, and K. Neocleous, “Corrosion Durability of Recycled 
Steel Fibre Reinforced Concrete,” Intersections, vol. 6, no. 7, pp. 77-89, 2009. 

[22] C. G. Papakonstantinou and M. J. Tobolski, “Use of waste tire steel beads in Portland cement 
concrete,” Cement and Concrete Research, vol. 36, no. 9, pp. 1686-1691, Sep. 2006. 

[23] A. Turatsinze, S. Bonnet, and J. Granju, “Mechanical characterisation of cement-based mortar 
incorporating rubber aggregates from recycled worn tyres,” Building and Environment, vol. 
40, no. 2, pp. 221-226, Feb. 2005. 

[24] A. Turatsinze, J. Granju, and S. Bonnet, “Positive synergy between steel-fibres and rubber 
aggregates: Effect on the resistance of cement-based mortars to shrinkage cracking,” Cement 
and Concrete Research, vol. 36, no. 9, pp. 1692-1697, Sep. 2006. 

[25] L.-H. Chou, J.-R. Chang, and M.-T. Lee, “Use of waste rubber as concrete additive,” Waste 
Management Resources, vol. 25, pp. 68-76, 2007. 

[26] N. Segre, P. J. M. Monteiro, and G. Sposito, “Surface characterization of recycled tire rubber 
to be used in cement paste matrix.,” Journal of colloid and interface science, vol. 248, no. 2, 
pp. 521-3, Apr. 2002. 

[27] M. Khorami, E. Ganjian, and A. Vafaii, “Mechanical Properties of Concrete with Waste Tire 
Rubbers as Coarse Aggregates,” in Proceeding of Special sections on International conference 
on Sustainable Construction Materials and Technologies, 2007, pp. 85-90. 

[28] W. A. Aules, “Utilization of Crumb Rubber as Partial Replacement in Sand for Cement Mor-
tar,” European Journal of Scientific Research, vol. 51, no. 2, pp. 203-210, 2011. 

[29] L. Domagała, “Modification of properties of structural lightweight concrete with steel fibres,” 
Journal of Civil Engineering and Management, vol. 17, no. 1, pp. 36-41, 2011.  

629





 

Session D-3 
Monitoring and Repair of  
Building Structures 
 



 

 



Proc. of the 9th fib International PhD Symposium in Civil Engineering, July 22 to 25, 2012,  
Karlsruhe Institute of Technology (KIT), Germany, H. S. Müller, M. Haist, F. Acosta (Eds.),  
KIT Scientific Publishing, Karlsruhe, Germany, ISBN 978-3-86644-858-2 

Evaluation of the bridge Champangshiel by using 
static assessment methods 

Frank Scherbaum, Jean Mahowald 

Faculté des Sciences, de la Technologie et de la Communication, 
Université du Luxembourg,  
6, rue Richard Coudenhove-Kalergi, L-1359 Luxembourg, Luxembourg 
Supervisor: Danièle Waldmann  

Abstract 
The evaluation of existing buildings regarding their bearing capacity and serviceability is very im-
portant today. Especially for bridges, which become increasingly older, the assessment of the remain-
ing useful life and the detection of possible damages become more and more relevant. The investiga-
tion of the current state of a structure is normally based on visual inspections and continuous monitor-
ing, which are costly and time consuming. 

Therefore, the University of Luxembourg carries out a project to investigate an efficient application 
of different assessment methods taking into account praxis relevant test conditions. One part of this 
project is the practicability use of non-destructive testing methods to investigate bridge structures. 
These results are compared to the evaluation of a structure by in situ loading tests.  

Within this paper the results of in situ loading tests of a two span box girder bridge in Luxembourg, 
which was destined to demolition after the performed tests due to urban transformation, are analysed 
in order to describe the approach. Different damage scenarios, realized by cutting of a defined number 
of tendons, were elaborated and, for each damage scenario, static load tests performed. The results of 
these loading tests will be presented by analysing the load-deformation behaviour. 

1 Introduction 
Today, more and more buildings come to the end of their calculated utilisation period. But normally 
the local authority has not enough money to replace these old constructions precautionary with new 
ones. So bridge inspections and the assessment of the current state of the structure become more and 
more important today. In the past the current status of a bridge was determinate by periodic visual 
inspections, by a continuous monitoring and if necessary by an object-related damage analysis togeth-
er with a static calculation. However this kind of investigation and especially the detailed inspection 
are time consuming and cost intensive. For that reason, the University of Luxembourg investigates an 
efficient non-destructive way of bridge inspection by using static, dynamic and non-destructive test-
ing methods. 

As a part of this project, the University of Luxembourg investigates efficient use of in-situ load 
tests to evaluate the condition of a construction. Normally in-situ tests are used to determine the max-
imum load bearing capacity of a construction. In this project, in-situ load tests are used to detect a 
damage of a structure. To reach this goal the University got the possibility to damage a structure and 
investigate its structural behaviour with increasing damage. The here analysed bridge, which is called 
Champangshiel, was destined to demolition after the performed tests due to urban transformation [1].  

1.1 Bridge description 
The investigated bridge is a prestressed concrete box girder bridge, which was built from 1965 to 
1966 (Fig. 1). It is a straight longitudinal bridge with a total length of 103 m, which is separated in 
two different spans. The large span is 65 m and the short one 37 m long between the axis of the bear-
ings. For the static calculation a total length of 102 m is used (Fig. 2). Primarily the superstructure 
was made of prestessed concrete including 32 parabolic, 24 upper straight lined and 20 lower straight 
lined tendons. Additional to these tendons, 56 external prestressed steel cables were added inside the 
box girder in the large field in 1987 (Fig. 3). 
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Fig. 1 Side view of the bridge (left) and cross section (right) 

12
.5

 
 

Fig. 2 Longitudinal section of the bridge 

   
 

Fig. 3 Cross section of the box girder with the description of the tendons (left) and longitudinal 
schematic view of the prestressed tendons (right) 

2 Executed tests 
To evaluate the possibility of damage detection by using an in-situ load test, the superstructure is 
gradually damaged. The artificial damage is produced by cutting a defined part of the prestressed 
tendons. This should simulate a local loss of pretension and a local sectional weakening. During the 
whole test period, four different damage scenarios are realized to observe the reaction of the bridge to 
an increasing damage (Table 1). These damages are created at different positions of the superstructure 
to investigate, if this influences the detectability of damage. For each damage scenario an in-situ load 
test is accomplished. For a constant load in each damage scenario, the superstructure is loaded by 38 
steel beams, which means 245 t. The centre of this experimental load is positioned in x = 0.45•L 
(Figure 4), which corresponds to the section where the first damage is created. The experimental load 
is removed before the next damage is created. 
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Fig. 4 Position of the steel beams 

Before the first damage could be created, the initial state of the superstructure was measured. There-
fore, a first in-situ load test is done in the undamaged state (damage scenario #0).  

The first damage (damages scenario #1) is created by cutting 20 straight lined tendons in the low-
er part of the superstructure. The position of this damage is in the large field at x = 0.45•L (cut 1 in 
Figure 2). As second damage scenario, eight straight lined tendons in the upper part of the superstruc-
ture are cut (damage scenario #2). The tendons are cut 1.5 m away from the pylon axis (cut 2 in Fig-
ure 2). The third damage state (damage scenario #3) is created by cutting the external tendons. The 
tendons are cut by a flame cutter from the upper side of the superstructure through a hole in the top 
plate of the box girder (at the position of cut 2). Finally, a fourth damage scenario (damage scenario 
#4) is created by cutting the last 16 straight lined tendons in the upper part of the bridge and 8 para-
bolic tendons. This damage is also produced from the upper side in the section of cut 2. In the follow-
ing evaluation damage scenario #4 is not considered because the displacement transducers are re-
moved after the third damage scenario (damage scenario 3). All damage scenarios are summarized in 
table 1. 

Table 1 Description of the damage scenarios 

Damage scenario Damage 

#0 Undamaged state 

#1 Cutting all 20 straight lined tendons in the lower part of the bridge (bottom 
plate of the box girder) at 0.45•L 

#2 Additional cutting of 8 straight lined tendons in the upper part of the bridge 
(top plate of the box girder) over the pylon 

#3 Additional cutting of the external tendons 

#4 Additional cutting of 16 straight lined tendons in the upper part of the bridge 
(top plate of the box girder) and also 8 parabolic tendons 

3 In-situ load test 

3.1 Load cases 
For each damage scenario, the loading and unloading of the superstructure define already two differ-
ent load cases. Furthermore, respectively a load case is related to the time-dependent behaviour of the 
bridge after each cutting, loading and unloading. Table 2 describes these five different load cases for 
each damage state. 
  

12
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Table 2 Description of the load cases 

Load 

case 

Damage 

scenario 

Description  Load 

case 

Damage 

scenario 

Description 

#0 #0 Initial measurement  #2 #2 Measurement after the second cut 

#0-L  Measurement after the bridge was 

loaded  

 #2-Cr Measurement 19 h after the second 

cut 

#0-L-Cr Measurement 19 h after the bridge 

was loaded 

 #2-L Measurement after the bridge was 

loaded 

#0-U Measurement after the bridge was 

unloaded 

 #2-L-Cr Measurement 18 h after the bridge 

was loaded 

#0-U-Cr Measurement 30 minutes after the 

bridge was unloaded 

 #2-U Measurement after the bridge was 

unloaded 

#1 #1 Measurement after the first cut   #2-U-Cr Measurement 27 h after the bridge 

was unloaded 

#1-Cr Measurement 44 h after the first cut #3 #3 Measurement after the third cut  

#1-L Measurement after the bridge was 

loaded 

 #3-Cr Measurement 19 h after the third cut 

#1-L-Cr Measurement 19 h after the bridge 

was loaded 

 #3-L Measurement after the bridge was 

loaded 

#1-U Measurement after the bridge was 

unloaded 

 #3-L-Cr Measurement 20 h after the bridge 

was loaded 

#1-U-Cr Measurement 94 h after4 the bridge 

was unloaded 

 #3-U Measurement after the bridge was 

unloaded 
 
L = loaded state 
U = unloaded state 
Cr = consideration of the time-dependent behaviour 

 #3-U-Cr Measurement 20 h after the bridge 

was unloaded 

#4 #4 Measurement after the fourth cut  

 

3.2 Additional cracks in the superstructure 
Additional to and as a function of the artificial damage, cracks in the superstructure can be observed 
during the tests. The first cracks appear in load case #1, during the cutting of the tendons, and are 
limited to the bottom plate (Figure 5). The first bending crack can be observed after the structure is 
loaded in this damage state (load case #1-L). In this load case a crack can be seen in both sidewalls of 
the box girder (Figure 5). 

In damage scenario #2 no crack can be visually detected. The next cracks appear in damage sce-
nario #3, during cutting the external tendons. More cracks in the bottom plate and especially in the 
sidewalls can be seen (Figure 5). The first cracks in the top plate appear in damage scenario #4. 

 

 
Fig 5 sketch of the cracks after damage scenario #1, #1-L and #3 at 0.45L [1] 

636



Evaluation of the bridge Champangshiel by using static assessment methods 

 

3.3 Vertical deflection 
To evaluate the structural behaviour, the vertical deflections of the superstructure are measured by 
two displacement transducers (SaxisB and SaxisC) in two sections (section B and section C) during the 
whole test period. Section B is the position of the maximum bending moment at x = 0.40•L. Section C 
is the middle of the large field (x = 0.50•L). Additionally, the vertical deflection is measured at six 
sections (section A to F) by a digital levelling (Figure 6). This kind of measurement is executed for 
several times (one measurement for each load case). 

 

 
Fig. 6 Position of the measurement sections 

Figure 7 illustrates the vertical deflection measured by the displacement transducers for the whole test 
period including the temperature variations. The two upper lines present the deflection in section B 
(SaxisB) and section C (SaxisC). The four lower lines present the variation of the air temperature and the 
variation of the temperature of the construction measured in section C. The construction temperature 
is measured in the top plate, the bottom plate and both sidewalls of the box girder.  

 

 
Fig. 7 Vertical deflection measured by a displacement transducer in section B (SaxisB) and C 

(SaxisC) and temperature changes during the test period 

Figure 7 presents that every loading in each damage scenario lead to an increase of the vertical deflec-
tion. In the undamaged state, the loading leads to an increase of 24.97 mm in section B. In damage 
scenario #1 the vertical deflection increases of 37.06 mm as result of the loading. So, after the first 
damage and after the first observed cracks, the vertical deflection resulting from the loading is 
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12.09 mm higher than the deflection in the undamaged state. The vertical deflection in damage sce-
nario #2 (when no crack could be detected) increases of 35.14 mm due to loading, which is less than 
in damage scenario #1. In damage scenario #3, the loading leads to an increase of the vertical deflec-
tion of 55.61 mm. In this scenario more cracks in the bottom plate and in the sidewalls can be ob-
served. 

A view to the vertical deflection measured by digital levelling in section A to F shows the same 
than the displacement transducer. Figure 8 illustrates the vertical deflection curve of the superstruc-
ture measured by digital levelling for the loaded structure.  

 

 
Fig. 8 schematic vertical deflection curve for the loaded superstructure measured by digital 

levelling 

It can be seen that there is nearly no difference between the deflection curve of load case #1-L and 
#2-L. 

The analysis of the vertical deflection in the unloaded state shows a clearly increase due to dam-
age scenario #1 and #3 (Figure 7). In contrast to this, the artificial damage scenario #2 does not lead 
to an increase of the vertical deflection. Figure 7 also presents that the vertical deflection, which 
results from temperature changing, is larger than the vertical deflection of such a small damage like 
damage scenario #2.  

4 Conclusions 
It has been shown, that high damages like damage scenario #1 or #3, which leads to cracks in the 
superstructure, could be detected by measuring the vertical deflection. The loading of the superstruc-
ture amplify this effect. However, a small damage like damage scenario #2 could not be detected. 
Here the influence of the temperature changing could be higher, so that it is important to know its 
influence prior to all test result evaluations. This means, that the knowledge about the behaviour of 
the structure for different temperatures is necessary. 
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Abstract 
In Germany the use of external tendons is mandatory since 1998 for prestressed concrete bridges with 
box-type construction in the area of responsibility of the Federation as standard building method. In 
order to assess the current state of the built-in external tendons and stay cables, various non-
destructive testing methods are available with which damage or a decrease in the prestressing force 
can be detected. All currently existing techniques are so time-consuming that a routine use in situ is 
not economically feasible. The extent of a routine measurement cannot primarily have the aim to 
determine the absolute change of the tension force referring to the initial state, especially since the 
initial state is not known in most cases. Rather, the measurement should provide clear indicators that 
the condition of the tendon is located inside or outside of the confidence interval. Therefore, a rapid 
in-situ test has been developed which proceeds only by the following conditions: The initial tension 
force is not known; the free tendon length is not determined exactly and creep and shrinkage is not of 
particular interest. Assuming these conditions, it is sufficient to measure only the frequency of the 
tendons and not make further in-depth considerations. For the pure determination of the frequency, 
these points are not necessary and above all the time required for these measurements is a few min-
utes. If you draw the periodic tests in a database, you get a picture of the changes that have occurred 
in the meantime. In order to classify the results, a classification of the changes has to be done. To this 
intention, all the frequencies of all tendon sections are normalized to the respective very first value of 
each section. This allows that all the tendons of the same superstructure can be compared. 

1 Research Project 

The goal of the research project [10] is to 
specify criteria and recommendations regard-
ing the selection of testing methods for exter-
nal tendons and stay cables with parallel 
strands. Thereby assistance is given to the 
bridge inspectors, which refers to possible 
visible damages and suggests – after finding 
these damages at external tendons and stay 
cables – in each case to appropriate precau-
tions and necessary work step for further 
measures. By means of a clear instruction for 
procedure, an assessment of damages can 
take place via the bridge inspector at as small 
expenditure as possible. In dependence of 
different criteria, like e.g. the existing tendon 
system, the existing visible damages, the 
measuring accuracy aspired and not least the 
expenditure, one is ready to be invested, one 
or several inspection procedures and measur-
ing procedures as selection are depicted. 

 
 

  

Damage to external tendons and stay cables 

with parallel strands promptly recognize 

 

Criteria to the damage assessment as well as  

efficient and reliable measuring procedures for  

assessment of damages are necessary 

 

Definition of criteria and recommendations  

regarding the selection of testing methods for  

external tendons and stay cables 

 

Development of an instruction for procedures 
 

 
Fig. 1 Research objective.  

639



9th fib International PhD Symposium in Civil Engineering 

2 External tendons used in Germany 
The external prestressing acts around tendons for prestressing without bond, which lie outside of the 
concrete, but within the concrete cross section. The external prestressing was used in 1936 for the first 
time in Germany after a draft Dischingers, but in the next 50 years the internal prestressing with bond 
was preferred [1]. 

In the mid of the eighties the external prestressing was again discovered and continued to develop 
after discovering not injected tendons at internal tendons. The external prestressing allows a simple 
visual inspection and can be retightened or replaced if necessary. Table 1 gives an overview of the 
most important characteristics of the external prestressing systems used in Germany. 

Table 1 External tendons used in Germany. 

Company SUSPA BBV BBV BBR VT VBF VBT 

Typ Draht EX Typ E Typ EMR 
CMM D 
CMM KD CMMD BE 

Prestressing 
steel 

Wires Strands Strands Strands Strands 

Cross section 

   

Corrosion 
protection 

Duct (HDPE), 
grease / mortar 

Duct (HDPE), 
grease 

Strand, duct strand (HDPE), outer duct (HDPE) 

Maximum 
prestressing 
force [kN] 

2970 6278 3531 3532 2974 

3 Bundles of parallel strands 
Contrary to full-locked cables (see fig. 2) bundles of parallel strands are stay cables, which are com-
posed of parallel running mono strands and an additional outside PE spiral coil. 

 
 

 
1. Wedges, 2. Ring Nut, 3. Compression Tubes, 4. 
Sealing Plates, 5. Spacer, 6. Compression Plate, 7. 
Elastomeric Bearing, 8. Clamp, 9. Cap, 10. Anchor 

Block, 11. Bearing Plate, 12. Strands, 13. Recess Pipe, 
14. Exit Pipe, 15. Filler Material, 16. HDPE Sheathing 

Fig. 2 Full locked cable (left), DYNA Grip® anchorage (right) 

4 Damage to the prestressing steel 
The following kinds of damages can occur to prestressing steels without bond [12]: 

 Brittle failure due to local corrosion attack, 
 Break due to hydrogen-induced stress corrosion, 
 Brittle failure due to a hydrogen brittleness. 
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The following influences favour the occurrence of defects: 

 High notch sensitivity of the prestressing steel, 
 Penetration from corrosion-promoting substances, 
 Execution error (like e.g. injecting error),  
 Foreign effects. 

5 Testing methods 
In the context of a building examination the individual construction units of the tendons and stay 
cables including the anchorage and the returning element are to be examined visually for their actual 
condition. With the occurrence of damages the bridge inspectors have different aids (e.g. endoscope, 
layer thickness measuring instrument, crack ruler) on-hand, in order to examine the extent of the 
damage more exactly. If the available aids are not sufficient, then a subject-related damage analysis 
[6] has to be accomplished. In this context complex technical testing methods become more important 
constantly. For this, numerous non destructive or destruction-poor testing methods are available [2], 
[9], [11], which are to be selected for the respective case apart from the aspect of the applicability also 
regarding the assumed damage form and the developing expenditure.  

5.1 Determination of the prestressing force 
With the knowledge of the stress in the tendons the condition of the tendons can be judged, before 
clear damage to the superstructure or the tendon are visible from the outside. In the context of this 
research project the tested methods are introduced in the following. 

5.1.1 Using the tensioning jack 
One possibility for the examination of the stress is to apply a tensioning jack. Conditions for this are 
the free accessibility of the anchor and the presence of a continuous plastic corrosion protection. 
Setting the tensioning jack at a wire system such as e.g. SUSPA-Draht EX is possible at any time and 
causes no damage to the tendon system. On the other hand setting of the tensioning jack at strand 
systems is possible only with a sufficient tendon length behind the anchorage. Apart from a large 
temporal and financial expenditure the danger of an inadvertent damage of the anchorage or the cable 
exists due to repeated wedge bite.  
 

 
Fig. 3 Tensioning jack (left) and jack for several strands (right). 

Due to the large expenditure of time to bring the tensioning jack to their place there is the possi-
bility of accomplishing a lift-off-test with several strands. Also a sufficiently large strand projection is 
necessary for this. The jack is pushed onto every several strand and the necessary pressure is applied 
with a hand pump, in order to pull the strand out easily. 

5.1.2 Vibration measurement 
During the stress determination by means of dynamic measurements the oscillations of a tendon are 
seized and the natural frequencies are determined. With the further knowledge of the diameter, the 
cable length, the cable mass and the modulus of elasticity of the prestressing steel the tension in the 
steel can be determined. Considering the conditions of the bearings and sag of the tendon the differ-
ence compared with the stress measured by tensioning jack is less than 3% [7]. If the sag of the cables 
is too large, this procedure is not applicable. This is the case with the main cables from suspension 
bridges. Usually the tendon is oscillated with a hammer. With an electrical vibration absorber (in 
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general acceleration sensor) and an interpretation device (frequency analyzer) the signals are seized 
for ascertaining the frequency. 

Generally the traction power P in [N] of an ideally tautly strained wire with articulated storage re-
sults over the connection between the measured eigenfrequency fk,string with the order k, the oscillation 
length of the tendon LS and the mass m per meter of length: 

 k,string S
22 f L

P m
k

  
  
 

 (1) 

5.1.3 Magnetoelastic sensors 
Over the so-called field coil an alternating current is fed, which induces a tension in the coil. From 
these values the magnetic characteristics of the tendon can be determined. At measuring instruments, 
which are based on this method, the tension values or force values of the strands can be read off 
directly. 

5.2 Damage detection 
Usual testing methods for the collection of the damage can be divided into optical, acoustic, electro-
magnetic, magnetic and chemical procedures regarding their operational principles. The tested proce-
dures are represented in the following. 

5.2.1 Magnetic detection of prestressing steel breaks 
The magnetic scatter field procedure uses the ferromagnetic characteristics of the prestressing steel 
for the non destructive localization of prestressing steel breaks. The tendon which can be examined is 
first remanent magnetized. Following the transversal component (orthogonal to the tendon arranged) 
of the magnetic flow density along the tendon is measured. Tension wire breaks produce a character-
istic signal process. 

5.2.2 Ultrasound 
Sound with frequencies between 20 kHz and 1 GHz is called ultrasonic [11]. With the ultrasonic echo 
procedure or also ultrasonic pulse echo method ultrasonic waves will transfer from the transmitter 
into the construction unit which has to be examined. The acoustic waves are reflected, strewn and 
bent from boundary surfaces of materials of different acoustic impedance (wave velocity multiplied 
by density). At the transition to air the reflection is the largest (total reflexion). From the intensity and 
running time of the reflected waves the distance of the reflection place. By scanning the extents of an 
inhomogeneity can be determined. 

5.2.3 High frequency resonance measurement 
With the electrical reflectometry high frequency pulsed voltages at opened prestressing steel ends are 
linked and the signal over an evaluation of the time functions, reflected at damages, is seized [8]. By 
systematic changes of the frequency resonance features can be determined, from which the entire 
tendon length is determined. A prestressing steel break shows itself from an increased distance of 
neighbouring resonances, so that the computational tendon length shortens. In extensive investiga-
tions it could be stated among other things that this method cannot be used if prestressing steels are in 
contact like e.g. SUSPA-Draht EX [5]. In case of mono strands this method is however applicable. 

5.2.4 Visual inspection 
External tendons inside a bridge (box-type construction) are visually controllable with the naked eye. 
Stay cables can be examined by using an automatic trolley at which 4 high speed cameras are fixed. 
Rope diameters between 32 and 350 mm and rope lengths up to 300 m can be examined with a speed 
of up to 0.4 m/s. 

6 Development of an in situ quick test 
The existing test methods can only be used in certain sections of a tendon. Therefore several methods 
must be used to be able to exclude or detect any damage. Only the determination of the tensioning 
force using vibration measurement covers the entire length of a tendon or cable, if one measures in 
each field between the deflection points. 
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To achieve more precise calculation results, it is not sufficient to determine the tensioning force with 
the formula of the vibrating string (equation 1). It is necessary to use higher natural frequencies and 
the stiffness of the cable must be considered also (equation 2). 

 

2
2 2

k,cable k,string 2 2
S S

E I k E I
f f 1 2 4

P L 2 P L

     
          

 (2) 

It is clearly recognizable that the expenditure is relatively high in order to calculate the stiffness 
of an external tendon and stay cable, which is composed of one to two HDPE ducts, prestressing steel 
(strands or wires) and a corrosion protection (grease, mortar, etc.). Also, the vibration length has to be 
determined from deflected tendons complicated, because of the deviation point within the deflection 
is not known. In addition, the mass of the tendon is required per running meter. Because duct diame-
ter, thickness, prestressing steel weight and corrosion protection varies from bridge to bridge, the 
determination of the actually existing weight is very difficult or impossible, especially there is not 
always known according to which admission the tendons are used and for example the dimensions of 
the duct may vary from admission to admission. To classify the calculated tension force accurately, 
the tension force applied initially must be known, and after the tensioning a zero measurement has to 
be performed and the losses due to creep, shrinkage and relaxation must be considered in further 
measurements. 
 

 

Fig. 4 Measuring instrument. 

An invention of the Institute for Concrete and Building Materials (IMB) enables a quick test for 
monitoring of external tendons. The test is based on the fact that the eigenfrequencies of all the ten-
dons in a bridge can be adapted to each other mathematically. At repeated measurements the tendons 
are filtered out automatically if an irregular change of state has taken place in the meantime. The 
analysis of the signals is designed so that the result after the measurement is available on site immedi-
ately. With current conventional methods several days or weeks are needed for measurement and 
evaluation. The new invention reduces the testing time and costs by a factor of five. In addition, the 
bridge inspector can perform himself the measurements and evaluations and no specialist in meas-
urement and evaluation is required, which is especially in terms of costs a great advantage. The sys-
tem is universally applicable and also suitable for the inspection of cable-stayed bridges. Currently in 
a pilot project the external tendons of selected prestressed concrete bridges are examined. Currently, 
the IMB also develops together with an industrial partner a mobile measuring instrument and a data-
base system for better processing of the measured test data. 

7 Conclusions 
In laboratory and in-situ tests different non-destructive or destruction-poor testing methods were 
checked with regard to their practicability. The tested techniques are characterized by different pros 
and cons. Like that the practical use is given to the existing stress with a regulation by means of dy-
namic vibration measurement due to the fast measurements with small deviations by far more than 
those very time and transport-complex determination of the stress by using the tensioning jack. 
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Ultrasound measurements are a relatively fast method particularly in the range of the anchorages due 
to finding defects with separate running strands, in order to examine the tendon in the anchor range 
with suspicion of damage. 

At measurements with the magnetic scattering field procedure there is the possibility of examin-
ing tendons within executions on cross section reductions. The free length is driven off completely 
with the magnet and a possibly existing defect is thus detected centimetre-exactly. 

The new developed measuring instrument is contrary to the test procedure on the market by the 
bridge inspector itself applicable and delivers locally a statement about the condition of the stay ca-
bles or tendons. With the automated analysis and data storage a measuring instrument is given to the 
bridge inspector. So tendons and other guyed structures can be checked quickly and inexpensively. 
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Abstract 
The German research project "Protection of Critical Bridges and Tunnels in a Road Network" focused 
on the identification of critical road infrastructure and the development of protective measures. There-
fore a suitable indicator of criticality for concrete highway bridges had to be found, thus enabling the 
ranking of structures and the evaluation of protection measures. First a complex probabilistic model 
considering the uncertainties in resistances, actions and mechanical models had been established. 
Based on this model Monte-Carlo simulations for different limit states and hazard scenarios were 
carried out, to estimate the reliability index of highway bridges. Thereafter the traffic load bearing 
capacity of bridges has been investigated as a simplified indicator of criticality and was calibrated by 
comparison with the results gained in the reliability analysis. 

1 Introduction 
The road network plays an essential part in a countries economy and social life, as its continuous and 
undisrupted operation is vital for society. The probably most vulnerable components of the road 
infrastructure are bridges and tunnels. These structures not only act as bottle-necks in the highway 
system, but also have to face a number of different hazards. Bridges can be affected by vehicle impact 
against vital structural components such as cables or pillars. Moreover the effect of climate change on 
structures has to be taken into account, as it results in higher wind velocities, increased temperatures 
and rainfall, thus causing storms, floods and other natural disasters. Finally, another ever greater 
threat to important infrastructure components is represented by terrorist attacks. A research project 
was carried out to investigate the effects of these hazard scenarios on bridges and tunnels and to 
develop effective protection measures and strategies. The objective was to be able to rank different 
types of structures according to their criticality and thus enable traffic administrations to identify their 
most vulnerable infrastructure components. Three main aspects have been considered regarding the 
criticality of a structure: effects on road users, influence on the road network and structural aspects. 
All of these aspects have been investigated in detail in the research project, yet this paper addresses 
the assessment of the criticality of the structure, in particular of bridges. 

2 Reliability analysis 
To describe the criticality of a bridge for a certain hazard scenario, a suitable indicator of criticality 
had to be identified. This indicator had to enable the assessment and ranking of different hazard sce-
narios and different types of structures. Current standards [1, 2] provide us with such an indicator, 
namely the reliability of a structure, which can either be expressed by the reliability index (β) or the 
probability of failure (Pf). Whereas a clear definition of these indicators is given by the standard, there 
are hardly any instructions regarding the calculation of their values. Therefore a calculation method 
had to be developed and the required information on the probabilistic models had to be collected and 
implemented in the calculation. The probability of failure due to a hazard scenario can be divided into 
the exposure of the structure (Pe - probability of event occurrence) and vulnerability of the structure 
(Pv - probability of failure if event occurs), where: Pf = Pe • Pv. Due to the lack of information and 
statistical data on the occurrence of disastrous events, it is extremely difficult to determine the expo-
sure of the structure, that is the probability of a hazard scenarios occurrence. Therefore only the vul-
nerability of the structure was assessed within this research project and it was agreed to set Pe for each 
scenario equal to 1. Assuming that the different hazard scenarios have similar occurrence probabili-
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ties, this fits the objectives of the project, as the aim was to enable a ranking for different types of 
hazard scenarios and structures. 

2.1 Basic variables 
The probabilistic model for the reliability analysis is based on the traditional separation of actions and 
resistances common to structural engineering. Basic variables have been carefully considered and 
selected for both sides. Basic variables for resistances mainly include material properties. The distri-
bution functions for the basic variables have been assumed according to various references, for the 
prestressing steel the permit of the cables [3] provided information regarding the requirements to-
wards material quality. A correlation between the compressive strength and the modulus of elasticity 
of concrete has been considered. Model uncertainty factors, accounting for random effects neglected 
in models and simplifications in the mathematical relations [4] have been considered, too. Modelling 
actions and loads required more advanced considerations. It had to be distinguished between perma-
nent actions, such as self weight and variable actions, as for example traffic loads or temperature 
differences. The factor for self weight has been applied to each construction section separately. 
Ground settlements and wind actions, considering the effect of climate change, were applied on pil-
lars. As already indicated, the effects of the hazard scenarios investigated could not be considered as 
basic variables due to the lack of statistical data, they were introduced as non probabilistic actions 
instead. An observation period of one year had been chosen, the combination of the different time 
dependent variable actions within this period has been implemented using the Ferry Borges-
Castanheta model [5]. Table 1 presents an overview of the selected basic variables and the main 
parameters of the corresponding distribution functions with the exception of traffic loads. 

In order to reproduce the traffic loads on the bridge, complex traffic simulations were carried out. 
The simulations were developed on the basis of statistical data acquired in traffic measurements on 
German highways [10]. This simulation method has also been used to support the development of 
new traffic load models for the German National Annex to the EN 1991-2 [11]. Some results of the 
traffic measurements are presented in Fig. 1. Several different traffic scenarios have been 
investigated. One corresponds to the current traffic on German highways according to the 
measurements carried out. Other scenarios account for expected changes in the traffic constitution, 
assuming an increase in vehicle numbers and loading. The traffic simulations required a large number 
of basic variables including vehicle types, total vehicle weight and distance between vehicles. Traffic 
congestion was included into the simulation model with certain probability, too.  

 

Fig. 1 Results of traffic measurements on German highways: frequency of vehicle types (left) 
and vehicle weight distribution for truck type 98 (right) according to [10] 
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Table 1 Basic variables for resistances and actions 

Variable Unit Distribution Mean Standard 
deviation 

Reference 

Compressive strength of concrete [MPa] Lognormal 43 5 [6] 

Modulus of elasticity of concrete [MPa] Lognormal 33282 4992 [6] 

Yield stress of reinforcement [MPa] Normal 560 30 [4] 

Modulus of elasticity of reinforce-
ment 

[GPa] Constant 205 - [4] 

Ultimate strength of prestressing 
steel 

[MPa] Normal 1876 64.5 [3] 

Modulus of elasticity of prestress-
ing steel 

[GPa] Constant 195 - [3] 

Eccentricity of load on pillar [mm] Normal 0 21 [4] 

Factor of model uncertainty for 
bending 

- Lognormal 1.2 0.15 [4] 

Factor of model uncertainty for 
shear 

- Lognormal 1.0 0.1 [4] 

Factor of model uncertainty for 
normal forces 

- Lognormal 1.0 0.05 [4] 

Self weight factor - Normal 1.0 0.1 [6] 

Temperature difference (positive) [K] Weibull 3.62 2.2 [7] 

Temperature difference (negative) [K] Weibull -2.59 1.59 [7] 

Ground settlements [cm] Beta 1.0 0.3 [8] 

Wind velocity [m/s] Weibull 10.54 3.94 [9] 

Factor of model uncertainty for 
bending 

- Lognormal 1.0 0.1 [4] 

Factor of model uncertainty for 
shear 

- Lognormal 1.0 0.1 [4] 

2.2 Monte-Carlo simulation 
The Monte-Carlo method has been implemented to determine the reliability indicators in question. In 
order to improve the accuracy of the Monte-Carlo simulation a special method considering the model 
uncertainties, has been developed in this research. The technique is similar to the importance sam-
pling method, which utilises prior information about which domain of the possible values of basic 
variables contributes most to the probability of failure, and achieves a variance reduction by centring 
the simulation on this area [12]. In an analogous way the applied method considers only those values 
of the model uncertainties which result in the failure of the structure. 

For each of the basic variables with the exception of model uncertainties n  different possible re-
alizations according to the corresponding population function are generated. Thereafter the resistance 
forces iR  and action forces iE  can be calculated for each of these realisations. The limit state func-

tion for one realization can be stated as 
0 EiRi ER   

with R and E  being the model uncertainty factors for resistances and actions respectively. The 

model uncertainty factors follow the logarithmic normal distribution, therefore they can be substituted 
by the exponents of normally distributed variables RU  and EU  with mean value 

RU  and 
EU  along 

with standard deviation 
RU  and 

EU . 
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with  x  being the distribution function of the standard normal distribution. 
By this equation each realization in the simulation provides an estimate of the failure probability 

for the investigated limit state. The overall failure probability considering all n  simulations can be 
expressed as 
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The variance of the failure probability can then be calculated in analogy to the importance sampling 
technique by 
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The introduced method proved effective in improving the accuracy of the estimation for the failure 
probability, as the variances for the dominant limit states of shear and bending could be reduced to 
less than 0.07. 

3 Simplified analysis 
The reliability analysis introduced in section 2 is an innovative approach to assess the reliability of a 
structure for hazard scenarios, yet it requires a large number of simulations and complex calculations, 
thus it is highly time consuming. In civil engineering practise it is often of importance to get a quick 
estimate of a structures reliability, without demanding simulations. Therefore a simplified analysis 
had to be developed to enable a criticality assessment for bridges. As an alternative to the reliability 
index a simplified criticality indicator L  has been introduced, named traffic load factor. The traffic 

load factor is defined as the factor the traffic load has to be multiplied with, so that for a certain limit 
state the failure criterion is exactly met. For the persistent and transient design situations of the Euro-
codes, the traffic load factor can be determined by solving the following equation:  
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For any structure complying with the specifications of a given standard, the load factor has to be 
greater than 1.0 for each limit state and action given by the standard. For the extreme hazard scenarios 
investigated in the project it is of course possible that the calculated load factor is less than 1.0 or 
cannot be assessed. The load factor is calculated with linear analysis. It has to be remarked, that addi-
tional reserves of the structural reliability could be considered taking into account non-linear behav-
iour and redistribution of internal forces. Two different models for traffic loads have been investigat-
ed. The model for current traffic corresponds to the traffic loads defined in the current German stand-
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ard on actions for bridges [13]. The scenario future traffic is based on the suggestion for a new model 
according to [10], taking into account prognosticated increase in vehicle numbers and loads. 

4 Results 
The case studies were carried out on two different structures: a single span prestressed concrete slab 
and a prestressed concrete continuous beam with five spans and a double-webbed T-beam cross-
section. These can be regarded as fairly representative, as beams and slabs account for more than two 
thirds of bridges in the German highway network. The structures were calculated and designed ac-
cording to the valid German standards at the time of construction. Both bridges carry three lanes, 
accommodating traffic of approximately 120.000 vehicles per day, with around 10 % of heavy traffic. 
As a reference scenario first the reliabilities have been calculated for the undamaged structure. Ac-
cording to the European Standard EN 1990 [1] the target value of the reliability index, for a reference 
period of one year, should be 4.7 for the ultimate limit states. This criterion is met by both structures 
for both traffic models. For the concrete slab a partial failure at mid-span and a partial failure at the 
supports have been examined. For the continuous beam the investigated scenarios included partial 
failure at supports, partial failure at mid-span and the collapse of one out of a pair of pillars. The 
results of the Monte-Carlo simulations and the simplified analysis for these structures after the inci-
dent are presented in Table 2. 

Table 2 Calculated indicators of criticality for different scenarios 

Scenario Reliability index Traffic load factor 

Current 
traffic 

Future 
traffic 

Current 
traffic 

Future 
traffic 

Reference scenario (single span slab) 4.85 4.73 1.50 1.14 

Partial failure at mid-span (single span slab) 3.04 2.92 0.00 0.00 

Partial failure at supports (single span slab) 4.85 4.73 1.05 0.80 

Reference scenario (continuous beam) 5.70 5.38 1.39 1.14 

Partial failure at mid-span (continuous beam) 4.34 3.97 1.04 0.82 

Collapse of a pillar (continuous beam) 5.13 4.84 0.00 0.00 

Partial failure at supports (continuous beam) 2.60 2.23 1.26 0.80 

 

The results indicate a clear correlation between the reliability index and the traffic load factor, the 
sample correlation coefficient being r = 0.86. Considering this correlation a formula for the estimation 
of the reliability index based on the traffic load factor could be developed. If a structure for a certain 
scenario meets the reliability requirements of the European Standard, the reliability index has to 
exceed 4.7 and the traffic load factor must not be less than 1.0, therefore for a traffic load factor of 1.0 
the formula should provide a reliability index of 4.7. 
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Fig. 2 Comparison of results for reliability index and traffic load factor 

A linear equation fulfilling this criterion was fitted to the data presented in Table 2 by applying the 
method of least squares. As a result the following estimation formula for the reliability index could be 
developed: 

L  27.2  

This equation provides for the investigated scenarios an estimation of the reliability index with a 
maximum error of approximately 15 %. Considering the significantly easier calculation method, this 
error is acceptable for a first estimate. In Fig. 2 the equation of the estimation is plotted, the corre-
sponding indicators of criticality for each scenario according to Table 2 are represented by individual 
points as a comparison. 

5 Conclusions 
The reliability index was identified as a suitable indicator for ranking different types of bridges and 
hazard scenarios according to their criticality, thus enabling the identification of the most vulnerable 
structures. A method was developed to estimate the reliability index with Monte-Carlo simulations. 
The variance of the estimation could be reduced effectively by introducing a technique considering 
the basic variables for the model uncertainties analytically. A simplified indicator of criticality, 
named traffic load factor, was introduced and defined. Based on results for case studies a correlation 
between the two indicators of criticality could be identified and a formula for the estimation of the 
reliability index was developed. 
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Abstract 
Deterioration, by corrosion of steel wire in reinforced and prestressed concrete is very serious and 
must be given special consideration; failure may result in the loss of life and a high financial cost. 
One application is prestressed concrete cylinder pipes which are widely used for conveying water and 
wastewater. The biggest problem in these pipes is corrosion of the prestressed wires which can lead to 
catastrophic failure. In the Great Man-mad River in Libya detection of the corrosion in its initial 
stages is very important to avoid water interruption to homes and industry. This paper reports on the 
use of the Acoustic Emission (AE) technique to detect and locate the early stages of corrosion and 
classify different crack types. Preliminary results presented indicate that AE is capable of detecting 
corrosion in representative structures. In addition, it can identify and classify the crack location and 
type. 
 

1 Introduction 

Corrosion is a significant problem in numerous structures. The cost due to corrosion is estimated at 
billions of dollars every year. The Department of Transport in the UK evaluated that the cost of re-
pairing concrete structures damaged by corrosion problems as £755 million a year [1]. The risk of 
corrosion in this type of structure must be given special consideration because failure may result in 
the worst case a, loss of life, but at a minimum a financial loss. Most studies indicate that the main 
reason of the failure of bridges and concrete pipes is corrosion during the short period after they were 
constructed. However, the life of a concrete structure becomes even shorter due to steel corrosion, 
which may occur by aggressive ion attack from products of chloride or carbonation [1]. 

The concrete pipes which transport water are one such structure that has suffered from corrosion. 
For example, the pipes of Great Man-Made River project of Libya have suffered catastrophically 
from this affect. Five pipe failures due to corrosion have occurred since their installation. However, 
the substantial challenges which face the engineers, apart from future corrosion protection, is to find 
the best way to detect the corrosion and prevent the pipes from deteriorating [2]. This project aims to 
use the Acoustic Emission (AE) technique to detect the early stages of corrosion prior to deterioration 
and eventual failure of the concrete structures. 

AE is defined as the elastic energy released from materials which are undergoing deformation. 
Also, it can be defined as “the transient elastic waves which are generated by the rapid release of 
energy from localised sources within a material” [3].The rapid release of elastic energy, the AE event, 
propagates through the structure to arrive at the structure surface where a piezoelectric transducer is 
mounted. These transducers detect the displacement of the surface at different locations and convert it 
into a usable electric signal. By analysis of the resultant waveform in terms of feature data such as 
amplitude, energy and time of arrival, the severity and location of the AE source can be assessed.  

According to many of researches [4, 5, 6, 7] the relationship between RA values (rise time/ Am-
plitude) and average frequencies (counts/duration) can be used for classification of crack types. They 
reported that when an AE signal has low average frequency and high RA value it is classified as shear 
type crack. However when it has a high average frequency and low RA value classified as tensile type 
crack as shown Fig.1and 2.  
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Fig. 1 Typical waveforms [4]                                                            Fig. 2 Crack classification [4] 

The Great Man-Made River Project (GMRP) is the one of the major civil engineering projects of the 
20th century located in Libya. The project is concerned with water transportation from the aquifers 
deep in the Sahara desert to the coastal region where over 90% of the population lives. The water is 
conveyed throughout almost 4000 km of prestressed concrete cylinder pipe (PCCP) networks as 
shown in Fig. 3. [2, 8, 9] 

Pre-stressed concrete cylinder pipes are designed to take the best advantage of the compressive 
strength and corrosion-inhibiting property of Portland cement concrete and mortar and the tensile 
strength of prestressing wire. The majority of pre-stressed concrete cylinder pipes are 4.0 m in inner 
diameter; with a length of 7.5 m, and over 70 tonnes in weight. The concrete pipe consists of a 225 
mm thick concrete core within an embedded thin steel cylinder and externally wrapping prestressed 
wires. The cured concrete core is prestressed by applying over-wrapping with high tensile steel wire 
at a close pitch under uniform tension.  The prestressed wires are coved by a 19mm thick layer of 
cement mortar to protect the wires against corrosion and mechanical harm. A typical cross-section of 
the PCCP is shown in Fig. 4. 

  

            
Fig. 3 Pipe Networks of GMRP [8]                                  Fig. 4 Typical cross-section  

Five catastrophic failures in four metre diameter pipes occurred between 1999 and 2001 after ten 
years of operation. The main reason for the damage is corrosion of prestressed wires in the pipes due 
to attack by the chloride ions from the surrounding soil. Detection of the corrosion in the initial stages 
has been very important to avoid other failures which will interrupt water flows. Even though most of 
the non-destructive methods which are used in the project are able to detect wire breaks, they cannot 
detect the presence of corrosion. Hence, in areas where no excavation has been completed, areas of 
serious damage can go undetected. In this respect, AE has significant advantages compared with other 
NDT methods because the AE technique is able to reliably detect the very early stages of the corro-
sion process, before significant damage to the concrete has occurred. Furthermore, it can indicate the 
level of damage occurring to the concrete. [10, 11, 12] 

2 Experimental Procedure  

2.1 Tension holding frame  
Since it was intended in this work to simulate as close as possible the real physical conditions sur-
rounding the high strength steel wires in concrete pipes, it was important to place and maintain all 
relevant wire samples under tension equal to 60% of their ultimate tensile strength in PCCP. To 
achieve this objective a tension frame was designed and fabricated. 
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The frame consists of two blocks (190mm x 45mm x 45mm) and two threaded steel bars (stud-
ding) having a diameter of 20 mm and a length of 500 mm. Two holes (20 mm diameter) and two 
(6mm) are drilled in each block. Fig. 5 shows a schematic drawing for the tension holding frame. The 
two blocks are assembled via two threaded bars tightened by means of eight nuts. 
 

    
Fig. 5 Tension holding frame 

2.2 Wire preparation 
The two working high strength steel wires samples were supplied from GMRP manufacturing plant in 
Libya. The metallurgical composition and mechanical properties as certified by the wire manufactures 
is summarised as follows: Carbon steel (carbon 0.8-0.84%, 0.85-1.00%Mn, 0.030 %Max S, 0.035% 
Max P, 0.20-0.35% Si). The tensile strength of the wires is approximately 1738 MPa. 

The two working wire samples were passed through 6 mm diameter holes in the steel blocks and 
then through the two modified bolts and nuts, designed to control the tension load of each wire. Final-
ly a steel cylinder was then threaded over the wire. The cylinder was then compressed in a load ma-
chine. In this way the modified nut and bolt could be expanded between the clamped cylinder and the 
steel block and as a result tension could be introduced into the wire. Each wire was subjected to a 
tensile force of 20 kN by adjusting the bolts and nuts and the resulting strain was monitored via strain 
gauges mounted on the wires.  

2.3 Concrete and mortar preparation  
The concrete specimen (200×200×50mm), representative of the inner pipe was prepared according to 
the technical specification for PCCP manufacturing used in GMRP, which is in accordance with 
AWWA C301-92 (Standard for Pre-stressed Concrete Pressure Pipe, Steel Cylinder Type, for Water 
and Other Liquids)[2]. Three days after casting the concrete specimen, the wires combined with their 
holding frame were placed on the upper surface of this specimen. Finally the mortar 200×200mm and 
20 mm thickness was coated on the upper surface of the concrete. The mortar consists of one part 
cement to not more than three parts fine aggregate by weight. The final construction is shown in 
Fig.6. 
 

        
Fig. 6  Concrete and mortar specimen 

2.4 Accelerated corrosion technique 
To study the effects of corrosion within a realistic time-scale, it is sometimes necessary to accelerate 
the initiation period and occasionally control the rate of corrosion during the propagation stage. To 
simulate the corrosion of prestressing steel wires, the corrosion cell was induced by an impressed 
current (100µA/cm²). This is reported as corresponding to the maximum corrosion rate for concrete in 
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laboratory conditions and has been used by several researchers in the laboratory as discussed by Li 
and Zhang [13]. In this experimental work, the wire corrosion was induced by impressed current 
(100µA/cm²). The prestressed wires were contacted in an electrical circuit with positive pole of power 
supplier and the negative pole connected with a stainless steel plate (30*150 mm) resting on the upper 
mortar. A 4% NaCl solution was poured on the surface of the mortar. Silicon sealant was used to pool 
the solution on the upper surface.  

2.5 Acoustic emission set-up 
AE instrumentation typically consists of transducers, filters, amplifiers and analysis software. Four 
AE sensors (R3I – resonant frequency 30 kHz) were mounted to surface of mortar.The four AE sen-
sors were mounted using silicon sealant and were fixed on the upper surface of mortar with a U 
shaped plate. The plate was screwed to hold the sensors down and to ensure a good coupling. Then 
the sensitivity of the sensors was checked by using the Hsu-Neilson source [14]. 

3 Results and Discussion 
Figure 7a is a schematic diagram of the specimen after testing. The figure shows the sensors mounted 
on the mortar surface, wires position, the stainless steel plate and the crack shape. Fig. 7 b is a photo-
graph of the top mortar surface the after of the test finished, again showing the crack shape 
 

    
                                 (a)                                                                     (b) 
Fig. 7  Schematic Diagram and photo of top mortar surface 

Fig. 8 shows the location of hits with minimum amplitude 45dB for the whole period of the test. It 
can be noted that the highest hits concentration and highest energy coincides with maximum wire 
corrosion and the crack which was visibly observed post test. Four zones have been chosen as exam-
ples to differentiate between cracks and non cracked areas. Areas were chosen based on visual obser-
vation (Fig. 7b) zone 1 and 2 represent crack areas whereas zone 3 and 4 no cracks were present. 

Fig. 9 (a, b, c, and d) Show the AF vs. RA value for different regions of concentration of events 
on surface of mortar. Fig. 9 (a and b) show the AF vs. RA for zones associated with the crack regions. 
It can be seen that the most of data points have various AF and low RA value (less than 10 ms/v). 
Therefore, based on Fig. 7, this indicates that the type of the crack is tensile cracks. However, the Fig. 
9 (C and d) show the relationship between RA value and AF, where areas on the location with low 
concentration of hits. It can be noted that the RA value has a wide distribution (0-50 ms/v). 
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Fig. 8 Source locations for whole test with amplitudes greater than 45dB 

 

    
(a)                                                           (b) 

 

    
(c)                                                                       (d) 

Fig. 9  Relation between the RA value and average frequency of (a) zone1, (b) zone2, (c) zone3 and 
(d) zone 4 

Fig. 10 shows Relation between the RA value and average frequency of zone1 compared with zone 3. 
The black data points represent the crack region, while the grey represents the no crack region.  It can 
be seen clearly the difference between two zones.  
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Fig. 10 Relation between the RA value and average frequency of Zone1 and zone 3 

It has been demonstrated that by using relationship between RA and AF value, the crack area can be 
identified (Fig. 10). Hence, it could be possible to provide a corrosion alarm and location to pipe 
engineers prior to any wire breaks. Furthermore, by knowing the crack types it could be possible to 
identify the damaged area before the mortar completely fails. Additional analysis has shown that the 
measured values are not affected by distance making them an ideal approach. Further work is being 
conducted to investigate the exact mechanisms within this structure that causes differing RA and RF 
values. Results suggest that using AE techniques as structural health monitoring of the concrete pipes 
and other concrete structures such as bridges could be achieved. However, applying acoustic emission 
techniques on site (real pipes line), some limitations need to be considered which include source 
attenuation, number and location of sensors, noise from the surrounding environment and noise from 
water flow. Further research studies are needed to overcome these limitations if AE is to be used to 
monitor pipes. 

4 Conclusion 
The AE method has been applied to detect the corrosion in small scale pipe samples and a novel 
analysis approach to this application has been used to evaluate differing crack types. Using the rela-
tionship between RA value and AF value, the crack area and crack type can be identified and distin-
guish. 
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Abstract 
While a wide variety of methods are available to detect Alkali-Silica Reaction (ASR) damages, recent 
studies have indicated that nonlinear acoustic techniques appear to be promising for the detection and 
characterization of early cracks and/or micro-cracks produced by ASR in structural concrete ele-
ments. A new method based on nonlinear acoustics, which has been validated in the laboratory, has 
been developed for the characterization of damages associated with ASR in concrete structures. This 
method consists in quantifying the influence of an external mechanical disturbance on the propagation 
of an ultrasonic wave in a solid medium. This paper presents a laboratory test set-up involving three 
large reactive and nonreactive concrete slabs used to study the nonlinear behaviour of concrete using 
the recently proposed method. Experimental test results show that this method is suitable for recog-
nizing the ASR damages at early stages.  

1 Introduction 
Alkali Silica Reaction (ASR), as one of the most destructive reactions in concrete structures, is a 
complex reaction between silica phases of aggregates and the alkali hydroxides dissolved in the con-
crete pore solution. This reaction leads to the formation of a swelling and expansive gel that generates 
a cracking network through aggregate and cement paste. The consequent cracking may reduce con-
crete stiffness as well as other mechanical properties of concrete.A wide range of test methods, de-
structive and non-destructive test methods (DT and NDT), are used to assess and monitor ASR in 
concrete structures. Among NDT methods that have been used to detect cracks in concrete, linear 
acoustic methods like linear resonant frequency presented by ASTM C 215-02 [1] and ultrasonic 
pulse velocity (UPV) presented by ASTM C 597-97[2] using stress wave propagation have been 
utilized several times. However, these methods are less sensitive in detecting early age damages in the 
concrete [3] whereas it is clear that earlier detecting damages, more effective maintenance and more 
service life. Recently, nonlinear acoustic techniques have showed good correlation for early age 
detection of damages due to ASR [4-7]. Nonlinear acoustic techniques take into account the influence 
of the medium disturbance on propagation of waves. Some strong waves are sent through the medium 
and reflected waves from the perturbation show any changes in the microstructure of the medium. [4]. 
Nonlinear approaches, e.g. nonlinear attenuation, harmonic generation, resonant frequency shift, slow 
relaxation dynamics, have been used for characterizing constituent materials like rocks, but they are 
new approaches in detection of the ASR-damage in cement based materials [4-7]. Although nonlinear 
techniques are very effective in early age monitoring, these techniques cannot be used in field work 
easily and effectively. A complete evaluation of damages in a material takes several minutes. The 
techniques can be influenced by external sources, e.g. waves generated by vehicles passing in a con-
crete bridge [5].  

More than the methods, a new approach in nonlinear acoustic techniques named “Time Shift Me-
thod” has been recently developed by Kodjo [4]. This technique has been validated in the laboratory 
and some unpublished works show the potential of the technique for field applications. The novel 
developed technique is easily applicable in the field. For monitoring the level of damage in concrete 
elements, this method uses a source of high frequency-low amplitude waves to probe the material 
while a disturbance waves with low frequency-high amplitude is apply on the material; the later 
usually produced by an impact [6]. This source of disturbance opens/closes microcracks, and therefo-
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re, a delay happens in the propagation of the high frequency-low amplitude waves. This delay (or 
time shift) depends on the quantity of microdefects in the concrete element. In the real concrete struc-
tures like pavements or bridges, the impact for producing low frequency and high amplitude waves 
can be replaced by passing vehicles if the produced waves have enough energy for perturbation of in 
the material. It may be one of the benefits of the method for monitoring of concrete structures. In this 
project, the passing vehicle is modeled by a MTS hydraulic press in the laboratory in order to deter-
mine the efficiency of the wave source for in-service monitoring of the structure. Initial results con-
firm the competence of the idea for surviving ASR in three concrete slabs.  

2 Time Shift Method  
The Time Shift Method consists in quantifying the influence of an external mechanical impact on the 
propagation of an ultrasonic wave through a medium. The idea is to disturb the material, and then, to 
follow the behavior of the material to this disturbance. The behavior of the material against this dis-
tribution is related to the density of microdefects. With this technique, two groups of signals are used 
to evaluate damages. First, a blast of the high frequency and low amplitude waves are propagated 
through concrete. These waves are not strong enough to have an effect on the microdefects in con-
crete and without external disturbance, they show no changes in the materials, its role is to probe the 
medium. Then, an impact on surface of the concrete element propagates a low frequency and high 
amplitude wave through the concrete. This generated wave is strong enough to disturb the medium 
and induces opening/closing microcracks in the concrete. 

This opening/closing phenomenon changes the elastic properties of the material and induces a ti-
me delay in the arrival time of the probe waves. The amount of delay in the arrival time is inferred to 
be representative of density of defects in the material. Normally, a longer delay in arrival times means 
that there are more defects in the material. It should be mentioned that the energy of the impact can 
increase the time shift in a same material.  

Sometimes there is no direct access for sending the direct waves in real structures and therefore, 
the transmitter and receiver transducers are placed in the same surface. This method is named indirect 
transmission and previously is studied by Yaman et al [8] for measuring UPV in the concrete. Indirect 
transmission determination was more elaborate than the direct transmission due to the uncertainty in 
wave path length; some propagated signals pass near to surface and some of them scan all of the 
height of the specimens by reflecting from free surface and by multi-reflection between aggregates 
before arriving to the receiver. The multi- reflection inter-grain is very important, because for the 
waves who have wave domain less than aggregate sizes, the waves may be attenuated. The main 
advantage of the indirect transmission may be that the more parts of the specimens can be monitored 
when the generated waves reflected several times. Yaman et al [8] mentioned that the differences in 
calculated UPV decrease and the results converge to a constant value when the distance between 
transducers increases. In this research, both transducers were placed in the same surface for modeling 
field experience as well as the distance between the transducers was 60 cm.  

3 Experiment to model the vehicle passing in laboratory 
In this project, ASR in concrete blocks is monitored using nonlinear acoustic technique of “Time 
Shift Method” for damage assessment, along with some conventional tools for expansion measure-
ments: Demec measurement pins and an internal strain from vibrant string. By this way, the nonlinear 
technique and conventional techniques are compared for their sensitivity and efficiency in detecting 
early age damages associated with ASR. Three reinforced concrete slabs with dimension of 
1.40×0.75×0.30 m³ were fabricated. The first one was made with nonreactive aggregates and the two 
others were made with reactive coarse aggregates (Spratt limestone). To accelerate the reaction rate, 
NaOH pellets were added to the mixing water to give a total alkali content of 1.25% Na2Oeq the 
nominal cementitious materials content for all concrete mixtures was 400 ± 5 kg/m3 with the wa-
ter/cement   ratio of about 0.50. No chemical admixture was used in this mix design. Moreover, to 
accelerate the reaction, the slabs were stored at 50±2 oC. Figure 1 shows a view of one of the slabs 
which is equipped with various instruments for expansion measurements. Moreover, the concrete 
slabs were reinforced by standard steel bars in order to model real concrete elements of structures. 
This allows knowing the influence of reinforcement on reflected signals.  
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Fig. 1 Slab which is equipped by expansion measurement instruments. Left: concrete slabs 
fabricated in laboratory; middle: internal instrumentation for expansion measuring; right: 
concrete slabs equiped by pins for expansion measuring by Demec. 

To model the real conditions in the laboratory, a MTS hydraulic actuator was used to apply idealized 
load patterns attempting to simulate vehicle passing. As mentioned above, the time delay depends on 
both the density of microcracks and the impact energy. In this study, various impacts loading range 
between 10 and 40 KN with the step of 5 KN was used to know the effect of loading on the time shift. 
The load range may cover the impact produced by most of the general vehicles when pass on concrete 
structures like pavements. Also, the time rate of the loading in this research was around between 75 
ms and 200 ms for the loading. This is similar to real conditions where different types of the vehicles 
pass a certain point. Figure 2 shows one of the concrete slabs instrumented to carry out the 
experiment the test.  

 

 

  

 

 

 

 

 

 

 
Fig. 2 Test set-up for simulating the real condition (vehicle passing). 

A blast of high frequency and low amplitude signals, which is 250 KHz, produced by a signal genera-
tor. These waves excite a Panametrics V1012 piezoelectric transducer. The receiving transducer is 
connected through a receiving channel to the generator where the signals are amplified before being 
sent to the data acquisition system.  

Both transducers are in line with the distance of 60 cm (two time of height of the concrete slab). 
The distance between the transducers is very important; higher distance yields higher attenuation of 
high frequency and low amplitude waves. The apparatus between the transducers produces the impact 
in order to generate low frequency and high amplitude waves. This frequency of the low frequency 
wave is less than 2000 Hz and it depends on the loading and its rate.   

4 Results and discussion 
As mentioned previously, the slabs have been monitored by both conventional tests method, like 
expansion measurement by Demec and vibrating wires gauge, and the new acoustic nonlinear tech-
nique of Time Shift. Significant expansions were measured for the two slabs fabricated with reactive 
aggregate and no clear expansion for nonreactive slab. Figure 3 and 4 shows expansion curves for 
every slab measured by Demec and vibrating wire, respectively. For nonreactive slab, only internal 
expansion was measured by vibrating wire. It should be mentioned that Both RT and RQ are reactive 
concrete and NR is nonreactive one. 
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Fig. 3 Expansion measured by Demec in reactive slabs. The position of the measurement in 
every slab is different.  

 
 
 
 
 
 

 

 

 

 

 

 

 
Fig. 4 Expansion measured by vibrating wire in both reactive slabs as well as nonreactive one.  

As mentioned previously, the slabs stored for 2 cycles of 15 days in the warm room (50 oC). Meas-
urements after storing in the warm room shows significant growths in expansion curves, which hap-
pened after around 120 days. The maximum level of expansion measured by Demec tools and vibrat-
ing wires is approximately same. 

Development of microcracking by ASR in the slabs was monitored by Time Shift Method. To do 
this so, a procedure was considered to analyses all received signals. The probe signal record after 
propagate in the concrete medium is analyzed over a period of 1ms. A rectangular time window with 
0.16 ms (160 μs) range from 0.2 ms to 1.0 ms scans the signal from the time corresponding to the first 
arrival time of the signal. The 0.2 ms is the time where the first signal was recorded from the concrete 
slabs. The time shift (Δt) was measured by cross-correlation function for each step of the scan, sepa-
rately. The summation of these time shifts helps to consider the contribution of each part of the signal. 
Waves which arrive earlier have scanned lower parts of the concrete between two transducers than the 
waves are received later. The waves who come later are mostly one type of Coda waves. The coda 
waves are acoustic waves that travel through a medium like concrete, scattered multiple times by 
medium, being late-arriving waves [9].The Time Shift Method compares by cross correlation techni-
que, the waves before impact (reference wave) and after impact. Indeed, any changes comparing the 
reference wave shows that there are micro defects in the medium.  

Figure 5 presents results of the Time Shift Method in detecting ASR in three concrete slabs of 
RQ, RT and NR in three time step. Two main points are clear in all subfigures: 1) the amount of the 
time shift augments when the loading increases; 2) According to the expansion graphs (Figures 5 & 
6), the results recorded by both new techniques and expansion instruments are in good agreement. 
Test 1 is before warming the specimens, test 2 is after first cycle of warming (15 days) and test 3 is 
after second cycle of warming (15 days). 
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Fig. 5 Summation of time delays measured by Time Shift Method (∑Δt) for three tests.  

Usually, acoustic linear methods like pulse velocity are not able to detect cracking associated with 
ASR at early ages. The recent research by Sargolzahi et al. [3] showed no clear changes in ultrasonic 
pulse velocity of concrete specimens up to 0.09% expansion and after this amount, variations were 
weak. However, the results recorded by Time Shift method shows reverse conclusion in this study. It 
means that nonlinear acoustic techniques are very applicable for ASR evaluation of concrete elements 
and it has a good potential in field measurements for concrete structures. In the case of slabs RT, the 
amount of time delay increases up to 200% of the primary test for some of the loadings and it is more 
than 400% for RQ slab. These results are in good correlation with expansion measured by Demec and 
vibrant strings (Figure 6).  On the other hand, the amount of the time shifts was low for nonreactive 
slab and decrease for third series of the tests, because by passing time, more hydration of cement may 
increase the density of microstructure of the concrete and fill microdefects into the concrete.  

 
 
 
 

 

 

 

 

 

 

 

 

 

 

 
 

Fig. 6 Comparison of time shifts and expansion for every slab  
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5 Conclusions 
The current research presents application of a new nonlinear acoustic method entitled Time Shift 
Method in detecting ASR in the field. First, this technique is considered to evaluate ASR in reinforced 
concrete slabs in the laboratory, and it would be presented field experiences in the near future works. 
As mentioned previously, two types of the waves are used in the novel method a blast of high fre-
quency and low amplitude waves; an impact by which low frequency and high amplitude wave gen-
erated. In real cases like pavements, the later can be generated by vehicles passing. It means that 
every part of a pavements may be evaluated only by sending high frequency and low amplitude waves 
when any changes in these waves recorded in a certain time when an impact imposed by passage of a 
vehicle. This easily shows the efficiency of the method for field surviving. To do this, a research has 
being run on three concrete slabs; two of them fabricated by alkali reactive aggregates and the rest 
fabricated by nonreactive aggregates. Expansions measured by Demec and vibrant string gages show 
the propagation of ASR in reactive slabs and no significant changes in nonreactive slab. Similar 
results were recorded by the new technique of Time Shift Method. At first when the conventional 
instruments show no significant expansion, the time shift recorded by this method was relatively low. 
As long as the expansion instruments showed some observable variations, the amount of the time 
shifts grew significantly. The recorded results on reinforced concrete slabs confirm the efficiency of 
the method for damage detections in the field. The novel technique may be used to quantify the con-
crete damages due to ASR to some extent. In the most of the case, increasing time shift and increasing 
the time range for relaxation (the time in which microcracks return to initial states before perturba-
tion) means that there is more quantity of damages in the concrete and reverse. It should be consid-
ered that the point is not true for all cases and some parameters like amount of humidity of concrete 
can change both the time shift and the relaxation time.   
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Abstract 
The aim of the research was to make a contribution to gathering the relevant parameters of the tem-
perature exposure and the degree of water saturation of the concrete pore structure under different 
environmental conditions and to evaluate them concerning intensity of freeze-thaw attack on the 
concrete. Information on the water saturation and temperature exposure of concrete under practical 
conditions was gained by monitoring of concrete structures. The degree of water saturation was de-
termined by means of resistivity measurements. The results show different degrees of water saturation 
of concrete members in exposure classes XF1/XF2 respectively XF3/XF4 and a different potential of 
water to freeze inside the pore structure. 

1 Motivation 
The descriptive specification in the form of limit values concerning the minimum cement content and 
the water-to-cement ratio according to the European concrete standard EN 206-1 [1] is based on a 
classification of the environmental action on concrete. The exposure classes describe the major ac-
tions relevant to cause damage on concrete. An assignment of concrete members to exposure classes 
is based on an evaluation of the regional environmental and operating action. In compliance with the 
resulting limit values, a proper workmanship and curing a sufficient resistance of the concrete to the 
action can be assumed for a service life according to EN 206-1 of 50 years. 

Concerning freeze-thaw resistance of concrete the descriptive specifications distinguish between 
“moderate” respectively “high” degree of saturation of the concrete without (exposure classes XF1 
respectively XF3) and with chloride exposure (exposure classes XF2 respectively XF4). However 
there is little data available on the relevant actions concerning freeze-thaw-attack namely the tempera-
ture exposure in combination with the degree of water saturation under realistic conditions. The paper 
focuses on obtaining new findings on these action under different conditions and to evaluate them 
concerning intensity of freeze-thaw-attack. 

2 Laboratory investigations and Monitoring of concrete structures 

2.1 Measuring system 
To investigate the freeze-thaw-attack on concrete structures two bridges, two tunnels, a lock chamber, 
a lock economising basin, a quay wall and a waste water treatment plant were equipped with sensors. 
In each concrete structure several measuring points were installed to observe parts of the construction 
with a different moisture and temperature exposure. A data logger with a remote control assured an 
immediate analysis of the data from the building members. Data have been collected for several 
years. 

The non-destructive determination of the degree of saturation of concrete only is possible by indi-
rect measurement methods. A depth-dependent, continuous measurement of the resistivity which can 
be transferred to the degree of saturation by a calibration in the laboratory can be conducted by the 
Multiring-Electrode (MRE) [2]. The MRE is a sensor consisting of several rings of stainless steel, 
each with a thickness of 2.5 mm with an insulating plastic ring in between two steel rings. Cable 
connections inside the sensor enable AC resistance measurements of the concrete between two adja-
cent rings of steel using a digital measuring unit at a measuring frequency of 10.8 Hz. The sensors 
installed consist of nine rings of stainless steel to measure the resistivity in eight steps at a depth 
between 7 to 42 mm from the concrete surface. Figure 1 shows the set-up of a MRE schematically. 
By means of a distance piece the measuring depth can be expanded up to 87 mm using two MRE. 
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Fig. 1 Schematic set-up of a Multiring Electrode (MRE) [2] 

To monitor the temperature exposure a multitemperature probe (MTP) is installed near the MRE. The 
MTP is equipped with eight PT 1000 probes enabling a temperature measurement in eight different 
distances from the concrete surface. Furthermore, a compensation of the temperature effects on the 
resistivity measurement is possible. 

2.2 Pore structure 
An analysis of the concrete pore structure was performed by means of mercury intrusion and adsorp-
tion isotherms. For a comparative evaluation of the results of the mercury intrusion different parame-
ters like porosity, median radius, threshold radius and the fractions of the entire pore volume in dif-
ferent ranges of the pore radii were determined. Adsorption isotherms gave information on the hygro-
scopic saturation of the different concretes under different environmental humidity situations and 
allowed to evaluate the results of the measurements of the degree of saturation at the structures. Fur-
thermore information on the pore structure in the range of gel pores is given. 

2.3 Calibration 
For a conversion of the resistivity into the degree of water saturation of concrete a calibration provid-
ed a relation between resistivity and degree of saturation. This relation was determined by a simulta-
neous measurement of the degree of saturation and the resistivity by means of the Two-Electrode-
Method (TEM) at a concrete temperature of 20°C. To minimise the influence of hydration on the 
resistivity, calibration was started on at least two year old concrete. Different degrees of saturation 
were adjusted in concrete disks of a diameter of 80 mm and a height of 20 mm. 

Water content is the most dominant influencing parameter on the resistivity of concrete. However, 
besides the concrete specific parameters as e. g. the w/c-ratio, the degree of hydration, the cement 
type, the content of additions or the carbonation, the resistivity is also influenced by environmental 
conditions as e. g. temperature variations or the chloride content caused by marine exposure or the 
application of de-icing agents [2, 3, 4]. Investigations aiming at an indirect determination of the de-
gree of saturation of concrete by means of resistivity measurements have to consider all the influenc-
ing parameters to avoid a misinterpretation of the data. Additional calibration tests considered the 
influence of chlorides and a carbonation of the concrete. 

2.4 Consideration of the Influence of temperature on the resistivity 
Besides the degree of water saturation concrete resistivity is influenced amongst other parameters by 
temperature. The calibration functions are only valid for the temperature at which the tests were 
conducted thus the influence of temperature on the resistivity has to be considered. Whereas concrete 
specific parameters were considered by a calibration of each investigated concrete, the temperature 
was taken into account by a compensation routine considering the simultaneously measured resistivity 
as well as temperature values from the structure. To compensate the temperature influence on the 
resistivity of concrete the Arrhenius-Equation (equation 1) was used. This equation enables to calcu-
late the resistivity at a temperature of 20°C as in the calibration test from the measured values of 
temperature and resistivity at the structures. The constant b depends on concrete technological aspects 
and on the degree of water saturation and can vary within a range of about 2000 to 5000 K [4, 5]. 
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el electrolytic resistivity at temperature T in m 

el,0 electrolytic resistivity at temperature T0 in m 

T, T0 absolute temperature in K 

b constant in K 

Because of the above mentioned possible variation range of the decisive constant b data from the 
structures were evaluated and laboratory test were carried out to account for concrete mix design, 
degree of water saturation and conditions on site. 

Besides TEM-measurements and an evaluation of the data from the structures following [5] 
MRE-Tests were carried out on partly saturated and sealed concrete cubes with a dimension of 200 
mm edge length with installed MREs and MTPs by continuous resistivity measurements at a tempera-
ture cycle in a range of +20°C to -15°C. By calculating the degree of saturation by the aid of the 
calibration functions the correlation of the constant b to the degree of saturation was determined. This 
way the influence of concrete mix design, concrete age and degree of saturation could be considered. 
The measurements were carried out at a high concrete age of several years as the data recording for 
the long term measurement started as a high age as well. Influence of hydration could mostly be 
neglected. 

The application of the compensation of the influence of temperature on the resistivity by now 
mainly was investigated for temperatures > 0°C, and there are hints at a distinct influence of tempera-
ture in a temperature range between 10 and 50 °C [6]. Investigations in temperature ranges below 0 
°C are described in [7]. Concerning freeze-thaw attack temperatures below 0 °C are of special interest 
thus investigations in that direction were performed. Two different states of concrete saturation were 
investigated whilst the test surface was sealed during the test with cling foil to minimize evaporation 
or water uptake during the temperature cycle. The first test was performed after storage in climate 20 
°C / 65 % relative humidity. After a period of ten days of capillary suction the test was repeated with 
a higher degree of saturation. In both tests there was a gradient of saturation enabling a measurement 
over a wide range of concrete saturation. 

3 Results 

3.1 General 
The results are presented using the example of the lock Hohenwarthe near Magdeburg. Fig. 2 shows a 
sectional view of the lock with four measuring points installed inside the northern side wall of the 
northern lock chamber. The concrete surface is orientated in southern direction. 

 
Fig. 2 Measuring points in the side wall of the lock Hohenwarthe 

Measuring point MP1 is permanently submerged whereas MP2 and MP3 are located between head-
water and tail water and thus in frequent contact to water (XF3). MP4 is unsheltered and exposed to 
rain and freezing (XF1). The concrete with blast furnace slag cement and fly ash was produced with 
an equivalent water to cement ratio of 0.47 (k=0.4) without an air entraining agent. 
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3.2 Pore structure 
The results of the mercury intrusion are summarised in table 1 for the concrete of the lock Hohen-
warthe. The parameters were determined on cores taken from specimen stored in the laboratory for 
about three years and on cores taken from the structure (MP1, MP2) at an age of about five years. 

Table 1 Results of the mercury intrusion of the Hohenwarthe concrete 

Concrete porosity Median 
radius

Threshold 
radius 

Fraction in the range of pore radii 

r < 5 nm 5  r < 30 nm 30  r < 1000 nm r ≥ 1000 nm 

[-] [Vol.-%] [nm] [nm] [%] 

laboratory 10,4 7 20 35 43 16 6 

MP1 11,3 7 17 41 44 9 16 

MP2 12,5 7 18 40 40 14 6 

The concrete shows a high fraction of pores with a pore radius r < 30 nm which indicates a high 
fraction of gel pores resulting from the binder combination and high concrete age. The high fraction 
of gel pores is confirmed by the adsorption isotherm with a high hygroscopic degree of saturation in 
an environment of 65 to 95 % relative humidity (Table 2). 

Table 2 Results of the adsorption isotherm of the Hohenwarthe concrete 

hygroscopic saturation in a rel. humidity of … %

65 76 85 95 

% 

51 54 67 79 

3.3 Calibration 
The calibration function of the concrete of the lock Hohenwarthe is shown in figure 3 for the concrete 
stored in laboratory conditions and of cores taken from the structure. Differences were observed in the 
range of degrees of saturation below about 50 %. As the concrete of the cores is most representative 
the calibration function of the core concrete was used to convert the data from the structure into the 
degree of saturation. The range of resistivity measured at the structure was covered by the calibration 
function. At the lock Hohenwarthe the consideration of the influence of chlorides was not necessary. 
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Fig. 3 calibration functions of the concrete of the lock Hohenwarthe 

3.4 Influence of temperature on the resistivity 
For the application of the calibration function the data from the structure has to be transferred to a 
temperature of 20 °C by equation 1. A determination of the constant b at temperatures below 0 °C 
was possible by MRE measurements as described in section 2.4. The constant b decreased with rising 
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degree of saturation. Depending on the different concretes investigated and different degrees of satu-
ration the constant b varied between about 7000 K at low degrees of saturation and about 2500 K at 
water saturated conditions at concrete ages between about two and five years. The results enabled a 
sufficient consideration of the influence of temperature on resistivity. The test showed in addition a 
special effect which occurred at high degrees of saturation at temperatures below about -2 °C. Fig. 4 
shows the resistance after compensation of temperature influence according equation 2 during the 
temperature cycle described in section 2.4. 
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Fig. 4 Effectiveness of the compensation of temperature influence on concrete resistance includ-

ing temperatures below 0 °C depending on the degree of saturation 

Fig. 4 (left) shows an almost linear developing of the resistivity of the concrete during the test after 
storage in laboratory conditions (20°C/65 % relative humidity). No temperature effects can be detect-
ed proving the efficient compensation routine. Fig. 4 (right) shows the test results after a period of 
capillary suction for about 10 days. At a measuring depth of 82 mm an almost linear developing is 
observed as well. Closer to the concrete surface an abrupt increase of resistivity is observed when the 
temperature decreases below about -2°C. The compensation routine according to equation 2 is not 
able to eliminate these temperature effects at low temperatures for highly saturated concrete. This 
increase of the resistance is attended by a deviation of the linear temperature decrease in a distance to 
the surface of 7 mm which is a sign of a phase transformation of water to ice. This means that by 
resistivity measurements a phase transformation of water to ice can be detected. The fact that the dry 
concrete (Fig. 4 (left)) does not feature these effects shows that freezing of water in concrete is de-
pendent of the degree of saturation. In rather dry conditions of the concrete during the test mainly fine 
pores contain water. Freezing, as detectable by resistivity measurements, does not occur under tem-
peratures relevant for practical conditions. By means of the calibration function the minimum degree 
of saturation at which freezing occurs was determined. The evaluation showed that freezing of water 
in the pore structure occurred at a degree of saturation in the range of the hygroscopic saturation of 
the different concretes at a relative humidity of about 95 %. 

4 Evaluation of the freeze-thaw-exposure 
An evaluation of the data from the structure has shown that at measuring point MP3 of the lock Ho-
henwarthe high degrees of saturation in the range of capillary saturation of the concrete were calcu-
lated during almost the entire observation period (Fig. 5 (left)). A drying of the concrete only took 
place during an inspection interval of the lock in September 2005. During usual operating conditions 
of the lock no essential changes of the degree of saturation were observed. At the measuring point 
MP4 a lower, mainly constant degree of saturation at a distance of more than about 40 mm from the 
surface was observed corresponding to the hygroscopic saturation of that concrete in a relative humid-
ity of about 95 %. Closer to the surface during winter periods higher medium degrees of saturation 
and during summer periods lower medium degrees of saturation were determined. During single 
events also at this XF1 measuring point close to the surface for short periods high degrees of satura-
tion in the order of saturation under atmospheric pressure are possible. Freezing of the water in the 
pore structure detected by resistivity measurements also occurred under practical conditions marked 
by arrows in Fig. 5 (right) up to a distance to the surface of 82 mm up to 45 times during one winter. 
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Fig. 5 Calculated degree of saturation and freezing of water in the pore structure as shown by 

resistivity measurements at MP3 of the lock Hohenwarthe 

These effects were observed at other structures at measuring points in exposure class XF3 as well. At 
measuring points in exposure class XF1 or XF2 similar effects were observed very rarely and less 
deep than under XF3-conditions. 

5 Conclusions 
Especially at concrete members under moderate saturation (XF1, XF2) a solely evaluation of freeze-
thaw attack by temperature measurements might overestimate the intensity of the freeze-thaw attack 
on concrete. Damage of concrete by freeze-thaw attack mainly can occurs by freezing of the water in 
the pore structure in combination with an additional saturation by the micro-ice-lens-pump according 
to [8]. These effects were observed in the laboratory and under certain conditions resistivity meas-
urements enabled to observed these effects at different distances to the concrete surface at the struc-
ture as well under XF3-exposure. The combined measurement of the degree of saturation and the 
temperature has shown main differences between the freeze-thaw attack on concrete under moderate 
and high saturation to be considered in future when classifying concrete members to exposure classes. 
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Abstract 
The load transfer mechanism of expansion anchors relies on friction which is sensitive to the rate of 
loading. Therefore, expansion anchors are potentially at risk to show reduced load capacities when 
subjected to seismic relevant loading rates. Various experimental tests were carried out to investigate 
the effects of high loading rates on the frictional behaviour and load capacity in detail. The focus of 
this paper is put on investigations conducted on the internal friction between the anchor cone and 
expansion elements as well as on the external friction between expansion elements and the concrete 
borehole wall. Based on the findings it may be reasonably assumed that in general high loading rates 
do not have a negative influence on the load capacity of expansion anchors.  

1 Introduction 
Due to easy handling and straightforward installation, post-installed anchors are very popular and 
widely used throughout the construction industry. Many products are approved for use in cracked and 
uncracked concrete and some also for seismic applications. Detailed description of available anchor 
types, and the associated load transfer mechanisms and failure modes can be found in [3]. 

As a structure responds to an earthquake, anchors located in the structure are subjected to high 
loading rates. As known from material sciences, short term loading may influence the material prop-
erties in a positive way. Therefore, an anchor generally develops a dynamic load capacity that is 
higher than the static load capacity ([5], [6]).  

However, axially loaded expansion anchors need to be considered in more detail since they also 
may fail in a pullout mode in which the anchor is pulled out of the borehole without loading the mate-
rial (concrete or steel) to failure. If the external friction between the expansion elements and the con-
crete borehole wall is higher than the internal friction between expansion elements and anchor cone 
(Fig. 1 left), the cone is pulled into the expansion elements and the anchor exhibits a follow-up  
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expansion which is essential for the proper functioning. If the follow-up expansion is insufficient, the 
anchor will be pulled out and the ultimate load will be reduced substantially. 

In order to investigate the effects of high loading rates on the load capacity of expansion anchors, 
pullout tests on installed anchors with various loading rates were carried out which results are sum-
marized in [6]. The diagram in Fig. 1 (right) depicts the ultimate load normalized with reference to 
the mean ultimate load under quasi-static loading rate for tests conducted by [5] and [10]. It can be 
seen that the ultimate load Nu increases for increasing loading rates by trend irrespective of the failure 
mode. 

Although the pullout tests showed that increasing loading rates generally cause an increase in load 
capacity, increased ultimate anchor loads may also hypothetically indicate the increase of (internal) 
frictional resistance and, in consequence, the deterioration of the ratio of internal and external friction. 
For this reason, additional tests were carried out under defined conditions which allowed separate 
investigations of the effect of loading rate on the internal and external friction. The conducted tests 
are briefly presented in the following. A detailed report is given in [11]. 

2 Experimental tests 
It is unknown how the external and internal friction are influenced by high loading rates. The litera-
ture does not provide load sensitive coefficients of friction for this very specific case. The goal of the 
investigations was to better understand the load transfer mechanisms of expansion anchors and its 
effects on the anchor performance, and, ultimately, to decide whether high loading rate tests are re-
quired to qualify anchors for seismic applications. Fig. 2 shows the forces acting on an anchor in-
stalled in concrete when being pulled out and the corresponding mechanical model.  

 

 
Fig. 2 Left: Forces acting on an anchor installed in concrete; Right: Mechanical model. 

2.1 External friction 

2.1.1 Experimental procedure and test setup 
In [12] the friction behaviour of mechanical anchors was investigated to determine the ratio of N and 
Fexp. Therefore the anchor was installed in between two concrete prisms and pulled out by a manually 
controlled actuator. The ratio of N and Fexp is the tangent of the angle of friction * equal to the coef-
ficient of friction *, where * and * are theoretical values related to a friction plane perpendicular 
to the axial force N (refer to Fig. 2 left): 

 
N / Fexp = tan * = * Eq. 2.1 

 

In the following, the equilibrium of forces is considered for the inclined external friction plane of an 
installed anchor Fig. 2 right) to determine the coefficient of friction  acting between the borehole 
wall and the expansion elements. The expansion force equals to the splitting force integrated over the 
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circumference of the expansion element. With respect to the inclined friction plane ( = angle of the 
anchor cone), the relation of anchor load and expansion force is after [12]: 

 
N / Fexp = ·tan (+e) Eq. 2.2 

 

After trigonometric conversion of Eq. 2.2, an equation for the coefficient of friction  based on * 
and  can be given: 

 

 = 
αtan*μπ

αtanπ*μ




 Eq. 2.3 

Eq. 2.3 allows together with Eq. 2.1 the determination of the coefficient of friction  based on , N 
and Fexp.  

The test setup used in [12] required some substantial changes in order to facilitate high loading 
rate tests. For this purpose, the test specimen, consisting of the anchor and two concrete prisms, was 
positioned opposite to a 50 kN servo-controlled actuator. Two braces fixated the concrete prisms. The 
lower brace was bolted to the strong floor. The upper brace was hold down by means of a traverse and 
four threaded rods. A load cell was placed in between the upper brace and the traverse. The actuator, 
fitted with a load cell, was mounted horizontally on a steel abutment which in turn was bolted to a 
strong floor (Fig. 3). 

 
 
 
 
 
 
 
 
 
 
 

Fig. 3 Test setup for the investigation of anchor load and expansion force. 

The expansion elements were expanded by preliminary installation and tack welded to the anchor 
cone to ensure that the anchor displacement is generated between expansion elements and concrete 
but not between cone and expansion elements. Next, the anchor and the two concrete prisms were 
reassembled such that the expansion elements rested exactly in the indentation marks they have been 
created in the concrete before. The borehole has been drilled through the entire concrete prisms to 
enable the displacement measurement by a transducer at the unloaded end. By tightening the nuts of 
the four threaded rods, a preload on the anchor sandwiched between the concrete prisms was created. 
Adjusting the nuts allowed keeping a uniform and constant gap between the two concrete prisms.  

2.1.2 Experimental results and discussion 
When the anchor was loaded to failure, the anchor load, the expansion force and the anchor displace-
ment were measured. The external friction was determined for a sleeve-type expansion anchor EAs1 
( = 13°) and a bolt-type expansion anchor EAb1 ( = 11°) under quasi-static and high loading rates. 
The anchors were tested in grade C20/25 concrete prisms. Anchor EAb1 was additionally tested in 
grade C50/60 concrete to investigate the influence of the concrete strength. Another test parameter 
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was the preload acting as a preset expansion force on the anchor. Table 1 comprises the test parame-
ters and the key results regarding the external friction. The friction coefficient was taken as the max-
imum within the first 3 mm anchor displacement which is in compliance with the procedure applied 
in [12]. 

Table 1 Test parameters and key results for experimental tests on external friction 

Anchor Type, 
Angle of Cone 

Concrete 
Strength 

Class 

Preload, kN Loading 
Rate 

Num. of 
Tests 

Range of Coeffi-
cient of External 

Friction 

EAs1; C20/25 5 quasi-static 3 0.17 ÷ 0.37 

=13°   high 3 0.28 ÷ 0.45 

EAb1; C20/25 5 quasi-static 3 0.30 ÷ 0.40 

=11°   high 3 0.22 ÷ 0.46 

EAb1; C20/25 15 quasi-static 5 0.16 ÷ 0.32 

=11°   high 5 0.12 ÷ 0.38 

EAb1; C50/60 15 quasi-static 5 0.23 ÷ 0.33 

=11°   high 5 0.16 ÷ 0.37 

 

As tests on friction are generally associated with substantial scatter, the range of the determined coef-
ficient of friction is large. This effect was already observed by [12] and is more pronounced for high 
loading rate tests than for quasi-static loading rate tests. Though in theory the coefficient of friction is 
insensitive to the normal, i.e. expansion force, it is lower for increased preset expansion forces by 
trend which also complies with the test results presented in [12]. The influence of the concrete 
strength on the coefficient of friction is not significant.  

In conclusion, any potential trend in the influence of loading rate on the external friction coeffi-
cient is overcast by the large scatter. Therefore it is reasonable to assume that there is no significant 
change in the external friction for high loading rates. 

2.2 Internal friction 

2.2.1 Experimental procedure and test setup 
In [7] the theoretical calculation of the pullout resistance of mechanical anchors is shown. The ap-
proach for the calculation falls back on indentation tests conducted by [8] to establish a relation of 
indentation and resulting compressive strength. Increased loading and indentation rates generally 
results in increased stiffness and strength. 

When axially loaded, the anchor cone is pulled through the expansion elements which then indent 
the concrete due to the cone angle (Fig. 2 right). The resulting compressive force acting on the con-
crete at that moment equals to the expansion force Fexp. The internal angle of friction i related to the 
friction plane formed by expansion elements and anchor cone and is after [12] given by: 


i = arctan (N / Fexp) -  Eq. 2.4 

Comparing N and Fexp measured in two test series with quasi-static loading rate (index 0) and high 
loading rate (index 1) allows evaluating the influence of the loading rate on : 

 

0

1

δ

δ
=

α)F/Narctan(

α)F/Narctan(

0exp0

1exp1




 Eq. 2.5 

N / Fexp is the ratio of transmission which was investigated in detail for various mechanical anchors in 
[2]. For the purpose within the scope of this paper it is accurate enough to assume the transmission 
value to be 1.25 for the EAs1 and EAb1 anchor types. Eq. 2.5 can be further transformed to determine 
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the ratio of 1 and 0 on the basis of the ratio of anchor load (N1 / N0) and ratio of expansion force 
(Fexp1 / Fexp0): 

 

↔  
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0exp1exp01




 Eq. 2.6 

The array of curves in Fig. 4 (left) is the graphical representation of Eq. 2.6 and allows determining 
the change in the internal angle of friction (1 / 0) based on expansion forces evaluated by indenta-
tion tests. 

For the indentation test, dices of dimensions representing the anchor expansion elements of the 
EAs1 and EAb1 anchor were pressed by a 250 kN servo-controlled actuator in a concrete prism while 
the compressive force was measured by the load cell (Fig. 4 right). 
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Fig. 4 Left: 1 / 0 versus N1 / N0 for various Fexp1 / Fexp0 ; Right: Setup for indentation tests. 

2.2.2 Experimental results and discussion 
The compressive force measured over indentation increased by approximately 50% for high loading 
rates if compared to quasi-static loading rates. Therefore, also Fexp may be assumed to increase by 
50% for high loading rates. With reference to Fig. 1 (right), the increase in anchor load due to high 
loading rates may be tentatively assumed as 25% on average. With Fexp1 / Fexp0 = 1.50 and 
N1 / N0 = 1.25, the diagram in Fig. 4 (left) reads 0.82 for 1 / 0 which equals a reduction in internal 
friction of 18%. The result reveals that the increase in expansion force rather than the hypothetical 
increase in friction is the reason for increased anchor loads under high loading rates. Table 2 compris-
es the test parameters and key results regarding the internal friction. 

Table 2 Test parameters and key results for experimental tests on internal friction 

Anchor Type, 
Outer Diameter 

of Dice 

Concrete 
Strength 

Class 

Loading 
rate 

Num. 
of Tests 

Normalized In-
crease in Com-
pressive Force

Normalized Coef-
ficient of Internal 

Friction 

EAs1; C20/25 quasi-static 5 - - 

18 mm  high 6 1.53 ~0.80 

EAb1; C20/25 quasi-static 5 - - 

12 mm  high 6 1.47 ~0.84 

3 Summary and conclusions 
Considerable number of experimental tests on installed anchors has shown that the mean capacity of 
anchors tested under high loading rate is generally greater than observed under quasi-static loading. 
This is true irrespectively of failure mode and type of anchor. However, it was unknown whether this 

Concrete specimen 

Actuator & 
Load cell 

Dice 
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behaviour is accompanied by a potentially adverse change in the ratio of internal and external friction. 
For this reason, further investigations on expansion anchors were carried out to deepen the under-
standing of the external and internal frictional behaviour.  

For the external friction, the anchor and expansion forces of pulled out anchors were measured by 
means of a special test setup. Based on the experimental data, the external friction coefficient was 
determined. The results showed a large scatter overcasting any high loading rate effect. It was not 
possible to establish a relation between friction and loading rate that was distinguishable from the 
general scatter in the test data. Therefore, the external friction has to be assumed as relatively constant 
for variable loading rates.  

For the internal friction, indentation tests on concrete specimens were carried out to determine the 
influence of the loading rate on the concrete resistance when an anchor cone is pulled through the 
expansion elements. It turned out that the internal friction decreases with increasing loading rate 
which ensures a proper functioning of the expansion anchor for all loading rates. The reason for in-
creased anchor load capacities despite of reduced frictional resistance is the beneficial effect of in-
creased loading rates on the indentation resistance of the concrete. Increasing expansion forces permit 
that the anchor load capacity under high loading rates is not reduced in comparison to the capacity 
under quasi-static loading.  

It is concluded that high loading rates are not a critical factor for expansion anchors. In conse-
quence, high loading rate tests are deemed to be not necessary for seismic qualification of anchors. In 
this respect it is recommended not to incorporate high loading rate tests in anchor qualification guide-
lines as ETAG 001 [4] or ACI 355.2 [1]. 
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Abstract 
The structural behaviour of metal and composite anchors was subject of numerous scientific projects. 
Within the scope of those studies a variety of results and design models were developed with which 
these fixing systems can be described in its various fields of application. For screw anchors installed 
without mortar there are a lot of experiences and therefore an existing design model was modified to 
describe the structural behaviour according to the load transfer behaviour. Up to now with mortared 
screw-anchors only a few experiences have been carried out and there are no proposals to design such 
a fastening system. The results illustrated within this contribution demonstrate, that in comparison 
with existing design models an economic design of mortared screw-anchors isn`t possible. Especially 
with a larger anchorage depth as described in [4] (hef ≤ 8 d0 - hef = anchorage depth, d0 = borehole 
diameter) significantly higher loads are recorded which couldn´t be predicted according to the cur-
rently design model. 

1 Introduction 
Screw anchors are a common post installing fixing system to anchor tensile and shear loads into 
concrete constructions. Screw anchors are screwed into a post drilled borehole. They anchor them-
selves automatically by generating an internal thread by means of a cutting unit. Usual anchor sizes 
are used to have a diameter of 6 mm to 22 mm and an anchorage depth of 65 mm to 145 mm. Screw 
anchors can generally be divided into two categories. Screw anchors can be used without special 
techniques, or they can be mortared. The present elaboration outlines findings and results studying 
mortared screw-anchor systems. 

2 The load transfer behaviour of mortared screw anchors 
Mortared screw-anchors are a development of conventional screw anchors. It consists of a screw 
anchor with or without a connecting thread, a hexagonal head and a mortar cartridge. Before the two-
component mortar is injected, the borehole must be cleaned. Afterwards, the anchor is installed with a 
torque wrench. By screwing in the anchor, the mortar is evenly distributed inside the borehole and 
around the screw anchor. During the tightening of the anchor the mortar increases along the annular 
gap. In this way the fit between the thread flanks and the borehole wall is significantly improved (Fig. 
1). 

 

Fig. 1 Cross-sectional view of a mortared screw anchor after installation 
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As a result of the optimised positive connection there is an increasing by the factor 1.5 of the effective 
undercut for anchorage compared with standard screw anchors. Thus, the entire thread flank height is 
available for load application. In case of tensile loads screw-anchors fail with small anchorage depths 
of 40 mm to 80 mm by a concrete breakout. At greater anchorage depths over 80 mm screw anchors 
fail by a combination of pull-out and concrete breakout. In this type of failure, the concrete-brackets 
in the lower area of the anchorage, between the thread pitches, are sheared off (see Fig. 2-section b). 
After that a reduced concrete breakout is formed out (see Fig. 2- section a). 

 

 

Fig. 2 Typical failure picture of an mortared screw anchor at a embedment depth of 140 mm 

Due to the small size of the concrete breakout it cannot be assumed that the sum of the tensile stress-
es, based on the lateral surface of the forming eruption cone, is sufficiently for transferring loads as 
measured in tests., The tensile load is rather introduced by the lower thread flanks (see Fig. 2 -b) into 
the anchorage base. 

3 Studies on the load transfer behaviour of mortared screw anchors 
The preliminary experimental program to investigate the structural behaviour of mortared screw-
anchors in normal strength concrete C20/25 included experiments with variants of the following 
parameters: 

 screw-in depth of 65 mm to 145 mm 
 screw diameter of 8 mm to 16 mm 
 reducing the length of thread at a constant depth 
 Test specimens of cracked and uncracked concrete (crack width of 0.3 mm) 
 mortar A and B 

For the provisionally test program a setup was chosen with a wide support, as schematically shown in 
Fig. 3. With such a structure it can be ensured that the forces, which are introduced by the screw 
anchors, lead to an anchor typical failure. This device consists essentially of a support device includ-
ing a hydraulic unit for force transmission. In addition to this an electronic load cell and two inductive 
displacement transducers are used to record the load-displacement behaviour. To investigate the 
influence of the mortar, the same device has been modified in the region of the support, to prevent a 
concrete-breakout. In the diagram in Fig. 4 such an experimental setup with a narrow support is 
shown. This feature allows to reflect the anchoring-intensity very well. The used measurement tech-
nique corresponds to the system which is described in Fig. 3. For the investigations in cracked con-
crete precast specimens were used. The hairline cracks were generated by mechanical wedge spread-
ers. To achieve the desired crack width a hydraulic lashing was used. With its help it was possible to 
control the spreading force which is applied by the wedges. The crack width was checked by two 
mechanical fine gauge at a distance hnom from the anchor axis. The performance of the tensile test was 
carried out in the opened crack. For the tests in uncracked concrete the same specimens were used, 
but without wedges and lashing material. 
  

a

b
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3.1 The effect of mortar on the load transfer behaviour 
Under the original assumption that the mortar used in terms of its composite behaviour has a signifi-
cant impact on the type of load application, the mortared screw-anchors were tested with two mortars 
in the experiments, see shown in Table 1. Mortar composition A is a styrene free vinyl ester mortar 
system, regulated by a technical approval. Mortar-system B is a freely chosen two-component epoxy 
resin mortar. For the experimental procedure a tension test rig for confined tests (Fig. 4) was used. 
These tests are primarily used to examine the interactions between the mortar, the anchoring base and 
the screw-anchor. A total of 40 experiments were carried out. The main values of the test are summa-
rized in Table 1. 

Table 1 Influence of mortar composition on the amount of load 

Fall dcut mortar execution Num,Test [kN] 

1 16 mm A undercut 149 

2 16 mm B undercut 139 

3 20 mm A composite 110 

4 20 mm B composite 62 

 

The investigations have shown, that in case of the undercut of the concrete, the attributes of the mor-
tar have a small influence on the height of the breaking loads. In comparison of case 1 to case 2, the 
measured failure loads are at a similar level, whereas in a direct comparison of case 3 and case 4, a 
significant difference can be determined. This leads to the assumption that with the filling of the 
annular gap with mortar, the contact surface of the concrete consoles is reinforced in the range of 
undercut. In this way a larger effective area for the introduction of compressive stresses on the flanks 
can be reached. 

3.2 Influence of thread length on the fracture load 
To investigate the effects of thread length on the fracture load two series of experiments were per-
formed by using screw-anchors with a diameter of 8 mm, 10 mm, 14 mm and 16 mm. In a series of 
experiments with a constant screw-in depth, a gradually reduction of the thread length was performed 
until a significant drop that could be found in the load. The depth of the employed dowel was 85 mm 
at diameter 8 mm and 125 mm at diameter of 16 mm. The screw thread was reduced from the outlet 
of thread in steps of 20 mm. The uncut thread lengths were both 80 mm and 100 mm. The evaluation 
of the investigations has shown, that a thread length of 40 mm is sufficient to transfer the load as a 
fully threaded screw (Fig. 5). 

Fig. 2 Schematic illustration of the 
tension test rig for unconfined
tests 

Fig. 1 Schematic representation of 
the tension test rig for con-
fined tests 
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.  
 
 
 

Based on these results a second series of experiments was started by increasing the screw-in depth in 
a number of steps from 30 mm to 120 mm under retention of the same screw thread length and until 
no more load increase under tensile was possible. This corresponds to the results of [1] as an en-
largement of the screw-in depth related factor of up to 3.6 instead of 1.4 (Fig. 6). From this ratio on 
there is no significant load increase recognized and it results in pulling out the anchor. In this context, 
an analogy to the load transfer behaviour of headed studs under the critical maximum bearing pres-
sure can be derived [2] (see Fig. 7). With a decreasing load introduction surface the bearing pressure 
of the headed studs increases under tensile loading according to [2]. This leads to a larger axial dis-
placement with a simultaneous reduction of the embedment depth and the resulting breaking load. 
The tensile-load transfer of screw-anchors takes place by the thread flanks. In contrast to headed 
studs, the maximum breakout cone-depth and the coupled maximum failure load is achieved at a 
medium load transfer area, in contrast to a fully threaded screw (Fig. 7). For large values of an an-
chorage depth in relation to threaded-length (hef/hgew) beyond the size of 3.6 as shown in Fig. 6, it 
comes with an increasing surface pressure to a significantly increasing displacement. Essentially an 
increasing of displacement is caused by the local compression of the hardened cement paste matrix in 
the vicinity of the thread flanks. In this case the surface-pressure of the concrete-brackets is about 10 
to 14 x fc (fc = 30 N / mm ²). This corresponds approximately to that value, which the critical maxi-
mum bearing pressure according to [2] is based on, for ensuring the theoretical failure load (Nu = 15.5 
x hef

1,5 fc
1/2). In this context it can be stated that mortared screw-anchors, having about similar load 

introduction surfaces as headed studs, are able to form the same concrete breakout loads as headed 
studs. 

 
Fig. 7 Concrete breakout cones of headed studs and screw anchors with various load introduc-

tion surfaces (A = large, B = medium, C = small) 
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Fig. 3 Influence of the thread length 
on fracture load 

Fig. 4 Fracture loads of mortared 
screw the anchors 
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3.3 Measured and calculated loads in uncracked and cracked concrete 
For analysing the comparability of the experimental results with the known approaches of the regula-
tions a total of 373 tests were performed in uncracked and cracked concrete. The experimental setup 
used within this study corresponds to the schematic depiction shown in Fig. 3. The calculation of the 
mean concrete breakout load was carried out according to the known formulas of ETAG 001 (see 
equation 1 and equation 2). 

Applied to uncracked concrete: 

equation 1[3]:  ܨ௨଴ ൌ 13,5 ∗ 	ඥ ௖݂௞,௖௨௕௘ ∗ 	݄௘௙ଵ,ହ    

Applied to cracked concrete: 

equation 2[3]:  ܨ௨,௖଴ ൌ 9,5 ∗ 	ඥ ௖݂௞,௖௨௕௘ ∗ 	݄௘௙ଵ,ହ     

The effective embedment depth can be calculated using equation 3. 

equation 3[2]:  ݄௘௙	 ൌ 0,85 ∗ ሺ݄௡௢௠ െ 	0,5 ∗ ݄௧ െ ݄௦ሻ    

here are: ݄௡௢௠ = embedment depth into the anchorage base material ݄௧ = slope hight ݄௦ = height of the crest of thread 

The results of pullout tests in uncracked, low strength concrete compared to the calculated values 
according to equation 1 are shown in Fig. 8. The illustrations of the results are corresponding to the 
actual embedment depth of the single tests. The evaluations indicate a tendency that the measured 
concrete breakout loads, performed in tests within the range of small embedment depths (from ap-
prox. 50 mm to 70 mm), are tendencially higher than the calculated failure loads in accordance to 
equation 1. With a further increasing embedment depth (70 mm to 120 mm), the measured values of 
the investigated screw-anchors are considerably higher in comparison to the relationship line calculat-
ed with equation 1. Whereas in cracked concrete the results provide a comparable trend (see Fig. 9). 
The calculated relationship line, according to equation 2, underestimates the experimental results 
significantly. It is remarkable that a direct comparison of the measured values in uncracked and 
cracked concrete is approximately at the same load level. Therefore, the load transfer behaviour of 
mortared screw-anchors cannot be reproduced by the valid possibilities for the calculation of concrete 
breakout loads, presented within this contribution. 
  

Fig. 8 Comparison of experimental results 
(Nu,Test) with calculated values of 
ETAG 001 Part 3 (Num,ETAG) 
(uncracked concrete) 

Fig. 9 Comparison of experimental results 
(Nu,Test) with calculated values of 
ETAG 001 Part 3 (Num,ETAG)  
(cracked concrete) 
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4 Summary and conclusions 
The scope of the investigations presented within this contribution, comprised the finding of funda-
mental arguments to develop a calculation method for the load transfer behaviour of mortared screw-
anchors. As the results illustrate it can only partially be concluded from a structural behaviour which 
is known from guidelines and European Technical Approvals (ETA) to mortared screw-anchors in 
normal strength concrete. Therefore it is intended to optimise the calculation method for mortared 
screw-anchors in accordance to the model shown in Fig. 7-b. The optimisation focuses on the exten-
sion of the application range of screw-anchors in excess of the current limit of applicability of hef ≤ 8 
d0 and the consideration of the load increase, identified in the investigations, towards applicable 
guidelines. 
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Abstract 
In strengthening existing concrete structures with textile reinforced concrete (TRC), a safe anchoring 
and transfer of the acting forces is crucial for the functioning of the composite material. This paper 
deals with the experimental and analytical determination of the end anchorage and overlap lengths of 
textile reinforcements in TRC members. Based on the experimental research on the bond behaviour 
between the yarn surface and the fine-grained concrete matrix, an analytical model was developed 
which can be used to calculate the required end anchorage and overlap lengths in the yarn pull-out 
limit state. Furthermore, extensive analytical observations were made to predict the probability of 
failure due to delamination.  

1 Introduction 
The composite material textile reinforced concrete (TRC) is a new, effective and innovative strength-
ening method of load bearing concrete structures. It combines the favourable material properties of 
concrete with those of technical textiles.  

With regard to the application of TRC for the strengthening and rehabilitation of existing 
structures, understanding the load bearing behaviour of the strengthening layers at the construction 
details is important.  

A working bond forms the basis for the static interaction between the individual strengthening 
components. A load application without damage to this bond is necessary. Hence, extensive 
experimental and analytical tests have been carried out to examine the decisive failure mechanisms as 
well as to describe the load bearing behaviour of TRC strengthening in end anchorage and overlap 
areas.  

2 Tests regarding the bond of textile reinforcements in TRC 
Knowledge about the bond forces between yarn and matrix is the prerequisite for assessing the bond 
behaviour of textile reinforcements within TRC. However, due to major influences of textile pro-
cessing on the bond properties, the results gained from tests on unprocessed single yarns cannot be 
applied. Consequently, a suitable test setup for asymmetrical pull-out tests on textile reinforcements 
was developed based on KRÜGER [1] (LORENZ/ORTLEPP [2], [3]). The small-scale slab-shaped speci-
men used can be manufactured by means of laminating or spraying techniques in a laboratory envi-
ronment or in the process of quality monitoring of strengthening measures based on TRC. This way, 
processing induced influences on the bond properties of TRC can be directly observed.  

The determination of the multilinear bond stress versus slip relationship (BSR) is based on the an-
alytical modelling of the sample’s load carrying behaviour (LORENZ/ORTLEPP [3]). With the help of a 
simple parameter variation at the supporting points, the BSR can be directly determined using the 
experimentally determined force-crack-opening relation. With the help of the introduced calculation 
model, a good approximation to the test results could be reached. In Figure 1, the measured force-
crack-opening relation and analytically approximated force-crack opening relationship is exemplarily 
shown for a biaxial textile fabric consisting of carbon filament yarns in the tested direction. 

Subsequently, the evaluation algorithm of the textile pull-out tests developed along with the cal-
culation method enables a reliable investigation of the bond behaviour between the textile reinforce-
ment and the matrix of coated textile fabrics and single yarns. 
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(a) determined BSR (b) measured and analytically approached 

force-crack opening relationship 
Fig. 1 Results of the bond test 

Consequently, the analytically determined BSR forms the basis for the calculation of end anchorage 
and lap lengths of textile reinforcements in structural members and the strengthening layers of TRC. 

3 End anchorage of textile reinforcements in TRC 
According to ORTLEPP [4] different failure mechanisms can occur within the anchorage area of TRC. 
In the course of this work, extensive research concerning the following three failure modes was car-
ried out: delamination failure, collapse of old concrete and destruction of the bond joint between the 
fine-grained and the old concrete. Owing to their very high tensile strength, especially the load intro-
duction lengths of textile fabrics consisting of carbon fibers are to be determined from the pull-out of 
the filament yarns of the fine grained concrete. For that reason, further experimental and analytical 
investigation was necessary to clarify the failure criteria caused by yarn pull-out. 

The investigations were carried out by considering different percentages of reinforcement and 
differently configured coated textile fabrics. The experimental tests were done based on end anchor-
age tests by ORTLEPP [4]. The test setup is described in LORENZ/ORTLEPP [5]. A comprehensive 
presentation of the test results can be found in LORENZ/ORTLEPP [2], [5]. Figure 2 illustrates 
exemplarily the experimentally determined failure loads of single- and two-layered TRC samples with 
varying end anchorage lengths. The textile reinforcement used was the biaxial textile fabric already 
presented in Figure 1. 

 

 
Fig. 2 Comparison of the analytical and experimental tests to determine the in the yarn pull-out 

limit state end anchorage lengths in the yarn pull-out limit state (LORENZ/ORTLEPP [5]) 

Two different failure mechanisms were examined. While for anchorage lengths under 125 mm and 
maximally anchorable yarn tensile forces smaller than the ultimate yarn tensile force yarn pull-out 
could be observed, anchorage lengths over 145 mm led to a yarn crack on all examined specimens. 
The maximally anchorable forces vary depending on the scattering of the ultimate yarn tensile force. 
The end anchorage lengths in the yarn pull-out limit state are independent of the number of textile 
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layers and directly influenced by the magnitude of the bond forces. As has been shown in LO-

RENZ/ORTLEPP [6] and [7] an increase in the value of the bond forces between yarn and matrix, for 
instance by increasing the coating level of the textile reinforcement, reduces the required end anchor-
age lengths.  

Apart from the extensive tests described above, analytical considerations regarding the calculation 
of end anchorage lengths of textile reinforcements in strengthening layers and structural components 
made of TRC were made. The tests were conducted applying the analytical calculation method pre-
sented in LORENZ/ORTLEPP [5]. In the first step, the bonding behavior of each textile-matrix-system 
has been experimentally analyzed through the textile pull-out tests presented in LORENZ/ORTLEPP [2] 
und [3]. In step two follows the analytical modeling of the corresponding incrementally linear BSR, 
as described in LORENZ/ORTLEPP [3]. In the third step, calculation of the end anchorage lengths re-
quired to anchor the relevant yarn- and textile tensile force is done. This can be achieved with the 
help of a separate model presented in LORENZ/ORTLEPP [5] und [8], which is based on the relations 
between pull-out force and pull-out length, described in RICHTER [9]. A comparison between the 
experimentally and analytically determined end anchorage lengths for the examined textile fabric in 
Figure 2 reveals a good agreement between the failure loads and the corresponding anchorage 
lengths. The results of the experimental tests confirm the theoretical assumptions. The described 
relationships were confirmed by multiple additional tests on varyingly configured textile fabrics from 
carbon and AR-glass. Accordingly, with the help of the relationships presented in LORENZ/ORTLEPP 
[2], [5], the required end anchorage lengths for textile reinforcements in the yarn pull-out limit state 
can be determined in dependence of the yarn tensile force. On the whole, with the help of the ob-
served relations and with consideration of the calculation approach regarding delamination and old 
concrete failure described in ORTLEPP [4], the comprehensive calculation of end anchorage lengths of 
textile reinforced strengthening layers of fine grained concrete is now possible. Here, the minimum 
end anchorage length is determined by considering the highest single value resulting from the afore-
mentioned failure modes. 

Using the biaxial textile fabric described in Figure 2 as an example, Figure 3 shows the corre-
sponding calculated end anchorage lengths required, under consideration of the bond failure mecha-
nisms. As can be seen, failure by yarn pull-out is relevant for TRC strengthening with one or two 
layers of textile reinforcements in case of the illustrated carbon textile. However, increased tensile 
force of the textile reinforced strengthening layer generally necessitates an increase in the required 
end anchorage lengths to avoid failure by delamination or old concrete failure. 

 

 
(a) 1 layer of textile reinforcement (b) 2 layers of textile reinforcement 

Fig. 3 Consideration of anchorage failure mechanisms within the overall context  
(Lorenz/Ortlepp [5]) 

The displayed relationships present an essential basis for a comprehensive calculation of end anchor-
age lengths for textile reinforced strengthening layers in fine grained concrete within the overall 
context. 
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4 Overlapping of textile reinforcements in TRC 
Using strengthening measures with TRC, amongst others described in SCHLADITZ ET AL. [10], lap 
joints within the textile reinforcement layers usually cannot be avoided.  

For the proper functioning the TRC strengthenings, the safe force transmission between the 
individual composite materials has to be ensured. Consequently, based on uniaxial tension tests by 
JESSE [11], a uniaxial tension test with a lap joint at the sample centre, as described in LO-

RENZ/ORTLEPP [8], was developed in the framework of tests regarding the load bearing behaviour of 
TRC samples in the overlapping area. By arranging the reinforcement layers in the sample 
symmetrically, the lateral tensile stress, which results from the eccentricity of the textile fabrics in the 
reinforcement layer and contributes to delamination in the lap area, can be taken into account. 
Experimental and analytical tests on textile-matrix-systems with textile fabrics from carbon and AR-
glass in different configurations and varied by the decisive influencing parameters were carried out. 
Thus, according to LORENZ ET AL. [12], with regard to bond failure different failure modes can occur. 
As described in LORENZ/ORTLEPP [8], two mechanisms of bond failure are decisive in the lap joint 
area. On one hand, the bond failure can occur by yarn pull-out from the fine grained concrete matrix, 
on the other hand, failure due to delamination/longitudinal matrix splitting can happen on the textile 
layer at the lap joint. 

 

 
Fig. 4  Comparison of the analytical and experimental tests to determine lap lengths in the in the 

yarn pull-out limit state (LORENZ/ORTLEPP [8]) 

Figure 4 illustrates from LORENZ/ORTLEPP [8] the overlap lengths which have been experimentally 
determined in the yarn pull-out limit state for the biaxial textile fabric, already presented in Figure 1 
and 2. The results of the tests for the determination of the end anchorage lengths, described in LO-

RENZ/ORTLEPP [5], are compared. Here, the lap tests and end anchorage tests were carried out in one 
series based on an identical textile-matrix-system. The results of the tests for the determination of lap 
lengths in the yarn pull-out limit state are in agreement with the results of the tests for determining 
end anchorage lengths. The observed failure modes correspond with those of the failure in the end 
anchorage area. Consequently, with the aim of avoiding yarn pull-out while still making full use of 
the tensile strength in the exemplarily presented fabric, the required lap and end anchorage lengths 
can be set to approximately 145 mm. Hence it can be concluded that the distribution of the bond 
stresses in the lap joint is only marginally influenced by the crack formation compared to the bond 
stress distribution in the end anchorage area. Thus, it was possible to prove that the lap lengths of the 
textile reinforcement in the TRC member are 1.0 times the value of the end anchorage length. This 
relation was confirmed in further tests with differently configured textile fabrics from carbon and AR-
glass. 

Based on the knowledge that the bond stress distribution in the yarn pull-out limit state is almost 
identical in the lap- and end anchorage areas of TRC members, the analytical calculation of the lap 
lengths can be carried out in the same way as has been described for the end anchorage lengths in 

LORENZ/ORTLEPP [8]. Consequently, the comparison of experimentally determined failure loads with 
the corresponding analytical calculation values presented in Figure 4 show good agreement. 
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Accordingly, the required end anchorage- and lap lengths in the yarn pull-out limit state for any 
multilinear form of the BSR can be determined using the corresponding yarn- or textile tensile force 
by means of the described relations. Independent numerical tests carried out in ASSAM/RICHTER [13] 
confirm the presented results. 

Failure in the yarn pull-out limit state is usually represented by a significant growth of the crack 
openings at the beginning and at the end of the lap joint. In contrast to this, sudden failure of the 
overlap joint can occur in the delamination/longitudinal matrix splitting limit state. The transverse 
tensile forces trigger failure, which develops through the load introduction and transmission within 
the lap joint, primarily resulting from the eccentricities of the acting forces, which in turn is a 
consequence of the bonding forces between yarn and matrix, the distance between the reinforcement 
layers and the deflection forces on the concrete, as described in LORENZ ET AL. [12] which result from 
the undulation of the filament yarns in the matrix. If the transverse tensile strength of the concrete is 
exceeded in the textile reinforcement layer, initially small longitudinal matrix splits occur. These 
move either abruptly or even under small load increase into the lap area and subsequently lead to 
failure. Hence, delamination failure of the lap joints should be principally avoided by the purposeful 
adjustment of the used textile-matrix-system as has been described by LORENZ ET AL. [12].  

To guarantee that the results can be transferred to strengthened members, four-point bending tests 
were carried out on one ply, TRC strengthened RC slabs with the lap joint of a textile reinforcement 
made of high-performance carbon yarns placed in the middle of the slab. The results of the tests have 
been presented in Figure 5. The loads which cause textile reinforcement failure obtained in the com-
ponent tests were calculated based on the experimentally determined ultimate bending resistance by 
means of the procedure presented in SCHLADITZ, LORENZ & CURBACH [14]. Furthermore, the results 
of the corresponding uniaxial lap tests have been shown. A good agreement between the results of the 
uniaxial lap tests and those values determined in the slab tests can be observed. 

 

 
Fig. 5 Results of the component tests to determine the overlap lengths 

By using a textile-matrix-system which has been configured based on the tests regarding delamination 
behavior, described in LORENZ ET AL. [12], the safe transmission of tensile forces in the lap area with-
out longitudinal matrix splitting, delamination and bond damage was proven. Apart from increasing 
the flexural capacity of structural components reinforced with one layer of TRC in comparison to 
unstrengthened RC slabs by approximately 150 %, the methods for the determination of lap lengths 
presented in LORENZ/ORTLEPP [8] were verified. 

5 Summary 
The carried out experimental and analytical research regarding the load bearing behaviour of end 
anchorage areas and overlap joints allows the calculation and safe execution of the design details in 
strengthenings and structural members from textile reinforced concrete. The resulting knowledge for 
the configuration and improvement of the textile-matrix-system contribute to a more efficient and 
safe use of the composite material. 
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Abstract 
It is well known, that confinement introduced by CFRP (Carbon Fiber Reinforced Polymer) sheets 
increases the ultimate compressive strength and ductility of concrete. In past various experimental 
research programs had been carried out by other researchers to express the increase in strength and 
strain by the use of CFRP jackets. But in the majority of cases the additional effects of reinforcing 
elements like ties or spirals are not analyzed very well.  

In this paper the investigations on wrapped short concrete columns with and without transverse rein-
forcement will be shown. In an extensive research program the volumetric ratio of the CFRP jacket as 
well as the ratio of transverse reinforcement were varied. Thereby, columns with different geometri-
cal shape, different CFRP thickness and with different transverse reinforcement elements (steel ties 
and spirals) were produced and tested in compression tests.  

As a main result it can be shown clearly, that a dual confinement consisting of CFRP and transverse 
reinforcement increases strongly the ultimate strength and axial strain. The comparison with existing 
guidelines and models also points out the necessity of new structural models to describe the influence 
of dual confinement in an exact way. 

1 Introduction – CFRP confinement 

1.1 Strengthening of members subjected to axial force 
Normal transverse reinforcement, like steel ties, specified in design codes for beams and columns has 
three main functions [1]: 

 prevent buckling of longitudinal bars,  
 avoid shear failure, 
 confine the concrete core.  

But this paper addresses only the confinement functions. Confinement is generally applied to mem-
bers in compression, with the goal to increase their strength and ductility. Thereby, the effective 
confining pressure fl, caused by conventional spiral or tie reinforcing steel, can be calculated with 
equation (1) [3]. 

 
s

st
stystl

4
with

2

1

ds
Aρfρf



  (1) 

where ρst = transverse steel volumetric ratio, fy = yield stress, Ast = cross-section of transverse steel, 
s = spacing of hoops (spiral), and ds = diametre of transverse reinforcement. 

Besides conventional transverse tie reinforcing steel also advanced FRP (Fiber Reinforced Poly-
mers) materials have only recently recognized as favourable confinement devices. FRP consists of 
strengthening fibers (for examble carbon fibers) in a resign system. The FRP or CFRP confinement 
appears by orienting the fibers transverse to the longitudinal axis of the concrete member. Through 
FRP strengthening by confinement, concrete’s lateral expansion is efficiently restricted in cases of 
imposed axial compressive deformation, while the elastic FRP resisting response generates an ever 
increasing lateral compressive stress state on concrete, leading to structural upgrade of the member 
core to provide sufficient deformability. For concrete cylinders the confining pressure σl can be found 
from equation (2) [3]. 
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where ρj = volumetric ratio of FRP jacket, σj = stress in FRP jacket, Ej = modulus of composite mate-
rial, εj = circumferential strain in FRP jacket (max fl → εj = εju = ultimate strain of FRP jacket), tj = 
FRP thickness, and D = diametre concrete cylinder. 

1.2 Stress-strain models of FRP-confined concrete 
In past various experimental research programs had been carried out by other researchers to express 
the increase in strength and strain by the use of FRP or CFRP jacket. Some of them were adopted by 
design recommendations [4], like the stress-strain model by Lam and Teng in ACI 440.2R-08 [2] or 
the model by Spoelstra and Monti in technical report by the fib [3]. The stress-strain model by Lam 
and Teng is illustrated in Fig. 1. 

 

 
Fig. 1 Stress-strain model for FRP-confined concrete by Lam and Teng [2] 

The maximum confined concrete compressive strength fcc can be calculated with the following equa-
tions by Lam and Teng (3) or by Spoelstra and Monti (4). Thereby, fc is the unconfined concrete 
strength. 

 lccc 3.395.0 fff   (3) 
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The ultimate strain εccu of the confined concrete member is calculated using equation (5) by Lam and 
Teng or (6) by Spoelstra and Monti.  
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where εco = unconfined concrete strain at peak stress, and Ec = initial tangent modulus of elasticity of 
concrete. 

Now, like shown in Fig. 1, the second modulus E2 of the confined concrete can be determined. 
With the presented models and equations only the contribution of the FRP or CFRP jacket is determi-
ned. It is only possible to calculate confined concrete but not reinforced concrete. The contribution of 
the internal transverse steel reinforcement and other effects like the instability of longitudinal steel 
reinforcement to the confinement can not be taken into account.  

transition zone 
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2 Experimental study 

2.1 Main goals of research 
In the majority of cases the additional effects of reinforcing elements like ties or spirals are not ana-
lyzed very well. It results of the limited experimental evidence on the area of FRP confinement of 
real-size RC columns. Additionally, these limits have not allowed the appropriate implementation of 
key effects in the current models [4]. Hence the goals of the research work presented in this paper are: 

 production of circular columns with different cross sections (from 15 up to 30 cm), 
 thereby production of RC elements with different longitudinal und transverse reinforcement, 
 wrap with CFRP sheets of different thickness to change the volumetric ratio of FRP jacket, 
 increase the knowledge about dual confinement in RC columns. 

2.2 Experimental program 
In an extensive research program the volumetric ratio of the CFRP jacket (ρj) as well as the ratio of 
transverse reinforcement (ρst), mainly accountable for effective confining pressure, were varied. Col-
umns with different geometrical shape, different CFRP thickness and with different transverse rein-
forcement elements (steel ties and spirals) were produced and tested in compression tests. The whole 
research study is shown in table 1.  

During the displacement controlled compression tests two different measurement systems were 
used. In all the specimens, besides the strain gauges on the FRP jacket (at midheight), two LVDTs 
were fixed to two opposite sides of each specimen in order to measure the axial shortening. Fig. 2 
presents the experimental setup and the stress-strain curves in longitudinal and transverse direction, 
derived from the compression tests. Thereby, the stress strain curves of series D15 are illustrated. The 
stress-strain behavior (longitudinal and transverse) of the CFRP confined specimens was bilinear in 
general, consisting of the three phase behavior reported in Fig. 1. The second modulus E2 could be 
observed in longitudinal (E2) as well as in transverse (E2,q) direction (cf. Fig. 2). The failure of CFRP 
confined plain or steel reinforced specimens was ‘explosive’ due to the sudden and noisy fracture of 
CFRP sheets. Furthermore, Fig. 2 also explains the interrelationship between the second modulus and 
the volumetric ratio of the CFRP jacket (ρj). More layers of CFRP produce higher volumetric ratios 
and higher second modulus. This connection was used for the discussion of the compression tests in 
chapter 2.3. 
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Fig. 2 Experimental setup and derived stress strain curves of CFRP confined concrete (S. D15) 
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Table 1 Research study on confinement with CFRP wrap and transverse steel reinforcement 

1 Series = 3 Specimens Concrete D h CFRP Wrap (230 GPA) Transverse Reinforcement 

  [mm] [mm] Layer ρj [%] Ø/s [mm] ρst [%] Type 

D15 CFRP 1L C30/37 150 300 1 0.29 - - - 

D15 CFRP 2L C30/37 150 300 2 0.59 - - - 

D15 CFRP 3L C30/37 150 300 3 0.88 - - - 

D15 6/10 CFRP 2L C35/45 150 300 2 0.59 6 / 100 0.93 steel tie 

D15 6/5 CFRP 2L C35/45 150 300 2 0.59 6 / 50 1.87 steel tie 

D20 CFRP 1L C20/25 200 400 1 0.22 - - - 

D20 CFRP 2L C20/25 200 400 2 0.44 - - - 

D20 CFRP 3L C20/25 200 400 3 0.73 - - - 

D20 4/17,5 CFRP 2L C20/25 200 400 2 0.44 4 / 175 0.17 steel tie 

D20 6/17,5 CFRP 2L C20/25 200 400 2 0.44 6 / 175 0.38 steel tie 

D20 6/10 CFRP 2L C20/25 200 400 2 0.44 6 / 100 0.66 steel tie 

D20 6/5 CFRP 2L C20/25 200 400 2 0.44 6 / 50 1.32 steel tie 

D25 CFRP 1L C20/25 250 500 1 0.18 - - - 

D25 CFRP 2L C30/37 250 500 2 0.35 - - - 

D25 CFRP 3L C30/37 250 500 3 0.53 - - - 

D25 CFRP 4L C25/30 250 500 4 0.70 - - - 

D25 8/4 CFRP 1L C25/30 250 500 1 0.18 8 / 40 2.27 steel spiral 

D25 8/4 CFRP 2L C30/37 250 500 2 0.35 8 / 40 2.27 steel spiral 

D25 8/4 CFRP 3L C30/37 250 500 3 0.53 8 / 40 2.27 steel spiral 

D25 10/4 CFRP 2L C25/30 250 500 2 0.35 10 / 40 3.60 steel spiral 

D25 6/10 CFRP 2L C25/30 250 500 2 0.35 6 / 100 0.53 steel tie 

D25 6/10 CFRP 2L 1m C25/30 250 1000 2 0.35 6 / 100 0.53 steel tie 

D25 8/4 CFRP 2L 1m C25/30 250 1000 2 0.35 8 / 40 2.27 steel spiral 

D30 CFRP 2L C25/30 300 600 2 0.29 - - - 

D30 CFRP 3L C25/30 300 600 3 0.44 - - - 

D30 10/4 CFRP 2L C25/30 300 600 2 0.29 10 / 40 2.93 steel spiral 

D30 10/5.5 CFRP 2L C25/30 300 600 2 0.29 10 / 55 2.13 steel spiral 

2.3 Results and discussion  

2.3.1 CFRP confined concrete  
In this chapter the results on confined plain concrete are explained. Columns with different geometri-
cal shape and different CFRP thickness were produced, to vary the CFRP thickness (tj) and the diame-
tre of the column (D). Both are responsible for the volumetric ratio of the CFRP jacket.  

In the diagrams of Fig. 3 the second modulus E2 (longitudinal and transverse) is shown as a func-
tion of the volumetric ratio of the CFRP jacket. It can be seen clearly, that there is a big influence of 
the volumetric ratio on the second modulus. In both directions (longitudinal and transverse) it is 
possible to find a regression curve for mathematical interpretation. Thereby, the volumetric ratio is 
able to take account of potential size effects. The regression curves of small (D15) and medium spec-
imens (D20 and D25) as well as big specimens (D30) are almost the same. These results permit to 
conclude that there is no size effect on material behavior of confined specimens. 
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Fig. 3 Second modulus E2 as a function of the volumetric ratio of CFRP jacket ρj. 

2.3.2 CFRP-confined reinforced concrete 
In this chapter the results on confined reinforced concrete are explained. Thereby, the effect of a dual 
confinement (consisting of transverse steel reinforcement and CFRP confinement) was the point of 
interest.  

Dual confinement strongly increases the load bearing capasity in general. In transverse direction 
this is demonstrated in clearly higher second modulus (cf. Fig. 4 a). In doing so the shares of CFRP 
and steel confinement in E2 can be summarized. In the diagramm of Fig. 4 b the second modulus E2 
(transverse) is now shown as a function of the transverse steel volumetric ratio. It is possible to find a 
regression curve for mathematical interpretation. In axial direction in reinforced specimens, an analo-
gous is obvious, where continuous decrease of specimens’ axial rigidity occurs. However, this transi-
tion zone is more prolonged and smooth than plain FRP confined specimens showed. The following 
second modulus is similar to E2 observed with confined plain concrete. 
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Fig. 4 Influence of transverse steel reinforcement:   
a) Second modulus E2 in transverse direction as a function of the volumetric ratio of 
CFRP jacket ρj for plain concrete and RC with steel spiral  
b) Second modulus E2 as a function of the transverse steel volumetric ratio ρst 

a) b) 
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3 Comparison of experimental results and guidelines predictive equations 
The material models of Lam and Teng or Spoelstra and Monti only describe the material behavior of 
FRP confined plain concrete. Hence this chapter only deals with the comparison of the own experi-
mental results on confined plain concrete and results found with the equations (3-6). 
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Fig. 5 Second modulus E2 as a function of the volumetric ratio of CFRP jacket ρj:  

a) Experimental results versus design equations (calculated for concrete C20/25)  
b) Experimental results in opposite to design equations (calculated for concrete C30/37) 

Like presented in chapter 1.2 the material models are affected by the concrete properties (fc, Ec, εcu). 
Thus the results found with the equations (3-6) were calculated with the concrete properties of the test 
series D15 (concrete class C30/37) and D20 (concrete class C20/25). The results for E2 differ strongly 
for the different concrete classes (cf. Fig 5 a. concrete C20/25 and Fig 5 b. concrete C30/37). The own 
experimental results for the series D15 and D20 do not show this influence. In opposite to the theo-
retical models the regression curves for E2 as a function of the volumetric ratio of the CFRP jacket do 
not change because of a different concrete strength or a different concrete modulus of elasticity. Only 
the volumetric ratios (and confining pressures σl) of the CFRP jacket caused changes of the second 
modulus (cf. chapter 2.3.1). 

4 Conclusions 
The FRP confinement can significantly increase the strength and ductility of concrete and reinforced 
concrete. The present study confirms the stress-strain model by Lam and Teng for confined plain 
concrete. But an influence of concrete properties on the second modulus E2 could not be observed. 
Dual confinement effect of steel and CFRP confinement in specimens’ transverse E2 resulted as the 
total of transverse steel reinforcement and CFRP jacket. Thereby, it is possible to find regression 
curves, in order to explain mathematically the influence of the volumetric ratio of CFRP and steel 
confinement on the stress-strain behavior of wrapped concrete. 
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Abstract 
Among all possible strengthening techniques some include the application of fibre reinforced poly-
mers (FRP). In near surface mounting (NSM) technique the FRP materials are bonded in grooves cut 
into the concrete cover. The technique of NSM has many advantages in comparison to externally 
bonding of reinforcement (EBR). This technique involves a large number of variables. The bond 
behaviour is of key importance for effective application of the reinforcements.  

The main objective of our research was to study the bond behaviour of FRP in NSM applications. An 
advanced pull-out test setup was developed for that reason. Experiments with an additional double 
tension-tension test setup were also carried out. This second test setup was used in the framework of 
an international round robin testing programme on bond. The influence on the bond behaviour of the 
reinforcements material (fibre materials, adhesives and substrate) and geometrical properties (adhe-
sive thickness, reinforcement cross-section, reinforcement surface pattern, edge distance) were in 
detail researched. 

Herein an innovative classification of failure modes of the near surface mounted (NSM) strengthening 
will be presented based on the results of our experimental studies and the analysis of the available 
literature data. Based on this primary and secondary failure modes were differentiated. One of the 
primary failure modes always occur and initiate member failure as it is or as a starting point of secon-
dary failure modes. Secondary failure modes are splitting failures of concrete along inclined planes as 
a result of slip induced by one of the primary failure modes. The presented classification is of key 
importance for the understanding of the NSM reinforcements bond behaviour. 

1 Introductions 
In order to preserve our existing structures strengthening is often needed. Among all possible 
strengthening techniques some include the application of fibre reinforced polymers (FRP). Consider-
ably high tensile strength of the FRP material is applied to resist tensile loads. FRP materials can 
assure proper confinement or flexural resistance of reinforced concrete elements. FRP materials can 
be used in form of pultruded elements or textiles. Pultruded reinforcements are used in two applica-
tion techniques. One is called externally bonding (EBR). This means bonding of strips on the tension 
side of elements. The other is called near surface mounting (NSM). In NSM technique the FRP mate-
rial is bonded into grooves cut into the concrete cover. In order to ensure proper adhesion of the FRP 
materials to the structural elements these techniques use high strength adhesives. The NSM technique 
has many advantages in comparison to externally bonding of reinforcement In comparison to other 
strengthening applications the NSM strengthening is a very complex strengthening method [1][2]. In 
order to observe the characteristic bond behaviour high number of pull-out test need to be performed 
owing to the high number of variables. Published experimental data can be used with special regard 
on the test layout.  

2 Experimental background 
Our research work started with an extensive literature review of bond test setups and bond influencing 
parameters of NSM FRP reinforcements. An advanced pull-out test setup was then developed [3]. The 
advanced L-shaped pull-out specimen (Fig. 1) is formed from a cubic specimen of 250 mm sides with 
cut-outs. The testing plane is selected to be parallel to one of the diagonal planes in order to have the 
longitudinal axis of the reinforcement as close as possible to the diagonal plane. The thickness of the 
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specimen is the highest in the second diagonal plane (perpendicular to the first diagonal plane). This 
offers a high stiffness of the specimen in the plane which is weakened by the groove and is usually 
highly stressed by the bond stresses perpendicular to the reinforcement. The flappers increase the 
stability and help handling of the specimen. The special L-shaped form of the specimen enables prop-
er view of the supposed failure surface and provides the possibility to measure the displacement on 
both loaded and unloaded ends.  

 

250

52

181

varaible
bond length

unbonded length

250

255 mm

bearing planes

70 testing plane

 
Fig. 1 The newly developed (L-shaped) specimen for bond tests of NSM reinforcements 

The tests results obtained by this pull-out test setup were verified using a double tensile-tensile test 
setup. The test setup used for validation was a double tension-tension test setup [4] used in the Round 
Robin Test program initiated by the European Network for Composite Reinforcement (EN-CORE) in 
the European Sixth Framework Program. A double tension-tension test was develeoped to study the 
bond properties of externally bonded FRP strips. The prismatic specimen was weakened by a steel 
plate in the middle. FRP strips were mounted on two opposite sides. The gripping of specimens was 
possible by embedded steel bars at both ends. The specimens were loaded in tension. This double 
tension-tension bond test setup was adopted by the European Network for Composite Reinforcement 
(En-core) in Round Robin Test (RRT) programme to investigate bond properties of EBR and NSM 
reinforcement. The RRT tests program was carried out in several laboratories although herein only 
results from the Budapest laboratory are presented. The influence of various bond influencing param-
eters was studied in 65 pull-out tests (L-shaped specimen) and 21 tensile-tensile tests. The influence 
of bond length, groove width, substrate strength, and adhesive type was studied mostly for strip 
shaped CFRP reinforcements. In addition to the different rectangular reinforcements round cross-
section reinforcements were used with various surface preparations to study the influence of the 
reinforcement shape and surface preparation on bond behaviour. In addition to pull-out load and slip 
loaded and unloaded end, in some tests strain along the reinforcement and transverse deformations of 
the specimens was measured. 

3 Failure modes 

3.1  Primary failure modes 
Based on the results of an extensive experimental study and analyses of available literature data, I 
suggest the following classification for the failure modes of NSM (Near Surface Mounted) strength-
enings. Primary failure modes lead to the global failure or to a secondary failure mode. Primary fail-
ure modes are bond failure modes without cracking of the concrete cover. Based on the different 
failure surfaces three primary failure modes are distinguished. 

Two interfaces can be defined first is the FRP-adhesive interface. Bond on this interface is manly 
influenced by the surface pattern of the bonded reinforcement and the adhesion properties of the 
adhesives. This interface is the smaller in comparison to the other one and has the main role in the 
force transfer it will be called generally bond surface. The bond surface to the cross-section ratio is 
important in case of strip shaped reinforcements or round cross-section reinforcement with small 
diameter it will be maximized.  

The second interface is the so called adhesive-concrete interface. The size of this interface is de-
fined by the groove size .Interfacial failure modes can be separated into two groups: one of pure 
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interfacial failure and one cohesive failure usually close to the interfaces. If failure is taking place in a 
plane parallel to these interfaces it will be called cohesive failure. Pure interfacial failure is the adhe-
sion failure and it is caused by inadequate adhesive selection or improper surface preparation 

A1 FRP failure is the first primary failure mode. In our categorisation failure planes are present-
ed from inside out. The first failure mode is the FRP failure and has two modes. The first one is the 
A1a) interlaminar failure it is caused by the incapability of the FRP materials to transfer shear 
forces. In externally bonded FRP applications the interlaminar failure is often observed due to the 
bond stress component perpendicular to fibres which triggers the so called peeling-off failure. This 
component is balanced in case of the NSM application by the confinement of the concrete. 

 

 
 

Fig. 2 Failure through the FRP surface pattern (A1b): i) interlaminar shear failure of a GFRP bar 
surface ribs were sheared-off and ii) shear-off failure of sand coating (BFRP) 

The shear A1b) failure through the FRP surface pattern (Fig. 2) is considered to be the second 
FRP failure mode. GFRP bars were tested with surface ribs realized by indentations of the outer layer 
of the FRP with a helical trajectory. Herby some of the longitudinal fibres were cut, therefore, the 
effective cross-section of the bar was reduced. Failure of these bars in NSM application (when ap-
plied with epoxy adhesive) was a combination of several failure modes including the interlaminar 
shear failure of the ribs (Fig. 2i). Shear failure of the surface pattern was observed in case of sand 
coated (BFRP) bars Fig. 2ii).These reinforcements were designed to be applied as internal reinforce-
ments. In case of NSM bars the shear strength of the FRPs contact surface should exceed the shear 
capacity of adhesives. 

A2 FRP-adhesive interface failure is the moust fergvent primary failure mode . Three different 
failure modes of the adhesive can be defined. A2a) Adhesion failure as a pure interfacial failure is 
one of them. It is rare and it is observed in combination with other failure modes. It was observed in 
case of plain reinforcements bonded with cement based adhesives where forces should be transferred 
by mechanical adhesion which was poor due to the plain reinforcement surface. The pure adhesion 
failure should be avoided by a preparation of the FRP surface .This include removal of any surface 
impurities (grease and dust) using solvents supplied by the FRP materials supplier. The FRP materials 
with plain surface can be carefully prepared with a sand-paper to expose external fibres.  

A2b) Shear failure of the adhesive with failure of the adhesive between consecutive ribs is 
shown in Fig. 3i) failure is typical failure mode for embedded steel reinforcement. The failure of 
consecutive ribs leads to progressive failure. It will be influenced by shear properties of the adhesive 
and ribs. Such a failure is shown in Fig. 3i) for a GFRP with ribs bar bonded with a low strength 
cement based adhesive. 

As the shear strength and the bond properties of the adhesive increases this failure changes to 
shear-off failure of ribs (Fig. 2i). The cohesive shear failure in the adhesive was observed with inten-
sive cracking of the adhesive layer with a fishbone pattern (Fig. 3iii). It was critical as the strength of 
the cement based adhesive was increased for the GFRP bar with ribbs and for CFRP reinforcement 
with helical wrap and sand coating. The appearance of multiple cracks is a sign of progressive failure 
with energy dissipation the cracks propagated also to the concrete cover.  

The other possible cohesive shear failure of the adhesive with failure plane close to the FRP adhe-
sive interface was observed for plain FRP strips. This was the characteristic failure mode in almost 
every case when the L-shaped specimen was used to test reinforcement with smooth surface bonded 

i ii 
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with epoxy base adhesives. Cohesive shear failure for different bond length is shows in Fig. 3ii. The 
revealed failure surfaces were characterized by a thin layer of adhesive remained on the FRP surface 
after pull-out. The type of failure was independent form the bond length (35 to 140 mm) and from the 
groove width. Therefore, we consider that the pull-out load was limited mainly by the adhesive shear 
strength. The measured residual stress is considered to be the result of friction between the sheared 
adhesive surfaces. In case of the tension-tension test setup a combination of this failure mode was 
observed with cracking of the concrete due to the low stiffness of the specimen. The failure is gradu-
ally propagating from the loaded end towards the unloaded end as the maximal shear capacity of the 
adhesive is reached. The failure plane was observed to start from the concrete adhesive interface 
propagating towards the FRP-adhesive interface. This failure is an indication of a good surface prepa-
ration and proper bond at the FRP-adhesive interface. 

 

 
Fig. 3 FRP-adhesive interface failure:  i) shear failure of adhesive between the reinforcements 

ribs, ii) cohesive shear failure of the epoxy adhesive near to the FRP surface for strips, iii) 
fishbone cracking of the cement based adhesive with shear failure of the adhesive  

A3. Adhesive-concrete interface failure is the thid primary failure mode it is considered to be rare. 
This interface is the largest. In case of cut grooves the exposed aggregate surfaces usually guarantee a 
good bond at concrete adhesive interface especially for epoxy adhesives.  

A3 a) Adhesion failure was observed in case of preformed grooves (de Lorenzis, Teng, 2007) for 
cement and epoxy based adhesives. The concrete surface preparation is very important. Adequate 
bond requires dry and dust free surfaces. Preformed grooves in situ applications are rather rare be-
cause the weaker cement surface should be removed to expose aggregates, or to roughen the adhe-
sive-concrete interface. The surface preparation can be done by water jetting (if epoxy based adheives 
are used bonding surfaces should be dry) or by bursting. 

A3 b) Cohesive adhesive-concrete interface failure was not observed in our experiments. This 
failure is typical for EBR reinforcement where a thin layer of concrete remains on the adhesive and it 
is called peeling off failure. It is rare in case of NSM reinforcement, due to the confinement of con-
crete and teh mechanicak interlocking of the agregates. In EBR applications this failure mode is 
considered brittle. 

3.2  Secondary failure modes 
Secondary failure modes are splitting failures along inclined planes (Fig. 4) as a result of slip in-
duced by one of the primary failure modes. The following secondary failure modes are defined based 
on the starting point of the failure: B1 Surface splitting (adhesive splitting), B2 Central splitting 
(mixed adhesive-concrete splitting), B3 Deep splitting (concrete splitting). 

Concrete tensile cracking is caused by the bond stress component perpendicular to the FRP sur-
face. Micro cracks appear in the concrete with fish bone pattern close to the failure load. At ultimate 
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load these cracks join across inclined longitudinal planes. In case of strips cracks are not developing 
along inclined planes they are running parallel to the concrete surface. Therefore, concrete failure 
mode was rarely seen in case of rectangular reinforcements with large aspect ratio. In their case the 
fish bone cracks develop but the bond stresses have a comparatively small components perpendicular 
to the concrete surface.  

The starting level and angle of failure planes is hard to be defined. In case of cement base adhe-
sives (lower strength adhesive) the starting point near the surface of the concrete was observed. Shear 
failure around the reinforcement was the primary failure, the cover was pushed-off as effect of the bar 
pull-out. The opening of the inclined planes is comparatively large the cracks are propagating through 
the concrete surrounding the groove causing reduced damage of the groove corner. Similar failure 
was observed for plain surfaced CFRP bars (Fig. 4i). 

 

 

  
 

Fig. 4 Secondary failure modes with near surface (B1), central (B2), and deep (B3) starting point 

In case of NSM reinforcement the combination of different failure modes is often observed. Primary 
bond failure starts from the reinforcement level and propagates towards and often through the con-
crete cover and cause secondary failure modes with concrete cover failure. 

As the adhesive strength increased the starting point of inclined planes moved towards the bottom 
of the groove. In majority of the experiments the failure plane was observed to start from the central 
level of the reinforcement where the adhesive thickness was the smallest for round bars. This con-
firms our theory that the shear capacity of the adhesive has an important role in the definition of the 
inclined planes. Such a failure mode is shown in Fig. 4ii. Another important influencing factor is the 
surface pattern of the FRP bar which has effect on the radial component of bond stresses. If epoxy 
adhesives are used their tensile strength is higher than the concrete tensile strength. As the adhesive 
thickness increases the failure plane shifted with the starting point at bottom of the groove, here this 
starting level of the failure will be called deep. This failure was not observed in our experiments but a 
similar failure is shown in Fig. 4iii.  

Edge splitting failure is a secondary failure mode with central or deep starting level. It is likely if 
the reinforcement is close to the member edge. Recommendations minimal edge distance should be 
defined as a function of the FRP reinforcement splitting tendency and the confinement capacity of the 
concrete edge. The failure is brittle and is marked by the longitudinal splitting of the concrete edge.  

Concrete rip-off failure is likely in case of NSM with high reinforcement ratio. It is a secondary 
failure mode usually with deep staring level. In comparison to embedded reinforcement radial bond 
stress component are balanced by a much thinner cover and shear links are not available, unless addi-
tional FRP U-wraps are applied [5]. Concrete rip-off is a brittle failure different from the other failure 
modes due to the sudden and complete loss of composite action. The micro cracks developed around 
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multiple longitudinal reinforcements propagate through the adhesive and join inside the concrete 
cover before reaching the concrete surface. Cracks join usually in the weakest cross-section for ex-
ample at the level of internal reinforcement where tension is increased by the bond stress developed at 
the internal steel bars. Characteristic in case of strip shaped reinforcements where surface perpendicu-
lar component of the bond stress is running parallel to the concrete surface. Concrete rip-off and edge 
splitting failures are likely to develop with strip shaped reinforcements as they have high lateral forc-
es acting on the concrete.  

Tensile failure the FRP reinforcement is a material failure. It is considered to be an exceptional 
failure mode although usually high percentage of the tensile capacity of FRP reinforcement is mobi-
lized for strips with high aspect ratio. This failure is possible in prestressed application were end 
anchorages and special confinement in the anchorage zone (U-wrap) is applied [6]. This failure is 
brittle with sudden loss of composite action. It has been rarely observed by non-prestressed strength-
ening. Structures strengthened with prestressed FRP [7] more frequently fail by fibre rupture because 
the strain capacity of FRP is used by prestressing. 

4 Conclusions 
Based on the results of an extensive experimental study and analyses of available literature data, we 
suggest the following classification for the failure modes of NSM (Near Surface Mounted) strength-
enings. 

Primary failure modes. Primary failure modes lead to the global failure or to a secondary failure 
mode. Primary failure modes are bond failure modes without cracking of the concrete cover. Based 
on the different failure surfaces three primary failure modes are distinguished: 

A1 FRP failure 
A2 FRP to adhesive interface failure 
A3 Adhesive to concrete interface failure.  

Secondary failure modes. Secondary failure modes are splitting failures along inclined planes as a 
result of slip induced by one of the primary failure modes. The following secondary failure modes are 
defined based on the starting point of the failure: 

B1 Surface splitting (adhesive splitting) 
B2 Central splitting (mixed adhesive-concrete splitting) 
B3 Deep splitting (concrete splitting). 

Herein presented classification of failure modes cover the entire range of the failures observed for 
NSM mounted reinforcements. They can be easily understood therefore are recommended to be used 
in future scientific publications. 
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Abstract 
The paper concerns experimental tests on reinforced concrete (RC) beams strengthened with pre-
stressed carbon fiber reinforced polymer (CFRP) laminates. The beams were exhausted to 14%, 25% 
or 76% of load capacity of non-strengthened beam before strengthening. Strengthening ratio varied in 
the range from 1,6 to 2,2 of the non-strengthened beam. Research showed high efficiency of strength-
ening with prestressed strips.  Flexural strengthening with prestressed CFRP strips is very effective 
both for the ultimate and serviceability limit state, especially in case of highly preloaded elements. 
The active strengthening system causes significant reduction of strains in concrete, mid-span deflec-
tions and the increase in stiffness of the tested elements. 

1 Introduction 
Many research conducted on reinforced concrete members strengthened in flexure with fiber rein-
forced polymers (FRPs) proved quite low efficiency of strengthening, due to a sudden, premature 
CFRP strips debonding from the concrete surface induced by flexural cracks [1]. Moreover, it was 
indicated that the efficiency of the non-active externally bonded strengthening depends on the type of 
CFRP reinforcement, the distance of the strip’s end from the support, the percentage of longitudinal 
and lateral steel reinforcement as well as on the distribution of bending moments and shear forces in a 
strengthened element [1, 2]. Although strengthening with non-prestressed composites increased the 
load capacity of a RC member, it has no significant influence on the serviceability conditions (i.e. 
cracking moment and deflections). To improve the efficiciency of a  strengthening on the serviceabil-
ity limit state and to increase the level of the CFRP tensile strength utilization, prestressing of the 
CFRP strip has been proposed. This technique allows to reduces deflection of a strengthened element, 
width of flexural cracks, stresses in longitudinal steel reinforcement, concrete strains and increases 
the stiffness and the load capacity of a structure. 

Advantages of active strengthening have been confirmed in numerous experimental tests [2, 3, 4, 
5, 6, 7, 8], which stated the minimal level of prestressing as 25% of the CFRP tensile strength [3, 4]. 
In case of CFRP prestressing to the level above 70% of the tensile strength, failure due to a CFRP 
rupture was observed. On the other hand, prestressing under 60% of the CFRP tensile strength result-
ed in failure due to the CFRP debonding from a concrete surface [4]. The most effective level of 
CFRP prestressing has been defined as 50-60% of the CFRP tensile strength, which allows to achieve 
almost simultaneous CFRP debonding and its rupture. 

The main problem connected with strengthening of RC structures with prestressed CFRP strips is 
the high shear stress at the end of the strip. The tensile stress in CFRP cannot be transferred to a con-
crete due to its much lower tensile strength. To overcome this problem, mechanically anchored steel 
plates should be applied. Pioneer non-mechanically anchored system was developed by Prof. Urs 
Meier at the Empa laboratory in Zurich [7]. 

Strengthening of existing RC members needs consideration of a preloading level of a structure be-
fore strengthening. Analysis of experimental test results published so far shows that the effect of the 
preloading level on the strengthening efficiency has been very rarely taken into consideration. To 
verify this influence, the author proposes a test program containing the elements strengthened under 
three different preloading levels, caused by a dead load and/or additional external load equal to 14%, 
25% and 75% of the non-strengthened member’s load capacity. The next considered parameter of the 
presented tests is the verification of a bond effect on the strengthening efficiency. Hence, in one case 
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the prestressed CFRP laminates were applied as externally bonded reinforcement along their length 
and entirely unbonded like a bowstring anchored at its ends in the second case. 

2 Program description 
The research program, carried out in the laboratory of the Department of Concrete Structures at the 
Lodz University of Technology, contained two series of beams consisted of seven beams in total. 
Series I contained four beams (P1, P2, P3 and P4) and series II contained two beams (P5 and P6). The 
main difference between both series was the longitudinal tensile reinforcement ( four 12 mm bars in 
series I and four 16 mm bars in series II). All beams were reinforced with four bars 8 mm at the 
beam's top. Transverse reinforcement consisted of 8 mm stirrups at 150mm spacing. The beams 
were strengthened with a single CFRP strip of 100 x 1.20mm cross-section (Fig. 1). RC members 
were tested in six point loading as a simply supported beam over a span of 6000mm, with a cross-
section of 500 x 220mm.  

 

 
Fig. 1 Static scheme, steel reinforcement and strengthening mode of the beam. 

The main variable was the level of the beam’s preloading before strengthening. The beams were 
strengthened under three different preloading levels provided constantly until epoxy resin reached its 
full strength. To investigate the beam’s preloading effect, beams P1, P3 and P5 were strengthened 
under their dead load (corresponding to the load provided by external forces of 2Fp=6.1kN), equal to 
25% (P1 and P3) or 14% (P5) of the load capacity of the non-strengthened beam. Beams P2 and P4 
were strengthened under external load of 2F=13.7kN, the beam P6 under external load of 2F=27.7kN, 
which with a dead load of 2F=6.1kN equals to 2Fp=19.8kN (P2 and P4) and 2Fp=33.8kN (P6), that 
corresponds to 76% of the non-strengthened beam’s load capacity. 

The beams were concreted using concrete class C30/37 and strengthened in the set-up. The CFRP 
strips were bonded to the concrete surface with the epoxy adhesive. Reaching required stress level in 
the strip allowed to block the anchorage plates, that were removed after next 12 hours (Fig. 2). 

 

a)   b)  
Fig. 2 a) Concreting process    b) Prestressing CFRP laminates. 

The CFRP strip was not bonded along the span in beams P3 and P4,  behaving like a bowstring by 
transferring the prestressing force to the beam in the anchorage points. 

The following parameters were registered during the test: concrete strains in the tension and com-
pression zone, steel reinforcement strains in the beam’s midspan, CFRP strains and vertical displace-
ments of the tested beam. Simultaneously, the crack pattern and the crack widths were registered. 
Additionally, the vertical reactions were measured with fourload cells, two under each support. 
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Prestressing levels of the strip for each member are shown in Table 1. In case of the beam P1, 
after preloading to the level of 2F=25.9kN, six cycles of unloading and loading were performed. 
Afterwards the beam was loaded until failure. 

 

a)  b)  c)  
Fig. 3 View of bottom side after beam failure in the beams: a) P1,  b) P4,  c) P2. 

3 Analysis of tests results  
Failure of each beam strengthened with bonded strip (without P3 and P4) was caused by the CFRP 
strip debonding from the concrete surface, induced by the intermediate crack debonding (ICD) devel-
oping to one of the supports. Depending on the anchorage system, failure resulted in the CFRP sliding 
from the anchorage plate or total CFRP debonding along the full length (Fig. 3a). Failure of the beam 
P4 strengthed with anunbonded strip occured due to sliding of the strip from the anchorage system 
(Fig. 3b). After CFRP debonding, the "fishbone-shaped" crack layout in a bottom concrete cover was 
observed (Fig. 3c). 

Table 1 Summary of the test results 

Beam 
2Fp 2Fp 2Fu 2Fu ԑfp σfp εf,test ηε Failure mode 

(kN) (-) (kN) (-) (‰) (MPa) (‰) (-) 

Se
ri

es
 I

 

P1 6.1 0.25 52.6 2.19 5.20
900 

0.32 ffu 
9.3 0.87 CFRP debonding;  

strip's end sliding from 
anchorage system P2 19.8 0.76 48.3 1.86 4.75

822 
0.29 ffu 

6.85 0.69 

P3 6.1 0.25 46.8 1.95 4.60
796 

0.28 ffu 
6.9 0.68 Concrete crushing 

P4 19.8 0.76 45.1 1.73 4.40
762 

0.27 ffu 
5.0 0.56 

CFRP end sliding from 
anchorage system 

S
er

ie
s 

II
 

P5 6.1 0.14 74.3 1.69 4.80
831 

0.29 ffu 
8.0 0.76 CFRP debonding;  

strip's end sliding from 
anchorage system P6 33.8 0.76 71.7 1.63 4.85

840 
0.29 ffu 

7.15 0.71 

  Fp  - preloading load 
  Fu0   - ultimate load of reference beam (cal.), 
   2Fu0 = 24kN (for P1 and P3), 2Fu0 = 26kN (for P2 and P4), 2Fu0 = 44kN (for P5 and P6) 
  Fu   - ultimate load of strengthened beam (test) 
  ԑfp  - strain of prestressed CFRP strip  
  σfp   - stress of prestressed CFRP strip 
  ffu   - ultimate tensile strength of CFRP (test),   ffu = 2857MPa  
  ԑf,test   - CFRP strain increase (registered in the test for full range of loading) 
  ԑfu    - ultimate tensile strain of CFRP strip (test),   ԑfu = 16.5 ‰ 
  ηε   - CFRP strain efficiency,   ηε = (ԑfp + ԑf,test) / ԑfu 

 

Independently from the beams' preloading level during application of the strip, CFRP debonding 
occurred when the strain increase in the CFRP strip reached value in a range from 6.85 to 9.3‰ for 
the beams'series I which failed finally due to CFRP sliding from the anchorage system and 5‰ for the 
beam P4 that failed due to concrete crushing. The increase in the CFRP strain in the beams of series II 
was equal to 7.15 and 8‰ (see Table 1). The maximal strain registered during beam's failure does not 
depend on the ordinary steel ratio and the level of preloading (compare εf,test for corresponding beams 
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P1 and P5 - strengthened under preloading of 0.25 Fu0 and beams P2 and P6 - strengthened under 
0.76 Fu0, see Table 1). Moreover, comparing the CFRP strain (beams P1, P5, P2 and P6) during its 
debonding from the concrete surface (Table 1), the influence of the prestressing strain for the maxi-
mal test CFRP strain is confirmed. For the beams strengthened with higher prestressing force, higher 
debonding strains were reached, independently of the steel reinforcement ratio. 
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Fig. 4 Strain of CFRP strips at the following load of beam P2 and P4 

CFRP debonding process is clearly shown on the load-CFRP strain curve (Fig. 4a). The CFRP strain 
coresponds to the total strain value calculated as a sum of prestressing and the test strain registered at 
the beam’s failure (ԑfp + ԑf,test). Debonding starts under the external load of 2F=48kN (“A”) and prop-
agates toward one of the supports (“B”). Shortly after this debonding, the opposite CFRP strip end 
debonding occurred under the same loading of 2F=48kN (“C”). At the moment, where the CFRP strip 
debonded at its full length and it was held only at the anchorage platesIt behaved as the external 
tension bowstring until sliding of the CFRP end from the anchorage system (Fig. 4a), similar to the 
strip in the beam P4 unbonded for the whole test (Fig. 4b). 

Strengthening ratio,defined as the ratio of the ultimate load of the strengthened beam to the calcu-
lated ultimate load of the non-strengthened beam (2Fu / 2Fu0), for the beams' series I (strengthened 
with bonded CFRP along the span) varied from 1.86 for the beam P2 (strengthened under preloading 
of 0.76 Fu0 with the CFRP prestressed to strain εfp=4.75‰) to 2.19 for the beam P1 (strengthened 
under dead load equal to 0.25 Fu0 with the CFRP prestressed to strain of εfp=5.20‰, see Table 1 and 
Fig 5a). For the beams' series I with not bonded CFRP strip along the span, the strengering ratio 
varied from 1.73 for the beam P4 to 1.95 for the beam P3 (Table 1, Fig 5b). While for the beams 
series II the strengering ratio varied from 1.63 for the beam P6 to 1.69 for the beam P5 (Table 1, Fig 
5c). Based on above comparison the strengthening ratio depends on the longitudinal steel reinforce-
ment ratio. For the beams' series I (with 12mm diameter bars) the strengthening ratio was higher than 
for the beams' series II (with 16mm diameter bars). 

The influence of the CFRP prestressing on the stiffness and the ultimate load of the tested mem-
bers is shown as a function of the average tensile concrete strain and the load. All tested members of 
series I (Fig. 5a, b) and series II (Fig. 5c) had similar stiffness after yielding of the longitudinal steel 
reinforcement. Although the beams higher preloaded before strengthening (P2, P4 and P6) indicate 
higher concrete strain for the same load than the beams less preloaded (P1, P3, P5), using the pre-
stressed strips undeniably increased strengthening efficiency (even for the beams preloaded to 
0.76 Fu0). 
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Fig. 5 Average concrete tensile strain at the level of tensile reinforcement in a function of load 

for beams:  a) P1, P2,   b) P3, P4  and  c) P5, P6. 

The capacity of non-strengthened beam was calculated based on a non-linear model of reinforced 
concrete members [9]. The main assumptions of the model are as follows: non-linear strength-strain 
relationship for concrete in compression and tension, experimental stress-strain relationships for 
reinforcing steel, tension stiffening principle and the plane section principle. External load value is 
calculated based on the equilibrium condition of generalized forces in the cross-section. The load for 
which a limit strain in one of the material’s strength is reached is accepted as the load bearing capaci-
ty of the reinforced concrete cross-section. The model has been successfully applied for the analytical 
verification of the load-strain and load-deflection relationship of the large number of RC members 
[1]. 

Vertical displacements of beam P2 before rebar yielding were only 15% higher compared to dis-
placement of the beam P1 strengthened under a dead load (Fig. 6a). The beam P2 showed a minor 
loss of the stiffness and the load capacity compared to the beam P1 strengthened under only dead 
load. The same observation confirm the beams P3 and P4 and the beams P5 and P6. 

The aim of the CFRP strips prestressing was to improve the serviceability state (deflections and 
crack width). Comparison of the deflection-load (v-2F) curves (Fig. 6) shows that strengthening beam 
P2 with prestressed CFRP resulted in a significant reduction of the vertical displacement caused by 
the preliminary loading. The curves (v-2F) confirm the high influence of the CFRP prestressing on 
the stiffness of the beam, especially in case of the beams of series I (P1 and P2), strengthened with the 
CFRP strips prestressed to strains of 5.2‰ and 4.75‰, respectively and the beams of series II (P5 and 
P6), strengthened with prestressed strips of 4.8‰ and 4.85‰ respectively.  
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Fig. 6 Midspan deflection for the beams: a) series I (P1, P2, P3, P4)  and b) series II (P5, P6). 

The test showed that even high beam preloading equal to 0.76Fu0 caused no significant loss of stiff-
ness before and after steel yielding (Fig. 6). High beam preloading caused only minor loss of the load 

a) b)

a) b) 
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capacity. The load-deflection curve inclinations for all tested members are very similar, both before 
and after steel yielding. It confirms the high efficiency of strengthening RC members with prestressed 
CFRP strips. Despite very high exhaustion of the beams (far over the serviceability limit state and 
even ultimate limit state), application of the prestressed CFRP strip resulted in significant reduction of 
deflections, strains and the stiffness increase similar to non-preliminary-loaded beam. 

The beam P1 showed the highest strengthening ratio (2Fu / 2Fu0 = 2.19) and the maximal CFRP 
strain reached 0.82εfu due to the highest prestressing strain of 5.2‰. 

3 Conclusions 
The analysis of experimental test results of the RC beams strengthened in flexure with prestressed 
CFRP strips can be summarized with the following conclusions: 

 High efficiency of the described strengthening technique is confirmed by strengthening ratio 
in a range of 1.73 to 2.19 of the non-strengthened beam’s ultimate load for the beams of 
series I and from 1.63 to 1.69 for the beams of series II. 

 Strengthening with prestressed CFRP strips is the only alternative for highly exhausted mem-
bers requiring retrofitting, where the passive strengthening would not prove satisfying results. 

 Bond loss between composite and concrete, propagating to one of the supports was the most 
common failure mode. 

 Strengthening of RC members with prestressed CFRP strips resulted in significant improve-
ment of both ultimate limit state and serviceability limit state, especially for highly preloaded 
elements. 

 The band between FRP ship and concrete has on significant effect on beam's strain after steel 
yielding. The strain of the beams strengthened with bonded strips indicated lower values than 
the beams strengthened with unbonded strips. 

 The longitudinal tensile steel reinforcement ratio has a crucial influence on the strengthening 
ratio, but no effect on the maximal CFRP strain registered along its debonding. 
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Abstract 
This work belongs to the field of earthquake engineering and it refers to the seismic behaviour of the 
precast reinforced concrete walls panels in terms of strengthening and repair. Numerical models have 
been developed in order to predict the behaviour of reinforced concrete wall panels with cut-out 
openings, strengthened by fiber reinforced composites. Three cut-out opening types were considered, 
in order to assess the lateral load capacity loss. The Precast Reinforced Concrete Large Panel 
(PRCLP) buildings are characterised by the dense distribution of load bearing walls. During the life of 
a building may happen new cut-out requirements or enlarged openings in the structural walls due to 
the change in functional destination of the building or other reasons, but these changes cause stress 
redistribution in the proximity of the cut-out intervention and sometimes it can affect the structure’s 
global behaviour. The type of analysis that will be conducted on these models is a material nonlinear 
analysis. The main objectives of these numerical modelling is to provide data on the failure criteria of 
the analysed models, provide comparison between the analysed models and experimental specimens 
tested in the Civil Engineering Department by Istvan Demeter, and present the effect of fiber type. 
Parametric studies conducted with respect to the analysed models indicate shear failure in all cases. 

1 Introduction 
A significant percentage of the population of Romania live in precast reinforced concrete large panel 
buildings built in the period of 1960-1990. In this paper, a numerical model was developed in order to 
predict the behaviour of shear walls and compare the results with the tested specimens. 

2 Experimental program description 
The seismic performance of the precast large wall panels was evaluated considering the outrigger 
effect of the adjacent structural members, assessing the weakening of doorway cut-outs and investi-
gating the performance of the CFRP-EBR strengthening method.  

The experimental walls, consisting of a bare solid wall (S), a wall with a narrow door cut-out 
(S/E1) and a post-damage strengthened wall with narrow door cut-out (S/E1-TR) were already tested 
by I. Demeter in the Laboratory of Reinforced Concrete Structures, Politehnica University of 
Timisoara. The walls reinforcement consists of PC52 type (S355 grade) for Φ 8÷16 mm longitudinal 
bars, and STPB type (S490) for Φ 3÷4 mm welded wire mesh. The ultimate cubic compressive 
strength of concrete for the tested and modelled wall panels is 17.5 MPa [1]. 

3 Numerical analysis 
Simulating the non-linear behaviour of Reinforced Concrete (RC) walls subjected to severe earth-
quake ground motion is an important problem for the engineering community. These models must 
describe essential geometrical and material characteristics as well as the basic mechanisms that con-
trol the behaviour of reinforced concrete structures [2]. The nonlinear analysis was performed in a 2D 
model using the ATENA software [3]. A number of three RC shear walls were modelled and analysed 
in order to compare the behaviour, critical parts and failure mode with the tested ones.  

The tested specimen had a lateral loading, reversed cyclic- displacement controlled, with increas-
ing displacement amplitude load/displacement history. The control displacement was the horizontal 
drift calculated as the difference between the horizontal displacements measured at the top and bot-
tom edge of the tested specimen. In comparison with the tested wall, in the modelled wall was not 
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applied a reversed cyclic lateral loading. The lateral load were displacement controlled increments of 
0.1 mm. The axial loads for the tested specimen were composed of two parts, namely a constant and a 
variable part. In addition to the constant level, alternating axial loads were imposed (taking into ac-
count the uplifting of the loaded end of the upper beam) in order to restrain the rocking rotation of the 
laterally loaded walls. For the modelled wall the axial loads consist of a constant part (95 kN + 95 
kN) and an additional part composed of an axial load imposed on the left side by adding 15 kN each 
step performed by the analysis in order to restrain the rocking rotation of the laterally loaded walls. 
The value of 15 kN was adopted considering the total load applied in the case of the tested specimen 
and the number of steps. The boundary conditions consist of restrained rotation in case of the tested 
wall while for the modelled wall the bottom side of the lower beam is fixed in both horizontal and 
vertical directions. 

4 Results 

4.1 Bare solid wall results 
The primary results for the tested bare solid wall (1-S-T) are shown in Fig.1. In the present paper, the 
actual drift values of the tested specimen were reduced to 2/3 of the measured values by neglecting 
the rotational component. The first inclined cracks developed at δ = 2.87 mm drift level, extending 
from the top to the bottom edges. Due to the testing facility, the solid wall was not loaded beyond 
1210 kN and 8.6 mm drift level [2]. According to the analysis performed using the ATENA software, 
the first inclined cracks developed at 0.7 mm drift level and it had a width of 0.25 mm (Fig. 3a). 
Inclined cracks recorded at 2.87 mm drift level had a 0.48 mm width (Fig.3b). Crack state at 7.43 mm 
drift level had a width of 1.71 mm and is shown in Fig. (3c). Cracking was most intensive near the 
joint between the lower beam and the panel at the right side. In comparison with the experimental 
results where the first inclined cracks developed at δ =2.87 mm drift level, the numerical modelling 
may record thin crack width not easily seen experimentally. Concrete ultimate compressive strain was 
not recorded in the case of the tested solid wall and the ultimate compressive strength of concrete was 
not reached either. In the case of the modelled solid wall, the ultimate compressive strain of concrete 
was reached at 7.4 mm drift level (Fig. 4a) and the ultimate compressive strength of concrete was 
attained at 7.4 mm drift level on the left side of the specimen between the unconfined wing element 
and panel (Fig. 4b). Figure 4 c) presents the compressive strength of concrete at 7.43 mm, represent-
ing the point on the load displacement curve where it decreases suddenly. Reinforcement yielding 
takes place at 4.97 mm drift level at the upper right corner of the specimen. Failure of the specimen 
takes place at 7.87 mm drift level by loosing 20% of its bearing capacity. 

Table 1 Bare solid wall comparison results 

 
 

    
Fig. 1      Primary results for the solid wall [1] Fig. 2 Solid wall load – displacement diagram 

BARE SOLID WALL RESULTS 
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(a)     (b)        (c)  

Fig. 3 Crack state at (a)  0.70 mm, (b)2.87 mm and (c) 7.43 mm drift level 

  
(a)   (b)   (c) 

Fig. 4 Compressive strain at 7.4 mm (a), compressive stress at b) 7.4 mm and c) 7.43 mm 

4.2 Wall with narrow door cut-out results 
The loading procedure for the modelled wall was applied in a similar manner with the tested wall, 
except the axial load imposed on the left side, by adding 10 kN at each step performed by the analysis 
in order to restrain the rocking rotation of the laterally loaded walls. The value of 10 kN was adopted 
considering the total loading applied in the case of the tested specimen and the number of loading 
steps. The results of the tested S/E1 are depicted in Fig. 5.  The cracking initiated at the base and top 
corners of the opening, while concrete spalling initiation was observed at the inside toe (near the 
opening) of pier 2. The failure occurred at δ=10.98 mm in the positive loading direction by severe 
crushing and spalling of the concrete at the spandrel to pier 2 connection and along the top of pier 2.  

According to the numerical analysis the first diagonal cracks developed at 1.23 mm drift level and 
it had a width of 0.39 mm (Fig. 7a). Inclined cracks recorded at 4.67 mm drift level, where the load-
displacement curve starts to decrease, and had a 0.92 mm width (Fig. 7b). Inclined cracks recorded at 
6.29 mm drift level had a width of 0.65 mm (Fig. 7c) and in comparison with the tested element here 
is a severe state of cracking. In the case of the modelled S/E1, the ultimate compressive strain of 
concrete was reached at 5.02 mm drift level (Fig.8a) and the ultimate compressive strength of con-
crete was attained at 5.54 mm drift level between the upper left side of the spandrel and the loading  
beam (Figure 8b). Reinforcement yielding takes place at 6.55 mm drift level at the bottom right side 
of the cut-out. Figure 8c represents the stress state of the specimen at failure δ=9.68 mm. 

Table 2 Wall with narrow cut-out door comparison results 

 

WALL WITH NARROW DOOR CUT-OUT RESULTS

First diagonal crack Maximum lateral load 
imposed 

Drift level corresponding to max 
lateral load imposed  

Tested δ = 6.28 ÷ 7.85 mm  
drift level 

581.8 kN 9.42 mm

δ = 1.23 mm drift 
level 

541.8 kN 4.7 mm

Element

Modelled
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Fig.5 Primary results for S/E1    Fig.6 S/E1 load-displacement diagram 

specimen [1] 

 
(a)     (b)        (c)  

Fig. 7 Crack state at (a) - 1.23 mm, (b) - 4.67 mm and (c) - 6.29 mm drift level 

 
(a)     (b)        (c)  

Fig.8 Compressive strain at (a) - 5.02 mm, compressive stress at (b) - 5.54 and (c) - 9.68 mm  

4.3 Post-damage strengthened wall with narrow door cut-out results 
In the case of post-damage strengthened solid wall with narrow door cut-out (S/E1-TR), the strength-
ening was performed by means of Carbon Fiber Reinforced Polymer (CFRP) using the Externally 
Bonded Reinforcement (EBR) technique. The overall objectives of the strengthening were to counter-
balance the weakening incurred in a solid wall as a result of a door cut-out. The strengthening strategy 
was divided into three directions: (1) to offer flexural capacity along the vertical and horizontal edges 
of the cut-out opening, (2) to increase the shear capacity of the wall piers, and (3) to provide confine-
ment effect at the cut-out opening corners (Fig.11). The use of near-surface mounted (NSM) fiber-
reinforced polymer (FRP) reinforcement is currently emerging as a new technology for increasing 
flexural and shear strength of reinforced concrete elements. In the modelled specimens were applied 
the technique of NSM- FRP reinforcement, instead of EBR-FRP and the characteristics for the mod-
elled FRP system are given below (Table 3):  
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Table 3 Properties of FRP system [4] 

 
The primary results of the tested post-damage S/E1-TR are presented in Figure 9. The cracking of the 
specimen was initially (from δ =3.14 mm) characterised by existing crack opening in pier 2. Some 
flexural FRPs around the top corners of the opening fractured at δ =6.28 mm and 12.56 mm drift 
level, whereas at the inside toe of pier 2 compression bulging of the vertical FRP strips was observed 
between the horizontal confinement strips. The specimen failed between 14.13 ÷ 15.7 mm by con-
crete crushing and FRP confinement fracture at the compression toes of the wide pier [2]. In the case 
of the modelled specimen, the first diagonal cracks developed at 1.53 mm drift level and it had a 
width of 0.48 mm (Fig. 12a). Inclined cracks recorded at 3.13 mm drift level had a 0.696 mm width 
(Fig. 12b) and in comparison with the tested element here we deal with a severe state of cracking and 
not with a crack opening in pier 2. Inclined cracks recorded at 6.48 mm drift level had a width of 0.94 
mm (Fig. 12c), where the load-displacement diagram starts decreasing. Debonding process can not be 
modelled in ATENA 2D mode. In the case of the NSMR – FRP yielding of reinforcement was 
reached at 6.48 mm drift level at the left upper corner of the opening. Concrete crushing appears in 
the modelled specimen at 6.38 mm, where the ultimate concrete strain reaches 3.68 ‰ (Fig.13a) and 
the ultimate concrete strength is attained (Fig.13b). Fig.13c represents the state of stress in specimen 
at failure. 

Table 4 Post-damage strengthened wall with narrow door cut-out comparison results 

 
 

  
Fig. 9      Primary results for S/E1-TR [1] Fig. 10 S/E1-TR load– displacement diagram 

  
Fig.11 CFRP strengthening strategy for S/E1-T/R specimen [1] 
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(a)     (b)        (c)  

Fig. 12 Crack state at (a) - 1.53 mm, (b) - 3.13 mm and (c) - 6.48 mm drift level 

 
(a)     (b)        (c)  

Fig.13 Compressive strain at (a) - 6.38 mm, compressive stress at (b) - 6.38 and (c) - 7.8 mm  

5 Conclusions 
Post-processing of the numerical results revealed that extensive cracking, reinforcement yielding and 
concrete crushing was taking place in the specimen. Under the left-side loading numerous diagonal 
cracks formed, similar to that reported in the experiment. The analysis predicted well the tendency of 
the experimental curves, sharing the same critical regions of the specimens. However, the failure 
appears to be brittle after the peak. In terms of the maximum load supported by the element, the mod-
elled wall with a narrow door cut-out recorded 541.8 kN while the tested specimen had 581.8 kN. The 
modelled post-damage strengthened wall with narrow door cut-out recorded 642 kN and the tested 
specimen had 625.3 kN. The maximum drift level obtained by the modelled wall with a narrow door 
cut-out was 9.68 mm while for the tested specimen was 10.98 mm. For the modelled post-damage 
strengthened wall with narrow door cut-out the maximum drift level was 7.8 mm and for the tested 
specimen was 15.7 mm. Failure of the modelled wall with narrow door cut-out occurred due to con-
crete crushing in pier 2 and for the modelled post-damage strengthened wall with narrow door cut-out 
due to FRP reinforcement yielding at the left upper corner of the opening and concrete crushing in 
pier 2. Concluding upon the performance of the strengthening system this was efficient from the point 
of view of the load bearing capacity. The failure mode was similar with the tested elements. Also 
from the recorded data available one can remark that the loss of bearing capacity caused by a door 
cut-out with respect to the solid wall is more than significant.  
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Abstract 
In fast breeder nuclear reactors, sodium is used as a coolant. Accidental spillage of sodium at 550˚C 
and above can cause damage to the structural concrete.  For this reason, a sacrificial layer of lime-
stone aggregate concrete is provided over the conventional siliceous aggregate concrete. In spite of 
extensive understanding of the chemistry of interactions, limited information is available on the mi-
crostructural description of deterioration, including creation of mineralogical polymorphs and growth 
of microcracks. To study and improve the performance of the sacrificial layer in the presence of hot 
liquid sodium, a research project is taken up at IIT Madras. This paper presents overview of the state 
of the art, research needs and motivations supplemented by results and analysis of first phase of work 
performed at IIT Madras, which includes thermal performance evaluation of limestone mortars. This 
study will be followed by an evaluation of sodium attacked mortars.  

1 Introduction 
In fast breeder reactors, concrete is used as structural material for constructing foundations, contain-
ment, radiation and support equipment cells. The alkali metal sodium is used as a coolant in fast 
breeder nuclear reactors. Accidental spillage of sodium at high temperature from pipes in inert 
equipment cells or inside reactor cavity can lead to various safety issues in fast breeder reactors due to 
sodium fire [1]. A sacrificial layer of concrete is employed to protect the structural concrete from 
interacting with hot liquid sodium at around 550˚C and above to reduce the risk factors related to 
structural integrity, functional efficiency and radiation safety of nuclear reactors [2]. The choice of 
materials for sacrificial layer may depend on economy and ease with which the sacrificial layer can be 
constructed, demolished, repaired, rehabilitated or disposed. From the various studies carried out for 
several decades, it is apparent that concrete with limestone aggregate has gained applicability in this 
field due to its high reaction temperature threshold [3]. The accidental spillage of liquid sodium at 
high temperature and its interaction with concrete are realistic phenomena in sodium cooled fast 
breeder reactors. Hence, the development and construction of a sacrificial layer of concrete to protect 
the structural concrete from thermo-chemical damages is of importance from the perspective of the 
safety and efficient functioning of a reactor. Numerous studies have been carried out on such con-
cretes called ‘sodium resistant concrete’, but limited information is available in public domain possi-
bly due to the closed nature of the nuclear industry. In India, the Indira Gandhi Centre for Atomic 
Research (IGCAR), Kalpakkam, has conducted various studies on sodium resistant concrete using 
limestone aggregates [1-4]. All studies conducted thus far on sodium-concrete interaction are limited 
to the macro-scale damage due to chemical, mechanical and thermal phenomena.  Amount of hydro-
gen release from the concrete-sodium interactions based on different ages of concrete and sodium 
penetration into the concrete are well documented. However, the fundamental mechanisms of con-
crete degradation during liquid sodium-concrete interaction have not been still addressed at a micro-
structural level. It is believed that research at this scale will help in development of better sodium 
resistant concrete while optimizing the compositions and ingredients of the concrete. 

2 Properties of concrete 
Concrete is a composite material. Strength and other properties of concrete are governed by mix 
design, which controls type and amount of aggregates, cement, water, and chemical or mineral admix-
tures. The mix gains strength upon hydration of cement with time.  
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The major product of the cement hydration is calcium silicate hydrate (CSH), which is the main 
strength imparting phase in hydrated cement (50 to 60% of total volume of solids). Calcium hydrox-
ide (20 to 25%), calcium sulfoaluminates (15 to 20%) namely ettringite and monosulphate, and cal-
cium aluminate hydrates (C-A-H) are the other products of cement hydration. Microstructural charac-
terization and chemistry of hydrated cement have been well documented over the years [5]. In cemen-
titious materials, stress concentrations under load occur due to microstructural defects and disconti-
nuities [6]. Mechanical properties exhibit influence of individual phases according to their concentra-
tion, distribution and spatial configurations. The heterogeneous nature of concrete is typified by the 
presence of an interfacial transition zone (ITZ) [5-8]. 

3 Performance of concrete at elevated temperature 
Wang [9] explains the performance of concrete at elevated temperature as “Unlike wood, concrete 
does not burn and unlike steel, it does not lose a substantial degree of its rigidity at moderately high 
temperatures”. Changes in the basic properties of concrete such as strength, modulus of elasticity and 
volume stability due to elevated temperature can challenge the structural integrity and even cause 
failures. Performance of concrete at elevated temperature is governed by types of aggregate and ce-
ment, temperature and duration of exposure, moisture content of concrete and size of the structural 
elements. 

3.1 Alterations in paste phase 
Temperatures from ambient up to 1000˚C or more bring about numerous changes in the hydrated 
cement paste structure, and this aspect has been studied by a number of researchers. Lee et al. [10] 
summarize the processes of decomposition depending on the temperature regime (Table 1) assuming 
that aluminate phases are non-reactive substances at elevated temperatures. 

 

Table 1 Process of decomposition depending on the temperature regime 

 

Cement paste shrinks at elevated temperatures and eventually cracks when the tensile stress induced 
crosses the tensile capacity of the paste [9].  Figure 1 pictorially depicts crack formation in cement 
paste at different ranges of elevated temperature [11].  Cracks are formed beyond 400˚C and grow 
with respect to increment in temperature. Extremely severe cracks are observed beyond 600˚C. 
 

 
 

Fig. 1 Crack patterns of cement pastes exposed to elevated temperatures [11] 

Temperature Decomposition 
20–120 °C Evaporation of free water, dehydration of C-S-H and ettringite 
120–400 °C Dehydration of C-S-H 
400–530 °C Dehydration of C-S-H, dehydration of  calcium hydroxide 
530–640 °C Dehydration of C-S-H, decomposition of poorly crystallized CaCO3 
640–800 °C Dehydration of C-S-H, decomposition of CaCO3
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3.2 Effect of interfacial transition zone 
Elevated temperatures up to 800˚C for 1 hour reduce strength and durability of concrete by weaken-
ing the ITZ, concurrent coarsening of hydrated cement paste pore structure and increase in pore di-
ameter. Microhardness test conducted by Hossain [12] revealed that ITZ width increased when the 
concrete was exposed to 200˚C for 1 hour. Significant drop in microhardness at 400˚C, increased total 
porosity and average pore diameter at 600˚C were the other observations from the same study. 
3.3 Role of mineral admixtures  
Poon et al. [13] performed a comprehensive performance evaluation of concrete incorporating poz-
zolanic materials like silica fume, fly ash and blast furnace slag. Concrete with fly ash and blast fur-
nace slag exhibited increase in strength for a temperature range of 20-200˚C.  Up to 400˚C high per-
formance concrete retained its strength, while normal concrete with ordinary Portland cement showed 
an average loss in strength of 20%. Beyond 400˚C concrete started losing strength rapidly and rate of 
loss was more for high strength concrete. Fly ash and blast furnace slag concrete performed well 
compared to ordinary Portland cement concrete at 600˚C.  Study reveals that spalling or splitting is 
the associated risk with silica fume concrete at elevated temperatures. Fly ash and blast furnace slag 
concretes showed network of fine cracks without any spalling or splitting. Figure 2 gives some typical 
crack patterns for concrete using OPC and pozzolanic materials at 800˚C. 
 

 
Fig. 2 Typical crack patterns observed at 800˚C for OPC, silica fume (SF), fly ash (FA) and slag 

(GGBS) concretes [13] 

3.4 Influence of aggregate type 
Concrete constitutes around 70% aggregates by volume, which provide dimensional stability and 
stiffness. Performance of aggregate at elevated temperature is relatively better compared to cement 
paste phase [14].  For the most part, carbonate aggregates like limestone or siliceous aggregate like 
granite are used for making concrete. Granite is a siliceous rock with quartz and feldspar as essential 
minerals. Granite may also contain dark coloured minerals like muscovite, biotite, hornblende, augite 
and magnetite [15]. Limestone is a sedimentary rock consisting of more than 50 % of carbonates of 
calcium or magnesium [16].  Calcite is the predominant mineralogical component of limestone. Zing 
et al. [17] studied the influence of the nature of aggregates on the behavior of concrete subjected to 
elevated temperature. Thermal conductivity of concrete is affected by thermal properties of aggre-
gates. According to different mineralogical composition and microstructure, aggregates exhibit differ-
ent thermal conductivities. Decrease in compressive strength of concrete with siliceous aggregate is 
more compared to carbonate aggregate, because of higher thermal expansion and consequent increase 
in volume due to phase transition. Specific heat capacity of calcareous aggregate is 10 times more 
compared to siliceous aggregates, for rise in temperatures up to 600˚C. In carbonate aggregates, 
CaCO3 decomposes into CaO and CO2 at 800–900˚C and further expands at elevated temperatures 
associated with volume changes causing destruction [9]. Re-hydration of carbonates during cooling 
may cause spalling of concrete made from calcareous aggregates.  

4 Sodium - concrete interactions 
In fast breeder nuclear reactors, sodium is used as a coolant. These coolant conduits are in near vicin-
ity of the sacrificial concrete layers on the reactor structure. The sodium can spill accidentally and get 
in contact with the sacrificial concrete.  The thermo-chemical interactions of liquid sodium at 550˚C 
and above with concrete can result in degradation of concrete in several ways. These interactions 
include fifteen exothermic and four endothermic reactions [1].   The chemical reactions occurring as a 
result of this spillage have been studied for several years.   In short, the steam from the evaporated 
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water reacts with liquid sodium and produces sodium hydroxide, sodium monoxide, and gaseous 
hydrogen.  

Due to the thermo-chemical effects, the sodium hydroxide can erode the concrete surface.   Even-
tually, sodium carbonate, calcium oxide, magnesium oxide, sodium metasilicate, sodium aluminates, 
and carbon are produced – resulting in the deterioration of concrete. Cracking in concrete during 
sodium fire occurs because of large thermal gradients caused due to rapid increase in temperature, and 
production of steam [3, 18].  Interaction of sodium with silicate phase of cement, or with silica in the 
aggregate, can possibly lead to alkali silica reaction (ASR), especially when temperatures increase 
significantly (Conversion of quartz to cristobalite occurs at ~ 1000˚C). Alkali silica reaction refers to 
the expansion causing reaction between the alkalis from cement and reactive siliceous aggregate [19].  
In this case, the alkalis would be directly available from the liquid sodium. However, there are very 
little details in literature with respect to this possibility. Although limestone is not prone to ASR, it 
can have several impurities, including various forms of reactive silica such as chert and opal. Fur-
thermore, the presence of clay can lead to a specific deleterious texture of calcite (or dolomite) crys-
tals that could make the aggregate prone to alkali-carbonate reaction [19]. For concrete with high w/c, 
the presence of a large amount of free water can cause a considerable increase in the amount of hy-
drogen that is released, apart from the increased risk of spalling caused by steam pressure. Addition-
ally, since early age concrete has more free water, younger concrete would tend to release more hy-
drogen in a sodium fire [20]. Special cement such as slag cement and high alumina cement could be 
employed for their beneficial properties. Fritzke and Schultheiss [21] tested the option of using high 
alumina cement along with Al2O3 fine aggregate in the protective layer over quartzitic concrete. They 
concluded that using mortar with increased porosity could reduce the damage to some extent. Various 
researchers have studied liquid sodium and concrete interactions either in air or in inert argon atmos-
phere to simulate various accident scenarios in sodium cooled fast breeder reactors. Sodium exposure 
experiments are equipped with oxygen monitor, hydrogen monitor, hygrometer, pressure transducers 
and thermocouples. Bae et al. [20] reported that possibility of hydrogen explosion reaction cannot be 
neglected, because, lower flammable limit of hydrogen is 4.0 mol%, whereas the experimental maxi-
mum concentration reached up to 31 mol% in several cases. Hot sodium and concrete interactions can 
lead to various endothermic and exothermic reactions, resulting in dehydration and erosion of concre-
te along with production of hydrogen gas. Degradation of concrete strength and accumulation of 
hydrogen gas associated with hydrogen burning could challenge the integrity of the structure due to 
over pressurization. It could possibly lead to release of radioactive materials which are extremely 
harmful. Thus, it is necessary to understand sodium-concrete reactions to predict thermal energy, 
hydrogen gas release and degradation of concrete.  Figure 3 lists parameters which govern hot liquid 
sodium and concrete interactions, along with phases formed during the interactions and reaction 
products [1-4, 18, 20-22]. 

 
Fig. 3 Parameters which govern hot liquid sodium and concrete interactions, along with phases 

formed during the interactions and reaction products [1-4, 18, 20-22]. 
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5 Methodologies 

The research work can be divided into three phases, namely, comprehensive characterization of mate-
rials used, thermal performance evaluation and sodium interaction studies  

1st Phase: Comprehensive Characterization of materials used- Physical, chemical and mineralogical 
characterization of ordinary Portland cement (OPC), Portland pozzolana cement (PPC), Portland slag 
cement (PSC)  and high alumina cement (HAC), limestone aggregate, river sand and granite. 

2nd Phase: Thermal performance evaluation- Mineralogical characterization  of limestone, granite 
and river sand  after exposure to 550˚C for 10,20 and 30 minutes durations and thermal performance 
of limestone mortars (1:2.75) after exposure to 550˚C for 10, 20 and 30 minutes duration. Compressi-
ve strength, flexural strength, mass loss due to thermal exposure and abrasion are considered for 
performance evaluation and development of performance indices. All studies on limestone mortars 
are repeated on river sand mortar also. Different types cement are used with the  same water to ce-
ment (w/c) ratio of 0.55 and effect of water cement ratio on thermal performance is studied for a 
range of 0.40 -0.60 using ordinary Portland cement. 

3rd Phase: Sodium interaction studies- Sodium interaction studies of limestone mortars for diffe-
rent durations of 10, 20 and 30 minutes. 

6 Results and discussions 
After performing  characterization of materials, limestone mortars were prepared and comprehensive 
performance evaluation was carried out based on the performance in the compressive strength, flex-
ural strength, mass loss and abrasion tests. The eight mixes of limestone mortars have been ranked in 
Table 2 separately for the performance with respect to mass loss, compressive strength, flexural 
strength and abrasion. The ranking has been done on a scale from 1 to 10, 1 being the best and 10 
being the worst. This allows a direct comparison of the performances of all eight mortars – M5 with a 
w/c ratio of 0.60 with OPC is the worst, while the mix M8 with OPC for a w/c ratio 0.40 is the best, 
which indicates that the effect of water to cement ratio is significant. Among the mortars with differ-
ent types of cement for same water to cement ratio, mortar with Portland pozzolana cement performed 
well. 

Table 2 Performance indices based on compressive strength, flexural strength, mass loss and abrasion 

Mix  
w/c ratio/ Type of 
cement  PIBCS1  RBCS2  PIBFS3  RBFS4  PIBML5  RBML6  PIBA7  RBA8  

 M1  0.55/OPC  1.92 7 1.86 7 2.07 6 1.146 5 

 M2  0.55/PPC  1.53 4 1.36 3 1.62 4 1.025 3 

 M3  0.55/PSC  1.8 5 1.76 6 2.03 5 1.223 7 

 M4  0.55/HAC  1.57 6 1.56 4 2.29 7 1.524 8 

M5  0.60/OPC  2.07 8 2.07 8 2.76 8 1.208 6 

 M6  0.50/OPC  1.37 3 1.6 5 1.42 3 1.044 4 

 M7  0.45/OPC  1.08 2 1.07 2 1.26 2 1.02 2 

 M8  0.40/OPC  1 1 1 1 1 1 1 1 

 
PIBCS 1 : Performance index based on compressive strength after 30 minutes exposure = (Strength Loss)i/(Strength Loss)min  
RBCS2 : Ranking based on compressive strength after 30 minutes exposure  
PIBFS3 : Performance index based on flexural strength after 30 minutes exposure= (Strength Loss)i/(Strength Loss)min  
RBFS4 : Ranking based on flexural strength after 30 minutes exposure  
PIBML5 : Performance index based on mass loss after 30 minutes exposure = (Mass Loss)i/(Mass Loss)min  
RBML6 : Ranking based on mass loss after 30 minutes exposure  
PIBA7 : Performance index based on abrasion after 30 minutes exposure = (Abrasion)i/(Abrasion)min  
RBA8 : Ranking based on abrasion after 30 minutes exposure  
 

7 Possible research outcomes 
The proposed research is aimed at understanding fundamental degradation mechanisms of concrete at 
elevated temperatures and in the presence of sodium. Better understanding of these mechanisms will 
contribute to development concrete with higher resistance to hot sodium. Development of perform-
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ance indices will help in identifying beneficial use of best combinations of materials and water to 
cement ratios to achieve good resistance against hot liquid sodium. The data obtained can be effec-
tively used to perform safety analysis in fast breeder reactors for establishing safety regulations in the 
case of a hypothetical sodium spillage accident. 

References 
[1] Das, S.K., Sharma, A.K., Parida, F.C., and Kashinathan, N. (2009). “Experimental study on 

thermo-chemical phenomena during interaction of limestone concrete with liquid sodium un-
der inert atmosphere”, Construction and building materials, 23, pp. 3375-3381     

[2] Chawla, T.C., and Pederesen, D.R. (1985.  “A review of modeling concepts for sodium-
concrete reactions and a model for liquid sodium transport to the un reacted concrete surface” 
, Nuclear engineering and design, 88, pp. 85-91    

[3] Pramila, M., Sivasubramanian, K., Amarendra, G., and Sundar, C.S.  (2008).  “Thermo 
chemical degradation of limestone aggregate concrete on exposure to sodium fire”, Journal of 
nuclear materials, 375, pp. 263-269     

[4] Parida, F.C., Das, S.K., Sharma, A.K.,  Rao, P.M., Ramesh, S.S., Somayajalu, P.A., Malar-
vizhi,  B.,  and Kashinathan,  N.  (2006). “Sodium exposure tests on limestone concrete used 
as sacrificial protection layer in FBR”, Proceeding of ICON 14, 14th International conference 
on Nuclear Engineering, July 17-20, Miami, Florida, USA        

[5] Mehta, P.K., and Moteiro, P.J.M.(2006). “Concrete- microstructure, properties and materials”, 
Third Edition, Tata McGraw Hill, New Delhi      

[6] Prokopski, G and Halbiniak, J. (2000).  “Interfacial transition zone in cementitious materi-
als”, Cement and concrete research, 30, pp. 579-583            

[7] Diamond, S and Haung, J. (2001), “The ITZ in the concrete- A different view based on image 
analysis and SEM observations”, Cement and concrete composites,  23, pp. 179-188        

[8] Liao, K.Y., Chang, P.K., Peng, Y.N., and Yang, C.C. (2004). “A study on characteristics of 
interfacial transition zone in concrete”, Cement and concrete research, 34, pp. 977-989      

[9] Wang, H.Y. (2008).“The effects of elevated temperature on cement paste containing GGBFS” 
, Cement & concrete composites,  30,  992–999             

[10] Lee, J.,  Xi., Y., William, K and Jung, Y.(2009). “A multi scale model for modulus of elastic-
ity of concrete at high temperatures”, Cement and concrete research 39, pp. 754–762         

[11] Arioz, O., (2007). “Effect of elevated temperature on properties of concrete”, Fire safety 
journal, 42, pp.516-522      

[12] Hossain., K.M.A. (2006).“High strength blended cement concrete incorporating volcanic ash: 
Performance at high temperatures”,  Cement & concrete composites,  28, pp. 535–545 

[13] Poon, C.S., Azhar, S., Anson, M., and Wong, Y.L. (2001). “Comparison of the strength and 
durability performance of normal- and high-strength pozzolanic concretes at elevated tem-
peratures”, Cement and concrete research , 31, pp.1291–1300 

[14] Vodak, F.,  Trtık,  K., Kapickova, O., Hoskova, S and Demo, P. (2004). “The effect of tem-
perature on strength – porosity relationship for concrete”, Construction and building materi-
als,  18, pp.529–534 

[15] Garg, S. (1999). “Physical and engineering geology”, 3rd Edition, KHANNA PUBLISHER, 
Delhi               

[16] Gribble, C.D. (1988). “Rutley’s elements of mineralogy” , 27th edition, UNWIN HYMAN,  
London           

[17] Xing, Z., Beaucou, A., L., Hebert, R., Noumowe, A., and Ledesert, B. (2011).  “Influence of 
the nature of aggregates on the behavior of concrete subjected to elevated temperature”, Ce-
ment and concrete research , 41, pp.392–402                   

[18] Chasanov, M.G  and Staahl,  G.E., Sr, (1977). High Temperature Sodium Concrete interac-
tions, Journal of Nuclear materials, N0.66, pp.217 -220            

720



Performance evaluation of sodium resistant mortars as sacrificial layer in fast breeder reactors 

 

[19] Mantuani, L.D.(1983), Hand book of Concrete Aggregates: A petrographic and technological 
evaluation, Noyes Publication , 345  

[20] Bae, J.H.,  Shin, M.S.,  Min, B.H and Kim, S.M. (1998). “Experimental study on sodium-
concrete reactions”, Journal of the Korean nuclear society  (1998),  pp. 568-580               

[21] Fritzke,  H.W., and Schultheiss, G.F. (1983). “An experimental study on sodium concrete 
interaction and mitigating protective layers, 7th international conference on structural me-
chanics in reactor technology,pp. 135-142                 

[22] Muhlestien, L.D and Postma , A.K. (1984). “Application of sodium-concrete reaction data on 
breeder reactor safety analysis”, Nuclear safety, Vol 25, No.2, , pp.212-220          

 
 

721







 



Index of Authors 

Albrecht, Christian 85 

Amir, Sana 91 

Andrä, Heiko 335 

Andries, Joren 585 

Aquino, Richard J. 431 

Argirova, Galina 153 

Aschaber, Matthias 481 

Assmann, Alexander 439 

Barhum, Rabea 611 

Baricevic, Ana 623 

Bellmann, Claudia 523 

Bílý, Petr 425 

Bögöly, Gyula 167 

Boros, Vazul 645 

Borschnek, Ferdinand 249 

Bošnjak, Josipa 465 

Breiner, Raphael 393 

Budaházy, Viktor 555 

Buocz, Ildikó 543 

Combrinck, Riaan 447 

Conforti, Antonio 49 

Djuric, Zorana 529 

Elbusaefi, Adel 535 

Elfergani, Hisham 653 

Elsmeier, Kerstin 617 

Fiset, Mathieu 115 

Forman, Patrick 297 

Forstlechner, Franz Xaver 355 

Frenzel, Michael 309 

Freund, Björn 331 

Gallego, Juan Manuel 17 

Gidófalvy, Kitti 563 

Gilka-Bötzow, Albrecht 419 

Gouverneur, Dirk 97 

Grampeix, Guillaume 387 

Hackbarth, Britta 109 

Hagemann, Markus 269 

Hainer, Stefan 499 

Haneefa, Mohammed 715 

Hartell, Julie Ann 511 

Havlásek, Petr 453 

Heck, Andreas 679 

Heimann, Martin 145 

Henke, Michael 317 

Henriksen, Thomas 377 

Hermerschmidt, Wibke 341 

Hinzen, Marcus 603 

Hirsch, Astrid 493 

Huber, Patrick 103 

Izi, Ridvan 569 

Janulikova, Martina 175 

Janulíková, Martina 549 

Joergensen, Henrik B. 123 

Juhász, Péter 181 

Jung, Bastian 369 

Juzwa, Anna 405 

Käseberg, Stefan 691 

Kashani, Mohammad Mehdi 201 

Klawitter, Daniel 723 

Knauff, Achim 161 

Knoppik-Wróbel, Agnieszka 129 

Kobler, Martin 349 

Koláček, Jan 363 

Kromoser, Benjamin 275 

Kurth, Martin 55 

Lantsoght, Eva 3 

Lasek, Krzysztof 703 

Ledderrose, Lukas 341 

Liosatou, Eftychia 215 

Lorenz, Enrico 685 

Mahowald, Jean 633 

Mahrenholtz, Philipp 673 

Mainka, Jeldrik 341 

Mata-Falcón, Jaime 61 

May, Andreas 323 

Michel, Matthias 281 

Molnár, Gábor Alajos 79 

Moradi-Marani, Farid 661 

725



9th fib International PhD Symposium in Civil Engineering 

Muhaxheri, Milot 137 

Müller, Christoph 341 

Müller, Sören 297 

Muntean, Andreea 35 

Németh, Orsolya 473 

Neudecker, Stefan 341 

Ngoc-Toan, Nguyen 459 

Nishigori, Wakiro 411 

Oneschkow, Nadja 235 

Oster, Sebastian 335 

Reggia, Adriano 591 

Roethlin, Christina 221 

Rupf, Michael 23 

Sakuraba, Hiroki 67 

Sanchez, Leandro 517 

Sánchez-Corriols, Abraham 229 

Sarkhosh, Reza 29 

Sawicki, Patricia 291 

Scherbaum, Frank Daniel 633 

Schmied, Christoph 575 

Scholzen, Alexander 73 

Schwiteilo, Katrin 303 

Sharma, Akanshu 209 

Shklyar, Inga 335 

Siegel, Steffen 639 

Song, Fanbing 597 

Spörel, Frank 667 

Stará, Marie 175, 549 

Stark, Alexander 257 

Szabó, Zsombor K. 697 

Todut, Carla 709 

Urban, Moritz 189 

van der Woerd, Jan Dirk 263 

Werner, Steve 241 

Whittaker, Mark 487 

Winkler, Karsten 9 

Yang, Yuguang 43 

Youn, Bou-Young 399 

Zlopasa, Jure 505 

Zsarnóczay, Ádám 195 
 

 

 

 

726



Previous fib International PhD Symposia 

 

 1st fib International PhD Symposium in Civil Engineering 
May 1996, Technical University of Budapest, Budapest, Hungary 
order info: Balázs, György (Ed.) 

Sokszorositotta a Muegyetemi Kiado 
Risograph technologiaval 
Fedelos vezeto: Veress Janos 
Munkaszam: 96-Mk10 
E-Mail: fib@eik.bme.hu 
ISBN 963 420 504 6 

 2nd fib International PhD Symposium in Civil Engineering 
August 1998, Technical University of Budapest, Budapest, Hungary 
order info: Balázs, György (Ed.) 

ISBN 963 420 560 7 
Publishing Company of Technical University of Budapest 
Head: Janos Veress 
Offset printing No: 98-0134 
E-Mail: fib@eik.bme.hu 

 

 3rd fib International PhD Symposium in Civil Engineering 
October 2000, University of Agricultural Sciences Vienna, Vienna, Austria 
order info: IKI - Institute for Structural Engineering, 

BOKU - University of Agricultural Sciences, 
Peter Jordanstr. 82, A-1190 Vienna, Austria 
Phone: +43 1 47654 5250 
Fax:  +43 1 47654 5292 
E-mail: lilo@iki.boku.ac.at 
ISSN 1028-5334 

 4th fib International PhD Symposium in Civil Engineering 
September 2002, Technische Universität München, Universität der Bundeswehr 
München, München, Germany 
order info: Springer-VDI-Verlag GmbH & Co. KG 

Düsseldorf, Germany 
ISBN 3-935065-09-4 
 
 
 

 5 th fib International PhD Symposium in Civil Engineering 
2004, Delft University of Technology, Delft, The Netherlands 
order info:  W. Sutjiadi 

Faculty of Civil Engineering and Geosciences 
Delft Univ. of Technology 
Stevinweg 1, 2628 CN Delft, The Netherlands 
Tel:  +31 15 278 4665  
Fax:  +31 15 278 7313 
E-mail: w.sutjiadi@ct.tudelft.nl 
ISBN Vol 1: 90 5809 677 7 
ISBN Vol 2: 90 5809 678 5 

727



9th fib International PhD Symposium in Civil Engineering 

 
 6 th fib International PhD Symposium in Civil Engineering 

August 2006, ETH Zurich, Zurich, Switzerland 
order info: fib secretariat 

Case Postale 88, 
CH-1015 Lausanne, Switzerland 
Phone: + 41 21 693 2747 
Fax: + 41 21 693 6245 
E-mail:  fib@epfl.ch 
 

 7 th fib International PhD Symposium in Civil Engineering 
September 2008, University of Stuttgart, Stuttgart, Germany 
order info:  PhD Symposium Secretariat 

IWB Universität Stuttgart 
Pfaffenwaldring 4  
70569 Stuttgart, Germany 
Phone: +49 711 685 63320 
Fax: +49 711 685 67681 
E-mail: stumpp@iwb.uni-stuttgart.de 
 

 8 th fib International PhD Symposium in Civil Engineering 
June 2010, Technical University of Denmark, Kgs. Lyngby, Denmark 
order info: Technical University of Denmark 

Department of Civil Engineering, Brovej, Building 118, 
DK-2800 Kgs. Lyngby, Denmark 
Phone: + 45 45 25 17 00 
Fax: + 45 45 88 32 82 
E-Mail: byg@byg.dtu.dk  
 
 

 9 th fib International PhD Symposium in Civil Engineering 
July 2012, Karlsruhe Institute of Technology (KIT), Karlsruhe, Germany 
order info: KIT Scientific Publishing 

Straße am Forum 2 
D-76131 Karlsruhe, Germany 
Phone: + 49 721 608 43104 
Fax: + 49 721 608 44886 
E-mail: info@ksp.kit.edu  
available as download at: http://www.ksp.kit.edu 

 
 

728






	978-3-86644-858-2_kl.pdf
	Titelei.gesamt
	0002.Grußwort
	0003.Contents

	Inhalt.pagenum
	A-1
	001a.Lantsoght
	032a.Winkler
	072a.Gallego
	065a.Rupf
	085a.Sarkhosh
	078a.Muntean
	009a.Conforti
	035a.Kurth
	052a.Mata-Falcon
	082a.Sakuraba
	042a.Scholzen
	104a.Molnar
	061a.Albrecht
	043a.Amir
	006a.Gouverneur
	045a.Hackbarth
	124a.Fiset
	069a.Knoppik-Wrobel
	060a.Muhaxheri
	002a.Heimann
	057a.Argirova

	A-2
	A-2.Zwischentitel
	013a.Knauff
	036.Bogoly
	051a.Stara
	081a.Juhasz

	B-1
	B-1.Zwischentitel


	978-3-86644-858-2_2_kl.pdf
	Inhalt.pagenum
	B-1
	077.Urban
	096a.Zsarnoczay
	063a.Sharma
	112.Eftychia
	044a.Roethlin
	041a.Sanchez
	029a.Oneschkow
	011a.Werner
	71a.Borschnek

	B-2
	B-2.Zwischentitel
	131.Stark
	126b.vanderWoerd
	132.Hagemann
	116a.Kromoser


	858_Haist_TBfib_V1_korrigiert_Teil2.pdf
	Inhalt.pagenum
	B-2
	130a.Sawicki
	142b.Frenzel
	137a.Henke
	073a.May
	138a.Freund
	136b.Mainka
	128a.Kobler
	003a.Kolacek
	088a.Jung




	978-3-86644-858-2_3_kl.pdf
	858_Haist_TBfib_V1_korrigiert_Teil2.pdf
	Inhalt.pagenum
	C-1
	C-1.Zwischentitel
	121a.Grampeix
	095.Breiner
	050a.Youn
	015a.Juzwa
	098a.Bily
	056a.Assmann
	055a.Combrinck
	053a.Havlasek
	049a.Ngoc-Toan
	014a.Bosnjak
	094a.Nemeth

	C-2
	C-2.Zwischentitel
	039a.Aschaber
	090.Hirsch-a
	054a.Hainer
	084a.Zlopasa
	100a.Hartell
	109a.Sanchez
	107a.Bellmann
	091.Djuric
	089a.Elbusaefi

	C-3
	C-3.Zwischentitel
	040a.Buocz
	102a.Budahazy

	D-1
	D-1.Zwischentitel




	978-3-86644-858-2_4_kl.pdf
	858_Haist_TBfib_V1_korrigiert_Teil2.pdf
	Inhalt.pagenum
	D-1
	117a.Izi
	114a.Schmied

	D-2
	D-2.Zwischentitel
	067a.Andries
	140a.Reggia
	075a.Song
	020a.Hinzen
	105a.Barhum
	030a.Elsmeier
	087a.Baricevic

	D-3
	D-3.Zwischentitel
	026a.Scherbaum
	007.Siegel
	031a.Boros
	064b.Elfergani
	120a.Moradi-Marani
	145a.Spoerel
	008a.Mahrenholtz
	025a.Heck
	119a.Lorenz
	076a.Kaeseberg
	017a.Szabo
	022b.Lasek
	118a.Todut
	144a.Haneefa








