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Abstract
The decarbonization of aviation has become an urgent priority amid growing concerns
about the environmental impact of global air travel. In this context, hybrid and fully elec-
tric propulsion systems offer a promising alternative to conventional gas turbine engines,
particularly in light of recent advances in battery technology and the broader electrification
of aircraft systems. However, the design of electric aircraft requires a highly integrated,
system level approach due to stringent mass and performance constraints that are not
adequately captured by traditional evaluation metrics.
This thesis presents a modular, physics based framework for the conceptual design and
optimization of electric propulsion systems. The proposed models explicitly incorporate
key physical domains, including electrical, electromagnetic, thermal, thermodynamic, and
structural aspects. These models are formulated using analytical expressions that reflect
essential component behaviors and design constraints, while remaining computationally
efficient. The framework enables consistent sizing and performance estimation of all major
propulsion components, including electric machines, power converters, gear transmission
units, electrical cables, thermal management equipment such as heat exchangers, pumps
and pipes, and battery packs. Its modular structure supports both individual subsystem
analysis and fully integrated propulsion system studies.
To identify optimal propulsion architectures, a set of multi objective optimization algo-
rithms is evaluated using a test case. The NSGA-II algorithm emerges as the most suitable
method due to its robust convergence, its ability to handle discrete and continuous pa-
rameters, and its performance under multiple constraints. A penalty factor method is
developed to guide design selection from the resulting Pareto fronts by combining pri-
mary objectives such as mass and losses with additional system level penalties, including
efficiency reductions and aerodynamic drag.
The framework is applied in a comparative study of electric propulsion topologies and con-
figurations for a reference aircraft with vertical take off and landing capability. The study
is based on the mission profile and layout of a aircraft vehicle similar to Joby’s S4 technol-
ogy demonstrator. Examined configurations include direct drive and geared topologies, air
cooled and liquid cooled variants, local and central cooling systems, and different thermal
operating limits. The analysis identifies a liquid cooled direct drive solution with elevated
machine temperature limits and a local cooling system as the most effective option. A
specific design proposal is then developed for this configuration, supported by numerical
validation through finite element analysis of critical subsystems.
This work contributes a scalable methodology for early stage design space exploration and
system integration of electric propulsion systems. While developed for aerospace applica-
tions, the approach is readily transferable to other sectors such as ground transportation
and marine propulsion. As the aviation sector advances toward environmentally sustain-
able technologies, frameworks such as the one proposed in this thesis will play a central
role in managing the complex design challenges associated with electric flight.
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Zusammenfassung
Die Dekarbonisierung der Luftfahrt ist angesichts der zunehmenden Umweltauswirkungen
des globalen Luftverkehrs zu einem vorrangigen Ziel geworden. Hybride und vollelektri-
sche Antriebssysteme gelten dabei als vielversprechende Alternative zu konventionellen
Gasturbinen, insbesondere im Hinblick auf Fortschritte in der Batterietechnologie und die
zunehmende Elektrifizierung von Flugzeugsystemen. Die Auslegung elektrischer Flugzeug-
architekturen erfordert jedoch einen stärker integrierten, systemorientierten Ansatz, da die
im Vergleich zu Gasturbinen geringere Leistungsdichte zu restriktiven Anforderungen an
Gewicht und Leistung führt, die klassische Bewertungsmetriken nicht adäquat erfassen.
Diese Arbeit präsentiert eine modulare, physikalisch-motivierte Methode zur konzeptio-
nellen Auslegung und Optimierung elektrischer Antriebssysteme. Die Modelle integrieren
verschiedene Disziplinen, darunter elektrische, elektromagnetische, thermische, thermody-
namische und strukturelle Aspekte. Sie basieren auf analytischen Gleichungen, die das
wesentliche physikalische Verhalten akkurat abbilden, ohne die rechnerische Effizienz zu
beeinträchtigen. Die Methode ermöglicht eine konsistente Analyse und Dimensionierung
aller Hauptkomponenten eines elektrischen Antriebsstrangs, einschließlich elektrischer Ma-
schine, Leistungselektronik, Getriebe, Kabel, thermischer Systeme und Batteriespeicher.
Die modulare Struktur erlaubt sowohl Subsystemanalysen als auch komplexe Systemstu-
dien.
Zur Identifizierung optimaler Antriebsarchitekturen wird eine Reihe multikriterieller Op-
timierungsalgorithmen anhand eines Testfalls evaluiert. Der NSGA-II Algorithmus erweist
sich als geeignetste Methode aufgrund robuster Konvergenzeigenschaften und ihrer Fähig-
keit, eine Vielzahl diskreter und kontinuierlicher Variablen sowie Randbedingungen effi-
zient zu verarbeiten. Ein Straffaktorverfahren ermöglicht die Auswahl geeigneter Designs
aus den entstehenden Pareto-Fronten, wobei Masse und Verluste des Antriebsstrangs mit
einem Strafwert kombiniert werden, der die Zunahme der Batteriemasse infolge niedrigerer
Wirkungsgrade und zusätzlichen aerodynamischen Widerstand berücksichtigt.
In einer vergleichenden Studie werden verschiedene elektrische Antriebstopologien auf ein
Referenzflugzeug mit senkrechter Start- und Landefähigkeit angewendet, wobei Konfigu-
rationen mit unterschiedlicher Anzahl an Propellern betrachtet werden. Die Studie basiert
auf dem Missionsprofil und der Auslegung eines Demonstrators, der dem Technologieträger
S4 von Joby Aviation ähnelt. Untersucht werden unter anderem Direktantriebe und An-
triebe mit Getriebe, luft- und flüssigkeitsgekühlte Varianten, Konzepte mit lokalem oder
zentralem Kühlsystem sowie unterschiedliche thermische Betriebsgrenzen der Maschine.
Die Analyse identifiziert eine flüssigkeitsgekühlte Direktantriebskonfiguration mit erhöh-
ten Temperaturgrenzen und lokalem Kühlsystem in der Konfiguration mit zehn Propellern
als effektivste Lösung. Für diese wird ein spezifischer Entwurf sowie dessen Leistungsdaten
präsentiert, wobei kritische Subsysteme durch Finite-Elemente-Analysen validiert werden.
Diese Arbeit leistet einen Beitrag zu einer skalierbaren Methodik für die Analyse des De-
signraums elektrischer Antriebssysteme in frühen Entwicklungsphasen. Obwohl ursprüng-
lich für die Luftfahrt konzipiert, ist der Ansatz auch auf den Automobil- und Schiffsverkehr
übertragbar. Angesichts des Wandels der Luftfahrt hin zu umweltverträglicheren Techno-
logien werden Methoden wie die hier vorgestellte eine zentrale Rolle bei der Bewältigung
interdisziplinärer Herausforderungen elektrischer Flugantriebe spielen.
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1 Introduction
Emissions by Aviation
As can be seen in Figure 1.1, the total share of aviation in global CO2 emissions rose only
slightly, ranging between 2.0 – 2.8 % over the last 40 years, while the absolute emissions
roughly doubled, resulting in a total of 1.04 Gt CO2 yr−1 in 2019, including both passenger
and freight volume [1].
The Covid-19 pandemic hit the world, and especially the aircraft industry, in an unprece-
dented way, reducing the total number of domestic flights by 38 % and international flights
by as much as 66 % in 2020 due to national lockdowns and closed borders [2]. Since then,
air traffic has recovered to pre-pandemic levels, and emissions are expected to exceed them
in 2025 [3].
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Figure 1.1: Total CO2 emissions of aviation and its share of global CO2 emissions as a function of the
year. Crises affecting air travel are marked at their beginnings. Adapted from Lee et al. [1] and
extended with data from the International Council on Clean Transportation [4], Bergero et al.
[5], and the International Energy Agency [3].

Emissions generated by burning kerosene are about 3160 g of carbon dioxide (CO2), 13.3 g
of nitrogen oxide (NOx), 1 g of sulphur oxide (SOx), and 1230 g of water (H2O) per kilogram
of fuel at cruise altitude for a typical long-haul flight [6]. Their global warming potential
is even higher because these emissions are produced at altitudes between 8 – 13 km [7].
In the past, aviation has seen an improvement in fuel burn efficiency of nearly 3.0 % on
a year-to-year basis over the last two decades, reaching as low as 115 g CO2 per revenue
passenger kilometer (RPK) in 2024, as shown in Figure 1.2. These large improvements
are outweighed by a steady increase in revenue passenger kilometers of about 5.5 % per
year, resulting in an overall net increase in CO2 emissions from aviation of 2.5 % per year,
as also shown in Figure 1.1. Interestingly, the Covid-19 pandemic worsened fuel efficiency
and led to a temporary increase in emissions afterward, mainly due to lower passenger
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loads and less efficient flight patterns.
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Figure 1.2: Revenue passenger kilometers (RPK) and fuel efficiency as a function of year. Adapted from
Lee et al. [1].

Besides the absolute amount of emissions, the distribution of passenger aircraft CO2 by
aircraft class and flight distance is of high importance to analyse the current status and
define effective measures to mitigate them in the future.
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Figure 1.3: Share of passenger CO2 emissions by aircraft class and carbon intensity as a function of mission
length. Adapted from [4].

Figure 1.3 shows that approximately one third of passenger CO2 is emitted per distance
group. Long-haul flights with mission lengths greater than 4000 km, served by widebody
(multi-aisle) aircraft such as the Airbus A350 or Boeing 777, emit as much CO2 as medium-
length flights between 1500 – 4000 km and short-haul flights up to 1500 km, served by
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narrowbody (single-aisle) aircraft such as the Airbus A320neo and Boeing 737, as well as
small regional airliners.
A more detailed analysis reveals that regional flights with less than 1000 km account for
approximately 20 % of total CO2 emissions, while medium- and long-haul flights cover
the rest. However, the carbon intensity for such short flights is about 160 g RPK−1 on
average, with low values of 140 g CO2 RPK−1 for narrowbody aircraft such as the Airbus
A320neo and up to 220 g CO2 RPK−1 for regional aircraft such as the ATR72-600 and De
Havilland Dash 8-400. Their higher carbon intensity results from extra fuel needed for
the disadvantageous take-off to cruise phase, and from generally less fuel-efficient regional
aircraft. The data indicate that there is both a large need and high potential to reduce
emissions, especially on regional and short-haul flights where no alternative modes of
transportation, such as rail, are available.

Passenger and Emission Forecast
Before the Covid-19 pandemic, Airbus [8] estimated an annual passenger growth of about
4.3 %. Since the end of the pandemic, lockdowns and general travel restrictions are no
longer a factor.
With passenger numbers now recovering to pre-pandemic levels as predicted, this will
lead to increasing CO2 emissions unless adequate measures to mitigate them are taken.
This concern is highlighted by the International Energy Agency, which identifies aviation
along with heavy trucks and shipping as one of the transportation modes in a sustainable
development scenario that will contribute most to direct emissions of CO2 from fossil fuel
consumption in 2070 [9].
These sectors are regarded as particularly difficult to decarbonize due to a variety of
reasons, primarily their high specific energy and power demands, which cannot easily be
substituted. In aviation, other factors also come into play. The typical lifetime of an air-
craft, around 25 years, leads to a very slow fleet turnover, meaning that old technology
remains in service for an extended period. Secondly, the development costs of a new air-
craft, such as the Airbus A350 or Boeing 777, range from 5 – 15 bn$ for a new design, with
slightly lower costs for a redesign such as the Airbus A320neo, making manufacturers very
risk-averse when it comes to radically new designs [10].

Emission Targets and Possible Solutions
All major aircraft and aviation agencies, including the National Aeronautics and Space
Administration [11, 12], the International Civil Aviation Organization [13, 14], the Aviation
Transport Action Group [15], and the European Commission’s Flightpath 2050 [16], have
presented ambitious plans to reduce greenhouse gas emissions in the aircraft sector by up
to 75 % in terms of reduced fuel burn, and 90 % in NOx emissions by 2050.
Such substantial emission reductions require equally significant technological advances.
Currently, three major technology areas are under investigation. The first possibility in-
volves Sustainable Aviation Fuels, which can serve as a drop-in replacement for kerosene,
as their gravimetric and volumetric energy densities are not a limiting factor compared
to batteries or hydrogen fuels. These synthetic fuels are either produced from biological
resources (biomass, sewage) or synthetic sources (hydrogen and CO2), making them a net-
zero decarbonization option [17]. Currently, there are seven certified pathways, including
the hydrotreating of oil-based and Fischer-Tropsch synthesis of renewable feedstocks [18].
Recent projections estimate a maximum production capacity of 3.4 Mt yr−1 by 2030, which
would contribute to 5.5 % of projected jet fuel demand [19].
Hydrogen fuels represent a second method for reducing emissions and can be used either
as a drop-in fuel for combustion or as a true zero-emission alternative in fuel cells. While
the complexity of both solutions is high, hydrogen combustion would not require any novel
engines or electrical systems, only some minor modifications to the aircraft architecture. In
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1 Introduction

contrast, fuel cells would require a complete redesign of both the aircraft and its electrical
systems [20]. Hydrogen has the potential to reduce net carbon emissions significantly, as
its gravimetric energy density is about three times that of conventional jet fuel. However,
hydrogen also requires four to five times the volume to store the same energy. Another
advantage of hydrogen is its short refuelling times and fast turnaround [20].
The necessary reduction in fuel consumption has also led to increased interest in partly
or fully electrified aircraft to replace conventional gas turbines [21, 22], making hybrid-
electric propulsion systems the third alternative. These systems range from parallel-hybrid
to series-hybrid solutions, to all-electric battery or fuel-cell-only systems, in order of in-
creasing emission reduction potential. A key advantage of hybrid-electric propulsion is
that it does not necessarily require the establishment of a hydrogen supply chain [20].
It is expected that all-electric drivetrains will be suitable for small aircraft with short
ranges, assuming batteries can overcome the critical gravimetric energy density challenges.
Sustainable fuels are expected to be used for long-haul aircraft, due to the volumetric
and gravimetric energy densities required. For the medium-range market, hydrogen and
(hybrid-) electric propulsion systems are likely to compete with each other [20].
This work will focus on all-electric propulsion systems, particularly in the context of short-
haul, small aircraft with flight distances of up to 1000 km. These aircraft contribute around
20 % of aviation emissions and are by far the most carbon-intensive aircraft in operation
today. The potential of all-electric systems to offer a sustainable solution is driven by the
evolving battery technologies and the increasing demand for emissions-free aviation.

1.1 Hybrid- and All-Electric Power Train
Configurations for Aircraft

Power trains with two or more controllable and distinct energy sources, such as kerosene,
batteries, solar, or fuel cells, are defined as hybrid-electric systems. They can furthermore
utilize mechanical transmission devices such as gearboxes, electrical motors and generators,
and various kinds of power electronics such as inverters, rectifiers, and circuit breakers
[23]. Due to the large number of possible architectures of hybrid-electric power trains,
only specific types of architectures will be investigated.
As already outlined previously, electrification of aviation is seen as one possibility to re-
duce carbon dioxide emissions. While hybrid- and all-electric ground-based vehicles have
managed to make it to large-scale mass production, especially within the automotive sec-
tor with more than 2.1 million units sold in 2019 [24], electrification of aircraft is still in its
infancy. Efforts have been made to replace heavy hydraulic and inefficient pneumatic sub-
systems, e.g., air-conditioning packs and wing anti-ice systems, with electrical ones to save
weight and reduce lifecycle costs. By applying bleedless electrical systems, Boeing claims
to improve fuel efficiency by about 3 % on its latest Boeing 787 with a total of 1 MW of
power installed [25]. This approach is called More Electric Aircraft (MEA) [26]. Even in
fully electric aircraft, where all onboard subsystems are electrical and only a mechanical
power off-take is used to drive the fan or propeller, the expected gain in fuel efficiency
remains insufficient to meet ambitious emission reduction targets [26].
Therefore, a turn towards electrification of the propulsive drive train is the next logical step
to further reduce emissions. Five general such configurations are shown in Figure 1.4. The
first topology to be discussed is a full turbo-electric configuration given in Figure 1.4a. One
sole energy source, in this example fossil kerosene, is fed to a gas turbine which converts
chemical into mechanical energy powering an electric generator to finally convert the
energy into electrical one. An Electric Power Distribution System (EPDS) is responsible
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Figure 1.4: Various kinds of hybrid-electric power trains ranging from full-turbo electric via serial and
parallel hybrids to all-electric configurations.

for transferring the electrical energy from the generation to the consumer side. Depending
on the chosen voltage type of electrical transmission, the EPDS can consist of AC-DC
rectifiers, cables, switches and circuit breakers, and DC-AC inverters. The propulsive side
of the drive train is composed of electric motors converting electrical energy to mechanical
one. Depending on requirements, a gearbox to transform torque and rotational speed
may be placed between the motor and the propulsor, e.g., a fan or propeller, to generate
thrust. With regards to the given definition of hybrid-electric drive trains, full turbo-
electric configurations actually do not meet the requirement of a second energy source.
However, this configuration has been proposed by several studies, especially for use in
medium and long-haul flights for larger aircraft [27–31] but also for regional aircraft with
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moderate power requirements [32, 33].
When a second source of energy, e.g., a battery, is added to the system, a full serial hybrid
configuration can be realized (see Figure 1.4b). Both a generator driven by a gas turbine as
well as the battery feed into a common power distribution system. Both turbo-electric and
serial-hybrid configurations result in a total mechanical decoupling of power generation
and consumption and offer large flexibility to operate both sources at their most optimal
efficiency. This comes at the cost of sizing the electrical system for the total propulsive
power, thus the higher efficiencies of the electric drive train must compensate for the extra
losses generated by it [34].
A partial turbo-electric system refers to a configuration in which the majority of gas turbine
power is transmitted mechanically to a propulsor, while only a fraction is converted into
electrical power to drive an additional propulsor via an electric motor [35, 36]. This can
be extended to a partial serial hybrid system if the electric transmission line is backed up
by a second energy source (see Figure 1.4c).
Another variant is generated if both generation paths are combined mechanically at the
propulsor input shaft, with both of them delivering mechanical power simultaneously. This
gives a parallel hybrid layout. In contrast to a serial hybrid, the mechanical decoupling is
not present anymore and the advantage of efficiency-optimal components is lost, but for
that the electrical system can be sized freely with respect to the total propulsive power, i.e.,
the electric path assists the gas turbine, e.g., as a booster for take-off [37] (see Figure 1.4d).
The last discussed configuration is an all-electric or universally-electric drive train where
a battery or a fuel cell is the sole source of electric energy. If a battery is used, high
inner efficiencies of the total power train larger than 90 % are achievable, but this results
in a larger mass due to the currently low power and energy density of available battery
cells. Several studies consider energy densities about 500 kW h to reach mission lengths
around 1000 – 1500 km [38, 39]. Thus, all-electric configurations will be limited to small
and short-range (regional) aircraft only in the near future.
To mathematically classify the degree of hybridization, Lorenz et al. [40] proposed two
independent metrics. The first quantifies the share of the total installed propulsive power
that is provided by electrical means. This is referred to as the degree of power hybridization
and is denoted by HP, which is defined as follows:

HP = Pelec
Ptot

= Pelec
Pconv + Pelec

, (1.1)

where Pelec represents the total electric propulsive power installed, Pconv refers to the
propulsive power provided by conventional gas turbines, and Ptot is the sum of both. A
value of HP equal to zero corresponds to a fully conventional system, while a value of one
indicates that all propulsion power is supplied by electric motors. In cases where hybrid
systems include a battery, it has been shown that these can be sized such that their power
capacity does not limit system performance [41]. However, this does not mean that the
specific energy of the battery can be chosen independently of its specific power, since both
the total energy and total power must be accounted for in system design.
To address the energy aspect, Lorenz et al. [40] introduced a second metric known as
the degree of energy hybridization, denoted by HE. This metric describes the fraction of
energy stored in electrical form relative to the total available energy:

HE = Eelec
Etot

= Eelec
Econv + Eelec

. (1.2)

Here, Eelec is the amount of energy stored electrically, Econv is the energy stored in conven-
tional sources such as kerosene, and Etot is the sum of both. A value of HE equal to zero
indicates that only conventional energy sources are used, whereas a value of one means all
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energy is stored electrically. These two metrics provide a consistent framework for classi-
fying a wide range of propulsion system configurations, from conventional to fully electric
and hybrid concepts. However, Vratny [37] pointed out that the combination of HP and
HE does not allow a clear distinction between certain architectures such as parallel and
partial serial hybrids, even though these offer significant design flexibility. An overview of
how different configurations map to these two metrics is provided in Table 1.1.

Table 1.1: Parameter settings for various (hybrid-) electric configurations

Configuration Degree of Power
Hybridization HP

Degree of Energy
Hybridization HE

Conventional 0 0
Full Turbo-Electric 1 0
Partial Turbo-Electric 0 < HP < 1 0
Serial Hybrid 1 0 < HE < 1
Parallel Hybrid 0 < HP < 1 0 < HE < 1
Partial Serial Hybrid 0 < HP < 1 0 < HE < 1
All-Electric 1 1

Examplary hybrid-electric aircraft presented in several studies by various manufacturers
and institutions are shown in Figure 1.5 as a function of the degree of power and energy
hybridization.
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Figure 1.5: Example hybrid-electric aircraft studies by various manufacturers as a function of the degree
of hybridization of power HP and energy HE. Adapted from [42].

Partial and full turbo-electric as well as parallel-hybrid propulsion architectures have re-
mained confined to conceptual studies, with no known full-scale prototypes built to date.
These configurations, typically proposed for larger aircraft, face significant challenges in
system integration and energy storage, which have so far precluded hardware realization.
For serial-hybrid concepts, Sikorsky announced that a technology demonstrator of its HEX
2-Rotor Tiltwing is under construction [43]. This indicates initial progress in hardware re-
alization within this drivetrain class.
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Fully electric propulsion has achieved the highest level of technological maturity to date.
While long-range fully electric aircraft remain at the conceptual level, several regional
aircraft have advanced to the prototype stage. Pipistrel’s Velis Electro is the first fully
electric plane that has received full type certification from EASA, demonstrating regula-
tory acceptance for small electric aircraft [44]. Other platforms, such as the Eviation Alice
and MagniX eCaravan, have completed maiden flights [45, 46]. A large number of electric
vertical take-off and landing aircraft have also entered extensive test flight campaigns.
These include Joby, Archer, and Vertical. However, none of them have yet achieved full
type certification [47].
The data suggest that electrification of aviation is currently most viable for small and
regional aircraft using fully electric architectures. Battery energy and power densities are
sufficient to enable commercially relevant performance in this segment. In contrast, drive-
train architectures targeting larger aircraft face prohibitive development and operational
costs. Consequently, they are currently at the conceptual stage.

1.2 Current Design and Optimization Methods for
Electric Propulsion Systems

Depending on the drive train topology, architecture, and mission profile, requirements can
be derived to size the electric components accordingly. In a review article, Sahoo et al.
[48] summarized various sizing tools used for the multidisciplinary design of hybrid-electric
aircraft and their drive trains.
For conventional aircraft, the Top Level Aircraft Requirements (TLAR) define the op-
erational envelope and thereby guide the sizing of the aircraft and propulsion system to
provide sufficient thrust to overcome drag. The trade-off among the three major disciplines,
namely aerodynamics, structure, and propulsion, is typically achieved via correlation-based
scaling laws. However, this approach is not directly applicable to (hybrid-) electric aircraft
due to the fundamentally different energy source characteristics, such as the fixed weight of
batteries and the variable weight of fuel. Moreover, performance depends on mission time
and varies with the selected degree of power and energy hybridization. A key difference
lies in the integration of electrical and thermal systems, which significantly influence the
design of the propulsion train and must therefore be considered in the sizing process [48].
Current electric system sizing methods are reviewed with a focus on electric aircraft.
From a technical perspective, two key factors influence the feasibility and performance of
a design: the overall mass of the electric propulsion system mEPS, defined as the sum of
the component masses mcomp

mEPS =
∑

i

mcomp,i, (1.3)

and its total efficiency ηEPS, computed as the product of the component efficiencies ηcomp

ηEPS =
∏

i

ηcomp,i. (1.4)

Preliminary sizing therefore consists of estimating or computing the masses and efficiencies
of the individual components. The most straightforward approach to derive these metrics
is to use specific power densities, or power-to-weight ratios, PTWcomp,i, and specific effi-
ciencies etacomp,i. The component masses are then estimated from the power requirements
Pcomp,i using

mcomp,i = Pcomp,i
PTWcomp,i

, (1.5)
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and the total mass and efficiency follow from Equations (1.3) and (1.4). This method
has been applied in studies of turboelectric and all-electric systems [27, 39, 49, 50] as
well as hybrid-electric configurations [51–55]. While enhancements exist, such as for all-
electric aircraft [56], they often rely on fixed parameter settings. Batteries have received
more refined treatment in some studies [57], but other components are still treated us-
ing high-level parameterizations for both all-electric [57] and hybrid-electric architectures
[58]. Similar methodologies have been adopted in the automotive sector [59, 60], but with
limited component modeling and often lacking the fidelity required for aircraft applica-
tions. A key drawback of these methods is that they typically rely on a single design point,
which limits the ability to capture variations in power, rotational speed, voltage, and other
parameters.
Stückl [38] was among the first to develop physically derived models for electric motors,
switches, and power transmission lines, with all correlations accounting for the transmitted
power. Aigner et al. [61] integrated this approach into the MICADO preliminary aircraft
design software, which has been updated over time [62, 63]. However, the software remains
tailored to conventional aircraft and only recently began incorporating hybrid-electric drive
train development, without exploring component-level modeling in depth.
Significant progress has been made by researchers at the Visionary Concepts Division of
Bauhaus Luftfahrt [33, 38, 39, 53], with Vratny et al. [37, 64, 65] introducing a holistic
framework for the design of hybrid-electric drive trains. This framework features analyt-
ical, physically derived models for individual components, coupled through key physical
properties. For example, the sizing of the battery pack is based on a cell arrangement
defined by voltage characteristics as a function of state of charge (SOC), which is used
not only to calculate the battery’s weight and efficiency, but also to define the output
voltage for power electronics and distribution system design. Key parameters through-
out the system include power, voltage, and rotational speed, while additional parameters
are considered as needed. However, they did not implement multi-objective optimization
algorithms to explore optimal component parametrizations.
Holdstock and Bryant [66] presented a method for automotive drivetrains that models
the performance of gearboxes, electric motors, and power electronics. Each component in-
cludes multiple design options, such as topology and geometry, and results are correlated
through physical laws, enabling broad design space explorations. Nevertheless, optimiza-
tion techniques were not applied, and batteries were excluded. Additionally, the software
was not designed to meet the stringent requirements of electrified aircraft.
Mester et al. [60] proposed a system-level optimization methodology and concluded that
simultaneously modeling all electric components yields better results than sequential eval-
uation. Hadbi et al. [67] introduced the Extended Pareto Front Method, which conducts
subsystem-level optimizations and combines their results to determine optimal system-
level performance in an aircraft context.

1.3 A Modelling Framework for Electric Propulsion
System Design and Optimization

While very high-fidelity toolchains, including coupled simulations across disciplines such as
electromagnetics, structural mechanics, and thermal analysis, certainly exist for the design
and optimization of individual components like electric motors, only high-level method-
ologies and loosely connected frameworks are available for the design and optimization of
entire drive trains during the preliminary design phase, particularly in applications with
stringent mass and efficiency requirements such as in the aviation industry.
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Sahoo et al. [48] provide an extensive overview of current research activities in electric
aircraft development. Their review identifies several gaps and inconsistencies currently
encountered by airframers, including:

- the lack of electrical system design tools capable of optimising aircraft and electric
system performance concurrently across different missions and aircraft configurations

- reliance on projected future technology levels

- subsystem-level assessments that consider only limited disciplinary interactions

- weight and performance estimations of electrical systems performed by conceptual
aircraft designers without sufficient understanding of the interdisciplinary interac-
tions and resulting trade-offs

Figure 1.6 visualizes the competing interests present at different stages of the design pro-
cess. It is based on a typical V-shaped development process for aircraft, which includes the
design of the electric subsystem and its components on the left side, proceeding from top
to bottom, and their verification on the right side, progressing in the opposite direction.
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Figure 1.6: Typical V-shaped development process (adapted from [68, 69]). The development process is
divided into a design phase, with increasing level of detail from top to bottom, and a verification
phase, with increasing system size from bottom to top. The ellipses on the left indicate typical
trade-off properties during the design phase. The green ellipse highlights the focus of this thesis,
namely the development and application of a framework for electric propulsion system design
and optimization.

The top level aircraft requirements defined during the aircraft design process are used to
derive requirements for the electric system architecture. At this stage, the system architect
must define a system layout that accommodates safety and reliability constraints alongside
other design objectives such as weight, efficiency, and cost. In contrast, component design-
ers are responsible for creating detailed three-dimensional designs to verify the feasibility
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of the proposed concept. It is challenging to make fundamental architectural decisions
that optimise system weight, efficiency, and cost without a comprehensive understanding
of interdisciplinary interactions at the electric system level and without accounting for
feedback effects on the overall aircraft design.
Recognising the need for a holistic design and optimization framework for hybrid-electric
propulsion systems situated between architecture and component-level design, the central
idea of this thesis is to develop a software tool that enables comprehensive design space
exploration and optimization. The aim is to support the integration of components and
disciplines into a coherent system with manageable computational requirements on stan-
dard workstations. This is intended to accelerate preliminary design phases and provide
accurate starting points for subsequent component design activities.

1.4 Thesis Outline
This thesis presents a comprehensive approach to the design and optimization of electric
propulsion systems for aircraft. Chapter 1 introduces the motivation behind the research,
emphasizing the urgent need for cleaner alternatives in aviation due to the environmental
impact of global air travel. It discusses the challenges of integrating electric propulsion
systems, focusing on mass, efficiency, and operational constraints specific to aircraft. The
chapter outlines the thesis objectives, particularly the development of a modular, physics-
based framework for early-stage design and optimization. An extensive review of the state-
of-the-art in electric propulsion systems for aviation is provided, identifying limitations in
current methods and highlighting the need for multidisciplinary approaches in early design
stages, particularly in integrating propulsion systems with airframe designs. The chapter
also surveys existing optimization methods and their applicability to electric propulsion
systems.
In Chapter 2, a detailed description of the models developed for key subsystems of the
electric propulsion system will be provided. These include electric machines, power elec-
tronics, gearboxes, cables, cooling systems, and batteries for energy storage. The chapter
explains the modular, physics-based approach used to model these components, ensuring
their behaviors and constraints are captured realistically and efficiently. These models form
the foundation for system-level integration and optimization, enabling early-stage design
exploration.
Chapter 3 explores various optimization algorithms and their applicability to electric
propulsion systems. The chapter presents the results of evaluating different algorithms
on a representative case study involving a DC cable, with the aim of identifying the most
suitable optimization strategy in terms of convergence behavior, accuracy, and computa-
tional efficiency.
In Chapter 4, the framework developed in earlier chapters will be applied to optimize the
electric propulsion system of an electric vertical take-off and landing aircraft. The refer-
ence aircraft and mission will first be defined, followed by a performance point analysis to
determine the power unit requirements under various flight conditions. Several propulsion
system architectures will be developed, incorporating different cooling methods, temper-
ature limits, and mechanical configurations. A multi-criteria optimization approach will
be used to minimize both weight and power losses, ultimately identifying the optimal
propulsion system configuration.
Chapter 5 provides a summary of the work and its key findings. Additionally, an outlook
on future developments to enhance the framework will be presented.
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2 Drive Train Components
Modelling

This chapter presents the component-level models that form the foundation of the mod-
ular, physics-based framework developed in this thesis. Each section introduces one key
subsystem of the electric propulsion drivetrain: electric machines, gearboxes, power elec-
tronics, transmission cables, thermal management systems, and batteries. The modelling
approach focuses on combining computational efficiency with sufficient fidelity for early-
stage design and system-level integration.

2.1 Electric Machines
Electric machines are used in drivetrain architectures as motors to drive propulsors and
as generators to convert mechanical power into electricity, for example, at the shaft of a
gas turbine. As stated by Cao et al. [70], various types of electric machines are suitable
for aircraft applications, but the Permanent Magnet Synchronous Machine (PMSM) is
considered the most promising due to its high power density and efficiency across a wide
speed range, as well as its low torque ripple and reduced acoustic noise compared to induc-
tion or reluctance machines. However, permanent magnet synchronous machines exhibit
drawbacks, such as higher costs due to rare-earth materials and increased complexity in
fault management, particularly under short-circuit, since the magnets continuously pro-
duce a magnetic field that cannot be switched off [70]. Given the critical importance of low
mass in aerospace applications, numerous publications have demonstrated fault-tolerant
permanent magnet synchronous drive designs [71, 72] and corresponding control strategies
[73]. Figure 2.1 illustrates the scope of the developed electric machine model.
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Figure 2.1: Overall setup and included disciplines of electric machine modelling
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It begins with basic geometric and electrical analysis, followed by a more detailed study of
winding design and electromagnetic behavior using a subdomain model to determine airgap
flux densities, including slotting effects. This phase is central to calculating performance
parameters such as mechanical power and efficiency. The resulting losses are then used to
evaluate the temperature distribution of the machine, which is essential for avoiding hot
spots and demagnetization. The evaluation concludes with a structural analysis of rotor
containment and an assessment of safety factors against insulation breakdown due to high
voltages.
Although permanent magnet synchronous machines with surface-mounted magnets offer
limited field-weakening capability, their uniform rotor geometry enables analytical elec-
tromagnetic modelling and makes them a suitable baseline for machine design studies. As
Cheong [74] highlights, fast and straightforward models are required for optimization pur-
poses. This section improves the model proposed by Cheong [74], extending it to include
additional electromagnetic and thermal considerations, as well as structural mechanics
and insulation coordination.

2.1.1 Geometric Modelling of Permanent Magnet Synchronous
Machines

A basic geometric model is selected to provide a fully parameterized cross-section of the ro-
tor and stator components of a surface-mounted permanent magnet synchronous machine,
as shown in Figure 2.2.
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(a) General structural layout of rotor and stator (b) Detailed radial cross-section

Figure 2.2: Cross-sectional view of a surface permanent magnet synchronous machine showing the active
parts. Slot-specific details such as winding layout or insulation coordination will be discussed
in more detail later.

The rotor consists of a structural shaft with inner radius rsh,i, a magnetic rotor yoke
of thickness try, surface-mounted magnets aligned in north-south direction with thickness
tmag, and a retaining sleeve. The remaining radii are derived from the specified thicknesses.
The rotor has p pole pairs, hence the pole pitch τp is defined as

τp = π

p
(2.1)
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2.1 Electric Machines

and the magnet segment width as
θm = αp τp (2.2)

where αp denotes the pole width to pole pitch ratio.
The mechanical airgap gmech separates the rotor from the stator. The retaining sleeve with
thickness tsl ensures the magnets are mechanically retained, preventing radial detachment,
while the slot pipe with thickness tsp seals the stator slots against the airgap, enabling
direct slot cooling. Both components contribute to the magnetic airgap gmag from an
electromagnetic perspective. If no direct liquid cooling is used, the slot pipe is omitted.
The electromagnetic stator teeth and yoke are enclosed by a structural housing, which is
not depicted in Figure 2.2. The tooth tip is characterized by the inner radius rst,i, the edge
and center thicknesses ttt,e and ttt,c, and the edge and center angular widths θtt,e and θtt,c.
For ease of use in optimization, angular dimensions are expressed relative to the slot pitch

τs = 2 π

QS
, (2.3)

where QS denotes the total number of stator slots. The angular quantities are given by

θtt,e = βtt,e τs (2.4)
θtt,c = βtt,c τs (2.5)
θsy,i = βsy,i τs (2.6)

where βtt,e, βtt,c and βsy,i represent the respective angle-to-slot pitch ratios for the tooth
tip edge, center, and inner stator yoke.
To define the axial parameters, Figure 2.3 shows the axial cross-section of the machine.
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Figure 2.3: Axial cross-section of a surface permanent magnet synchronous machine including passive parts.

In addition to the overall dimensions, including passive parts such as the rotor shaft and
machine frame, the main design variable in axial direction is the active stack length Lstk.
The figure also illustrates the physical separation between the end-winding space and the
rotor, implemented via a dedicated slot pipe. This allows the application of direct slot
cooling. Bearings are integrated into the stator frame. The total machine radius rEM and
length lEM therefore include both active and passive components required for mechanical
and thermal functionality.
Table 2.1 presents an exemplary parameterization of an electric machine, which will be
used throughout Section 2.1 to illustrate results from the various analysis steps.
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Table 2.1: Exemplary electric machine design design to visualize and validate the analysis steps (taken
from [75])

Parameter Symbol Value Unit

Number of stator slots QS 12 -
Number of pole pairs p 5 -
Number of phases mph 3 -
Phase current IS 15 A
Number of turns Nt 36 -
Outer shaft radius rsh,o 0.0356 m
Rotor yoke thickness try 0.0474 m
Magnet thickness tmag 0.006 m
Magnet pole width to pole pitch ratio αp 0.75 -
Sleeve thickness tsl 0.5 m
Airgap thickness gmech 0.0005 m
Thickness of tooth tip edge ttt,e 0.002 m
Tooth tip edge to slot pitch ratio βtt,e 0.9193 -
Thickness of tooth tip center ttt,c 0.0005 m
Tooth tip center to slot pitch ratio βtt,c 0.664 -
Slot depth tsd 0.0367 m
Stator tooth width to slot pitch ratio βsy,i 0.4742 -
Stator yoke thickness tsy 0.0258 m
Stack length Lstk 0.12 m

2.1.2 Electrical Analysis

The currents and voltages of a symmetrical three-phase AC system in the uvw-system
(according to [76]) are transformed into a dq representation using a Park transformation
[77]. This converts the three-phase system into a linear time-invariant system, enabling
simplified analysis of electrical quantities. Figure 2.4 shows the current and voltage com-
ponents along the direct and quadrature axes. The voltage leads the current by an angle
ϕPF as the machine behaves as an inductive load.
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Figure 2.4: Voltages and currents in the dq reference frame
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Using the peak stator convention, îd and îq are the peak currents on the direct and
quadrature axes respectively. These components add up to the peak source current Îs,
which is identical to the peak phase current IAC,Ph,pk of the AC system for wye-connected
phases:

Is =

√
î2
d + î2

q
2 . (2.7)

A similar formulation applies to the voltage components. The angles between the current
and voltage vectors and the d-axis define the electrical lead angle and thus the machine’s
power factor cos ϕPF:

ϕI = arctan2
(
îq, îd

)
(2.8)

ϕU = arctan2 (ûq, ûd) (2.9)
ϕPF = ϕU − ϕI (2.10)

The instantaneous phase currents in the symmetrical three-phase system at a rotor position
ωt are then given by:

iu = Îs cos(ωt + ϕI) (2.11)

iv = Îs cos(ωt + ϕI − 2 π

3 ) (2.12)

iw = Îs cos(ωt + ϕI − 4 π

3 ) (2.13)

2.1.3 Winding Configuration

The pole-slot combination (QS, p) of an mph-phase electric machine strongly influences
the feasible winding layout and the achievable fundamental winding factor kw1. A valid
winding scheme and a high kw1 cannot be guaranteed for every combination. Therefore,
a general mathematical formulation of the winding layout is essential for fully automated
machine design.
Several publications address key aspects of automated winding layout synthesis [78–81].
These works build on the fundamentals introduced by Sequenz [82, 83] and Richter [84],
who employed the star-of-slots method to classify and construct winding layouts.
Figure 2.5 illustrates the workflow used to derive the winding layout. It reflects an imple-
mentation of the general formulation by Caruso et al. [78]. Based on the winding param-
eters defined in Table 2.1, the coil pitch, machine periodicity, and number of wound coils
per phase are used to assess the general feasibility of the winding in Section 2.1.3.1. If a
valid layout is found, the winding is mathematically defined in the winding distribution
table, and the associated winding factors are computed.

2.1.3.1 General Feasibility

The throw or pitch yp of a coil, defined as the number of slots spanned by a coil around
the circumference, is typically chosen to cover a maximum of

yp =
⌊

QS
2 p

⌋
≥ 1. (2.14)

A necessary condition for winding feasibility is that the number of slots is an integer
multiple of the number of phases, i.e. QS/2 p ∈ N. If this condition is met, the following
parameters can be calculated: the machine periodicity twdg, the number of wound coils per

17



2 Drive Train Components Modelling

Start

Define winding param-
eters (QS, p, mph, nlay) Calculate coil pitch yp

QS

mph
∈ N Caclulate machine

periodicity twdg

Calculate number of
wound coils per phase

nwc and different phase ng

(nwc, ng)
∈ N

Establish Winding Dis-
tribution Table (WDT)

and winding configuration

Calculate (fundamen-
tal) winding factor kw1

End

Y

Y

N

N

Figure 2.5: Description of workflow to compute the winding distribution table and (fundamental) winding
factors for an arbitrary pole-slot combination

phase nwc, and the number of wound coils assigned to different phases within one periodic
segment ng:

twdg = gcd(QS, p) (2.15)

nwc = nwdg,lay
QS − nes

2 m
(2.16)

ng =


nwdg,lay

QS
2 mph twdg

if mph is even
QS

2 mph twdg
if mph is odd

(2.17)

Here, nwdg,lay denotes the number of winding layers per slot, and nes is the number of
empty slots (also referred to as dead coils), given by

nes =
⌊

QS − 2 mph
bNcc

nwdg,lay

⌋
. (2.18)

A symmetrical and balanced winding layout is considered feasible only if both nwc and ng
are positive integers and no dead coils. Other winding types are not considered within the
scope of this thesis.

2.1.3.2 Winding Distribution Table

Once the feasibility conditions are met, a procedure to construct the full winding dis-
tribution table is applied. This begins by initializing an empty matrix of dimensions
(mph, QS/mph). The integers from 1 to QS are then inserted in ascending order, such that
the i-th number is placed in the cell at position ((1 + i p) mod QS) of the matrix.
If a targeted cell is already occupied, the next free adjacent cell is used. This procedure
continues until all QS positions are filled.
Next, the matrix is split vertically into two equal submatrices. The right-hand submatrix
is shifted upwards by ξ rows and its entries are assigned a minus sign to represent the
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negative coil sides. The row shift ξ is given by

ξ =


mph

2 − 1 if mph is even
mph − 1

2 if mph is odd.
(2.19)

Finally, the missing ”go” and ”return” coil sides are appended by adding the coil pitch yp
with the appropriate sign, depending on the winding layer and direction. This completes
the winding distribution table for a multi-layer winding.
Table 2.2 shows the described procedure applied to the example machine defined in Ta-
ble 2.1. This example assumes no empty slots and uses a coil pitch of yp = 1.

Table 2.2: Exemplary procedure to derive the winding distribution table for a two-layer, three phase ma-
chine with QS = 12 slots and p = 5 pole pairs. The rows represent phases u, v, and w, which
are color-coded as blue, green, and red, respectively.

1 6 11 4
9 2 7 12
5 10 3 8

⇒
1 6 -7 -12
9 2 -3 -8
5 10 -11 -4

⇒
1 -2 6 -7 -7 8 -12 1
9 -10 2 -3 -3 4 -8 9
5 -6 10 -11 -11 12 -4 5

2.1.3.3 Winding Factor Calculation

The winding factors kw and its fundamental kw1 are calculated using the per-unit electro-
motive force (EMF) phasors for each winding element [85], defined as

~Ei = e
j π p

QS
WDT(i)

. (2.20)

Building on the general formulation by Caruso et al. [78] and applying Euler’s formula,
the expression for the winding factor of the ν-th harmonic simplifies for balanced and
symmetrical windings to

kw,ν =

∣∣∣∣∣2 p q nlay,wdg∑
i=1

~Ei,ν

∣∣∣∣∣
2 p q nlay,wdg

= 1
2 p q nlay,wdg

√√√√(∑
i

Cν,i

)2

+
(∑

i

Sν,i

)2
(2.21)

where

Cν,i = sgn(WDT(i)) cos
(

2 π p ν
|WDT(i)|

QS

)
(2.22)

Sν,i = sgn(WDT(i)) sin
(

2 π p ν
|WDT(i)|

QS

)
(2.23)

are the in-phase and quadrature components of the EMF phasors, and

q = QS
2 p mph

(2.24)

is the number of slots per pole per phase.
Figure 2.6 illustrates the amplitude of the winding factors for phase U of the example
introduced in Table 2.1. Due to the symmetrical and balanced configuration, all phases
exhibit identical winding factors. The resulting spectrum shows a significant presence of
spatial harmonics, which is characteristic of fractional-slot windings.
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Figure 2.6: Spectral analysis of the winding factor for a three-phase, two-layer fractional-slot winding with
QS = 12 and p = 5. A rich spatial harmonic content is observed.

The pitch factor kp,ν is defined as

kp,ν = nπ

2 sin
(

np
τc
2

)
(2.25)

and the distribution factor kd,ν is obtained from the relation

kw,ν = kd,ν kp,ν . (2.26)

2.1.3.4 Magnetomotive Force Calculation

To evaluate the influence of armature reaction on machine performance, the magnetomo-
tive force (MMF) generated by the winding system must be determined. The MMF of
each phase is defined as

MMFu/v/w =
∫ 2 π

α=0
Θu/v/w dα (2.27)

with
Θu/v/w = Nt iu/v/w (2.28)

representing the ampere-turns per slot for each phase. This formulation is aligned with
the base winding function concept described by Farshadnia et al. [86], where Nt iu/v/w = 1
is used to represent the per-unit MMF per phase.
The resulting distribution is shown in Figure 2.7a. By summing the contributions of all
phases, the total magnetomotive force distribution is obtained, as illustrated in Figure 2.7b.
This magnetomotive force waveform is then analyzed using a Discrete Fourier Transform
(DFT) to assess its harmonic content, as shown in Figure 2.7c. For clarity, only harmonics
contributing more than 1 % of the fundamental are included. This threshold also explains
the visible slot-to-slot oscillations in the spectrum. The spectral analysis shows that, for
the given slot-pole combination, the fundamental magnetomotive force component is rela-
tively low. However, significant harmonics, particularly the 7th, 17th, and 19th, are present.
Such analysis is a critical step in the design process, enabling early-stage elimination of
unsuitable winding configurations based on low fundamental winding factors or excessive
harmonic content, without requiring full design completion.
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Figure 2.7: Full winding analysis of the total magnetomotive force for a three-phase, two-layer fractional
slot winding with QS = 12 and p = 5.

2.1.4 Subdomain-Based Electromagnetic Analysis of the
Magnetic Field Distribution

Detailed knowledge of the magnetic field distribution within the airgap of an electric
machine is essential for evaluating its electromagnetic performance. To enable efficient
system-level performance evaluation, a subdomain model based on the work of Wu et al.
[87, 88] is employed, as it is significantly less computationally intensive than Finite Element
(FE) simulations and remains suitable for modelling the machine under both no-load and
armature reaction conditions. The field prediction accuracy of this method surpasses that
of a combined approach using a simpler subdomain model [89–93] together with a complex
permeance function [94, 95], particularly for fractional slot windings and machines with
deep or semi-closed slots.
Figure 2.8 shows the flowchart of the tasks carried out during the electromagnetic analysis
in the following subsections. The parametrization of the machine from Table 2.1 is first
used as input for the improved subdomain model, which directly calculates the magnetic
field distribution throughout the machine, including slot openings and teeth effects. This
approach provides the airgap and magnet flux densities both at open-circuit and under
armature load conditions, without the need for complex permeance functions. The re-
sulting magnetic vector potential is then used to derive the stator tooth and yoke flux
densities, allowing the calculation of the associated iron losses. Furthermore, the no-load
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airgap flux density enables the calculation of the back electromotive force, while the flux
densities associated with the armature reaction allow the determination of the machine
inductances.
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Figure 2.8: Description of workflow to analyse the electromagnetics of the machine

The subdomain method analytically solves Maxwell’s equations in different regions of the
electric machine geometry. Each subdomain, such as the rotor magnets, airgap, slots, slot
openings, and stator teeth, is treated individually [87, 88].
To enable an analytical solution of the differential equations, the following assumptions
are made:

- The demagnetization characteristic of the magnets is linear,

- end effects are neglected, resulting in a purely two-dimensional evaluation,

- the stator and rotor back iron are assumed to have infinite magnetic permeability.

The governing equation for the magnetic vector potential Az in each subdomain is given
by the Poisson equation, which accounts for both conduction currents and magnetization
effects:

∇2Az = −µ0
(
Jz + ∇ × ~M

)
(2.29)

where Jz is the conduction current density in the z-direction and ~M is the magnetization
vector representing the permanent magnets. Depending on the region, one or both terms
may vanish, simplifying the equation to either a Laplace or Poisson form. The solution is
obtained by enforcing continuity of the tangential component of the magnetic field HΘ and
the normal component of the magnetic flux density Br across the subdomain boundaries.
The general solution can be expressed as the sum of the homogeneous and particular parts:

Az(r, θ) = Ah(r, θ) + Ap(r, θ) (2.30)
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where the homogeneous solution in polar coordinates is given by

Ah(r, θ) =
∞∑

k=0

(
Ak rk + Bk r−k

)
cos(kθ)

+
∞∑

k=0

(
Ck rk + Dk r−k

)
sin(kθ) (2.31)

with constants Ak, Bk, Ck, and Dk determined from the boundary conditions. The par-
ticular solution Ap depends on the specific source terms and satisfies the inhomogeneous
Poisson equation within each subdomain.
The magnetic flux density components in the radial Br and tangential direction Bθ are
obtained from the magnetic vector potential Az as

Br(r, θ) = 1
r

∂Az
∂θ

, (2.32)

Bθ(r, θ) = −∂Az
∂r

. (2.33)

The magnetic field strength components are then calculated as

Hr(r, θ) = 1
µr

(
Br(r, θ)

µ0
− Mr(r, θ)

)
, (2.34)

Hθ(r, θ) = 1
µr

(
Bθ(r, θ)

µ0
− Mθ(r, θ)

)
, (2.35)

where µr is the relative permeability, and Mr and Mθ are the radial and tangential com-
ponents of the magnetization vector.
The subdomain method is applied to both the open-circuit and armature reaction condi-
tions to retrieve the field distribution for rated conditions via superposition.

2.1.4.1 Open-Circuit Condition

The open-circuit or no-load condition describes the operation of the electric machine with-
out armature current, where magnetization is solely provided by the permanent magnets.
Under these conditions, the magnetization terms are the exclusive sources in the Poisson
equation and form the particular solution of the governing equation.
As shown in Figure 2.9, the domain is split into four regions: magnets, air-gap, slot open-
ings, and slots. The rotor and stator iron are assumed infinitely permeable and are not
modeled explicitly.

Particular Solution Due to Magnet Magnetization
While Equation (2.31) provides the general solution for the air-gap, slot openings, and
slots, in the magnet region the vector potential must satisfy [96]

∂2Az1
∂r2 + 1

r

∂Az1
∂r

+ 1
r2

∂Az1
∂θ2 = µ0

r

(
Mθ − ∂Mr

∂θ

)
. (2.36)

The radial and circumferential components of the magnetization can be expressed as [97]:

Mr =
∞∑

k=1,3,5,...

Mrck cos(k θ) + Mrsk sin(k θ) (2.37)

Mθ =
∞∑

k=1,3,5,...

Mθck cos(k θ) + Mθsk sin(k θ) (2.38)
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Figure 2.9: Subdomain regions for open-circuit (no-load) condition. Adapted from [87].

Mrck = Mrk cos(kωrt + kθ0) (2.39)
Mrsk = Mrk sin(kωrt + kθ0) (2.40)
Mθck = −Mθk sin(kωrt + kθ0) (2.41)
Mθsk = Mθk cos(kωrt + kθ0) (2.42)

In the case of radial magnetization, the magnetization vectors are defined as [87]

Mrk = 4 p Br
k π µ0

sin
(

k π αp
2p

)
(2.43)

Mθk = 0 (2.44)

where Br is the remanent induction, and αp is the pole coverage of the magnet. Magnetiza-
tion vectors for more complex arrangements can be found in [87] for parallel magnetization
and in [98, 99] for Halbach arrangements, including generalized configurations.
Finally, the particular solution for the magnet domain is found as [87]

Ap = µ0 r
∞∑
k

1
k2 − 1 [(Mθck − k Mrsk) cos(k θ) + (Mθsk − k Mrck) sin(k θ)] . (2.45)

Interface and Boundary Conditions
To determine the coefficients of the homogeneous solution, boundary and interface con-
ditions are applied, as summarized in Table 2.3. These conditions can be grouped into
two categories: boundary conditions that ensure the magnetic flux enters or leaves fer-
romagnetic materials normally, and interface conditions that enforce the continuity of
tangential magnetic field components and the magnetic vector potential. Specifically, at
the magnet-airgap interface, the normal component of the magnetic flux density and the
tangential component of the magnetic field intensity must be continuous to satisfy elec-
tromagnetic boundary conditions in the presence of magnetization. At other interfaces,
such as airgap-slot opening and slot regions, the continuity of the tangential component
of the magnetic flux density and of the magnetic vector potential is imposed to ensure
a physically consistent solution across regions of different permeabilities without intrinsic
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magnetization.

Table 2.3: Boundary and interface conditions for open-circuit condition

Interface Conditions

Rotor yoke surface H1θ(r = rm,i) = 1
µ0 µr

B1θ(r = rm,i) − 1
µ0 µr

Mθ = 0

Magnet - airgap B1r(r = rm,o) = B2r(r = rm,o)
H1θ(r = rm,o) = H2θ(r = rm,o)

Airgap - slot opening B2θ(r = rst,i) =

{
B4iθ(r = rst,i) θi − boa

2 ≤ θ ≤ θi + boa

2
0 else

Az2(r = rst,i) =

{
Az3i(r = rst,i) θi − boa

2 ≤ θ ≤ θi + boa

2
0 else

Slot opening - slot B4iθ(r = rtt,c) =

{
B3iθ(r = rtt,c) θi − boa

2 ≤ θ ≤ θi + boa

2
0 else

Az4i(r = rtt,c) =

{
Az3i(r = rst,i) θi − boa

2 ≤ θ ≤ θi + boa

2
0 else

Slot bottom B4iθ(r = rsy,i) = 0 for
(

θi − bsa

2 ≤ θ ≤ θi + bsa

2

)
With these boundary and interface conditions, a linear system of equations can be es-
tablished and solved for the integration constants of the general solution. The resulting
expressions can then be used, for example, to calculate the magnetic flux densities in the
airgap. The detailed calculation steps are provided in [87].

Back Electromotive Force
The rotation of the magnets induces a voltage called the back electromotive force (EMF),
which, according to Lenz’s law, opposes the applied voltage and reduces the current flowing
in the coils [100]. The sinusoidal distribution of the windings in the stator produces a
sinusoidal back electromotive force. Together with the inherently sinusoidal nature of three-
phase AC currents, this results in a nearly constant torque with very low torque ripple, as
well as high efficiency and low noise. The back electromotive force per phase eph can be
calculated based on Faraday’s law [101]. Using the relationship between electrical angle
and time, the back EMF can be expressed as [102]

eph(t) = −ωel
dΨph(θ)

dθ
(2.46)

where Ψph is the flux linkage per phase and ωel is the electrical angular speed. As the
magnetic vector potential within the slots is known, the flux linkage of a single coil side
Ψi located in the i-th slot can be calculated by applying Stokes’ integral theorem [102]

Ψi = Lstk Nt
Aslot

∫ θi+ bsa
2

θi− bsa
2

∫ rsy,i

rtt,c
Az3i(r, θ) r dr dθ (2.47)

with Lstk being the stack length, Nt the number of turns per coil, and Aslot the slot area.
The total flux linkage per phase can then be retrieved by the summation of all flux linkages
of a certain phase

Ψph =
∑
i∈ph

Sw(i)Ψi, (2.48)

where Sw(i) represents the winding distribution matrix and Ψi is the flux linkage for the
i-th coil side.
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2.1.4.2 Armature Reaction

For armature reaction, the only active source term in the Poisson equation is the current
density within the slots. This allows for a simplified magnetic field domain compared to the
open-circuit case. As shown in Figure 2.10, the domain is now divided into three regions:
the airgap including magnets, the slot openings, and the slots.
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Figure 2.10: Subdomain regions for armature reaction condition. Adapted from [88].

Particular Solution Due to Armature Current Density
While Equation (2.31) is again a valid general solution for the air-gap including the mag-
nets as well as the slot openings, the vector potential in the slot must satisfy [88]

∂2Az2
∂r2 + 1

r

∂Az2
∂r

+ 1
r2

∂Az2
∂θ2 = −µ0 Jz (2.49)

with Jz being the current density distribution within the slot. Assuming a uniform dis-
tribution of the current density within the coils, the current density in the i-th slot for a
non-overlapping winding as shown in Figure 2.10 is stated as [88]

J = Ji0 +
∑

n

Jin

[
n π

bsa

(
θ + bsa

2 − θi

)]
(2.50)

for θi − bsa
2 ≤ θ ≤ θi + bsa

2 , where

Ji0 = Ji1 + Ji2
2 (2.51)

Jin = 2
n π

(Ji1 − Ji2) sin
(

n π

2

)
(2.52)

with n being the n-th harmonic in the slot.
Thus, the particular solution of the magnetic vector potential within the slot can be written
as [88]

Ap = −µ0
4 Ji0r2 +

∑
n

µ0Jin

E2
n − 4r2 cos (Enθ) (2.53)
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with En being defined as
En = n π

bsa
. (2.54)

The interface and boundary conditions are similar to those provided for the open-circuit
condition in Table 2.3, except for the naming of the subdomains. Once applied, the inte-
gration constants can be retrieved, and all other parameters, such as vector potentials or
flux densities, can be explicitly calculated.

Energy Stored in Winding Coils
The magnetic energy W stored in the winding due to the armature-reaction and without
magnet magnetization is defined as [103]

W = 1
2Lstk

Q∑
i

∫ θi+ bsa
2

θi− bsa
2

∫ rsy,i

rtt,c
Az2i Jz r dr dθ, (2.55)

where the integrand Az2i Jz r quantifies the local energy density within each stator slot, as
a function of the applied current. This expression can be used to determine the winding
inductances, as discussed in Section 2.1.4.5.

2.1.4.3 Rated Load Conditions

At rated load conditions, characteristics such as the total magnetic vector potential or
the flux densities within the different domains of the machine can be calculated by su-
perposition of the previously determined no-load and armature current conditions. This
approach allows, for example, the direct computation of the radial and tangential flux
density components within the airgap based on the individual contributions from the per-
manent magnets and the current-carrying windings.

Br,AG = B2r,NL + B1r,AR (2.56)
Bθ,AG = B2θ,NL + B1θ,AR (2.57)

Figure 2.11 shows the airgap flux densities at rated load for both the radial and tangential
component evaluated at the mean airgap radius. While the radial component is mainly
driven by the flux caused by the permanent magnets the tangential component is dom-
inated by the contribution of the current-carrying windings. To validate the model the
results from the analytical calculation are compared with finite element results.
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Figure 2.11: Airgap flux density at rated load conditions in a three-phase electric machine with QS = 12
and p = 5 taking into account slotting effects.
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The radial and tangential airgap flux densities in Figures 2.11a and 2.11b show very good
agreement in overall shape and peak positions. However, some peak values deviate by up
to 20 %. These differences can be attributed to the analytical method’s assumptions made
in Section 2.1.4, mainly due to neglecting saturation.

Electromagnetic torque
Rated load conditions are also used to retrieve the electromagnetic torque T of the machine
by using the Maxwell stress tensor

T = LstkR2

µ0

∫ 2π

0
B2r B2θ dθ (2.58)

where R is the mean airgap radius.

2.1.4.4 Flux and Flux Densities in Rotor and Stator Back Iron and Teeth

While the magnet and airgap region are of highest interest to determine the magnetic field
distribution for torque production the flux densities of rotor back iron, stator teeth and
stator back iron are necessary to avoid magnetic saturation during the machine design.
Due to the low permeability of the permanent magnets and thus a relatively large effective
airgap of surface mounted permanent magnet synchronous machines, the rotor core flux
is mainly driven by the flux produced by the magnets. To caculate the flux density in
the rotor core Bry, it is assumed that the flux through the rotor yoke surface under one
magnet pole splits equally and mainly flows tangentially to the adjacent pole. This can be
calculated using Stokes’ theorem and using the difference of the magnetic vector potential
at two points [104–106]

Bry =
Az1(r = rm,i, θ = θm

2 ) − Az1(r = rm,i, θ = 0)
ksf try

, (2.59)

where ksf is the staple factor of the iron sheets. In case of the stator the armature reaction
contributes significantly to the flux Φst,i entering the i-th teeth. Therefore, the rated-load
conditions from Equation (2.57) are used. Again Stokes’ theorem is used to calculate the
stator flux density at the mean tooth radius by evaluating the vector potential at the tooth
sides

Bst,i =
Az3i(r = rtt,c+rsy,i

2 , θ = θi+1 − bsa
2 ) − Az3i(r = rtt,c+rsy,i

2 , θ = θi + bsa
2 )

ksf wst
, (2.60)

For the stator yoke, the vector potential at the slot bottom and outside the stator yoke is
used, assuming all the flux goes through the stator yoke

Bsy,i = Az3i(r = rsy,i, θ = θi) − 0)
ksf wsy

, (2.61)

Figure 2.12 shows the flux density in the stator teeth comparing the analytical results
with those obtained via Finite Element analysis.
The flux densities in the stator teeth in Figure 2.12 show that the averaged stator tooth
flux densities closely match the Finite Element results, indicating that in this example the
iron parts do not saturate.

2.1.4.5 Machine Inductances

The main flux Φm across the airgap creating a flux-linkage Ψm allows the conversion
of electrical into mechanical energy. However, a second portion which does not cross the
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Figure 2.12: Comparison of analytical and FE results for the stator tooth flux density of an electric three-
phase machine with QS = 12 and p = 5.

airgap called the leakage flux Φσ does not contribute to this energy conversion, but its flux-
linkage Ψσ is part of the total flux-linkage of the winding. Due to the flux leakage either
more magnetic material or a higher magnetizing current is necessary compared to the ideal
case. The synchronous inductance Ls is thus the sum of the magnetizing inductance Lm
and the leakage inductance Lσ which correspond to the flux-linkages [104, 107, 108].

Ls = Lm + Lσ (2.62)

Magnetizing Inductance
The magnetizing inductance of a phase Lm from the winding can be split into the self-
inductance Lms and the mutual inductances Lmm due to the flux from the other phases

Lm = Lms + Lmm. (2.63)

The calculation follows an energy-based approach [103] using Equation (2.55)

Lms = 2Wu
I2

u
(2.64)

Lmm = Wuv − Wu − Wv
Iu Iv

, (2.65)

where Wu, Wv and Wuv are the magnetic energies due to the armature reaction, when the
phase currents Iu only, Iv only, and both Iu and Iv are applied.

Leakage Inductance
Leakage inductance can become significant in fractional-slot concentrated windings [108]
and can be written as

Lσ = Lslot + Ltt + Lew + Lδ (2.66)

with Lslot being the slot, Ltt the tooth tip, Lew the end winding and Lδ the air gap leakage
inductance. In the following, all parts except the slot leakage will be neglected. The slot
leakage permeances Λ1, Λ2 and Λ12 represent the influence of the slot dimensions. For
semiclosed, trapezoidal slots as shown in Figure 2.2 the direct solution of the Poisson’s
equation for a double layer winding delivers [109]

Λ1 = µ0 Lstk

(
N∑

k=1

(
∆sk
wm,k

(
S1 K1(αk) + S̄1 K0(αk)

))
+ ∆hsg

wa

)
(2.67)
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Λ2 = µ0 Lstk

(
N∑

k=1

(
∆sk
wm,k

S̄1
(
S2 K1(αk) + S̄2 K0(αk)

))
+ ∆hsg

wa

)
(2.68)

Λ12 = µ0 Lstk

(
N∑

k=1

(
∆sk
wm,k

S̄1
(
S2 KM(αk) + S̄2 K0(αk)

))
+ ∆hsg

wa

)
(2.69)

where the boolean functions S1 and S2 describe the position of a discretized trapezoidal
layer with respect to the other layers, wm,k the mean width, αk the inclination, ∆hk the
radial height and ∆sk the edge length of those layers. The parameters K0, K1 and KM

describe the inclination coefficients for non-parallel slot walls

K0(α) = 1
2α

log
(1 + α

1 − α

)
(2.70)

K1(α) = 1
16α2

(
(α − 1)4

2α
log

(1 + α

1 − α

)
− α2 + 4α − 1

)
(2.71)

KM (α) = 1
4α

(
1 − (α − 1)2

2α
ln
(1 + α

1 − α

))
(2.72)

and the geometrical permeance factor ∆hsg/wa as

∆hsg
wa

= ξa
2 − 2ξa arctan(ξa) − ln(ξ2

a + 1) + 2 ln 2
2π

(2.73)

with
ξa = 2gmag

wsy,i
. (2.74)

The self and mutual slot leakage inductance is then

Lσ1 =
(

Nt1
npar

)2

Λ1 (2.75)

Lσ2 =
(

Nt2
npar

)2

Λ2 (2.76)

Lσ12 =
(

Nt1
npar

) (
Nt2
npar

)
Λ1 (2.77)

and results in the phase leakage inductance [107]

Lσph = 2p

(
q (Lσ1 + Lσ2 + 2Lσ12) −

∣∣∣∣QS
2p

− yp

∣∣∣∣ Lσ12

)
(2.78)

which allows the calculation of the machine inductances.

2.1.4.6 Losses and Efficiency

The available shaft torque is reduced due to various loss mechanisms, which can be cate-
gorized into three main groups [104]:

- Resistive losses in the stator winding, QCu (commonly known as copper losses),

- Iron losses in the rotor yoke, stator teeth and yoke QFe, as well as losses in the
magnets

- Mechanical losses, such as bearing losses and windage losses .
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This analysis focuses on the resistive and iron losses. Bearing losses are not considered as
their share is small and calculation needs knowledge about the applied bearing forces [104].
Windage losses are generally small, and calculation requires knowledge of surface finishes
not available at the pre-design stage [110]. While magnet losses influence rotor heating,
their calculation is quite complex, and they can be limited by axial and circumferential
segmentation [111].
The total losses can therefore be expressed as

QEM = QCu + QFe. (2.79)

This results in the efficiency of the machine being calculated as

ηEM = 1 − |QEM|
|Pin|

. (2.80)

Resistive Losses
In high power density machines, resistive losses can represent a significant portion of the
total losses. These Ohmic and additional AC losses in the winding are given by

QCu = mph RAC Î2
s (2.81)

where RAC is the overall resistance of the winding, including AC effects such as proximity
and skin losses. It is defined as

RAC = kAC
2 Nts
npar

Lstk
ρel

kslot Aslot
Nt

. (2.82)

Here, kAC is the loss increase factor due to AC effects, and ρel is the electrical resistivity
of the conductor material.

Iron Losses
Iron losses in the rotor and stator cores can significantly impact the machine’s efficiency,
especially at higher operating frequencies. These losses can be divided into hysteresis,
eddy current, and excess losses. For low computational effort with reasonable accuracy,
a modified Steinmetz model as proposed by Ionel et al. [112], which is also available in
Motor-CAD, is used. The specific iron losses, pFe, are expressed as

pFe = physt + peddy (2.83)

= Khyst fel B̂α+β B̂ + 2π2 Keddy f2
el B̂2. (2.84)

Here, Khyst and Keddy are material-dependent coefficients representing hysteresis and eddy
current losses, respectively. They capture the influence of the magnetic material’s proper-
ties on the loss behavior as a function of frequency fel and peak flux density B̂. The total
iron losses are then calculated by

QFe = pFe mFe, (2.85)

where mFe is the mass of the iron core.

2.1.5 Structural Analysis of Rotor Containment

Electric machines are subject to different types of loads that influence their mechanical
stability and behaviour, such as
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- static loads, i.e., loads resulting from gravitational forces or static pressures,

- centrifugal loads, i.e., loads resulting from rotation around a defined axis, and

- thermal loads, i.e., loads resulting from temperature differences in various parts of
the machine.

A component of particular interest during the design of an electric machine is the magnet
retention sleeve, as it directly impacts the necessary airgap and thus the electromagnetic
performance. Therefore, the sleeve will be modelled together with the magnets, yoke, and
shaft as a multi-layer system of thick-walled cylinders with a radial interference fit.
The calculation of such a multi-layer system and its practical application have been de-
scribed by several researchers [113–116]. Particularly, the work of Chen et al. [116] is of
great interest, as it also covers segmented magnets with non-magnetic pole fillers and their
effect on the stress distribution.
Figure 2.13 shows a sketch of an n-layered interference fit of thick-walled cylinders.

r0

ri

rn

Etan,1, Erad,1,
νtr,1, νrt,1, αt,1

Etan,i, Erad,i,
νtr,i, νrt,i, αt,i

Etan,n, Erad,n,
νtr,n, νrt,n, αt,n

p0

pi

pn−1

p1

pi+1

pn

δ1,2

δi,i+1

δn-1,n

Figure 2.13: Sketch of an n-layered interference fit of thick-walled cylinders, showing the material and
geometrical properties on the left side, and interferences and pressures between the layers on
the right.

The interference vector δ = [δ1, . . . , δn−1] results from the displacement of the concentric
cylinders due to the applied loads, i.e., static pressure, centrifugal force, and thermal
expansion. To calculate the contact pressures p at the interference sections, the following
system must be solved:

δ = δstat + δrot + δQ = A · p + G · ω2 + Q, (2.86)

where

- A is the stiffness matrix against static pressure,

- G is the stiffness vector against centrifugal force,

- Q is the stiffness vector against thermal loads,

- ω is the angular velocity of the shrink-fit system, and

- p contains the internal, external, and contact pressures between layers.

To calculate the contact pressures, the displacement terms at the contact surfaces must
be determined for the i-th cylinder, which has an inner radius rin, an outer radius rout, an
inner pressure pin, and an outer pressure pout, under the influence of an angular velocity
ω and a temperature difference ∆T = Ti − Tref, where Tref = 20 ◦C. The interference δi
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at the i-th contact surface must equal the radial displacement ui+1, r=rin of the (i + 1)-th
section at its inner surface minus the radial displacement ui, r=rout of the i-th section at
its outer surface:

δi = ui+1, r=rin − ui, r=rout . (2.87)

The principle of superposition allows the total displacement of the i-th cylinder to be
expressed as the sum of the displacements due to static pressure, centrifugal forces, and
thermal loads:

ui = ustat + urot + uQ. (2.88)

Thus, the specific displacement terms must be derived individually. This is achieved by
solving the governing differential equations for both closed hollow cylinders representing
the shaft, yoke, and sleeve, and hollow cylinder segments representing the magnets.
This information is sufficient to calculate the matrices and vectors in Equation (2.86) and
thus determine the contact pressures for a given vector of interferences at the contact
surfaces.

2.1.5.1 Thick-Walled Cylinder Disks with Orthotropic Material Properties

As very high-strength carbon fiber reinforced plastics are of great interest for retention
sleeve manufacturing, the solution must account for orthotropic material parameters while
remaining consistent with the isotropic case. To derive formulae for the displacement, the
equilibrium differential equation must be solved in combination with the geometric and
constitutive equations.
Figure 2.14 shows the forces acting on a cylinder segment used to derive the governing
equation.

σtan

σtan

σrad

(
σrad +

∂σrad
∂r

∂r

)

r

(r
+

∂r
)
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δe
2

δe

2

ρ r2 ω2∂r∂δe

ω

Figure 2.14: Finite element of a closed cylinder ring showing the forces acting on it, including body forces
due to centrifugal loads.

According to Cheng et al. [117], the equations for an annular cylinder are:

- the governing equilibrium equation,

∂σrad
∂r

+ σrad − σtan
r

+ ρrω2 = 0, (2.89)

- the constitutive material equations,

εrad = σrad
Erad

− νtr
Etan

σtan, (2.90)
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εtan = σtan
Etan

− νrt
Erad

σrad, (2.91)

- and the geometric equations,

εrad = ∂urad
∂r

+ αT T (r), (2.92)

εtan = urad
r

+ αT T (r), (2.93)

here σrad and σtan are the radial and tangential stresses, εrad and εtan the corresponding
strains, Erad and Etan the radial and tangential Young’s moduli, and νrt and νtr the
Poisson’s ratios representing transverse strain responses, with νrt being the Poisson’s ratio
for strain in the tangential direction due to radial stress, while νtr is the Poisson’s ratio
for strain in the radial direction due to tangential stress. Furthermore, αT is the thermal
expansion coefficient, and T (r) is the temperature distribution within the cylinder. A
detailed explanation is given by Chen and Zhu [115].
Equations (2.89) to (2.93) can be combined and solved for the radial displacement in a
cylindrical disk with orthotropic material properties (Etan 6= Erad, νtr 6= νrt). It must be
noted that this is a complex task, as the combination of the above equations results in an
Euler-type, inhomogeneous, second-order ordinary differential equation. For the sake of
solvability, the equation is solved twice, once without centrifugal forces and once without
temperature gradients, and the results are then superimposed. Chen et al. [116] have shown
that the results differ only slightly from those derived using a fully coupled model.

Radial Displacement
The radial displacement for a complete orthotropic material can be written as given by
Chen and Zhu [115]:

k =
√

Etan
Erad

(2.94)

β = rin
rout

(2.95)

urad(r) =
(

k

Etan
− νtr

Erad

)
C1rk +

(
k

Etan
+ νtr

Erad

)
C2r−k

+
( 3

Etan
− νtr

Erad

)
ρω2(3 + νtr)r3

k2 − 9 + ρω2r3

Etan
+ αT ∆T r.

(2.96)

For a hollow cylinder, the integration constants C1 and C2 can be determined using the
following boundary conditions [115]:

σrad(r = rin) = −pin (2.97)
σrad(r = rout) = −pout. (2.98)

The resulting expressions for the integration constants are

C1 = pin − β−k−1pout

rk−1
out (β−k−1 − βk−1)

− ρω2r2
out(3 + νtr)(1 − β3+k)

rk−1
out (k2 − 9)(1 − β2k)

(2.99)

C2 = −pin + βk−1pout

r−k−1
out (β−k−1 − βk−1)

+ ρω2r2
out(3 − νtr)(1 − β3−k)

r−k−1
out (k2 − 9)(1 − β−2k)

. (2.100)

For a solid cylinder, the integration constants can be found in Chen and Zhu [115].
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Stresses in Radial and Tangential Direction
The radial and tangential stresses in an orthotropic cylinder are given by [115]

σrad(r) = C1 rk−1 − C2 r−k−1 + ρ ω2 (3 + νtr) r2

k2 − 9 (2.101)

σtan(r) = k C1 rk−1 + k C2 r−k−1 + 3 ρ ω2 (3 + νtr) r2

k2 − 9 + ρ ω2 r2 (2.102)

2.1.5.2 Ring of Segmented Magnets with Orthotropic Material Properties

The constitutive and geometric equations for segmented magnets are identical to Equa-
tions (2.90) to (2.93). Since the magnets do not form a closed cylinder and they are the-
oretically unable to transfer forces at their tangential boundaries, the governing equation
lacks a term for tangential stresses [117].

∂σrad
∂r

+ σrad
r

+ ρrω2 = 0 (2.103)

Radial Displacement of Segmented Magnets
This results in [115]

urad,r=R = 1 − νtr
Etan

r2
inpin − r2

outpout
r2

out − r2
in

R + 1 + νtr
Etan

r2
inr2

out(pin − pout)
r2

out − r2
in

1
R

− ρω2(R2 − r2
in)(R + rin)

EtanR2(r2
out − r2

in)

(
r2

in(R2 + r2
out + νtr(r2

out − R2))

−r2
out(R2 + r2

in − νtr(R2 − r2
in))

)
+ ρω2

4Etan

(
R3

3 + rinR2

2 − r2
inR + r3

in

(
− ln R + 1

6 + ln rin

))

+
(

(1 − νtr)R
r2

in
+ 1 + νtr

R

)
r2

in
2 αT ∆T

+ (1 + νtr)
R2 − r2

in
2R

αT ∆T

(2.104)

Stresses in Radial and Tangential Direction of Segmented Magnets
The tangential stress in a ring of segmented magnets is calculated as [115]

σtan(r) = r2
inpin − r2

outpout
r2

out − r2
in

+ r2
inr2

out(pin − pout)
r2

out − r2
in

1
R2 + ρω2(rout + rin)rout

4

(
1 + r2

in
R2

)

− ρω2

4(1 − ν2
tr)

(
R3

3 + rinR2

2 − r2
inR + r3

in

(
− ln R + 1

6 + ln rin

)

+ νtr

(
R2 + rinR − r2

in − r3
in
R

))
(2.105)

2.1.5.3 Definition of Failure Criterion and Design Criteria

The von Mises equivalent stress model is selected for ductile materials, including steels
such as Inconel 718 for the sleeves and, to some extent, magnet materials. The von Mises
equivalent stress σvMises is calculated as

σvMises =
√

0.5
(
(σrad − σtan)2 + σ2

rad + σ2
tan
)
. (2.106)
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For materials such as carbon fiber reinforced plastics, the equivalent stress model is not
applicable. Instead, the maximum tangential strain criterion is used:

εtan = σtan
Etan

. (2.107)

During operation, several load cases occur, which are summarized in Table 2.4.

Table 2.4: Exemplary load cases for the evaluation of the retention sleeve stresses, considering different
operational speeds relative to nominal, constant temperature throughout the rotor, and whether
torque needs to be transferred.

Case ω/ωnom ∆T Load Transfer Description
1 0 0 yes Standstill with full torque for analysis of pre-tension.
2 1.1 110 yes Design torque at 10 % overspeed at operating

temperature.
3 1.2 110 no Rotor burst test at 20 % overspeed at operating

temperature.
4 1.1 -75 yes Design torque at 10 % overspeed at cold start.
5 1.2 -75 no Rotor burst test at 20 % overspeed at cold start.

If a certain torque must be transferred during operation, the contact pressure pc for each
load case must exceed the average shear stress τavg,i in the i-th section, assuming a friction
coefficient of fc = 0.10. This requirement can be relaxed if the magnet carrier transmits
torque not solely via friction, but also via form fit.
Additionally, a minimum contact pressure pmin,i = 10 Pa must be ensured to prevent lift-
off of the magnets under any condition. Lastly, the maximum occurring von Mises stress
σvMises,i,max in each layer must not exceed the corresponding yield strength. These criteria
are summarized as:

pc,load,i ≥ τavg,i

fc
(2.108)

pc,noload,i ≥ pmin (2.109)
σvMises,i,max ≤ σy,i (2.110)

By applying these load cases and design constraints, the suitability of the rotor contain-
ment can be evaluated.

2.1.6 Lumped Parameter Thermal Network

A thorough evaluation of the thermal behaviour of an electric machine is essential to
prove the feasibility of a design. Thermal network methods are therefore applied to obtain
temperature distributions. Figure 2.15 shows a workflow diagram illustrating the process
of thermal analysis for electric machines.
The thermal analysis is an iterative process, as convective thermal resistances such as
between the frame and ambient air or between a fluid and a solid depend on local temper-
atures. Furthermore, material properties are temperature-dependent, further necessitating
an iterative approach. This is carried out using a Newton-Raphson technique.
In Sections 2.1.6.1 and 2.1.6.2, the general thermal transport phenomena and the concept
of nodalization are explained, which are used to solve the thermal network. Section 2.1.6.3
describes how thermal resistances are calculated for various cases, and Section 2.1.6.4
details the construction of the thermal networks for the components. These are required
to set up the local resistance matrices, transform them into a global system, and map the
boundary conditions, such as ambient and coolant temperatures, as well as electromagnetic
and mechanical losses.
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Figure 2.15: Workflow diagram illustrating the process of the thermal analysis of an electric machine using
Lumped Parameter Thermal Networks (LPTN) to determine temperature distributions and
heat fluxes among nodes.

2.1.6.1 Theory of Thermal Transport Phenomena

Generic Partial Differential Equation of Thermal Transport
The transport equation [118] in a continuum can be written as

∂(ρΦ)
∂t

+ ∇ · (ρΦu) = ∇ · (Γ∇Φ) + SΦ (2.111)

where ρ is the density, Φ is a scalar or vector property, Γ is the appropriate diffusion
coefficient, and SΦ is a source term. The equation consists of:

- a transient term, ∂(ρΦ)
∂t

, which accounts for the accumulation of Φ in the control
volume;

- a convection term, ∇ · (ρΦu), which accounts for the transport of Φ due to the
velocity field;

- a diffusion term, ∇ · (Γ∇Φ), which accounts for the transport of Φ due to its spatial
gradients; and

- a source term, SΦ, which accounts for sources or sinks that generate or deplete Φ.
Any additional terms that cannot be cast into convection or diffusion are included in the
source term.

Heat Transfer Mechanisms
Three primary mechanisms of heat transfer exist [119]. Conduction refers to the transfer
of energy between molecules within a medium. It is a linear process that occurs in solids,
fluids, and gases, and is the only mode of heat transfer in solids. The heat transfer by
conduction is described by:

Q = 1
Rth

(Ti − Tj) (2.112)
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where Q is the heat flow, Rth is the thermal resistance of the control volume, and Ti, Tj

are the temperatures at its boundaries.
Convection occurs in fluids and gases due to the movement of molecules. Unlike conduction,
where heat is transferred through molecular vibration and interaction, convection enhances
heat transfer through the bulk motion of fluid. This process intermixes molecules with
different energy levels, increasing the rate of heat exchange. Similar to conduction, the
mechanism is linear and also described by Equation (2.112).
Radiation is the third mechanism of heat transfer, where energy is emitted in the form
of electromagnetic waves. The intensity of radiation depends on emissivity, surface area,
and strongly on temperature, following Stefan-Boltzmann’s law. The net radiative heat
transfer between two surfaces is

Q = σSB εeff A (T 4
i − T 4

j ), (2.113)

where σSB is the Stefan-Boltzmann constant, and εeff is the effective emissivity factor
accounting for surface properties and geometry. According to [120], radiation effects in
electric machines are generally negligible compared to conduction and convection, and are
therefore disregarded in further calculations.

2.1.6.2 Concept of Nodalization

A thermal resistance network model is employed to solve Equation (2.111) because it
requires less computational effort than Computational Fluid Dynamics and Finite Ele-
ment Methods, making it suitable for pre-design applications. The main limitation is that
temperatures can only be evaluated at pre-defined points. The fundamentals of lumped
parameter thermal networks are discussed in [120–124].
To construct a circuit model with a finite number of elements, simplifications are inevitable.
Nodalization refers to dividing an object into sub-elements, where each element or junction
is represented by one or a few nodes. Lumped parameter modelling approximates the
thermal properties of a body with manageable quantities such as average temperature,
volume, and thermal mass.
Although nodal division can be performed arbitrarily, it must meet certain criteria, such
as ensuring accurate temperature prediction and preserving computational simplicity.
The steady-state thermal behaviour can be modelled by analogy to electrical systems,
using a network of thermal resistances, heat flows, and temperature sources [121]. The
conductance matrix G of a system with (n + 1) nodes is given by:

G =



n∑
i=1

1
R1,i

−1
R1,2

· · · −1
R1,n

−1
R2,1

n∑
i=1

1
R2,i

· · · −1
R2,n

...
... . . . ...

−1
Rn,1

−1
Rn,2

· · ·
n∑

i=1

1
Rn,i


(2.114)

The heat injection vector Q is defined as:

Q =


Q1
Q2
...

Qn

 (2.115)
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and the corresponding temperature vector Θ as:

Θ =


Θ1
Θ2
...

Θn

 . (2.116)

The temperature distribution can then be solved using:

Θ = G−1Q (2.117)

Although building an accurate thermal network model requires validation against Finite
Element models or experimental data, the resulting model allows for rapid evaluation
of parameter variations. This computational efficiency is critical for enabling large-scale
design space exploration.

2.1.6.3 Thermal Resistance Calculation of Electric Machine Components

This section addresses the various convective and conductive thermal resistances that
occur within an electric machine.

2.1.6.3.1 Conductive Resistances

The thermal resistance of a solid is calculated with respect to the direction of heat flow as

Rth = 1
G

=
∫ L

0

1
λ A lpath

dlpath (2.118)

where λ denotes the thermal conductivity, L the distance between the two thermal nodes,
and A the cross-sectional area. This formulation allows the cross-sectional area to vary
along the integration path [125]. The following discusses different geometrical configura-
tions.
For a flat plate, the thermal resistance is given by [125]

Rth = L

λ A
(2.119)

The case of a hollow cylinder is generalised to allow the calculation of thermal resistance
for cylindrical segments with radially varying angular spans.

rin rout

Φ
in

Φ
out

L

Figure 2.16: Hollow cylinder segment with linearly varying angles along the radius.
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If the angular span varies linearly along the radius according to

Θ(r) = θin − θin − θout
rout − rin

(r − rin) = a r + b (2.120)

the resulting thermal resistance in radial direction is [122]

Rcseg,rad = 1
λ l b

ln
(

rout
rin

a rin + b

a rout + b

)
(2.121)

For the circumferential direction, the general formulation for a flat plate (2.119) can be
applied using

Lchar = rin θin (2.122)

as the characteristic path length and

h = rin θin + rout θout
2

rout − rin
rin θin

(2.123)

as the mean radial thickness associated with the cross-sectional area [122].

Thermal Resistance of Stator Slot and Windings
Modelling the thermal resistance of the stator slot and windings is challenging due to
several interacting phenomena:

- The presence of slot insulation between the stator iron and copper windings signif-
icantly contributes to the thermal resistance between the teeth and the slot. This
insulation layer often contains small air pockets that reduce its effective thermal
conductivity.

- The winding region exhibits an inhomogeneous composition, comprising copper con-
ductors coated with impregnation material, as well as voids or filler media such as
air or grease between strands. While thermal conductivity is relatively high along
the axial direction due to the copper, it is considerably lower in the radial direction,
where low-conductivity materials dominate.

- Heat generation within the windings is spatially distributed and typically non-
uniform, which complicates the thermal modelling.

- The complex geometry of the slot leads to non-trivial heat flow paths, as temperature
gradients occur at varying radial positions. This contrasts with components like
magnets, where radial heat flow can be assumed more straightforwardly.

In a first step, a model is developed to determine the effective thermal conductivities
within the stator slot. Figure 2.17 illustrates the considered slot geometry, which adopts
a double-layer, vertical winding arrangement. Solid, flat conductors with width wcond and
height hcond are individually insulated by a wire insulation of thickness twire,ins. These
insulated wires are stacked with a separation distance tsep, which is filled with impregnation
material. The slot itself includes a slot liner of thickness tslot,ins, and the void between the
two winding layers is reserved for phase insulation. In the case of a direct slot-cooled
configuration, this void is used as a cooling channel.
Each winding layer is represented by two vertically stacked cuboidal elements, following
the approach of Wrobel and Mellor [126]. On the right-hand side of Figure 2.17, an enlarged
view of one such cuboid is shown, defined by its width wcube and height hcube.
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Figure 2.17: Double-layer winding arrangement in slot and definition of cuboidal elements

The effective thermal conductivities in radial λrad, tangential λtan, and axial direction λax
are then calculated using the dimensions provided in Figure 2.17 as

λrad =
hcond

2 + twire,ins + tsep
2

hcond
2 λcond

+ twire,ins
λwire,ins

+ tsep
2 λimpreg

(2.124)

λtan =
wcond

2 + twire,ins + tsep
2

wcond
2 λcond

+ twire,ins
λwire,ins

+ tsep
2 λimpreg

(2.125)

λax = λcondAcond + λwire,insAwire,ins + λimpregAimpreg
Acube

(2.126)

The areas Acond, Awire,ins, Aimpreg, and Acube represent the cross-sectional regions of the
cuboidal element occupied by the copper conductors, the wire insulation, the impregna-
tion resin, and the entire cuboid, respectively. The thermal conductivities λcond, λwire,ins,
and λimpreg denote the heat conduction capabilities of the respective materials. As evi-
dent from the structure of Equation (2.126), the radial and tangential components are
modelled as a series connection of the respective thermal resistances, whereas the axial
direction is represented by an area-weighted average of the individual material conduc-
tivities, corresponding to a parallel thermal path. While litz wires offer advantages at
high frequencies, modelling their effective thermal conductivity remains challenging and is
largely based on empirical models [127–129] supported by application-specific validation
through measurements [130]. For this reason, they are not considered in the present work.
The second step involves modelling the thermal resistance of the slot as a whole. This
approach, initially introduced by Soderberg [131] and later formalised by Kylander [121],
was extended by Wrobel and Mellor [126] to account for three-dimensional effects. In
this method, the complex geometry of the stator slot is transformed into an equivalent
rectangular domain to facilitate the analysis of heat flow.
For two-dimensional heat conduction, the analytical solution derived by Soderberg [131]
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forms the basis of the model. The corresponding node configuration is illustrated in Fig-
ure 2.18, where internal heat generation is also considered.

Tavg

−Ry0

6

Ry0

2
T4

Ry0

2
T3

−Rx0

6

Rx0

2

T2

Rx0

2

T1

Figure 2.18: Node configuration for two-dimensional heat flow with internal heat source, adapted from
[121]

The equivalent thermal resistances in the tangential and radial directions are calculated
as follows [126]:

Rx0 = wcube
4 λtan hcube Lstk Qs

(2.127)

Ry0 = hcube
4 λrad wcube Lstk Qs

(2.128)

These expressions form the basis for determining the thermal network parameters used in
the lumped parameter thermal model of the stator slot region.

2.1.6.3.2 Convective Resistances

The second type of resistance in electric machines is convective resistance. It primarily
occurs at the rotor and stator surfaces, but also within the airgap and at the interfaces
between cooling channel walls and the cooling fluid, such as in direct slot or water jacket
cooling configurations. The thermal resistance of a solid surface in contact with a fluid or
gas is expressed as

Rth = 1
G

= 1
αconv A

(2.129)

where αconv is the heat transfer coefficient and A is the surface area of the solid in contact
with the fluid [125]. Empirical correlations exist for common cases, linking the so-called
Nusselt number to the heat transfer coefficient in the form

αconv = Nu λ

Lchar
(2.130)

where Nu is the Nusselt number, λ the thermal conductivity, and Lchar the characteristic
length scale of the specific problem. The following sections introduce several types of
convective resistances.

Thermal Resistance at Outer Surface of Static Cylinder
At the outer surface of a cylinder, two types of convection may occur: natural convection
driven by gravity acting on a fluid or gas, and forced convection. In both cases, fluid

42



2.1 Electric Machines

properties are evaluated at the mean temperature Tm,

Tm = Tw + Tamb
2 (2.131)

where Tw is the wall temperature and Tamb the ambient temperature, defined as sufficiently
far from the wall. For natural convection, the Nusselt correlation is given in [125], based
on equations developed by Churchill and Chu [132], Staton et al. [133]:

Gr = g r3
out

8 ν2 β (Tw − Tamb) (2.132)

Ra = Gr Pr (2.133)

where g is the gravitational acceleration, rout the outer radius of the cylinder, β the
thermal expansion coefficient, Gr the Grashof number, Pr the Prandtl number, and Ra
the Rayleigh number. The Nusselt number is then calculated as

Nu =

0.60 + 0.387 Ra
1
6

(
1 +

(0.559
Pr

) 9
16
)−8

27


2

(2.134)

The characteristic length for this case is the cylinder diameter,

Lchar = 2 rsy,o (2.135)

which is used in Equation (2.130) to determine the heat transfer coefficient.
For forced convection, a cross-flow perpendicular to the cylinder axis is assumed [125],
based on Gnielinski [134]. Mixed convection, where natural convection is superimposed on
forced convection as proposed by [132], is not considered here. The characteristic length
is taken as half the perimeter:

Lchar = rsy,o π (2.136)

The corresponding Reynolds number is given by

Re = rsy,o π v

ν
(2.137)

where v is the fluid flow velocity. The Nusselt number for forced convection is then com-
puted as

NuL = 0.664 Re
1
2 Pr

1
3 (2.138)

NuT = 0.037 Re0.8 Pr

1 + 2.443 Re−0.1
(
Pr

2
3 − 1.0

) (2.139)

Nu = 0.3 +
√

Nu2
L + Nu2

T (2.140)

As in the natural convection case, the heat transfer coefficient can be calculated using
Equation (2.130).

Thermal Resistance in Rotor-Stator Airgap
The flow in the rotor-stator airgap is modeled as Taylor-Couette flow following the ap-
proach described by Nerg et al. [120]. This model assumes that the airgap fully encircles
the rotor. The characteristic length of the problem is defined as twice the mechanical
airgap, gmech.
Given an axial flow velocity vax and a rotational airgap velocity vrad, an effective velocity
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veff can be computed as

veff =

√
v2

ax +
(

vrad
2

)2
(2.141)

This allows the calculation of the axial and effective Reynolds numbers:

Reax = 2 vax gmech
ν

(2.142)

Reeff = 2 veff gmech
ν

(2.143)

The Taylor number, characterising the influence of rotational effects in the annular flow,
is given by

Ta = gmech vrad
ν

√
gmech
rsl,o

(2.144)

Detailed correlations for the Nusselt number in the rotor-stator airgap are provided by
Chong [135] as functions of Reynolds and Taylor numbers and the thermophysical proper-
ties of air. These expressions, which are not reproduced here due to their length, are used
in this work as given for the relevant flow regimes defined by Kaye and Elgar [136].

Thermal Resistance of a Rectangular Cooling Channel
Another geometry of interest is the rectangular cooling channel, which is perfused by a
cooling liquid. In electric machines, such slots are commonly used to implement direct
slot cooling or water jacket cooling channels. For the case of a constant heat flux density
Q = const., the Nusselt number can be calculated for different flow regimes. The hydraulic
diameter rh of a rectangular slot is defined as

rh = hcc wcc
hcc + wcc

, (2.145)

where hcc and wcc are the height and width of the cooling channel, respectively.
In the case of laminar flow (Re < 2300), the Nusselt number can be calculated as in
[137, 138]:

NuL = 8.235
(

1 − 2.0421
(

hcc
wcc

)−1
+ 3.0853

(
hcc
wcc

)−2

−2.4675
(

hcc
wcc

)−3
+ 1.0578

(
hcc
wcc

)−4
− 0.1861

(
hcc
wcc

)−5)

+ 2 ·
0.065 dh

L Re Pr

1 + 0.04
(

dh
L Re Pr

)2/3

(2.146)

If the flow is turbulent (Re > 104), the Nusselt number can be calculated using the
correlation from [125] based on [134]:

ζ = (0.79 log Re − 1.64)−2 (2.147)

NuT =
ζ
8 (Re − 1000) Pr

1 + 12.7
√

ζ
8

(
Pr

2
3 − 1

) [1 +
(2 rh

lax

) 2
3
]

(2.148)

Transient flow represents a transition between laminar and turbulent regimes. The Nusselt
numbers at the boundaries are denoted as NuL,2300, corresponding to the laminar value
at a Reynolds number of 2300, and NuT,104 , corresponding to the turbulent value at a
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Reynolds number of 104. The Nusselt number in the transitional regime is then given by

γ = Re − 2300
104 − 2300 (2.149)

Nu = (1 − γ) NuL,2300 + γ NuT,104 . (2.150)

Knowing the heat transfer coefficient enables calculation of temperature profiles, e.g., from
windings to the fluid in cooling channels. The pressure drop along such a channel is an
important parameter as it is the sizing element of a pump which drives the fluid. Pressure
loss coefficients for different geometries will be listed. In general, the pressure loss ∆p can
be calculated as

∆p = ζ lax ρ
v2

4 rh
(2.151)

where ζ is the pressure loss coefficient. The pressure loss coefficients inside a rectangular
slot can be calculated according to [125]:

ζ =



64
Re

ϕ Re < 2300

0.3164 Re
−1
4 2300 < Re < 105

(1.8 log Re − 1.5)−2 105 < Re < 106

(1.819 log Re − 1.64)−2 Re > 106

(2.152)

with ϕ defined as a coefficient to take into account the non-circular form of the rectangular
slots for laminar flow [125].

Thermal Resistance of End Space
Heat transfer from the end-winding into the void between the end-shields and the frame,
as well as toward the slot pipe or rotor depending on the motor topology, is among the
most difficult to predict. A literature review by Staton et al. [133] proposes the following
empirical correlation:

h = k1
(
1 + k2 vk3

)
(2.153)

where h is the heat transfer coefficient, v the local fluid velocity, and k1, k2, and k3 are
curve-fit coefficients. The first term accounts for natural convection, while the second rep-
resents the contribution of forced convection. Throughout this thesis, the values proposed
by Schubert [139] are adopted (k1 = 15, k2 = 0.4, and k3 = 0.9). If a stator sleeve is used,
heat transfer around the end-windings and within the housing and endcap is limited to
natural convection, which corresponds to setting k2 to zero.

2.1.6.4 Lumped Parameter Thermal Network of the Machine

Two cooling topologies are considered for the electric machine: an indirect jacket-cooled
design and a direct slot-cooled variant. In the jacket-cooled configuration, rectangular
axial cooling channels are integrated into the housing. The slot-cooled configuration, in
contrast, utilizes the space reserved for the phase divider, as illustrated in Figure 2.17.
While the jacket-cooled design can be air- or liquid-cooled and is easier to manufacture,
the slot-cooled approach enables improved heat transfer directly at the primary sources
of loss, i.e., copper and iron losses, by providing a significantly shorter thermal path and
thus enable higher power densities at similar thermal limits.
From a thermal modelling perspective, both topologies are structurally similar. Figure 2.19
presents the general lumped parameter thermal network, which is valid for both config-
urations. The specific differences introduced by each cooling approach are illustrated in
Figure 2.20.
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Figure 2.19: Lumped parameter thermal network of the entire electric machine including temperature
nodes, thermal resistances, and injected losses. For clarity and due to symmetry, only the
active and front sections are shown. The complete list of temperature nodes and resistances
can be found in Chapter A.

Both topologies use a detailed thermal network comprising approximately 65 temperature
nodes and 120 thermal resistances. The network captures radial, tangential, and axial
heat fluxes, including dissipation into the end space. A quasi-3D formulation is employed
based on rotational and axial symmetry, enabling efficient yet spatially resolved heat flow
estimation. Its structure follows the modelling principles described in the Motor-CAD
manual [140].
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The thermal resistances of the rotor, the stator tooth and yoke, and structural components
such as the housing and end caps are calculated using Equations (2.119) to (2.123). The
winding is modelled as two stacked cuboids, as shown in Figure 2.17, with C1 representing
the outer and C2 the inner region. The resistances of the active slot and end-winding
regions are obtained using the methods presented in Equations (2.126) and (2.128). Con-
vective resistances, including those in the airgap, cooling channels, and end space, are
derived from the equations discussed in Paragraph 2.1.6.3.2.
The copper and iron losses retrieved from Section 2.1.4.6 are distributed volumetrically
across the active and end-winding regions, as well as between the inner and outer parts of
the stator tooth and yoke, in accordance with the segmented cuboid model.
The difference between the two cooling topologies is visualized in Figure 2.20, which shows
the additional resistance networks complementing the common network presented in Fig-
ure 2.19.

Housing
Housing

Overhang

Fluid Inlet

Fluid Jacket End Space

Slot
(C1)

Slot
(C2)

Fluid Inlet

Fluid Slot

(a) Jacket cooling (b) Slot cooling

Figure 2.20: Lumped parameter thermal network addendums for jacket- and slot-cooled variants comple-
menting the common network described in Figure 2.19. The complete list of resistances can
be found in Chapter A.

For jacket-cooled variants, heat flows from the housing and housing overhang into the fluid
jacket. Consequently, losses generated in the winding and iron components must conduct
through the stator teeth and yoke before dissipation. In contrast, the direct slot-cooled
variant introduces cooling fluid into the endspace before it enters the cooling channels
located in the phase divider region, where the network is directly connected to the slot
nodes. This topology enables more efficient heat extraction directly at the source.
The ambient and fluid inlet nodes have fixed temperatures, imposing Dirichlet boundary
conditions. Nodes with loss sources are treated as Neumann boundary conditions. Once
all thermal resistances are computed, the temperature distribution is obtained by solving
Equation (2.117).

2.1.7 Insulation Coordination according to IEC-60664

Insulation breakdown can lead to hazardous failures that are not tolerable in aerospace
applications [141]. The insulation material is affected by electrical, mechanical, thermal,
and environmental stresses [142, 143], which can result in short circuits between damaged
stator windings [144]. A thorough evaluation of insulation strength is therefore essential
during pre-design, as the insulation thickness is a major contributor to the high thermal
resistance from the slot to the stator teeth due to its low thermal conductivity, typically
around λins = 0.25 W m−1 K−1 [141]. As a result, research projects aim to increase the
thermal conductivity of these materials. While current insulation systems are primarily
based on mica-epoxy organics, nanocomposite polymers with fillers such as aluminium
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oxide or aluminium nitride can increase torque and current density by more than 15 %
due to an improved thermal conductivity of up to λins = 0.7 W m−1 K−1 [141].
Recent efforts have been made to raise the DC link voltage above 1 kV to reduce cable
weight for power transmission. However, the insulation breakdown strength is influenced
by elevated internal temperatures [145], reduced air pressure at high altitudes [146] (see
Paschen’s law [147]), and high dV/dt pulses from pulse width modulated (PWM) sig-
nals [146, 148–151]. These signals are also affected by the cable length, which may cause
reflections due to an impedance mismatch between the motor and the cable [141].

2.1.7.1 Pulse Shapes at Machine Terminal

According to IEC 60034 [76], the signal at the inverter output is not an ideal rectangular
pulse but typically exhibits an overshoot after rapidly rising from zero before reaching the
DC link voltage (see Figure 2.21).
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Figure 2.21: Qualitative impulse signal with overshoot at the inverter output

The peak voltage, signal rise time tr, and slew rate dV/dt are key parameters in insulation
coordination. If not measured, the overshoot factor is taken as fo = 1.1. The signal rise
time is defined as the time required for the signal to rise from 10 % to 90 % of the peak
voltage [76], given by

tr = 0.8 fo VDC
dV/dt

. (2.154)

In addition to overshoot, signal reflections may occur along the inverter-machine connec-
tion, depending on cable length and impedance mismatch. The critical cable length Lcrit
at which full reflection occurs is

Lcrit = tr vp
2 , (2.155)

where vp is the wave propagation velocity, which depends on the cable’s inductance and
capacitance per unit length. A typical value of vp = 150 m µs−1 is used when specific data
are unavailable.
Based on the actual cable length LCab, the reflection factor r is defined in IEC 60034 [76]
as

r =


0.0 LCab ≤ Lcrit

10
0.25 Lcrit

10 < LCab <
2Lcrit

3
1.0 LCab ≥ Lcrit,

(2.156)
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resulting in a total overshoot factor

ft = (1 + r) fo. (2.157)

For a given number of inverter levels nInv and simultaneous switching events no, the
switching voltage Vs becomes

Vs = VDC
(nInv − 1) no, (2.158)

leading to the total overshoot voltage at the machine terminal

Vo = (ft − 1) Vs (2.159)

and the expected maximum voltage stress during normal operation

Vr = VDC + Vo. (2.160)

2.1.7.2 Type and Acceptance Test Voltages

The insulation is validated against type and acceptance criteria. According to IEC 60034
[76], the type test voltage Vtype is defined as

Vtype =


2 Vr phase-phase
1.4 Vr phase-neutral, phase-ground
0.7 Vr fw turn-turn

(2.161)

and the acceptance test voltage Vacc as

Vacc =


2 (Vr +

√
2 1000) phase-phase

2 (1.4 Vr +
√

2 1000) phase-neutral, phase-ground
1.4 Vr +

√
2 1000

Nc
turn-turn

(2.162)

where fw accounts for non-uniform voltage distribution in the winding and is calculated
by

fw = 0.9
e

0.05
3.95 ln

(
4.0
9.0

) e
tr

3.95 ln
(4.0

9.0

)
. (2.163)

2.1.7.3 Breakdown Voltages and Safety Factors

The insulation thickness tins and the material’s dielectric strength εr determine the sys-
tem’s breakdown voltage

Vb = tins εr (2.164)

and the insulation safety factor

SFins = Vb
max(Vtype, Vacc)

. (2.165)

For rotating electric machines, safety factors of 1.5 – 2.0 are typically required [76].
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2.1.8 Short Summary

This section presents the analytical and physical modelling of permanent magnet syn-
chronous machines. It defines the machine geometry and investigates the electromagnetic
behaviour, including a detailed analysis of the winding configuration, magnetic field and
flux density distributions, inductances, and loss mechanisms under operating conditions.
Structural integrity is evaluated using analytical stress models that incorporate orthotropic
material properties of the rotor components. Thermal behaviour is assessed through a com-
plex lumped parameter thermal network, allowing estimation of the internal temperature
distribution. Insulation coordination is established in accordance with IEC-60664, ensur-
ing compliance with electrical safety requirements. The models are structured to balance
accuracy and computational efficiency, facilitating early-stage design iterations. Analyti-
cal results are validated where appropriate against reference solutions and showed good
agreement.
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2.2 Power Transmission Gearboxes
Gearboxes convert torque and speed to meet specific application requirements. Typically,
power is transmitted from a high-speed, low-torque electric machine to a low-speed, high-
torque propeller. As previously discussed, the mass of electric machines decreases signifi-
cantly with increasing speed due to the corresponding reduction in torque requirements.
Consequently, a trade-off exists between torque-dense direct-drive configurations and high-
speed machines coupled with a reduction gearbox.
Ideally, the transmission system would be supported by a modeling tool as comprehen-
sive as the one developed for the electric machine. However, gearbox design is highly
application-specific and depends on boundary conditions governed by kinematic con-
straints, mechanical strength, manufacturability, and other practical factors [152–154].
The standard works of Radzevich [155] and Niemann et al. [156], Niemann and Winter
[157] describe the gearbox design process and its key components, including:

- the gearset for torque and speed conversion,

- shafts to support and transmit torque,

- bearings to carry loads and maintain alignment,

- a lubrication system for gear meshing,

- and a housing to enclose and support all components.

Various configurations exist for defining gearsets. In aerospace applications, spur and he-
lical gears are typically used in stepped or planetary arrangements. Gearset performance
depends on both macrogeometry and microgeometry, which influence load-bearing ca-
pacity and mechanical efficiency [154–157]. Over the years, extensive design experience
has been consolidated into international standards, most notably ISO 6336 [158–161] and
AGMA 2001 [162]. These standards are widely used for gearset optimization, often in
combination with genetic algorithms and other heuristic methods [152, 163–168].
However, these guidelines focus primarily on gear tooth design and do not fully account
for the geometry of supporting structures such as web thickness or rim shape. The design
of shafts, bearings, and housings is highly case-specific and depends on the applied load
conditions. These components significantly contribute to overall gearbox mass and are
not easily described by first-principles analytical models. For the purposes of this work, a
generalized empirical estimation method is adopted to predict gearbox mass and efficiency
as functions of power, speed, and gear ratio across a wide design space.
To estimate gearbox mass and efficiency, the number of gear stages Nst must be deter-
mined if the total gear ratio exceeds the maximum permissible ratio per stage. In [169, 170],
a random search optimization method was proposed to distribute the overall gear ratio
among the individual stages. The authors concluded that the most mass-efficient configu-
rations followed a harmonic progression of gear ratios. Although this approach offers high
flexibility, it increases complexity, especially when the number of stages is not fixed in ad-
vance. To simplify the approach, a geometric progression with a constant ratio per stage
is employed, which has been shown to yield near-optimal efficiency and low weight [171].
The overall gearbox ratio iGB is defined as

iGB = nEM
nProp

= TProp
TEM

(2.166)

where nEM and nProp are the rotational speeds of the electric machine and propeller,
respectively, and TEM, TProp are the corresponding torques.
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The required number of stages is then given by

Nst =
⌈

ln iGB
ln ist,max

⌉
(2.167)

where ist,max is the maximum allowable gear ratio per stage, set to six. The constant gear
ratio per stage is then computed as

ist = (iGB)1/Nst . (2.168)

2.2.1 Mass

The total gearbox mass mGB is computed as the sum of the individual stage masses mst,i,
that is,

mGB =
Nst∑

i

mst,i. (2.169)

The mass of each gearbox stage is estimated using a heuristic method originally developed
by NASA engineers from empirical data on aircraft gearboxes. This correlation includes the
mass of the lubrication system and has been slightly adapted in this work to incorporate
the efficiency of the respective stage as well as convert it to metric units:

mst,i = 0.45359237 · 72 · KGB

= 0.45359237 · 72 ·
(

Pst,i
746 · ηst,i

)0.76

· (ist,i · nst,i)0.13

n0.89
st,i

(2.170)

where Pst,i, nst,i, and ist,i denote the input power, speed, and gear ratio of the ith stage,
respectively.
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Figure 2.22: Gearbox mass versus power-speed index (see Equation (2.170)) for various helicopter and
aircraft gearboxes, including continuous correlation. Adapted from [172].

Figure 2.22 shows an adapted version of the NASA market study, illustrating the corre-
lation for a range of helicopter and aircraft gearboxes. Evaluating Equation (2.170) on a
per-stage basis rather than for the entire gearbox allows the decreasing torque and thus
lower mass of higher-speed stages to be captured more accurately.
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2.2.2 Efficiency

The total gearbox efficiency ηGB is calculated as the product of the individual stage effi-
ciencies ηst,i:

ηGB =
Nst∏

i

ηst,i. (2.171)

Unlike gearbox mass, no simple and generalized correlation for efficiency is available in
the literature. To address this gap, a heuristic estimation method is developed.
The approach proposed by Zakrzewski [173] is adopted to conduct a parameter study. Only
planetary gearsets with three to six planet gears are considered. These configurations are
compact, coaxial with the shaft, and offer high efficiency with minimal aerodynamic drag.
The fan or propeller speed nProp is varied in the range 1000 – 3000 min−1, under the as-
sumption that higher speeds are unlikely in practical applications. Similarly, the electric
machine speed nEM is varied within 2000 – 15 000 min−1. The mechanical shaft power de-
livered to the propeller PProp,mech is varied over 100 – 1000 kW, covering the majority of
relevant design scenarios. The gear ratio iGB is varied within the range from 2 to 5. Ra-
tios below two typically do not yield sufficient electric machine mass reduction to justify
the additional gearbox losses, while ratios above five tend to produce impractical face
geometries.
The resulting finite element data has been statistically evaluated to derive a continuous
approximation of stage efficiencies. Several two-dimensional fit functions were tested sep-
arately for each gear ratio, including quadratic, cubic, and exponential ones. The optimal
fitting parameters were derived by means of a least-squares approximation, and the coef-
ficient of determination R2, also called goodness of fit, was used to assess the quality of
the approximation:

R2 = 1 −
∑

i(yi − fi)2∑
i(yi − ȳ)2 (2.172)

where the numerator describes the residual sum of squares and the denominator the total
sum of squares, with yi being the actual, fi the predicted, and ȳ the mean of the actual
data.
The two-dimensional quadratic fit function yielded the best performance across all gear
ratios:

f2D,quad(x, y) = (a x2 + b x + c) (d y2 + e y + f) + g (2.173)

The corresponding fitting parameters and R2 values are summarized in Table 2.5.

Table 2.5: Fitting parameters for two-dimensional quadratic fit of gearbox efficiency by gear ratio based
on data from [173]

Parameter Gear ratio ist
2 3 4

a -6.54E-17 -6.22E-14 -8.71E-14
b 8.34E-10 8.09E-07 1.09E-06
c 6.43E-02 -3.15E+03 -1.61E+02
d -5.30E-10 1.10E-14 1.60E-12
e -1.24E-06 1.73E-10 3.21E-10
f 1.66E+00 1.67E-03 1.45E-03
g 8.85E-01 6.27E+00 1.22E+00
R2 0.9775 0.9850 0.9981

The 2D quadratic approximation achieves high correlation with the simulation data for
all gear ratios, with R2 values ranging from 0.9775 to 0.9981. With only seven parameters
per gear ratio, the model remains computationally efficient. The parameter signs and
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magnitudes produce a realistic surface shape, ensuring efficiency values remain below one
and follow expected trends.
Figure 2.23 shows the contour plot of gearbox efficiency against input power and speed
for a fixed gear ratio of three, based on the two-dimensional quadratic fit. The efficiency
increases with higher shaft power and decreases with higher propeller speed. This trend is
consistent across all other gearbox ratios.
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Figure 2.23: Contour plot of gearbox efficiency against input power and speed for a fixed gear ratio of
iGB = 3, using the 2D quadratic fit with the optimal parameter set from Table 2.5.

2.2.3 Short Summary

An analytical tool has been developed to estimate the mass and efficiency of power trans-
mission gearboxes based on basic design assumptions. While this method provides a useful
starting point for system-level assessments, it lacks the physical depth and resolution of
more advanced component models. Future work should focus on incorporating detailed
physical modeling to improve accuracy and confidence in the results, as well as enhance
consistency and comparability across component evaluations. The foundational work by
Anderson et al. [174], Otten et al. [175] offers valuable guidance for further development.
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2.3 Power Electronics
Solid-state semiconductors, such as Insulated Gate Bipolar Transistors (IGBTs) and Metal-
Oxide-Semiconductor Field Effect Transistors (MOSFETs), have a wide range of applica-
tions [176]. Four types of electric power conversion can be distinguished [177], as shown
in Figure 2.24, with almost all typically present in automotive and aerospace drivetrains.
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Figure 2.24: Classification of power electronics converters

Electric aerospace drivetrains employ DC-DC converters, for instance in combination with
batteries, to stabilize voltage levels. This is necessary as battery voltage decreases with
state of charge. DC-DC converters are also used to supply low-voltage systems for control
and communication from a high-voltage bus. Additionally, DC-AC inverters convert DC
power into three-phase AC to drive electric machines, while rectifiers perform the inverse
operation, for example in generator applications. Since most mobile power distribution
systems are based on DC, AC-AC cycloconverters are rarely used in automotive and
aerospace applications.
Every power converter uses semiconductor devices such as switches and diodes to facilitate
energy conversion [176, 177]. Figure 2.25 illustrates the schematic of an n-p-n field-effect
transistor.

C

E

G

VGE

VCE

Figure 2.25: Schematics of a transistor

The device is normally off. When a positive voltage is applied to the gate (G), and the
gate-emitter voltage VGE exceeds the threshold while being less than the collector-emitter
voltage VCE, electrons are emitted from the emitter (E), flow through a narrow n-channel in
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the p-region, and are collected at the collector (C), establishing current flow. The channel
width, and therefore the current and collector-emitter resistance, is modulated by the gate
voltage. If a negative gate-emitter voltage is applied, conduction stops [178]. The maximum
allowable collector-emitter voltage VCES is known as the blocking voltage. Common discrete
voltage levels used in power applications include 600 V, 1200 V, and 1700 V [179].
The development of switchable devices such as MOSFETs and IGBTs has enabled a
broader range of electric drivetrain applications due to their low losses and compact form
factor. More recently, wide bandgap semiconductors such as Silicon-Carbide (SiC) and
Gallium-Nitride (GaN) have enabled highly power-dense and efficient converters, particu-
larly suited for high switching frequencies [180].
The following sections provide analytical models and design considerations for DC-AC
inverters, AC-DC rectifiers, and DC-DC converters. Wintrich et al. [179] offers a compre-
hensive overview of power semiconductor applications.

2.3.1 DC-AC Inverters and AC-DC Rectifiers

DC-AC inverters and AC-DC rectifiers are among the most critical components in an elec-
tric drivetrain, as they are required in several drivetrain architectures shown in Figure 1.4.
In this investigation, only DC-AC inverters are analyzed in detail. Since only bidirectional
topologies are considered, AC-DC rectifiers exhibit similar characteristics in terms of mass
and efficiency and therefore do not require separate modelling. A power inverter comprises
several functional parts that must be considered in the design process, as illustrated in
Figure 2.26.

DSCDC

DC+
Lf

DC-

Cfo

Lfo

iu
iv
iw

DC input filter
semiconductors

and heatsink

AC output filter

Figure 2.26: Voltage source inverter with DC input filter, the active part consisting of semiconductors and
heatsink, and an AC output filter. The control unit with gate drivers, busbars, and connectors,
as well as the housing, are not shown.

A DC source is connected to a DC input filter, typically of LC type, to limit voltage
and current ripple at the inverter input. The active part of the inverter, comprising semi-
conductors and a heatsink, generates a sinusoidal three-phase AC current. The inverter
output is connected to a filter to attenuate harmonics. Components such as the control
unit, gate drivers, busbars, connectors, and the housing are omitted in the figure but are
considered in the analysis.
The following sections address different voltage source inverter topologies, the electro-
thermal analysis of semiconductor power modules in combination with a heatsink, and the
design of DC-link capacitors for voltage ripple mitigation. Additionally, gate driver boards,
busbars, power connectors, and housing design are considered. In battery-powered systems,
a dedicated DC input filter is typically unnecessary, as the battery provides a stable DC
voltage with inherently low ripple due to its low output impedance. The primary purpose
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of AC output filters is to reduce overvoltages caused by impedance mismatches between
motor and cable [181]. The critical cable length, given in Equation (2.155), is typically
above 2 m, even for high voltage slew rates up to dV/dt = 50 000 V µs−1 [182]. Therefore,
AC output filters can be neglected in aerospace applications, provided the power inverters
are installed in close proximity to the electric machines.

2.3.1.1 Topologies of Voltage Source Inverters

Adjustable-speed drives are controlled by voltage waveforms. For three-phase AC sys-
tems, voltage source inverters are used to provide sinusoidal AC signals with controllable
magnitude, frequency, and phase [176]. Among the various available inverter and rectifier
topologies, the two-level (2L) inverter is the most widely employed due to its simplicity,
low weight, and cost. For applications requiring higher switching frequencies, a transition
to wide-bandgap devices such as SiC MOSFETs or GaN transistors is possible, albeit at
increased cost. Numerous alternative topologies have also been proposed and investigated
[183, 184].
In addition to the standard two-level topology, this thesis considers two three-level topolo-
gies: the three-level neutral-point clamped (3LNPC) and the three-level T-type neutral-
point clamped (3LTNPC) inverter [183–186]. The primary motivations for employing
higher-level topologies are improved efficiency at elevated switching frequencies and the
ability to operate at higher voltages without requiring series-connected semiconductors.
An additional benefit is the potential reduction in the size of passive components such
as filters, owing to the lower harmonic content of the output voltage. However, these ad-
vantages come at the cost of increased complexity and a higher number of semiconductor
devices, which generally lead to increased system cost and weight [184, 187–189].

2L inverter
Figure 2.27 shows the standard 2L inverter topology for a three-phase system, with an
input voltage VDC on the DC side and the three output voltages vu,v,w on the AC side,
connected to a load, e.g., an electric machine [183, 184, 190].

D1S1

D2S2

D3S3

D4S4

D5S5

D6S6

DC+

DC-

iu

iv

iw

vu vv vw

VDC

Vcom

Figure 2.27: Schematics of a 2L inverter connected to a DC source and an AC load

The inverter consists of three phase legs, each comprising a pair of semiconductor switches
configured as a half-bridge. Each switch is formed by an actively controlled transistor
switch(S), typically an IGBT or MOSFET, in parallel with a freewheeling diode (D). The
six switches yield eight (23) possible switching states, since the switches S1 and S2, S3 and
S4, and S5 and S6 operate in complementary pairs. These eight states include six active
output voltage states and two zero-voltage states [184, 190].
Table 2.6 lists the two active switching states of a single phase and the corresponding
output voltages.
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Table 2.6: Allowable switching states of a 2L inverter

switch state S1 S2 vu

1 1 0 +VDC

2
2 0 1 −VDC

2

If both switches are off (S1 = S2 = 0), no output voltage is generated. Both switches must
not be on simultaneously (S1 = S2 = 1), as this would create a short circuit between DC+
and DC-. Thus, only one of the switches can be on at any given time, while the other is
off, resulting in two valid states per phase. In the 2L topology, all semiconductor devices
are subjected to the full DC-link voltage VDC in their blocking state. Since each switch
transitions under this voltage, it defines the commutating voltage:

Vcom = VDC (2.174)

as illustrated in Figure 2.27 [183].
Figure 2.28 shows the current paths and commutation states for one half-bridge. When the
output voltage and current are both positive, switch S1 conducts. If the current reverses,
diode D1 conducts (Figure 2.28a). Depending on the sign of the output power gradient, the
commutation is termed forced (capacitive) if the gradient is negative, or natural (inductive)
otherwise. The figure also marks the locations where switching losses occur.
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Figure 2.28: Possible commutations of 2L inverters. Solid red lines indicate current paths before commu-
tation; dashed red lines show the paths after commutation. Dashed circles mark locations of
switching losses.

3LNPC inverter
A Three-Level Neutral Point Clamped (3LNPC) inverter is one of the multi-level topologies
considered in this thesis. Figure 2.29a shows one phase leg of a 3LNPC inverter.
This topology comprises four transistor-diode pairs and two additional clamping diodes
connected to the neutral point. Compared to the two-level inverter, it doubles the number
of semiconductor devices. The DC link is split into two halves, requiring voltage balancing,
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Figure 2.29: Schematics of a single phase leg of different three-level inverter topologies

but this also reduces the commutating voltage to

Vcom = VDC
2 . (2.175)

Permissible switching states include all switches off, only S2 or S3 on, or any two adjacent
switches on, as shown in Table 2.7. Certain states are destructive and must be strictly
avoided: if three adjacent switches are on, a short circuit of the upper or lower half of the
DC link occurs. If three non-adjacent switches are on, the full DC link voltage may be
applied to either S2 or S3 [189].

Table 2.7: Allowable switching states of a 3LNPC inverter

switch state S1 S2 S3 S4 vu

1 1 1 0 0 +VDC

2
2 0 1 0 0 +VDC

2
3 0 1 1 0 0
4 0 0 1 0 −VDC

2
5 0 0 1 1 −VDC

2

3LTNPC inverter
Another option is the Three-Level T-Type Neutral Point Clamped (3LTNPC) inverter,
illustrated in Figure 2.29b. In contrast to the 3LNPC topology, this configuration does
not require additional clamping diodes. Instead, the outer switches S1 and S4 must block
and commutate the full DC link voltage, whereas the inner switches S2 and S3 operate at
half the DC link voltage:

Vcom =


VDC

2 S2,S3

VDC S1,S4.
(2.176)

All switching states are allowed except for combinations where two non-adjacent switches
are turned on simultaneously. Such configurations result in a short circuit of either the
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upper or lower half of the DC link, or a direct short between DC+ and DC- [189], as
summarized in Table 2.8.

Table 2.8: Allowable switching states of a 3LTNPC inverter

switch state S1 S2 S3 S4 vu

1 1 0 0 0 +VDC

2
2 1 1 0 0 +VDC

2
3 0 1 0 0 0
4 0 1 1 0 0
5 0 0 1 0 −VDC

2
6 0 0 1 1 −VDC

2
7 0 0 0 1 −VDC

2

2.3.1.2 Modulation Strategies

To realize the switching states described in Section 2.3.1.1, the transistors must be switched
on and off at the correct instants. This technique is known as modulation [191–193].
Today, modulation is predominantly achieved using pulse width modulation methods. A
key parameter in this context is the modulation index ma,

ma = V̂1,ph(
VDC

2

) (2.177)

defined as the ratio of the amplitude of the fundamental phase voltage at the inverter
output to half the DC link voltage. It characterizes the voltage utilization of the inverter
output signal [192].

Carrier-Based Sinusoidal Pulse Width Modulation
Carrier-based pulse width modulation schemes, such as sinusoidal pulse width modulation,
use a sinusoidal reference voltage vref that is compared against a high-frequency triangular
carrier signal vc. The carrier signal operates at a switching frequency fsw, which is related
to the fundamental electrical frequency fel by the frequency ratio mf:

fsw = mf fel. (2.178)

In the case of a two-level inverter, the switching states Su, Sv, and Sw for the three phase
legs are defined as

vref

{
> vc Sx = 1
< vc Sx = 0.

(2.179)

Based on the switching functions, the corresponding pole voltages vun, vvn, and vwn are
calculated as

vxn =
(

Sx − 1
2

)
VDC (2.180)

while the neutral point voltage vsn in a wye-connected circuit is given by the average of
the three pole voltages:

vsn = VDC
3

(
Su + Sv + Sw − 3

2

)
. (2.181)

The top half of Figure 2.30 illustrates one period of an exemplary sinusoidal reference
signal and a triangular carrier signal.
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Figure 2.30: Pulse width modulation. (top) Sinusoidal reference signal vref (ma = 0.8) and triangular
carrier signal vc (mf = 21); (bottom) output pole voltage vun and its fundamental component
vun,1 for phase U. A DC link voltage VDC = 1000 V is employed.

The bottom half of Figure 2.30 shows the resulting pole voltage vun and its fundamental
component vun,1, which again is a sinusoidal waveform. Its amplitude is 800 V, consistent
with the specified modulation index and DC link voltage.
The phase voltages vus, vvs, and vws can be derived from the switching functions as follows:

vus = VDC
3 (2Su − Sv − Sw) (2.182)

vvs = VDC
3 (−Su + 2Sv − Sw) (2.183)

vws = VDC
3 (−Su − Sv + 2Sw) (2.184)

Space Vector Modulation
In contrast to carrier based Pulse Width Modulation, where the reference signals are mod-
ulated individually, Space Vector Modulation (SVM) employs a single reference vector in
the complex plane. The advantages of space vector modulation include a higher achiev-
able fundamental output voltage, approximately 15.5 % greater than that of sinusoidal
Pulse Width Modulation, as well as reduced harmonic distortion, lower torque ripple, and
decreased switching losses [192–194].
The eight switching states introduced in Section 2.3.1.1 correspond to six active output
voltage vectors

−→
V 1 to

−→
V 6, each having a length |V | of 2/3 VDC, and two zero voltage vectors

−→
V 0 and

−→
V 7 in the dq-frame, as illustrated in Figure 2.31a.
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Figure 2.31: Space vector modulation principles according to [192]

The output vectors form a hexagon, within which the reference voltage vector must remain.
Consequently, the maximum achievable reference voltage and modulation index are given
as

|Vref|max = VDC√
3

, (2.185)

ma,max = 2√
3

. (2.186)

The reference vector is synthesized by time-weighted application of the two adjacent active
vectors and the zero vectors, based on the volt-second balancing principle over a switching
period Tsw [192, 193]. The required on-time durations are determined from∫ Tsw

0
Vref dt =

∫ T1

0
Vn dt +

∫ T1+T2

T1
Vn+1 dt +

∫ Tsw

T1+T2
V0,7 dt. (2.187)

Assuming constant VDC during the switching period, the reference vector can be decom-
posed into two components aligned with the adjacent output vectors. If the vector lies
within the first sector, as shown in Figure 2.31b, the corresponding on-times are given by
[192]

T1 =
√

3
2 ma sin

(
π

3 − ωt

)
Tsw, (2.188)

T2 =
√

3
2 ma sin(ωt) Tsw, (2.189)

T0,7 = Tsw − T1 − T2. (2.190)

The on-times for the remaining sectors can be derived analogously. The relative on-times,
such as δ(100), denote the ratio of individual on-times to the total switching period.
A key advantage of space vector modulation is the flexibility in distributing the vectors
within the switching period without altering their average. The most commonly used
sequence for switching transitions is

V0(000) → V1(100) → V2(110) → V7(111) → V2(110) → V1(100) → V0(000), (2.191)

which minimizes switching losses, as only one transistor toggles at each transition. Fig-
ure 2.32 shows the pole and phase voltages for one electrical period under space vector
modulation, revealing the characteristic double-hump shape.
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Figure 2.32: Output pole and phase voltage of phase u for SVM with VDC = 1000 V, ma = 2√
3
, and

mf = 21.

For ease of implementation and reduced computational effort, space vector modulation
can also be translated into an equivalent carrier-based pulse width modulation scheme. In
this approach, the sinusoidal reference is modified by adding a common-mode signal, and
a center-aligned triangular carrier is used [194–198].

2.3.1.3 Electro-Thermal Performance of Semiconductor Modules

2.3.1.3.1 Voltage and Current Rating

The maximum operating collector-emitter voltage VCE is typically equal to the commu-
tation voltage in most topologies, with some exceptions such as switches S1 and S4 in
a 3LTNPC. Semiconductors must therefore be selected such that their collector-emitter
voltage remains below or equal to their blocking voltage. If the required commutation
voltage exceeds the blocking capability, several devices can be connected in series to ac-
commodate the higher voltage. However, the practical utilization of the rated blocking
voltage, and thus the device’s reliability, depends on the applied DC link voltage, the
junction temperature Tj of the semiconductor, and the operating altitude h, due to the
exponentially increased exposure to cosmic radiation at higher altitudes [199–202]. Cosmic
radiation may lead to single-event burnout failures when a high-energy particle strikes the
semiconductor. The failure rate is measured in Failures In Time (FIT), where one Failure
In Time corresponds to one failure per 109 h.
Manufacturers such as ABB Power Grids Switzerland Ltd. [201] and Semikron Interna-
tional GmbH [203] define the Failure In Time rate λFIT per switch as

λFIT(VDC, Tj, h) = C3 exp
(

C2
C2 − VDC

)
exp

(25 − Tj
47.6

)

exp

1 −
(
1 − h

44300

)5.26

0.143

 (2.192)

with C1, C2, and C3 being device-specific parameters.
A 2L inverter comprising six modules operating at a DC Link voltage VDC of 1200 V and
an altitude of 6000 m would statistically experience one failure within 19 years (1/λFIT).
If a longer or shorter lifetime is required, the failure rate must be adjusted accordingly.
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Figure 2.33: Failure In Time rate of a 1700 V IGBT module (ABB 5SNG 0225R170300) for varying DC-
link voltages and altitudes above sea level at a junction temperature of Tj = 125 ◦C. The fit
parameters are C1 = 773 V, C2 = 5422 V, and C3 = 1.15 × 108 FIT according to [201].

Figure 2.33 shows that an increase in DC-link voltage leads to an exponential increase
in the failure rate. Conversely, increasing the junction temperature decreases the failure
rate exponentially, while increasing altitude leads to an exponential rise in the failure
rate [201, 203]. Recent studies indicate that SiC-based semiconductors offer improved
robustness compared to their Si counterparts [200]. For practical design, the allowable
utilization

z = VCE
VCES

(2.193)

is thus set to 60 % for Si and 75 % for SiC chips.
Regarding current ratings, the power losses generated during operation determine the semi-
conductor’s operating temperature, which must remain within the limits specified by the
manufacturer. Current ratings are typically provided for pre-assembled components such
as half-bridges. If a higher current is required, either multiple devices must be paralleled
or a higher-rated product must be selected.

2.3.1.3.2 Linearization of Semiconductor Characteristics

Manufacturers provide datasheets, such as in [204], containing the necessary information
for the transistor and diode properties. A linearization around the reference point is em-
ployed to enable analytical calculations, as losses are dependent on the operating point.
Figure 2.34 shows the transistor and diode output characteristics, as well as the loss char-
acteristics, versus the collector current.
Figure 2.34a shows the current flowing through the collector IC versus the collector-emitter
saturation voltage VCE,sat at a certain reference temperature (in this case, Tref = 125 ◦C).
The dashed line represents the linearization around the reference point for the transistor:

VCE(Tj) = VCE,0(Tj) + ron,T(Tj) IC (2.194)

where VCE,0 is the threshold voltage and ron,T is the on-state resistance of the transistor.
Both the threshold voltage and the on-state resistance depend on temperature. Therefore,
two thermal coefficients, αVCE,0 and αron,T , are calculated from two reference temperatures,
usually Tref1 = 25 ◦C and Tref2 = 125 ◦C:

αVCE,0 =
VCE,0(Tref2) − VCE,0(Tref1)

Tref2 − Tref1
(2.195)
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Figure 2.34: Output and loss characteristics of a Semikron SEMiX151GB12E4 module rated for VCES =
1200 V and IC = 150 A, including a linearization around the reference point. Data from [204]

αron,T = ron,T(Tref2) − ron,T(Tref1)
Tref2 − Tref1

. (2.196)

These coefficients can now be used to define current- and temperature-dependent expres-
sions for the threshold voltage, on-state resistance, and collector-emitter voltage of the
transistor as:

VCE,0(Tj) = VCE,0(Tref1) + αVCE,0 (Tj − Tref1) (2.197)
ron,T(Tj) = ron,T(Tref1) + αron,T (Tj − Tref1) (2.198)

VCE(IC, Tj) = VCE,0(Tref1) + (αVCE,0 + αron,T IC) (Tj − Tref1). (2.199)

The same procedure can be applied to derive the linearized characteristics for the diode
using the data provided in Figure 2.34b. To calculate the switching losses, manufacturers
provide data such as those shown in Figure 2.34c, which depicts the loss energies: Eon,T
for switching on the transistor, Eoff,T for switching off, and Err,D for reverse recovery
(switching off) of the diode.
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2.3.1.3.3 Power Loss Calculation

Losses of power electronic devices such as transistors and diodes can be distinguished de-
pending on static and dynamic, i.e. switching, states within a switching cycle. Conduction
losses Qcon are the most important type of static losses, while switching losses occur during
switch-on Qsw,on and switch-off Qsw,off processes. Each of these states is prone to energy
dissipation, which leads to heating of the semiconductors and to the total power loss of the
inverter. Figure 2.35 shows the different types of losses. Losses marked red will be covered
in this analysis, as blocking and driving losses are negligible [179].
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Figure 2.35: Loss components of semiconductors according to [179]

While all three components contribute to the total loss in transistors, given by

Qtot,T = Qcon,T + Qsw,on,T + Qsw,off,T, (2.200)

switch-on losses can be neglected for fast-switching diodes. Therefore, the total loss in a
diode is given by

Qtot,D = Qcon,D + Qsw,off,D. (2.201)

Here, the subscripts T and D refer to the transistor and diode, respectively.
The conducting and switching losses of a 2L inverter can be calculated analytically from
[179], assuming that the deadtimes of switches and diodes are negligible, the junction
temperatures are temporarily constant, and the switching frequency is much higher than
the fundamental output frequency. The losses of a transistor are given by

Qcon,T =
( 1

2π
+ ma cos ϕPF

8

)
VCE,0 Îu +

(1
8 + ma cos ϕPF

3π

)
rcon,T Î2

u (2.202)

Qsw,T = fsw (Eon,T + Eoff,T)
√

2
π

(
Iu
Iref

)KI,T (
Vcom
Vref

)KV,T

(1 + αE,T (Tj,T − Tref)) (2.203)

while the losses of the antiparallel diode are defined as

Qcon,D =
( 1

2π
− ma cos ϕPF

8

)
VF,0 Îu +

(1
8 − ma cos ϕPF

3π

)
rcon,D Î2

u (2.204)

Qsw,D = fsw Err,D

√
2

π

(
Iu
Iref

)KI,D (
Vcom
Vref

)KV,D

(1 + αE,D (Tj,D − Tref)) (2.205)

where Eon,T, Eoff,T, Err,D, VCE,0, VF,0, ron,T and ron,D are datasheet values, e.g., from
[204], for a reference point Vref, Iref and Tref and operating parameters Iu, Vcom and Tj,T
or Tj,D respectively. It is important to note that the losses are temperature dependent,
thus an interactive approach for the thermal and loss analysis has to be chosen. The
exponents which describe the current and voltage dependency of the switching losses and
the coefficients which show the temperature dependency of the switching losses are also
given by manufacturers and usually are KI,T = 1.0, KI,D = 0.6, KV,T = 1.3, KV,D = 0.6,
αE,T = 0.003 K−1 and αE,D = 0.006 K−1 [189]. Loss calculation for other topologies is
based on [183, 189, 205, 206].
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Finally, the total semiconductor losses within a 2L topology are given by

QSC = 6 (Qcon,T + Qcon,D + Qsw,T + Qsw,D) (2.206)

2.3.1.3.4 Lumped Parameter Network Model of Semiconductor Modules

The switches and diodes in power electronics are very intense and concentrated sources
of heat, thus they have to be cooled sufficiently to avoid overheating and destruction.
Therefore, heat sinks, either air or liquid cooled, are applied to facilitate good heat transfer
to a cooling medium. As heat sinks usually consist of thermally good conducting materials
such as aluminum or copper, their weight fraction is significant and has to be assessed.
As mentioned in the previous paragraph, the temperature distribution and the losses can
only be calculated iteratively as they rely on each other. Therefore, a lumped parameter
thermal network for the heat path from the semiconductor junctions to a heat sink is
established in Figure 2.36.
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Figure 2.36: Structural layout and thermal resistance network of a semiconductor module with transistor
and antiparallel diode [179]

Within pre-configured semiconductor modules, usually a number of switches (IGBTs,
MOSFETs) and the corresponding antiparallel diodes are integrated in parallel. They are
connected via a bond wire and soldered onto a substrate consisting of two copper layers
separated by a ceramic such as alumina (Al2O3) or aluminum nitride (AlN) acting as a
dielectric. The substrate is soldered onto a base plate which can be directly mounted onto
a heatsink. Thermal grease is used to enhance the heat distribution [179]. Both liquid and
air-cooled applications can be used. The theory to calculate the corresponding thermal
resistances from sink to ambient Rth,sa is explained in Section 2.5. The thermal resistance
from junction to case Rth,jc,T and Rth,jc,D as well as from case to sink Rth,cs are usually
provided in the manufacturer’s datasheet. Newer generations of modules come without
base plate to reduce the thermal resistance and improve heat flow and thus performance
[179].
Several assumptions are made to ease the calculation of the temperature distribution. The
steady-state temperatures at ambient Tamb, heat sink Ts, case Tc and the junctions Tj,T
and Tj,D are considered constant independent of the number of devices per heatsink and
circuit elements per device, even though the cooling method will result in spatially differing
temperatures. Furthermore, the total losses of the semiconductors are distributed to the
heat sink while direct convection and radiation from the chip to the ambient is neglected.
Thus, the case temperature is calculated as

Tc = Ts + Rth,cs (Qtot,T + Qtot,D) (2.207)
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while the junction temperatures are defined as

Tj,T = Ts + Rth,jc,T Qtot,T (2.208)
Tj,D = Ts + Rth,jc,D Qtot,D. (2.209)

2.3.1.4 Gate Driver and Control Board Design

The control board is a microprocessor which is responsible for generating the pulse width
modulation signals for modulation and executing the logic processes to control the ma-
chine’s dynamic behaviour. The control unit furthermore hosts position and current sensors
[207, 208]. The gate driver then links the semiconductor modules with the control board
[209].
Selecting the right gate driver is crucial for the correct functioning of the inverter. In the
following, the selection rules for the gate driver are stated [209]. The gate driver must be
able to supply the required gate charge QG specified in the data sheet. The output power
of the driver is then

PGD = QG (VG,on − VG,off) fsw (2.210)

with VG,on and VG,off being the turn-on and turn-off gate voltage. The driver has to be
able to supply both the average gate current IG,avg

IG,avg = QG fsw (2.211)

and the peak gate current IG,pk

IG,pk =
VG,on − VG,off
RG + RG,int

(2.212)

where RG and RG,int are the external and internal gate resistances specified in the manu-
facturer datasheet.
A database with commercially available gate driver units has been established mainly from
Semikron’s SKYPER series [209]. These gate drivers have two channels able to provide
the power signals for two switches, thus three units are necessary for a 2L inverter.
The size and weight of the control board are assumed to be 2⁄3 of the accumulated gate
driver mass and size, because the design of the controller board is a difficult task depending
on the required logic functions to implement.

2.3.1.5 DC Link Capacitor Design for Voltage Ripple Limitation

A DC-Link capacitor is introduced in the intermediate circuit at the bus between a rectifier
on the grid side and the inverter on the load side to balance the instantaneous currents
at the grid and load side. According to Kolar and Round [210], the main functions of the
DC-Link capacitor are to compensate for the difference between the power required at
the inverter switch side and the DC input from the grid, to reduce the current harmonics
with pulse frequency to the grid, and to protect the inverter from too high peak voltages
from the grid side. The capacitors have to be dimensioned such that the current can be
carried from a thermal point of view and that a maximum voltage ripple at the DC Link
is not violated [183, 210, 211]. Figure 2.37 shows the general modelling of the intermediate
DC-Link circuit in the case of a two- and three-level inverter.

2.3.1.5.1 DC Link Current Characteristics

To evaluate the performance of the DC Link capacitor, the current iC

iC = iDC,L − iDC,S (2.213)
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Figure 2.37: Schematics of the intermediate DC link circuit [210]

has to be calculated depending on the source current iDC,S and load current iDC,L. This
procedure is outlined briefly in the following paragraphs and follows [210].

Mean Inverter Input Current
Assuming a purely sinusoidal shape of the inverter output currents similar to Equa-
tion (2.13) and with the inverter input current iDC,L being defined by the switching states
as

iDC,L = Su iu(ω t) + Sv iv(ω t) + Sw iw(ω t) (2.214)

the average inverter input current iDC,L,avg related to a pulse period is identical to the
mean value of the inverter input current IDC,L,avg related to the fundamental of the output
voltage. For the example space vector from Figure 2.31b, this leads to

iDC,L,avg = IDC,L,avg = 1
Tsw

∫ Tsw

0
iDC,L dt

= δ(100) iu(ω t) − δ(110) iw(ω t)

= 3
4 Îs ma cos ϕPF.

(2.215)

RMS Inverter Input Current
In analogy to Equation (2.215), the RMS value of the inverter input current iDC,L,rms is
defined as

i2
DC,L,rms = 1

Tsw

∫ Tsw

0
i2
DC,L dt

= δ(100) i2
u(ω t) − δ(110) i2

w(ω t)
(2.216)

resulting in a global RMS value IDC,L,rms of the inverter input

I2
DC,L,rms = 3

π

∫ π
3

0
i2
DC,L,rms dt (2.217)

IDC,L,rms = Is

√
2
√

3
π

ma

(1
4 + cos2 ϕPF

)
(2.218)
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DC Link Capacitor RMS Current Ripple
All currents can be divided into a fundamental and the harmonic contents. As the fun-
damentals of source and load current are identical during quasi-stationary operation, the
global RMS current ripple iC,rms of the DC Link capacitor is derived [210] as

IC,rms =

√
3
π

∫ π
3

0
i2
C dt =

√
I2

DC,L,rms − I2
DC,L,avg (2.219)

= Is

√√√√2 ma

(√
3

4π
+ cos2 ϕPF

(√
3

π
− 9

16ma

))
. (2.220)

The influence of the harmonics of the source side is neglected as it is much lower than
that of the load side [183]. In addition, it has been proven that the correlation also holds
true for three-level architectures [188, 212]. Figure 2.38 shows the normalized DC Link
capacitor RMS current ripple with respect to the inverter output phase current for varying
modulation degrees and power factors. It can be seen that the current ripple has a quadratic
form. The higher the power factor is, the higher the absolute peak value of the current
ripple and the lower the corresponding modulation degree where the peak is located.
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Figure 2.38: Normalized DC link capacitor RMS ripple current for varying modulation degree and power
factors based on Equation (2.220)

2.3.1.5.2 DC Link Voltage Ripple

As outlined in Section 2.3.1.5, the second aspect that determines the performance of the
DC Link capacitor is the voltage ripple. Similarly to the current, the voltage can be divided
into a DC average component and high-frequency harmonics,

v(t) = VDC,avg + ∆V (t). (2.221)

Usually, a maximum allowable peak-to-peak voltage ripple ∆Vpp,DC is defined as the dif-
ference between the maximum and minimum value during a switching period. When the
current component at the switching frequency ∆iDC,L is defined as

∆iDC,L = iDC,L − iDC,L,avg, (2.222)
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then the peak-to-peak voltage ripple is given by

∆Vpp,DC =
∣∣∣∣ 1
CDC

∫ tpp

0
∆iDC,Ldt

∣∣∣∣ ≈ 1
CDC

|∆IDC,L tpp, (2.223)

assuming the high-frequency harmonic current remains constant over the switching period.
The voltage ripple calculation is studied extensively in [213, 214] and can be reduced to
the first sector of the space vector diagram. Evaluating different cases depending on the
value of iDC,L,avg leads to

∆Vpp,DC = Îs Tsw
CDC

rpp,DC(ma, ϕPF, ωt), (2.224)

where
rpp,DC = max

(
rA

pp, rB
pp

)
(2.225)

with

rA
pp = 3

8 ma cos ϕPF

(
1 −

√
3 ma
2 sin

(
π

3 + ωt

))
(2.226)

rB
pp = 3

8 ma

∣∣∣∣∣cos ϕPF

(
1 −

√
3 ma
2 sin

(
π

3 + ωt

))

+ 4√
3

sin
(

π

2 − ωt

) (3
4ma cos ϕPF − cos(ωt − ϕPF)

)∣∣∣∣
(2.227)

representing the normalized peak-to-peak ripple amplitudes. Figure 2.39 shows the DC
Link capacitor peak-to-peak ripple voltage amplitude within the first sector of the space
vector diagram for two different phase angles ϕPF and various modulation indices ranging
from ma = 0.5 – 2/

√
3.

0 20 40 60
0.00

0.05

0.10

0.15

0.20

0.25

Angle ωt in rad

N
or

m
.D

C
Li

nk
ca

pa
ci

to
r

vo
lt

ag
e

ri
pp

le
am

pl
it

ud
e

r p
p

ma = 0.5
ma = 2/3

ma = 1.0
ma = 2/

√
3

0 20 40 60
0.00

0.05

0.10

0.15

0.20

0.25

Angle ωt in rad

N
or

m
.D

C
Li

nk
ca

pa
ci

to
r

vo
lt

ag
e

ri
pp

le
am

pl
it

ud
e

r p
p

ma = 0.5
ma = 2/3

ma = 1.0
ma = 2/

√
3

(a) ϕPF = 0◦ (b) ϕPF = 50◦

Figure 2.39: Normalized peak-to-peak voltage ripple amplitude rpp for different modulation indices and
phase angles within one sector of the space vector diagram

Within one period, the normalized voltage ripple amplitude varies between 0 and 0.25. The
maximum value within a period increases with both phase angle and modulation index
(see Figure 2.40).
Using Equation (2.224), the required capacitance of the DC Link CDC can be calculated for
a specified peak-to-peak voltage ripple amplitude. For similar normalized ripple amplitudes
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as shown in [214], it can be concluded that the required DC Link capacitance in the case
of a two-level inverter is equal to the individual capacitances of the split capacitors in
a three-level inverter, i.e., CDC = CDC,1 = CDC,2. Therefore, the total capacitance in a
three-level inverter is halved compared to that of a two-level inverter.

2.3.1.5.3 Losses and Thermal Analysis

The RMS ripple current causes losses within the capacitor QCap according to

QCap = RESR I2
C,rms (2.228)

with RESR being the equivalent series resistance of the capacitor, as specified by the
manufacturer. As these losses are Joule losses, they cause heating of the capacitor [215,
216]. The core temperature Tc,Cap, which is equivalent to the operating temperature, can
thus be calculated as

Tc,Cap = Tamb + (Rth,cc + Rth,ca) QCap (2.229)

where Rth,cc and Rth,ca are the core-to-case and case-to-ambient thermal resistances, re-
spectively, as specified in datasheets. Maximum allowable core temperatures are typically
around Tc,Cap = 105 ◦C [215, 216].

2.3.1.5.4 Physical Capacitor Model

In DC Link applications, either aluminum electrolytic capacitors, metallized film capac-
itors, or multi-layer ceramic capacitors are used [217, 218]. Ceramic capacitors are not
commercially available for the evaluated power classes and are therefore not considered
in this study. Electrolytic capacitors have high capacitance and low cost, making them
a suitable choice for many applications. However, they exhibit inferior characteristics in
terms of RMS current rating, temperature sensitivity and resistance, available power rat-
ing, and lifetime when compared to metallized film capacitors [218]. Both types require a
parallel arrangement of multiple individual capacitors to meet the required RMS current
or capacitance, leading to a tradeoff in terms of volume and mass.
Different modelling methods such as database approaches or empirical correlations can
be employed [74, 219, 220]. This thesis uses the database approach with capacitor data
from various manufacturers [221–223], as it offers higher accuracy compared to empirical
correlations, which are typically limited to a fixed capacitor type or manufacturer series.
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The drawback of the database method is its higher effort, as all possible combinations that
meet the requirements in terms of voltage, RMS ripple current, and capacitance must be
evaluated to identify the configuration with minimum mass and volume.

2.3.1.6 Bus Bar Design

The connection of the semiconductor modules to the DC link via the capacitors, as well
as to the AC output, is realized by laminated busbars. These busbars play an important
role not only with respect to weight, but also from an electromagnetic perspective. A low-
inductance design is preferable to limit voltage overshoot, reduce inverter switching losses,
and mitigate the effects of electromagnetic interference [224]. The focus in this work is on
the additional weight introduced by the busbars.
In [224], different busbar application possibilities for power converters are presented. As
none of them offers a clear advantage in terms of weight reduction, and since busbar design
is also driven by structural integration, one representative type is chosen for reference. Fig-
ure 2.41a shows the selected layout of the power electronic components and the associated
busbar structure, while Figure 2.41b illustrates the cross section of two possible internal
configurations of the busbar, one with open and one with sealed edges. The second option
is preferred, as it provides better protection against arcing, although it is the more costly
solution.

heat sink

semiconductor

gate driver

DC Link

DC Bus

AC Bus

IDC,L

Îs

open edges

sealed edges

(a) Arrangement of power electronic components
and associated busbar structure

(b) Schematics of the cross section of two different
types of laminated busbars with two poles

Figure 2.41: Laminated busbar and its application within a power converter

The design of the busbar follows several rules. Firstly, the required insulation thickness
tins,bb is determined using Equation (2.165), considering only phase-to-phase and phase-to-
ground distances. The conductor cross section is determined at the terminals of the power
modules, with a terminal width wbb typically specified in manufacturers’ datasheets. Two
conditions for the conductor thickness must be fulfilled [224]. To avoid a detailed thermal
analysis and safely limit the temperature rise due to Joule losses to approximately 30 K,
the current density in the conductor cross section Jbb,RMS should be limited to

Jbb,RMS = IRMS
Abb

= IRMS
wbb tbb

≤ 5 A mm−2. (2.230)

Additionally, the conductor thickness tbb should be at least twice the penetration depth
δskin of the AC currents, due to the skin effect, to ensure maximum utilization of the
conducting area. The skin depth for a rectangular conductor is calculated as

δskin = 1√
π fsw σel µ0

(
1 − e−tbb

√
π fsw σel µ0

)
(2.231)

where σel is the electrical conductivity of the conductor material.
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2.3.1.7 Structural Housing and Power Connectors

The final step in the design and evaluation of an inverter is the development of its structural
housing and the connection of power cables at both the input and output.
For estimating the weight of the power connectors on the DC and AC sides, the correlation
for female sockets provided in Section 2.4.2 is used. The use of pluggable connectors enables
straightforward integration and facilitates maintenance, particularly during testing.
The structural housing follows the inverter layout shown in Figure 2.41a and is represented
as a simple cuboid enclosing the system, with an average wall thickness tc,Inv set to a generic
value of 2 mm. This value represents the minimum typical thickness for a cast casing [225].
Aluminum is the most commonly used material, although alternatives such as magnesia
or fiber-reinforced materials have also been explored [226].

2.3.2 DC-DC Converters for Batteries and Fuel Cells

In addition to inverters and rectifiers, high-voltage, high-power DC-DC converters are
employed in various electric drivetrain architectures. In a fully battery-electric drivetrain,
a DC-DC converter can be used to stabilize the DC Link voltage at a consistently high
level, close to the open-circuit voltage of a fully charged battery, in order to match the
rated voltage of the inverter and motor system. As a result, maximum current levels
are reduced compared to an unstabilized system. This allows components such as power
cables and power electronics to be dimensioned smaller, due to lower conduction losses
and improved efficiency at reduced current levels. In the case of a bidirectional topology,
additional benefits include energy recovery during deceleration and regenerative braking
[177, 227, 228].
In hybrid systems with two or more electrical energy sources, a DC-DC converter is es-
sential to interface sources with differing voltage characteristics, such as fuel cells and
batteries. Moreover, it enables controlled power flow between the energy sources and the
load [227, 228].
Similar to inverters, DC-DC converters consist of several functional subsystems that must
be considered during the design process, as illustrated in Figure 2.42.

DSCi

DC+
Lb

DC-

Co

DC+

DC-

Vin Vout

boost
inductor

semiconductors
and heatsink

input
filter

output
filter

Figure 2.42: DC-DC converter with boost inductor, the active part consisting of semiconductors and
heatsink, and capacitive input and output filters. The control unit with gate drivers, bus-
bars and connectors, as well as the housing, are not shown.

The general layout is similar to that of an inverter described in Figure 2.26. The main
distinction lies in the fact that a DC-DC converter performs voltage conversion between
two DC levels rather than between DC and AC.
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2.3.2.1 Topologies of Converters

DC-DC converters can be classified as either isolated or non-isolated power supplies. An
isolated converter provides galvanic isolation between the input and output sides, thereby
preventing direct current flow. This is typically achieved using a transformer. In contrast,
non-isolated converters, also referred to as transformerless, operate using a single electrical
circuit without galvanic separation [229, 230].
Non-isolated topologies offer several advantages. Isolated converters require bulky trans-
formers, whereas non-isolated ones use only inductors. Additionally, non-isolated convert-
ers operate at higher switching frequencies, which leads to smaller magnetic components
and capacitors, thereby reducing both volume and cost. The higher frequency also results
in lower losses and improved transient performance and efficiency [229, 230]. Since weight
and efficiency are two key objectives in aerospace drivetrains, only non-isolated designs
are considered in this thesis.
The two fundamental non-isolated converter topologies are the buck and boost types. The
buck converter, also known as a step-down converter, produces an output voltage lower
than its input voltage. In contrast, the boost converter, or step-up converter, increases the
input voltage to a higher output level [177, 229, 230]. Figure 2.43 illustrates the schematics
of these two topologies.
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Lb

DC-

D2

Co

Vin

Vout

D1S1

DC+

DC-

D2

Lb

CoVin

Vout

(a) Boost (b) Buck

Figure 2.43: Schematics of different non-isolated DC-DC converters [177]

As mentioned at the beginning of Section 2.3.2, the overall system benefits from lower
current levels. Therefore, this thesis focuses on the boost topology.

2.3.2.2 Electrical Analysis of Boost Converters

Figure 2.44 shows the steady-state waveforms of inductor current and voltage. The boost
converter operates in two distinct states:
When switch S1 is on, current flows through the boost inductor Lb, storing energy in
its magnetic field. The inductor voltage VL equals the input voltage Vin, and the inductor
current IL increases linearly from IL,min to IL,max. During this interval, the output capacitor
Co supplies the output voltage Vout to the load [176, 177].
When switch S1 is off, the stored energy in the inductor drives a current that supplies the
load and charges the output capacitor. The voltage across the switch Vs equals the output
voltage, and the inductor voltage adjusts such that its average value over one switching
cycle is zero. During this phase, the inductor current decreases linearly over the same
range as in the on-state [176, 177].
The current ripple ∆IL depends on the boost inductance. As long as the minimum in-
ductor current remains above zero, the average inductor current IL,avg equals the input
current, and the converter operates in continuous conduction mode (CCM). The ripple
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Figure 2.44: Waveforms of boost inductors, adapted from [176, 177] (top) switch state (middle) switching
Vs and inductor voltage VL (bottom) inductor current IL

increases as the inductance decreases. When the minimum inductor current reaches zero,
a third operational interval arises where the inductor current is zero. In this discontinu-
ous conduction mode (DCM), the average inductor current exceeds the input current, as
energy conservation holds for the full switching cycle [176, 177]. Continuous conduction
mode is generally preferred whenever feasible.
Assuming an ideal, lossless converter, the power balance yields

Iout = Vin
Vout

Iin (2.232)

where Iin and Iout denote the DC currents at the converter’s input and output, respectively.
The duty cycle of the transistor DT is defined as the ratio of the switch’s on-time to the
switching period Tsw, while the diode’s duty cycle DD is the ratio of the off-time to Tsw.
In continuous conduction mode, the duty cycles are given by [177, 231]

DT,CCM = 1 − Vin
Vout

(2.233)

DD,CCM = Vin
Vout

. (2.234)

In discontinuous conduction mode, the duty cycles differ [177, 231]:

DT,DCM =
√

2 Lb fsw
Iout
Vin

(
Vout
Vin

− 1
)

(2.235)

DD,DCM =
√

2 Lb fsw
Iout

Vout − Vin
(2.236)

It is evident that in continuous conduction mode, the duty cycles depend only on the
input and output voltages, and their sum equals one. In discontinuous conduction mode,
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where DT,DCM < DT,CCM, the output current, switching frequency, and boost inductance
influence the duty cycles, and their sum is less than one.

2.3.2.3 Boost Inductor Design for Current Ripple Limitation

The boost inductance Lb determines the current ripple and the operating mode of the
DC-DC converter. Various inductor shapes with toroidal cores or cores shaped like a “U”
or an “E” are available. The toroidal core is selected due to its advantages over other
geometries. Its closed magnetic path confines the magnetic field within the core, enabling
higher magnetic field strength and inductance than open geometries. It also emits less
electromagnetic interference due to reduced leakage flux. Furthermore, it enables efficient
energy transfer, allowing for smaller and lighter designs [232, 233].
The calculation of the winding is described in detail in Section 2.4.1, including analysis of
insulation and the electro-thermal performance of the wires.

2.3.2.3.1 Geometric Layout

Figure 2.45 shows the geometry of a toroidal inductor with a rectangular cross-section.
The core is wound with Nt turns, evenly distributed along the circumference. The current
IL flowing through the winding generates a magnetic field Bind within the core.

CONFIDENTIAL DRAFT

IL

IL

rin

rout

tc

~Bind

~Bind

Figure 2.45: Front (left) and side view (right) of a toroidal boost inductor

2.3.2.3.2 Electromagnetic Analysis

Applying Ampere’s law, the magnetic field inside the toroid is given by [234]

Bind = µ0 µeff Nt ÎL
2 π rm

(2.237)

where ÎL is the maximum inductor current, defined as

ÎL = Iin + ∆IL
2 (2.238)

and the current ripple is given by [177]

∆IL = DT Vin
Lb fsw

. (2.239)
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The magnetic flux per turn, Φ, is obtained by integrating the magnetic field over the core
cross-section [234]:

Φ =
∫

BinddA = µ0 µeff ÎL tc
2 π

ln
(

rout
rin

)
(2.240)

which leads to the inductance Lb by definition [234]:

Lb = Nt Φ
ÎL

= µ0 µeff N2
t tc

2 π
ln
(

rout
rin

)
(2.241)

Equation (2.239) shows that the inductance must be sufficiently large to limit the current
ripple. For a given core geometry, the inductance can only be tuned by adjusting the
number of turns or the effective permeability, as seen in Equation (2.241). This can be
achieved by selecting a different core material or introducing air gaps. However, these
modifications also affect the flux density in the core, as described by Equation (2.237).
The design is therefore constrained by the material’s saturation induction, the number of
turns that can be physically accommodated, and the required inductance.

2.3.2.4 Electro-Thermal Performance of Semiconductor Modules

The calculation of semiconductor losses and resulting temperatures is based on the models
established in Section 2.3.1.3. The only difference lies in the computation of transistor
and diode losses, which must account for the specific shapes of the voltage and current
waveforms in the DC-DC converter. The linearization of semiconductor behavior and the
thermal network models introduced in Paragraphs 2.3.1.3.1, 2.3.1.3.2 and 2.3.1.3.4 remain
unchanged. In a conventional half-bridge boost converter, as shown in Figure 2.43a, each
leg includes a pair of transistors and diodes. The conduction losses are calculated using
the RMS current:

Qcon,T1 = DT VCE(IRMS, Tj,T) IRMS (2.242)
Qcon,D2 = DD VF(IRMS, Tj,D) IRMS (2.243)

The conduction losses of the second transistor and diode are zero.
Switching losses for the transistor must be divided into switch-on and switch-off contribu-
tions due to the nature of the current waveforms shown in Figure 2.44:

Qsw,on,T1 = fsw Eon,T

(
IL,min
Iref

)KI,T (
Vcom
Vref

)KV,T

(1 + αE,T (Tj,T − Tref)) (2.244)

Qsw,off,T1 = fsw Eoff,T

(
IL,max

Iref

)KI,T (
Vcom
Vref

)KV,T

(1 + αE,T (Tj,T − Tref)) (2.245)

Qsw,D2 = fsw Err,D

(
IL,min
Iref

)KI,D (
Vcom
Vref

)KV,D

(1 + αE,D (Tj,D − Tref)) (2.246)

With MOSFETs becoming increasingly popular, their low on-state resistance allows for
the implementation of synchronous boost converters using two actively switching devices.
This results in higher efficiency. The total semiconductor losses are therefore given by:

QSC = Qcon,T1 + Qcon,D2 + Qsw,on,T1 + Qsw,off,T1 + Qsw,D2. (2.247)

2.3.2.5 Filter Capacitors

Filter capacitors are essential components in DC-DC boost converters. Their primary
functions are to stabilise voltage levels and attenuate current and voltage ripples at both
the input and output terminals. The input capacitor primarily absorbs high-frequency
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current variations caused by the switching operation, while the output capacitor maintains
a steady output voltage by buffering the energy delivered to the load. Both capacitors
also influence the converter’s electromagnetic interference performance. Accurate sizing
and thermal evaluation are necessary to ensure long-term reliability and compliance with
electrical specifications [231, 235]. To evaluate capacitor operating performance, including
current and voltage utilisation, power losses and temperatures, the voltage ripple and
RMS current must be determined. Once known, the physical capacitor model developed
in Paragraph 2.3.1.5.4 can be applied accordingly.

2.3.2.5.1 Input Capacitor

The input capacitor stabilises the input voltage and absorbs current pulses drawn by the
switching action of the power stage. The voltage ripple across the capacitor is given by
[235]:

∆Vin = (DT + DD) (IL,max − Iin)2

2 ∆IL Ci fsw
. (2.248)

The RMS current through the input capacitor is calculated as:

IC,in,RMS =
√

I2
L,RMS − I2

in. (2.249)

2.3.2.5.2 Output Capacitor

The output capacitor smooths the output voltage and supplies the load during each switch-
ing cycle. Its voltage ripple depends on both the capacitance and the equivalent series resis-
tance RESR [231]. Depending on the inductor value, the output voltage ripple is calculated
as [235]:

∆Vout =


(

IL,max + IL,min − 2Iout
2 fsw Co

+ RESR Iout

)
, if L ≥ Vin

2 Iin fsw(
DT (IL,max − Iout)2

2 ∆IL Co fsw
+ RESR Iout

)
, otherwise

(2.250)

The RMS current through the output capacitor is given by:

IC,out,RMS =

√√√√(I2
L,min + IL,min · IL,max + I2

L,max
3

)
DT − I2

out. (2.251)

2.3.3 Short Summary

This section establishes a detailed analytical foundation for designing power electronic
systems, covering both DC-AC inverters and DC-DC converters. It introduces common
topologies and control strategies while addressing key electro-thermal considerations for
semiconductor devices. Emphasis is placed on the interplay between electrical performance
and thermal management, including gate driver design, DC link capacitors, bus bar layout,
and cooling integration. Structural elements such as housing and power connector config-
uration are also considered. This unified treatment ensures component compatibility and
delivers consistent input data for holistic propulsion system modelling and optimization.
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2.4 Power Distribution
Power distribution is an essential part of any drivetrain, connecting various electrical
components such as electric machines and converters through three-phase AC cables, and
linking the battery to the inverter input via DC cables. This section presents a model of the
cables and their auxiliaries, including male and female connectors, to enable a system-level
sensitivity analysis of mass and efficiency.

2.4.1 Power Cables

The DC and AC power cables are modeled as cylindrical conductors made of either alu-
minum or copper, with an insulation layer surrounding them and exposure to ambient
conditions. For the assumed voltage levels, shielding sheaths and additional protective
layers are not considered, as their impact on mass and efficiency is negligible. Figure 2.46
shows the geometrical layout of the modeled cable.

stranded
conductor

insulation

rcond,o

rins,o
tins

Figure 2.46: Schematic view of a multi-stranded, concentric, and unshielded cable

The following subsections present the geometric and electro-thermal analysis of these ca-
bles, with the insulation thickness assessed using the methodology outlined in Section 2.1.7.

2.4.1.1 Geometrical Model of Conduction Layer

The conductor consists of finely stranded wires, also referred to as Litz wires, which are
used to reduce skin and proximity losses and to improve manufacturability and handling,
for example by reducing the bending radius. The physical structure typically features a
concentric multi-layer arrangement of single wires twisted along the longitudinal axis [236].
An analytical description of the temperature distribution in such layers is not feasible.
Therefore, the model complexity is reduced by using a homogenized structure with an
equivalent fill factor to calculate the thermal resistance, as already applied for machine
windings in Section 2.1.6.3.

Equivalent Fill Factor of Stranded Wires
Aerospace-grade power distribution cables from Glenair’s TurboFlex Series 96 [237] were
analyzed to determine the conductor fill factor kcond as a function of conductor diameter.
Figure 2.47 shows the original data and the corresponding piecewise linear fit. With in-
creasing outer conductor radius, the achievable fill factor decreases linearly within distinct
sections. These steps correspond to discrete changes in the stranding layout. A lower fill
factor leads to a higher thermal resistance and thus inferior heat dissipation characteristics.
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Figure 2.47: Fill factor kcond versus outer conductor radius rcond for Glenair TurboFlex Series 96 [237]

Stranding Factor
The mass and electrical resistance of the conductor increase due to stranding and laying,
i.e., twisting the wires of each layer around a central axis. The standards ASTM B231 and
B8 [238, 239] define standard layouts for concentric stranding and provide corresponding
calculation methods. Since the exact layout is unknown in this case, the stranding factor
mstrand, which accounts for this mass and resistance increase, is derived from datasheet
values shown in Figure 2.48 and fitted by a piecewise linear function. The stranding factor
varies between approximately eight and 13 %, depending on the conductor radius.
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Figure 2.48: Stranding factor mstrand versus conductor radius rcond for Glenair TurboFlex Series 96 [237]

Weight of Stranded Cable in Mounted Condition
The total mass of the cable is given by:

mCab = mcond + mins

= (1 + kmount)
(
mstrand kcond r2

cond,o π LCab ρcond

+(r2
ins,o − r2

cond,o) π LCab ρins
) (2.252)

where ρcond and ρins are the material densities of the conductor and insulation, respectively.
The parameter kmount accounts for additional mounting-related mass, typically ranging
from 30 – 50 %.
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2.4.1.2 Electro-Thermal Analysis of Multi-Stranded Wires

Under operational load, a cable heats up due to Joule losses in the conductor and dielectric
losses in the insulation. The ability of a conductor to carry a specific current is referred to
as ampacity and represents one of the most critical design parameters for power cables.
Studies on achievable ampacities have been conducted extensively, particularly for under-
ground and subsea power grids [240–243], and are summarized in IEC 60287-1 [244]. The
calculation of ampacity includes the determination of losses in the various cable layers
followed by a temperature evaluation.

2.4.1.2.1 Joule and Dielectric Losses

The losses in a power cable can be divided into conduction (Joule) losses occurring in
the conductive sections, and dielectric losses occurring in the insulation. For insulation
materials such as paper (up to 6 kV) and cross-linked polyethylene (up to 60 kV), dielectric
losses are negligible [245]. Voltage levels in aircraft applications typically remain below
these thresholds, particularly in light of Paschen’s law [147].
Therefore, the proposed model considers only Joule losses. The resistance of a cable under
DC current, RDC, is given by

RDC = mstrand LCab ρcond
kcond r2

cond,o π
(2.253)

where ρcond is the electrical resistivity of the conductor. For AC currents, additional
frequency-dependent losses occur due to the skin and proximity effects. The corresponding
AC resistance RAC has been studied by numerous researchers [240, 241, 246, 247], with
many models based on the exact solution by Dowell [248] or simplified versions such as
those in IEC 60287 [244]. It has been shown that for electrical fundamental frequencies
below 5 – 10 kHz, the increase in resistance due to AC effects remains small [249–251].
Since the detailed geometry of the conductor is not specified, the additional losses at-
tributed to the AC resistance are expressed using a loss factor kAC, set to 0.1. The total
power losses in the cable are then defined as

QCab = (1 + kAC) RDC I2 (2.254)

where the current I represents either the DC current IDC or the AC RMS current IAC,rms.

2.4.1.2.2 Radial Temperature Distribution

The cable is modelled as an infinitely long, cylindrically symmetric system, reducing the
temperature distribution to a one-dimensional radial profile. End-effects can be safely ne-
glected when the ratio of cable length to conductor radius exceeds 1000 [241, 246, 252].
Although this may not hold for very short AC connections between closely integrated
machines and power converters, the effect on the overall system remains negligible. Tem-
peratures at the boundaries of adjacent layers must be continuous. Temperature-dependent
material properties are evaluated at the mean temperature within each layer. A simplified
cross-section with key parameters and boundary conditions is shown in Figure 2.49.
Under steady-state conditions, the radial heat equation becomes

1
r

∂

∂r

(
r

∂T (r)
∂r

)
+ q̇v

λ(T ) = 0 (2.255)

where q̇v denotes the specific volumetric heat generation rate in the layer. By separation
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Figure 2.49: Simplified two-dimensional cross-section of cable for thermal model showing the relevant tem-
perature nodes, volumetric loss sources, and temperature-dependent material properties.

of variables and integrating twice, the general solution is

T (r) = − q̇v
4 λ

r2 + C1 ln(r) + C2 (2.256)

with C1 and C2 as integration constants.

Insulation Wall Temperature
The first step in evaluating the cable’s temperature profile is to determine the convective
heat transfer coefficient α at the outer surface of the insulation layer. All power cables
are assumed to be naturally air-cooled, since forced air cooling is rarely available at all
installation sites, and implementing a liquid cooling system would require considerable
effort for routing, insulation, coolant selection, and ensuring availability across operating
conditions.
Heat transfer occurs via both convection and radiation. However, due to uncertainty in
the installation environment, radiation is omitted to avoid overly optimistic thermal pre-
dictions. With a known loss value QCab generated in the conductor, the specific volumetric
loss density q̇v is calculated as

q̇v = QCab
Vcond

= QCab
r2

cond,o π Lcab
. (2.257)

The convective heat transfer coefficient is calculated using Equations (2.130), (2.131)
and (2.133) to (2.135), and the outer insulation temperature is determined by

Tins,o = Tamb +
q̇v r2

cond,o
2 rins,o αCab

. (2.258)

Temperature Profile Inside Insulation Layer
Two boundary conditions are needed to solve Equation (2.255) for the hollow cylindrical
insulation layer:

T (r = rins,i) = Tins,i (2.259)
T (r = rins,o) = Tins,o. (2.260)
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Using these conditions and Equation (2.258), the temperature profile becomes

Tins(r) = Tins,o +
q̇v r2

cond,o
2 λins

ln
(

rins,o
r

)
(2.261)

which exhibits a logarithmic temperature gradient in the radial direction.

Temperature Profile Inside Stranded Conductor
The temperature profile inside the conductor is derived using a Neumann boundary con-
dition at the center and a Dirichlet condition at the outer conductor radius:

dT

dr

∣∣∣∣
r=0

= 0 (2.262)

T (r = rcond,o) = Tcond,o. (2.263)

The resulting specific solution for the temperature distribution in a solid cylinder with
uniform internal heat generation is

Tcond(r) = Tcond,o +
q̇v r2

cond,o
4λcond

(
1 − r2

r2
cond,o

)
. (2.264)

This yields a parabolic (quadratic) temperature distribution symmetric about the cen-
ter axis of the conductor. The complete temperature profile across the conductor and
insulation, including a schematic extension into the ambient, is shown in Figure 2.50.
The dimensions of the conductor and insulation are exaggerated to clearly illustrate the
thermal gradients. It is evident that, even for large conductors, most of the temperature
drop occurs between the cable surface and the surrounding air. This effect becomes more
pronounced for smaller conductors operating at higher current levels.
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Figure 2.50: Analytical temperature distribution with quadratic profile in the conductor, logarithmic profile
in the insulation, and an exponential decay (schematic only) into the ambient for a DC cable
made of copper with rcond,o = 10 mm insulated with a Duralectric™ layer of tins = 2 mm,
operating at VDC = 2000 V and Icond = 300 A in an ambient temperature of Tamb = 40 ◦C.

Derating for Elevated Ambient Temperatures
Cable nominal ratings are typically specified for an ambient temperature of Tamb = 40 ◦C.
In aerospace applications, ambient or operating temperatures can be significantly higher.
Standard designs may assume 50 ◦C ambient, but temperatures above 100 ◦C are common
when cables are installed near hot gas turbines in hybrid-electric configurations. It is
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therefore necessary to determine the ampacity derating for a given cable design under
elevated ambient conditions. Figure 2.51 shows the normalized ampacity Imax/Imax,40◦C as
a function of ambient temperature between 40 and 260 ◦C for a generic cable with a
maximum permissible conductor temperature of Tmax = 260 ◦C.
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Figure 2.51: Normalized ampacity Imax/Imax,40◦C versus ambient temperature Tamb for a generic cable design
with a maximum allowed conductor temperature of Tmax = 260 ◦C.

The current-carrying capacity decreases quadratically with rising ambient temperature,
reaching zero when the ambient equals the maximum allowable conductor temperature.

2.4.2 Connectors at Cable Terminals

At the terminals of a cable pole, an appropriate method must be provided to connect it
to another cable or device. Common solutions include soldered joints, crimped lugs, and
removable plug-and-socket systems comprising a male plug and a female receptacle. Power
connectors from GlenAir Inc. [253] have been evaluated with respect to their weight as a
function of ampacity. Figure 2.52 shows the weight of a single plug or receptacle (assumed
equal) for varying conductor current levels.
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Figure 2.52: Approximated weight of a single connector plug or receptacle, fitted with an exponential
function based on measured data of PowerTrip 970 connectors from GlenAir Inc. [253], as a
function of conductor current.
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Although a quadratic fit yields a higher coefficient of determination for the available data
points, the exponential fit was chosen as it increases monotonically and avoids unrealistic
behaviour when extrapolated beyond the measured current range.

2.4.3 Short Summary

Amodel for power distribution elements, including DC and AC cables as well as connectors,
has been introduced with a focus on the electro-thermal behaviour of the cable. Off-the-
shelf components from GlenAir Inc. [237, 253] are used as benchmarks and show very good
agreement with the proposed physical models. As an example, the size and specific weight
of cables are compared for copper and aluminum conductors operating at a fixed DC link
voltage (see Figure 2.53).
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Figure 2.53: Comparison of copper and aluminum as conductor materials in terms of cable size and specific
weight

The required conductor radius rcond,o increases logarithmically and is approximately 30 %
larger for aluminum than for copper, which is consistent with aluminum’s electrical resis-
tivity being roughly 63 % higher. Conversely, the lower specific mass mCab,spec of aluminum
cables results from its density being only about one third that of copper. The model en-
ables detailed exploration of such trade-offs and naturally accounts for secondary effects
such as surface area for cooling and temperature-dependent material properties.
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2.5 Thermal Management System
The thermal management system consists of a heat exchanger that transfers heat from one
fluid (or gas) to another, a pump that drives the fluid against pressure losses through the
cooling circuit, and piping that guides the fluid. Auxiliaries, such as valves, are accounted
for as a fraction of the total tubing mass only [254]. The primary task of the thermal
management system is to dissipate heat generated by all electric components, ensuring
each operates within its specified thermal limits. Owing to their broad applicability, both
liquid and gaseous cooling systems are considered, with particular focus on compact heat
exchangers. These enable high thermal loads at low mass and are therefore especially well
suited for aircraft applications [254, 255].
This section presents the modelling of all relevant components of the thermal management
system based on the required heat dissipation and the system’s operating conditions,
namely temperature and pressure drop within the cooling loop.

2.5.1 Compact Heat Exchangers

A heat exchanger is a device that transfers thermal energy between two or more flu-
ids operating at different temperature levels, commonly referred to as the hot and cold
streams. Heat exchangers are typically classified by their flow arrangement: parallel-flow,
where both fluids move in the same direction; counterflow, where they flow in opposite
directions; and cross-flow, where the fluids move perpendicularly to each other [256].
Compact heat exchangers are designed to achieve high heat transfer surface area per unit
volume. These devices employ dense arrays of finned tubes or plates and are particularly
effective when at least one of the fluids is a gas, which typically has a low convection
coefficient. According to [256], compact heat exchangers exhibit surface densities βHX
exceeding 400 m2 m−3. Offset strip and louvered fin geometries are especially well suited
for such applications. A computational model as shown in Figure 2.54 is used to evaluate
the thermodynamic performance of such exchangers and is supported by extensive research
[254, 256, 257].
For a specified heat exchanger, the model evaluates the outlet temperatures and pressures.
The required input parameters include:

- definition of heat exchanger type and overall dimensions,

- complete specification of the hot and cold surfaces, including surface geometry and
material selection (see 2.5.1.1),

- fluid properties, mass flow rates, and inlet conditions (temperature and pressure).

The surface types and their thermal characteristics are discussed in Section 2.5.1.1, while
the geometrical properties are defined in Section 2.5.1.2. The outlet conditions are then
computed iteratively by evaluating thermodynamic properties and pressure losses until
convergence is achieved, as described in Section 2.5.1.3.

2.5.1.1 Surface Types of Plate Fin Heat Exchangers

Heat exchangers typically consist of hot and cold sides, each featuring a heat transfer
surface separated by plates. Various surface types are used in heat exchangers, including
plain, wavy, louvered, and offset strip fins. A visual example of an offset strip fin heat
exchanger is shown in Figure 2.55.
The heat exchanger is composed of Np hot passages and (Np+1) cold passages, alternating
in the vertical (L3) direction. Figure 2.56 shows a section of a plate fin heat exchanger
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Figure 2.54: Workflow for computing the thermodynamic performance of heat exchangers, including outlet
temperatures and pressures based on specified inputs
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with offset strip fins, where the fluids enter the heat exchanger perpendicularly to each
other in a cross-flow configuration. This cross-flow arrangement maximizes the temperature
difference between the hot and cold fluids, providing the highest performance for the layout.
The color-shaded area qualitatively represents the decreasing temperature of the hot fluid
along the flow direction, with the temperature change reversed for the cold side.

hot fluid inlet

hot fluid outlet

cold fluid inlet
cold fluid

outlet

Figure 2.56: Section of a plate fin heat exchanger with offset strip fins. The cross-flow arrangement is chosen
to provide the highest performance for the given layout. The color-shaded area qualitatively
represents the decreasing temperature of the hot fluid along the flow direction.

For offset strip fins, a comprehensive description of the heat transfer surfaces requires the
specification of the following parameters (as shown in Figures 2.55 and 2.56):

- Offset strip fins:
◦ Fin thickness, tfin

◦ Plate spacing, bfin (together with tfin, this defines the channel height, hfin)
◦ Fin pitch, pfin (together with tfin, this defines the lateral channel width, sfin)
◦ Length of fins in the flow direction, lfin

- Other fin types (e.g., wavy, louvered, plain, or custom):
◦ All of the above parameters, plus
◦ Hydraulic radius of the fluid passage, rh

◦ Surface area density, βHX

◦ Fin-to-total area ratio, Aft

The number of parameters required to fully specify other types of heat exchangers is
larger than for offset strip fins, due to the lack of generalized correlations for geometrically
describing these surfaces.

2.5.1.2 Geometrical Definition

A variety of specific geometric parameters can be calculated for the evaluation of compact
heat exchangers. Explicit analytical formulas for offset strip fin geometries are provided
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by Manglik and Bergles [258], while general formulas for various types of heat exchangers
can be found in [254, 257]. These equations have been modified to account for different
thicknesses of separation plates, tsep, and end plates at the top and bottom of the heat
exchanger, tend.
First, the hydraulic diameter dh of the surface is calculated. The more general formulation
is applicable to all types of surfaces, while the second formula is specifically for offset strip
fins.

dh = 4 Ac lFP
At

= 4 sfin hfin lfin
(2 (sfin lfin + hfin lfin + tfin hfin) + tfin sfin)

(2.265)

where lFP is the length of the flow path in one direction, and Ac and At represent the
free-flow and total heat transfer surface areas, respectively.
The heat exchanger consists of Np hot passages and (Np + 1) cold passages to minimize
heat loss to the ambient. The top and bottom passages are assumed to be cold fluid
passages. The total number of passages, L3, is given by

L3 = Np bfin,1 + (Np + 1) bfin,2 + 2 Np tsep + 2 tend (2.266)

Solving for Np yields

Np = L3 − b2 − 2 tend
b1 + b2 + 2 tsep

(2.267)

where L3 is the total active height. This can be used to calculate the number of fins nf on
each side:

nfin,1 = L1
pfin,1

Np (2.268)

nfin,2 = L2
pfin,2

(Np + 1) (2.269)

and the number of offset fins, noff:
noff = lFP

lfin
(2.270)

where the fin pitch pfin is the inverse of the fin density.
The total primary area Ap (in this case, on the hot side) consists of the total plate areas,
passage side wall areas, and the passage front and back wall areas, minus the fin base
areas. It is defined as

Ap,h =


2 L1 L2 Np − 2 tfin L2 nfin,1 + 2 bh L2 Np

+2 (bc + 2 tsep) L1 (Np + 1)
+4 (tend − tsep) L1 offset strip fins
At,h − Af,h for all other types.

(2.271)

The total fin area Af consists of the fin area and offset-strip edge areas, and is calculated
using the fin-to-total area ratio, Aft:

Af =


2 (b − tfin) lFP nfin + 2 (b − tfin) tsep noff nfin

+(pfin − tfin) tfin (noff − 1) nfin

+2 pfin tfin nf offset strip fins
Aft At for all other types.

(2.272)
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The total heat transfer area At is then given by

At =
{

Ap + Af offset strip fins
βHX V for all other types.

(2.273)

where βHX is the surface area density and V is the volume of the respective side. The
free-flow (cross-sectional) area Ac is obtained by

Ac =


(bfin − tfin) (pfin − tfin) nfin offset strip fins
dh At
4 lFP

for all other types.
(2.274)

The frontal area Afr, where the fluid enters, is defined by

Afr = L L3 (2.275)

and the porosity σHX of the surface is computed as

σHX = βHX L3. (2.276)

2.5.1.3 Thermo- and Fluid Dynamics

In addition to geometric considerations, thermodynamic and fluid dynamic calculations are
crucial for the design of heat exchangers. Specifically, compact air-liquid heat exchangers
are of particular interest for aircraft applications, as they dissipate heat losses to the
ambient both while on the ground and in flight.

Mass Velocities and Reynolds Numbers
The mass velocity G and Reynolds number Re on both the hot and cold sides of the heat
exchanger can be calculated as:

G = ṁ

Ac
(2.277)

and

Re = G · dh
µ

(2.278)

where ṁ is the mass flow rate and µ is the dynamic viscosity of the fluid.

Chilton-Colburn and Fanning Friction Factors of Surfaces
For accurate heat exchanger rating and sizing, it is essential to have a clear understanding
of both heat transfer and friction flow characteristics. The heat transfer characteristics are
defined by the Chilton-Colburn factor j, while the pressure drop is related to the Fanning
friction factor f [256].
Analytical equations for offset strip fin geometries, taking into account the surface’s ge-
ometric properties, are provided by Manglik and Bergles [258]. For many other surface
types, tabulated data can be found in [254, 256].
Using the following dimensionless parameters:

α = sfin
hfin

δ = tfin
lfin

γ = tfin
sfin

(2.279)
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the Chilton-Colburn factor jfin and Fanning friction factor ffin for an offset strip fin are
given by:

jfin = 0.6522 Re−0.5403 α−0.1541 δ0.1499 γ−0.0678(
1 + 5.269 × 10−5 Re1.340 α−0.504 δ0.456 γ−1.055

)0.1
(2.280)

ffin = 9.6243 Re−0.7422 α−0.1856 δ0.3053 γ−0.2659(
1 + 7.699 × 10−8 Re4.429 α0.920 δ3.767 γ0.236

)0.1
(2.281)

Figure 2.57 shows a comparison of the correlations developed by Manglik and Bergles [258]
and experimental data from [254] for a 1/8-19.86 strip fin.
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Figure 2.57: Chilton-Colburn jfin and Fanning friction ffin factors for 1/8-19.86 strip fin. Comparison of
correlations developed by [258] and experimental data from [254].

Overall Fin Efficiency of Surfaces
When extended surfaces, such as offset strip fins, are used, the temperature effectiveness
is reduced due to temperature gradients along the fins extending into the fluid [254]. For
fins extending from wall to wall, the corrected fin length lc is given by

lc = bfin
2 − tfin (2.282)

The fin effectiveness parameter mfin and the fin surface efficiency ηfin are defined by Gard-
ner [259] as follows:

mfin =
√

2 h

λ tfin

(
1 + tfin

lfin

)
(2.283)

ηfin = tanh(mfin lc)
mfin lc

(2.284)

where h is the heat transfer coefficient and λ is the thermal conductivity of the fin material.
Finally, the overall fin surface efficiency ηo can be computed as

ηo = 1 − Aft (1 − ηfin) (2.285)
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Heat Transfer Coefficients of Surfaces
The heat transfer coefficients h for each surface side in terms of Chilton-Colburn jfin and
Fanning friction ffin factors are calculated using the Prandtl number Pr:

h = jfin G cp

Pr
2
3

(2.286)

The overall heat transfer coefficient times the heat transfer area UA of the heat exchanger
is the sum of the thermal wall resistance Rth,sep:

Rth,sep = tsep
λsep Aw

(2.287)

and the heat transfer times area for the hot or cold side:

UAh/c = 1
ηo h At

(2.288)

This leads to the following relation:

UA = 1
UAh + Rth,sep + UAc

(2.289)

ε-NT U Method
When the heat transfer rate or outlet temperatures are unknown, the log mean temper-
ature difference method requires numerous iterations. In 1955, Kays and London [254]
developed the ε-NTU method to eliminate the need for a large number of iterations. This
method requires the calculation of the heat capacity rate C, which is the product of mass
flow rate and specific heat. The minimum and maximum transfer rates, Cmin and Cmax,
as well as the heat capacity ratio Cr, are defined as

C = ṁ cp (2.290)
Cmin = min(Cc, Ch) (2.291)
Cmax = max(Cc, Ch) (2.292)

Cr = Cmin
Cmax

(2.293)

where cp is the specific heat capacity of the fluid. The heat exchanger effectiveness εHX is
then given by

εHX = Q

Qmax
(2.294)

and the number of transfer units NTU is defined by

NTU = UA

Cmin
(2.295)

Kays and London [254] developed several correlations for different types of flow arrange-
ments, for which the effectiveness can be calculated directly. For parallel flow (i.e., both
fluids enter the heat exchanger on the same side and exit on the other), the correlations
are as follows:

εHX = 1 − e−NT U(1+Cr)

1 + Cr
(2.296)

NTU = 1
1 + Cr

ln(1 − ε(1 + Cr)) (2.297)
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For counterflow (i.e., the fluids enter the heat exchanger from opposite sides), the corre-
lations are as follows:

εHX = 1 − e−NT U(1−Cr)

1 − Cr e−NT U(1−Cr) (2.298)

NTU = 1
1 − Cr

· ln
(1 − εCr

1 − ε

)
(2.299)

For a cross-flow heat exchanger (i.e., the fluids enter the heat exchanger perpendicular to
each other) where both fluids are unmixed, the following correlations are derived:

εHX = 1 − e
1

Cr
NT U0.22(e−Cr NT U0.78

−1)
(2.300)

NTU = − ln
(

1 + 1
Cr

ln(1 − εCr)
)

(2.301)

Calculation of Outlet Temperatures
Based on the ε-NTU correlations, the outlet temperatures on the hot (Tout,h) and cold
(Tout,c) sides can be derived as follows:

Tout,h = Tin,h − εHX
Cmin
Ch

(Tin,h − Tin,c) (2.302)

Tout,c = Tin,c + εHX
Cmin
Cc

(Tin,h − Tin,c) (2.303)

Pressure Drop
Calculating the pressure drop ∆p along the flow path length L of one side of the heat
exchanger includes not only core losses, but also entry losses due to contraction effects Kc
and exit losses due to expansion effects Ke as well as losses from flow acceleration. The
entrance and exit losses are considered for higher accuracy [254].

∆p = G2

2ρi

[(
1 − σ2

HX + Kc
)

+ 2
(

ρi
ρo

− 1
)

+4 ffin L

rh

(
ρi
ρm

)
−
(
1 − σ2

HX − Ke
) ρi

ρo

] (2.304)

Contraction and Expansion Coefficients
The jet contraction ratio for a tube-to-square geometry Cc,tube is given by [254]

Cc,tube = 4.374 10−4e6.737√
σHX + 0.621 (2.305)

while the friction factor fd used for the calculation is deduced as

fd =

0.049 Re−0.2 Re ≥ 2300
16
Re

otherwise
(2.306)

The velocity-distribution coefficient for circular tubes Kd,tube can be then defined as and
converted to a correlation for square tubes [254]

Kd,tube =
{

1.09068 (4fd) + 0.05884
√

4fd + 1 Re ≥ 2300
1.33 otherwise

(2.307)
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Kd,square =
{

1 + 1.17 (Kd,tube − 1) Re ≥ 2300
1.39 otherwise

(2.308)

Finally, the contraction coefficient (entry loss coefficient) Kc,square and expansion coeffi-
cient (exit loss coefficient) Ke,square can be calculated as [254]

Kc,square =
1 − 2Cc,tube + C2

c,tube(2Kd,square − 1)
C2

c,tube
(2.309)

Ke,square = 1 − 2Kd,squareσHX + σ2
HX (2.310)

The parameters Kc and Ke for each fluid are determined by the porosity of the surface
arrangement and the Reynolds number which is assumed to be fully turbulent (Re ≥ 107)
because of the frequent boundary layer interruptions due to the fins [254].

2.5.2 Heat Sinks with Rectangular Fins

Power semiconductors require heat sinks to dissipate thermal energy to the environment.
To accommodate both air- and liquid-cooled configurations, a base plate with rectangular
fins, as illustrated in Figure 2.58, is used to evaluate the cooling potential under given
operating conditions. Arrays of rectangular fins offer high heat transfer performance, ease
of manufacture, low cost, and the advantage of analytical tractability for both thermal
and hydraulic evaluations. These features are particularly valuable during the pre-design
stage.
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Figure 2.58: Schematic geometry of a plate with longitudinal, rectangular fins used as a heat sink, for
example in power semiconductor applications. The model shows key geometric parameters,
nodes used for temperature evaluation, and the direction of forced convection. The model also
remains valid for natural convection scenarios.

In general, the calculation process used to derive the temperature distribution and pressure
drop under forced convection is similar to the approach outlined in Figure 2.54. The main
difference is that the fin surface temperature Tfin must be determined iteratively. The
relevant models are presented in the following.
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2.5.2.1 Geometrical Properties of Rectangular Fins

The overall size of the heat sink is defined by its length LHS and width wHS. The heat
source is located at the bottom, with the base temperature Tb, and is separated from the
fins by the baseplate of thickness tbp.
The primary area of the base Ap, the wetted fin area Af, and the area contributing to
radiative heat emission Ad, which includes all surfaces except the base plate surface where
the heat source is applied, are the most relevant geometric parameters for thermodynamic
evaluation.

Ap = L tfin (Nfin − 1) (2.311)
Af = L (2 hfin + tfin) Nfin (2.312)
Ad = (L tfin + 2 hfin tfin) Nfin + 2 hfin L + 2 tBP (L + w) (2.313)

2.5.2.2 Thermo- and Fluid Dynamics

To derive the surface temperature of the fins and the pressure drop along the flow axis,
heat transfer characteristics for convection and radiation under both natural and forced
conditions are required. Fin efficiency is also an important factor.

2.5.2.2.1 Heat Transfer Through U-Shaped Channels

The U-shaped channels are subject to natural or forced convection and, in the case of air
cooling, to radiation. For liquid-cooled configurations, convective heat transfer is typically
at least an order of magnitude greater than for air, allowing radiation to be neglected.

Natural Convection
For natural convection, the heat transfer coefficient is calculated using the Elenbaas num-
ber El [260], which is based on the Rayleigh number Ra (see Equations (2.131) and (2.133))
and the corresponding characteristic length Lchar:

El = Ra
Lchar

L
(2.314)

Lchar = 2 hfin sfin
2 hfin + sfin

(2.315)

The Nusselt number is then calculated as

Nu = El

ΨB

(
1 − e−ΨB

(
0.5
El

)0.75)
(2.316)

using Bilitzky’s geometrical coefficient ΨB [261], based on prior work [262]. It is defined
as

ΨB =
24
(
1 − 0.483 e

− 0.17/a

)
(
1 + a

2
)

(1 + (1 − e−0.83 a) (9.14
√

a e−B − 0.61))3 (2.317)

a = sfin
hfin

(2.318)

B = 1.25
(

1 + sfin
2 hfin

)
(2.319)

where a and B are helper coefficients. Equation (2.319) is a fit of experimental data [263]
and carries a standard error of estimate. The heat transfer coefficient is then determined
using Equation (2.130).
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Forced Convection
For forced convection, a composite model based on the Churchill-Usagi correlation [264]
was proposed in [265] to account for both developing and fully developed flows within the
channels:

Nu =
(

1(
0.5 sfin

L Re Pr
)3

+ 1(
0.664

√
sfin
L Re Pr1/3

√
1 + 3.65

√
L

sfin Re

)3


−1/3

.

(2.320)

Figure 2.59 shows that for a typical design, a maximum heat transfer coefficient is achieved
at a specific number of fins. Natural cooling is more effective at low air velocities (up to
0.3 m s−1). To ensure sufficient heat transfer, especially under forced conditions, the flow
velocity should be high enough to induce turbulence. The inclination of the profile also
has a significant impact on natural convection [266].
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Figure 2.59: Influence of fin number on an otherwise unchanged geometric profile with rectangular fins for
air stream velocities ranging v = 0.0 – 10.0 m s−1.

The chart shows that thermal resistance decreases with an increasing number of fins, while
the pressure drop increases exponentially. The benefit of increasing air velocity diminishes
with higher values: an order-of-magnitude increase in velocity reduces thermal resistance
by only about two-thirds. The pressure drop, however, increases sharply with both velocity
and fin number.

Radiation
In air-cooled equipment with rectangular fins on a base plate, radiative heat transfer can
be non-negligible. The total radiative heat transfer Qtot,rad is calculated as [267]

Qtot,rad = (Nfin − 1) Qch,rad + Ad σSB ε (T 4
fin − T 4

amb) (2.321)

where Qch,rad is the radiation from a single U-shaped channel, defined as

Qch,rad = σSB (sfin + 2 hfin) L (T 4
fin − T 4

amb)
1−ε

ε + 1
Fs-surr

. (2.322)
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The channel view factor Fs-surr, describing the radiative exchange with the surroundings,
is approximated with less than 5 % deviation as

Fs-surr = 1 − 2 H̄ (
√

1 + L̄2 − 1)
2 H̄ L̄ + (

√
1 + L̄2 − 1)

(2.323)

H̄ = hfin
sfin

(2.324)

L̄ = L

sfin
(2.325)

with H̄ and L̄ being the normalized fin height and length. The corresponding radiation
heat transfer coefficient αrad is

αrad = Qtot,rad
(Ap + Af) (Tfin − Tamb) . (2.326)

The total heat transfer coefficient is then the sum of the convection and radiation com-
ponents. In liquid-cooled heat sinks, convection dominates and radiation is negligible. In
air-cooled applications, radiation can contribute up to 25 % of the total heat transfer [268].

2.5.2.2.2 Temperature Distribution

With the previously determined geometric properties and heat transfer coefficients, the
thermal resistance from the fins to the ambient Rth,fa can be determined as

Rth,fa = 1
αtot (Ap + ηfin Af)

(2.327)

to calculate the surface temperature of the fins Tfin:

Tfin = Tamb + Rth,fa Q. (2.328)

The fin efficiency ηfin is derived using Equations (2.282) and (2.284). In the case of trape-
zoidal fins, a more general solution is required and can be found by employing Bessel
functions of the first and second kind as shown in [269].
The temperature at the heat sink base Tb is similarly calculated as

Tb = Tf + (Rth,b + Rth,sp) Q (2.329)

where the thermal resistance of the base Rth,b is computed using Equation (2.119), and the
resistance due to heat spreading Rth,sp must be considered if the ratio ε of loss source area
A1 to base surface area A2 is less than 90 %. For a loss source with constant heat flux and
adiabatic conditions on the emitting surface, the spreading resistance can be estimated
according to [270, 271]:

Rth,sp = 1.08076 − 1.41042ε + 0.26604ε3 − 0.00016ε5 + 0.058266ε7

4 λ
√

A1
. (2.330)

For power electronics applications, where multiple loss sources (e.g., semiconductors) are
often mounted on a single heat sink, the accuracy of this solution can be further improved
by considering the eccentricity of the loss source, as demonstrated in [272].
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2.5.2.2.3 Pressure Loss Characteristics

Besides thermal performance, the pressure drop characteristics along the fin length are also
critical, as they define a penalty on the system performance related to fan or pump power
consumption. Several models, similar to Equation (2.304), for calculating the pressure
drop have been proposed [273–276]. These account for entrance and exit effects, as well as
core losses, using the apparent friction factor fapp:

∆p =
(

Kc + 2 fapp
LHX
sfin

+ Ke

)
ρm

v2

2 (2.331)

Entrance and Exit Effects
Losses due to sudden contraction at the entrance Kc and sudden expansion at the exit Ke
are evaluated as

Kc = 0.42
(
1 − σ2

)
(2.332)

Ke =
(
1 − σ2

)2
(2.333)

σ = 1 − Nfin tfin
wHX

. (2.334)

Sudden contraction and expansion represent worst-case conditions, but as the detailed
installation is unknown during preliminary design, this approach is regarded as the most
general.

Core Friction
The dominant portion of the pressure loss is due to friction in the core section, represented
by the apparent friction factor fapp. This factor is modeled as a composite function using
the Churchill–Usagi method [264], as developed in [275, 277]. For a rectangular channel,
it is defined as

fapp = 1
Re

√√√√(3.44
√

2 sfin Re

LHX

)2

+ (ffd Re)2 (2.335)

with the Reynolds number determined using the hydraulic diameter of the channel. The
friction factor for fully developed flow ffd is then a function of the channel’s aspect ratio:

ffd Re = 24 − 32.527
(

sfin
hfin

)
+ 46.721

(
sfin
hfin

)2
− 40.829

(
sfin
hfin

)3

+ 22.954
(

sfin
hfin

)4
− 6.089

(
sfin
hfin

)5
.

(2.336)

2.5.3 Auxiliaries

The thermal management system also includes auxiliary components such as pipes for
fluid transport, pumps for circulation, filters to remove particles, and valves to regulate
or redirect flow. In this work, only pipes and pumps are considered. The number and
placement of filters and valves depend heavily on the specific integration within the aircraft
and are therefore difficult to define at this early design stage.

2.5.3.1 Pumps

A scaling law for the pump mass mpump with respect to the volume flow is derived from
a set of certified products by manufacturers such as Cascon [278], Barber-Nichols [279],
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and a combination of engine-driven pumps from Parker Hannifin [280] with motors from
Woodward [281].
A quadratic fit function

f1D,quad(x) = a x2 + b x + c (2.337)

was chosen to model the data. In addition to yielding a good match in terms of coefficient
of determination R2 and visual agreement, particularly in the lower volume flow range
relevant for liquid-cooled propulsion systems, the quadratic shape is also supported by
physical reasoning. Assuming the pump geometry scales roughly like a cylinder, its volume
and thus mass can be expected to increase approximately with the square of the volumetric
flow rate.
Figure 2.60 shows the manufacturer data and the resulting quadratic fit. The coefficients
of the quadratic pump mass model were obtained through regression as a = −3.10 × 105,
b = 6.13 × 103, and c = 4.07 × 10−1.
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Figure 2.60: Mass of pump as a function of volume flow using a quadratic fit to manufacturer data from
[278–281]

2.5.3.2 Pipes

Pipes are used to build a network for fluid transport between the liquid-cooled components,
such as electric machines and power electronics, and accessories including pumps, heat
exchangers, and filters. Depending on the type of cooling architecture selected, their mass
contribution can be significant. Pipes are considered as hollow cylinders completely filled
with fluid. Consequently, both their mechanical integrity under internal fluid pressure and
the pressure drop along their length must be evaluated to assess the system’s performance.
Heat loss to the environment is neglected, as it would be beneficial to the cooling system
but is relatively minor and subject to high uncertainty at the pre-design stage.

2.5.3.2.1 Structural Mechanics

The fluid exerts an internal pressure pint on the inner radius rin of the pipe, causing
tangential and radial stresses in the cylindrical wall. These can be calculated using Equa-
tions (2.100) to (2.102), neglecting centrifugal forces. The von Mises equivalent stress
model from Equation (2.106) is again used to evaluate a safety factor against yield, which
should be greater than five to provide sufficient margin for pressure shocks. Additionally,
a minimum wall thickness of 1 mm is imposed due to manufacturing constraints.
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2.5.3.2.2 Thermodynamics

A pressure drop occurs along both straight pipe sections and bends, which must be ac-
counted for in the thermal management system sizing. The pressure drop in a straight
pipe of length L is given by the Darcy-Weisbach equation [282, 283]

∆p = fD
ρ

2
v2

2 rin
L, (2.338)

where fD is the Darcy friction factor. This factor depends on the flow regime and fluid
properties and is determined in the following sections.

Laminar Flow
At low fluid velocities, the Reynolds number is small, and laminar flow can be assumed.
For Re ≤ 2000, the Darcy friction factor follows a linear relation with Reynolds number,
described by Hagen-Poiseuille’s law [284, 285]:

fD = 64
Re

. (2.339)

Turbulent Flow
As the Reynolds number exceeds the critical threshold, the flow becomes unstable and
turbulent, characterized by vortex formation. This regime is described by the Colebrook-
White equation [286, 287]:

1√
fD

= −2 log
( 2.51

Re
√

fD
+ k

3.71

)
, (2.340)

where k is the relative roughness of the inner pipe surface, representing the ratio of surface
protrusion to diameter. Typical values for k range from 0 to 0.1. Although this equation is
accurate, its transcendental nature requires iterative solutions. To avoid iterative solving,
several explicit approximations have been proposed. In a recent review [288], the formu-
lation by Vatankhah [289] was identified as the most accurate, with a mean relative error
below 0.01 %. The first continued-fraction approximation is given by:

1√
fD

= 0.8686 ln
(

0.3984 Re

(0.8686 s)
s

s+λ1

)
, (2.341)

with the coefficients

s = 0.12363 Re k + ln (0.3984 Re) , (2.342)

λ1 = 1 + 1
1+s

0.5 ln(0.8686 s) − 1+4 s
3 (1+s)

. (2.343)

Pressure Loss in Bends
In addition to straight pipe sections, bends, elbows, junctions, and valves are required
to maintain appropriate pressure levels across system components. These features can
introduce significant additional pressure losses. For example, a 90◦ elbow bend can cause
a pressure drop equivalent to that of 30 to 50 pipe diameters of straight section [290].
The pressure drop in curved sections is calculated similarly to Equation (2.338), but with
a modified friction factor fD,c for curved geometries. According to the review by Spedding
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et al. [291], for laminar flow the correlation by White [292] is the most accurate:

fD,c = 1

1 −
(

1 −
(

11.6
De

)0.45
)1/0.45

fD, (2.344)

using the Dean number De defined as

De = Re

√
rin

rbend
. (2.345)

For turbulent flow, the correlation proposed by Itō [293] is recommended:

fD,c =
(

0.029 + 0.304
(

Re
rin

rbend

)2
)−0.25 √

r

rbend
. (2.346)

The length of an elbow bend is defined as the arc length of its centerline, given by

L = rbend π

2 . (2.347)

2.5.4 Short Summary

Models for key elements of the thermal management system, including compact heat ex-
changers, heat sinks, and auxiliaries such as piping and pumps, have been introduced.
These models enable the estimation of both thermal and fluid-dynamic performance un-
der relevant operating conditions. By allowing the derivation of pressure losses within each
component, the models improve pre-design accuracy and reduce dependence on exter-
nal assumptions. Parametric geometric descriptions capture the influence of fin structure
and fluid path on heat transfer efficiency and required pumping power. This facilitates
a systematic comparison of cooling strategies across drivetrain components and supports
integrated system-level thermal management.
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2.6 Batteries as Electric Storage System

2.6 Batteries as Electric Storage System
Full-electric drive trains rely on batteries as their primary energy source. Among various
options, lithium-ion batteries have been identified as the most suitable choice due to their
high energy and power density compared to lead-acid or nickel-metal hydride alternatives
[294–296]. This section therefore focuses exclusively on lithium-ion cells, as other technolo-
gies with potentially superior performance characteristics, such as lithium-air, are not yet
available for mass production [297]. Once such technologies become commercially viable,
they can be evaluated using the same methodology introduced in the following.
In contrast to all other component models discussed so far, the performance evaluation
of a battery pack involves two major challenges. First, the battery current and voltage
are not known a priori, as the mission profile can be highly dynamic due to alternating
hover and cruise phases. Second, the characteristics of the cells themselves depend on their
current state of charge, temperature, and instantaneous load current. As a result, battery
performance evaluation requires a sufficiently small time step on the order of seconds to
obtain a convergent solution [298, 299]. While all other components can be sized using
steady-state conditions, the transient behavior of cell voltage and temperature along the
mission profile must be captured to determine whether a given battery design is viable.
Figure 2.61 provides an overview of the main aspects addressed in the design process of
an electric storage system.

Battery

Cell arrangement in battery pack

Geometric Analysis

Performance evaluation on cell level

Input
parameters

Battery weight
and performance

Figure 2.61: Overall setup and included disciplines of battery modelling

The section begins with a discussion of the arrangement of individual cells within the
battery pack to derive pack-level characteristics, followed by a brief overview of the geo-
metric properties of the system. The main part of the section focuses on the performance
evaluation of a single cell, taking into account its electrical behavior, mission-dependent
state of charge, and electro-thermal response. Specifying cell data in a generalised format
enables comparisons between different commercially available options.

2.6.1 Cell Arrangement in Battery Pack

A single cell typically delivers a cell voltage Vcell of around 3.7 V. To achieve the required
battery voltage VBat, power PBat, and capacity EBat, a series connection of ns cells is made,
with np such strings connected in parallel, as shown in Figure 2.62.
The overall battery pack characteristics are thus:

VBat = ns Vcell (2.348)
IBat = np Icell (2.349)
PBat = ns np Vcell Icell (2.350)
EBat = np Ecell. (2.351)
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Pack
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Vcell
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Figure 2.62: Electrical setup of a battery pack with ns cells connected in series and np such strings in
parallel.

Throughout this chapter, a generic battery pack consisting of 180 NCR18650GA cells [300]
in series and 50 in parallel will be evaluated. The power profile of the battery pack and
its energy capacity usage are shown in Figure 2.63.
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Figure 2.63: Power profile PBat and used capacity EBat over time for a generic battery pack.

While the cells are the most critical components of the pack, other elements, such as the
battery management system, thermal management system, electrical components (e.g.,
switches, fuses, connections), and housing, are essential for reliable operation [301]. These
components are challenging to model from a physics-based perspective in the preliminary
design phase. Therefore, additional weight and volume at the battery pack level are esti-
mated using cell-to-pack penalty factors km,cell for mass and kv,cell for volume, as follows:

mBat = (1 + km,cell) ns np mcell (2.352)
VBat = (1 + kv,cell) ns np Vcell (2.353)

where mcell and Vcell represent the mass and volume of a single cell. Based on values from
[302], the penalty factors are optimistically estimated as km,cell = 0.3 and kv,cell = 1.0,
implying a 30 % increase in mass at the pack level compared to the cell level and a doubling
of volume.
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2.6.2 Performance Evaluation on Cell Level

Assuming the battery management system functions correctly, the mission load is evenly
distributed among all cells. To accurately simulate a single cell’s behaviour, its voltage Vcell,
current Icell, state of charge, and temperature Tcell must be known, as these parameters
govern the cell’s performance characteristics [303].
The evaluation procedure is illustrated in Figure 2.64.

Start

Cell
power

Calculate cell current Icell

Calculate losses Qcell
(Equations (2.361) and (2.363))

Calculate state of charge SOC
(Equation (2.359))

Cell temperature Tcell
(Equation (2.364))

Cell overpotential ∆Vcell
(Equation (2.356))

Open-circuit voltage VOC
(Equation (2.354))

Cell voltage Vcell
(Equation (2.354))

End

Figure 2.64: Flowchart visualizing the calculation procedure for the performance evaluation of a single
battery cell.

Starting from a given power requirement on cell level and initial values for all relevant
parameters, the computation begins with evaluating the cell current Icell, followed by
updating the state of charge SOC. This, in combination with the current, yields the cell
temperature Tcell as well as the open-circuit voltage VOC and the overpotential ∆Vcell. The
models used in each step are detailed below.

2.6.2.1 Cell Characteristics

To establish the methodology, the widely used 18650 cell format is considered. Specifically,
Panasonic’s NCR18650GA cell [300] is chosen. General parameters are listed in Table 2.9.
Beyond these general specifications, discharge voltage curves are of primary interest. The
cell voltage depends on the state of charge, C-rate Ccell, and cell temperature:

Vcell = f(SOC, Ccell, Tcell). (2.354)
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Table 2.9: General cell data of Panasonic’s NCR18650GA (taken from [300])

Parameter Symbol Value Unit

Nominal voltage Vcell,nom 3.6 V
Nominal capacity Ecell,max 12060 A s
Operating temperature window Tcell −20 – 60 ◦C
Cell emmissivity εcell 0.65 -
Cell radius rcell 9.25 mm
Cell height hcell 65.3 mm
Cell mass mcell 48.0 g

The C-rate is defined as the ratio of current to maximum energy capacity:

Ccell = Icell
Ecell,max

. (2.355)

In the special case Ccell = 0, the resulting voltage is the open-circuit voltage VOC.
Figure 2.65 shows discharge curves for various C-rates under constant temperature con-
ditions (Tcell = 25 ◦C).
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Figure 2.65: Discharge curves of NCR18650GA at different C-rates and constant temperature Tcell = 25 ◦C.

Even under open-circuit conditions, voltage drops during discharge due to three main
effects: the Ohmic drop from current flow, activation polarization from reaction kinetics,
and concentration polarization from mass transport resistance [304].
The overpotential ∆Vcell is defined as the difference between open-circuit voltage and the
actual voltage:

∆Vcell(SOC, Ccell, Tcell) = VOC(SOC) − Vcell(SOC, Ccell, Tcell)
= VOC(SOC) − Vcell(SOC, Ccell, Tcell = 25 ◦C)

+ ∆Vcell,corr(Tcell)
(2.356)

where ∆Vcell,corr(Tcell) accounts for temperature deviations from the nominal curve:

∆Vcell,corr(Tcell) = ∆Vcell(Tcell) − ∆Vcell(25 ◦C) (2.357)

The resulting correction is shown in Figure 2.66.
As temperature increases above 25 ◦C, the voltage drop decreases due to enhanced reaction
kinetics. However, the impact of temperature becomes significant near the operational
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Figure 2.66: Overpotential correction function ∆Vcell,corr(Tcell) of NCR18650GA for varying temperatures.

boundaries defined in Table 2.9, reinforcing the need for an electrothermal model. This
will be addressed in Section 2.6.2.3.
Figure 2.67 shows the open-circuit voltage, actual cell voltage, and overpotential during
the mission profile introduced in Figure 2.63. The effects of state of charge, discharge rate,
and temperature are reflected in the voltage trends.
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Figure 2.67: Open-circuit voltage, actual cell voltage, and voltage overpotential over time for the power
profile given in Figure 2.63.

In the ideal case, discharge would occur at the open-circuit voltage. However, lower state
of charge, high current draw, and low temperatures increase the overpotential, reducing
usable voltage. Although higher temperatures mitigate this drop, they accelerate cell aging,
which is typically undesirable.

2.6.2.2 State of Charge Evaluation

The cell’s state of charge determines whether the battery pack can provide the required
power for a given mission. To estimate the state of charge, the consumed energy is calcu-
lated using the Coulomb counting method [305–307], which integrates the current profile

107



2 Drive Train Components Modelling

as
Ecell =

∫ t

0
Icell(t)dt (2.358)

This value is then used to calculate the state of charge as

SOC = SOCinit − Ecell
Ecell,max

(2.359)

taking into account an initial state of charge. The complementary depth of discharge
(DOD) is defined as

DOD = 1 − SOC. (2.360)

Figure 2.68 shows how higher discharge rates lead to a faster decrease in state of charge,
and vice versa, for the profile given in Figure 2.63.
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Figure 2.68: State of charge and discharge rate over time for the power profile given in Figure 2.63.

2.6.2.3 Electro-Thermal Model

As shown in Sections 2.6.2.1 and 2.6.2.2, the performance of a battery cell is strongly
influenced by its temperature. Therefore, an electro-thermal model is developed to compute
the transient temperature profile by accounting for internal heat generation and external
cooling conditions.

Loss Sources in Battery Cells
According to [306, 308], the main sources of heat generation within battery cells can be
described as

Qcell,in = ∆Vcell Icell − Tcell ∆S

n F
Icell (2.361)

where ∆S is the entropy change, n the charge number of mobile ionic species and F
the Faraday constant. The first term describes the irreversible heat power due to charge
transfer processes, diffusion and migration, and Ohmic losses in both electrodes. The
second term describes the reversible heat generation due to a change in reaction entropy.
This term is often neglected but several researchers have shown that this effect should
be considered in the thermal modelling process [306, 309]. The entropy change can be
modelled as [308]

∆S = n F

(
∂Ecell
∂Tcell

)
(2.362)
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and substituted into Equation (2.361). Furthermore, heat generation due to enthalpy-
of-mixing and phase changes, that is, heat associated with concentration gradients and
phase transitions, is also present. However, their contributions are minor compared to the
dominant mechanisms and are therefore neglected [309, 310].
In [306], entropy change values for different cell temperatures ranging from 0 to 40 ◦C are
presented. Figure 2.69 shows that when the state of charge is below 30 %, the entropy
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Figure 2.69: Entropy change versus state of charge for different cell temperatures ranging from Tcell =
0 – 40 ◦C, adapted from [306]

change is positive, meaning the discharge reaction is endothermic and requires heat from
the environment. As a result, the cell temperature decreases, partially compensating for
irreversible losses. When the state of charge exceeds 30 %, the discharge reaction becomes
exothermic and leads to a further increase in cell temperature.

Heat Dissipation From Battery Cells
The space between the cells in a battery pack can be utilised to provide convective heat
transfer from the cell surface, with area Acell and temperature Tcell, to the surroundings, as
well as heat transfer via radiation. As outlined in Paragraph 2.1.6.3.2, the total dissipated
heat from convection and radiation is given by

Qcell,out = αcell Acell (Tcell − Tamb) + σSB εcell Acell (T 4
cell − T 4

amb) (2.363)

where αcell is the convective heat transfer coefficient, σSB is the Stefan-Boltzmann constant,
and εcell is the surface emissivity of the cell. A wide range of research has been conducted
on different cooling strategies such as air cooling [311–313], liquid cooling [314, 315], and
more advanced methods including phase-change materials and internal heat pipes [308].
For air-cooled systems, Zhang et al. [316] reports heat transfer coefficients in the range
αcell = 10 – 25 W m−2 K−1. These values are used directly, since the battery pack model
does not provide details of the actual geometrical setup and thus no accuracy gain from a
more detailed thermal model can be expected.

Heat Balance
Assuming a uniform cell temperature from core to surface, the heat balance equation is
written as

mcell cp,cell
dT

dt
= Qcell,in − Qcell,out (2.364)

where cp,cell is the specific heat capacity of the cell. Using all available data, the right-hand
side of the equation can be determined as shown in Figure 2.70 for the profile given in
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Figure 2.63.
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Figure 2.70: Net absorbed heat (Qcell,in − Qcell,out) of the cell over time for the power profile given in
Figure 2.63.

Using Equations (2.361) and (2.363) and the data from Table 2.9, the temperature profile
can be computed and is shown in Figure 2.71. It is noteworthy that when the battery is
nearly fully charged and heated, the endothermic reaction kinetics help to limit the tem-
perature rise to about 45 ◦C. If this effect were not taken into account, the cell temperature
would be overestimated and the design might be considered infeasible.
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Figure 2.71: Cell temperature Tcell over time

Pack Performance
This allows for the determination of critical quantities such as the available battery voltage
VBat and the corresponding current IBat, as illustrated in Figure 2.72.
As shown, the voltage drops from approximately 720 V to 540 V over time.
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Figure 2.72: Battery voltage VBat and current IBat over time

2.6.3 Short Summary

A battery model has been developed that accounts for the cell arrangement and key
operating parameters such as voltage, discharge rate, state of charge, and temperature.
The model enables analysis at the pack level, which is essential for all- or hybrid-electric
drivetrains. It allows for the determination of critical quantities such as the available
battery voltage and current. The variation in voltage over time is critical in the design of
power electronics, influencing the specification of semiconductor modules and insulation
systems in both power distribution and electric machines.
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3 Optimization Strategies
Electric drivetrain design involves multiple disciplines, as outlined in Chapter 2, and conse-
quently presents a wide range of trade-offs that are of interest to the designer. To evaluate
these effectively, optimization algorithms capable of addressing multiple objectives simul-
taneously are required. A variety of optimization algorithms have been proposed in the
literature [317–322], but their results depends strongly on their suitability for the specific
characteristics of the optimization problem.
The optimization process itself comprises the model to be optimized, the selected algo-
rithm, and the visualization and interpretation of the resulting solutions. This chapter
provides a literature-based overview of these aspects and compares different algorithms
with respect to their applicability to electric drivetrain optimization.

3.1 Optimization Problems
Optimization is the process of determining the ideal set of controllable design variables for
a model, subject to constraints [318]. In this context, variables are referred to as modifi-
able parameters, objective functions represent the performance indicators the optimization
process seeks to optimize, and constraints define the conditions under which a solution is
considered feasible [318, 321, 323].
Given these definitions, the most commonly used mathematical formulation of a nonlinear
constrained optimization problem is [317, 321, 323]:

min
x

F (x) (3.1)

subject to gj(x) = 0 j = 1, . . . , me (3.2)
gj(x) ≤ 0 j = me, . . . , m (3.3)
xiL ≤ xi ≤ xiU i = 1, . . . , n, (3.4)

where x = (x1, x2, . . . , xn) are the n modifiable variables, bounded by their respective lower
xiL and upper bounds xiU . The function F (x) represents an arbitrary nonlinear single or
multi-objective function, and gj denotes the m equality and inequality constraints.
This section focuses on the classification of optimization problems, an experimental ap-
proach to address them, and the articulation of preferences in the case of multiple objec-
tives.

3.1.1 Taxonomy

To select the most suitable and efficient optimization algorithm, the optimization prob-
lems must be classified, as a single algorithm is not capable of tackling all types. Several
researchers have proposed classification schemes for this purpose [317, 318, 321]. Figure 3.1
provides an aggregated view of such a taxonomy.
This thesis will focus on deterministic functions, i.e., models that yield the same output for
repeated evaluations with the same input, in contrast to stochastic problems, where inputs
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Optimization Problems

Stochasticity

deterministic stochastic
Linearity

linear nonlinear

Variables

continuous discrete
Objectives

single multi

Constraints

unconstrained constrained

Figure 3.1: Taxonomy of optimization problems, based on [318]. Characteristics applying to the models in
this thesis are marked in red.

are subject to uncertainty. For example, geometric inputs might be affected by manufac-
turing deviations [318]. The component models introduced in Chapter 2 are inherently
nonlinear, and building entire systems from these components will further increase the
nonlinearity.
Engineering design problems often involve mixed variables, i.e., both continuous and dis-
crete ones. While the stack length of an electric machine is a continuous variable, discrete
variables can be categorized as either integer or categorical. For example, the number
of slots is an integer variable, while the magnet material is categorical. While single-
objective problems are easier to tackle, multi-objective problems offer the possibility to
analyze trade-offs between potentially conflicting objectives, such as mass and efficiency.
The higher degree of information gained comes at a higher effort and necessitates the
selection of a specific design from the trade-off curve. Engineering problems are also often
subject to a larger number of constraints, arising from different technical disciplines, such
as temperature limits for magnets.

3.1.2 Design of Experiments

Design of Experiments (DOE) is a set of techniques used to select the variable parameters
such that the effects of changes in the objective space can be identified economically
[322]. Design of experiments can be used to derive multiple solutions without the need for
complex optimization procedures. This approach is simple and flexible; however, it cannot
guarantee optimized solutions, nor can it derive information from other designs. Different
methods are available, such as full factorial, fractional factorial, Box-Behnken, and Latin
Hypercube sampling [322]. Among these, Latin Hypercube sampling attempts to choose
the variables such that they are ideally orthogonally spaced within the n-dimensional
variable space [322]. Design of experiments will be later used when different optimization
algorithms are explained in Section 3.2.

3.1.3 Preference Articulation Methods

With two or more objectives, the selection of the most promising design point becomes a
difficult issue, and a decision-making process is required. According to [324], preferences
reflect decision processes with regard to the solution points in the objective space. These
decisions can be made a priori, i.e., before the design space is viewed, thus anticipating
the points in the criterion space. Another possibility is a posteriori preference articulation,
where decisions are made with full knowledge of the objective space. In the following, one
method of each type will be introduced.
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Objective Weighting
Objective weighting, i.e., a linear scalarization of the objectives, is the most common a
priori articulation method due to its simplicity and low computational complexity [325,
326]. The problem formulation can then be modified such that

min
x

n∑
i=1

wi fi(x) (3.5)

subject to gj(x) = 0 j = 1, . . . , me (3.6)
gj(x) ≤ 0 j = me, . . . , m (3.7)
xiL ≤ xi ≤ xiU i = 1, . . . , n (3.8)∑

i

wi = 1. (3.9)

The weights wi for each objective have to be determined prior to the optimization process
and thus directly influence the outcome. The definition of the weights can be done in a
subjective or objective way, and many methods exist [326]. A disadvantage is that a loss
of information occurs, and the optimization has to be redone if the weighting is changed.

Pareto-Based Trade-Offs
The previously presented approach of weighting objectives is not able to cover trade-offs
between opposing objectives, e.g., weight and efficiency. Thus, an a posteriori method of
preference articulation is needed, which is used in this thesis. A common technique is
Pareto-based optimization, named after Vilfredo Pareto [327]. By making the decision at
the end of the optimization process, preferences can be changed without re-running the
optimization itself. The problem formulation can then be modified such that

min
x

f1(x), f2(x), . . . , fn(x) (3.10)

subject to gj(x) = 0 j = 1, . . . , me (3.11)
gj(x) ≤ 0 j = me, . . . , m (3.12)
xiL ≤ xi ≤ xiU i = 1, . . . , n. (3.13)

A Pareto-optimal solution P ∗, also called a non-dominated solution, is defined as a solution
in the objective space where one objective cannot be improved without compromising
another one [327], e.g., lower weight is only possible at higher losses and lower efficiency,
and vice versa. While this approach allows more insight into the problem, it comes at higher
computational effort and difficult visualization. In Figure 3.2, the difference between the
non-dominated Pareto front and the dominated set of solutions for a general bi-objective
optimization problem is shown. This graph is used to further introduce the ideal and nadir
points of a multi-objective Pareto front. While the ideal point

zid =
(
zid

1 , zid
2 , . . . , zid

n

)
(3.14)

is defined as the vector built by the best objective values within the Pareto front,

zid
i = min

x∈P ∗
fn(x), (3.15)

the nadir point
znad =

(
znad

1 , znad
2 , . . . , znad

n

)
(3.16)
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Figure 3.2: Pareto front, dominated solutions, nadir and ideal point of a general bi-objective optimization
problem where both objective functions are minimized.

is similarly defined as the vector built by the worst objective values

znad
i = max

x∈P ∗
fn(x). (3.17)

These definitions will be used to define performance metrics for a proper termination in
Section 3.2.3.

3.2 Optimization Algorithms
The choice of optimization algorithm is as important as the problem definition itself.
The following sections provide a classification of optimization algorithms and a closer
examination of a specific class, namely Genetic Algorithms (GA).

3.2.1 Taxonomy

As with the taxonomy of optimization problems, various perspectives exist for classifying
optimization algorithms [318, 321]. Figure 3.3 illustrates key aspects of this classification.

Optimization Algorithms

Stochasticity

deterministic stochastic

Order

zero First or higher

Search

local global

Figure 3.3: Taxonomy of optimization algorithms, based on [318]. Characteristics applicable to the algo-
rithms used in this thesis are marked in red.

Regardless of whether the optimization model is deterministic or not, the algorithm itself
may be deterministic or stochastic. Deterministic algorithms converge to the same solution
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for identical inputs, whereas stochastic algorithms incorporate random processes, which is
typical for most evolutionary algorithms [318].
The order of information refers to the type of information available at the optimization
stage. In a zeroth-order model, only objective and constraint evaluations are accessible
for given sets of design variables. Algorithms using only this information are known as
gradient-free or derivative-free. If additional information such as gradients or curvature is
available, gradient-based algorithms may be applied.
It is important to note that different optimisation approaches vary in their ability to
identify local versus global optima. Gradient-based or scalarisation methods, such as the
weighted sum approach, are prone to converging to local optima, particularly in non-
convex or multimodal objective spaces. This limitation arises because the weighted sum
reduces the problem to a single-objective formulation, which may constrain the search
depending on the selected weight vector and the topology of the objective space [318].
In contrast, population-based algorithms such as the NSGA-II algorithm are designed
for global exploration. They employ stochastic variation and selection across a diverse
population, enabling the simultaneous investigation of multiple regions in the objective
space. As a result, they are generally more effective in approximating the global Pareto
front in multi-objective problems, which is of particular relevance to drivetrain system
optimisation [318].

3.2.2 Genetic Algorithms

Considering the complexity of component modelling discussed in Chapter 2, as well as the
classification of optimization problems in Section 3.1.1 and of algorithms in Section 3.2.1,
Genetic Algorithms are chosen for optimization in this thesis. This choice is motivated by
the aim of finding global optima and the impracticality of computing gradients for the
component and system models.
Originally introduced by Holland [328] in 1975, genetic algorithms have become one of
the most widely used optimization techniques in engineering. Genetic algorithms mimic
biological evolution based on Darwin’s principle of the survival of the fittest by introducing
crossover and recombination, mutation, and selection into mathematical procedures.
The main advantages of genetic algorithms are their ability to efficiently solve multi-
objective optimization problems that are non-linear, constrained, and include both con-
tinuous and discrete variables, as well as their suitability for parallelization, which enables
exploration of the design space in multiple directions simultaneously. However, the choice
of optimization parameters, such as population size, mutation and crossover rates, and ter-
mination criteria, can significantly affect convergence. Furthermore, unlike most gradient-
based methods, the optimality of the resulting solutions cannot be formally proven [307].
In the following, three multi-objective evolutionary algorithms (MOEA) will be discussed
in more detail. Their performance on a real-world problem will be evaluated in Sec-
tion 3.3.1, using the implementation provided in pymoo [329].

NSGA-II Algorithm
In 2000, Deb et al. [330] proposed a fast elitist non-dominated sorting genetic algorithm
(NSGA-II) specifically designed for multi-objective optimization problems. Algorithm 3.1
shows the pseudocode of the algorithm based on [319, 331].
Initially, a population is generated using the design of experiments introduced in Sec-
tion 3.1.2, with an emphasis on Latin hypercube sampling to ensure diversity. The model’s
objectives and constraint values are evaluated, and individuals are ranked using non-
dominated sorting based on Pareto dominance. Each individual’s crowding distance is
also calculated, providing a measure of how isolated a solution is from its neighbors in
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Algorithm 3.1 Pseudocode of NSGA-II algorithm(adapted from [319, 331])
1: procedure NSGA-II(npop, ngen, fi(x)) . npop individuals, ngen generations,

objective functions fi(x)
2: Initialize population using design of experiments
3: Evaluate objective and constraint values for all individuals
4: Perform non-dominated sorting to assign ranks
5: Compute crowding distance for each front
6: for j = 1 to ngen do
7: Create offspring population:
8: Binary tournament selection based on rank and crowding distance
9: Crossover and mutation to generate offspring

10: Combine parent and offspring populations
11: Perform non-dominated sorting on the combined population
12: Compute crowding distance for each front
13: Select next generation by choosing the best npop individuals
14: Start from lowest-rank fronts and include individuals with highest crowding

distance
15: end for
16: end procedure

objective space.
The child population is then generated using binary tournament selection based on rank
and crowding distance. Genetic operators such as crossover and mutation are applied to
produce offspring [319, 330, 331]. During crossover, individuals exchange genetic mate-
rial in a randomized but structured way to improve diversity. Mutation helps to avoid
premature convergence and explore underrepresented regions of the design space [332].
In each generation, the parent and offspring populations are merged, and non-dominated
sorting is applied to the combined set. The best npop individuals are then selected to
form the next generation, prioritizing lower-rank fronts and maintaining diversity through
crowding distance. These steps are repeated for ngen generations or until a specified ter-
mination criterion is met.

U-NSGA-III Algorithm
The unified NSGA-III algorithm, as proposed by Seada and Deb [333], is an enhance-
ment of the classical NSGA-III algorithm [334, 335]. The NSGA-III algorithm extends
the NSGA-II algorithm by introducing reference directions in the objective space to bet-
ter preserve diversity along the Pareto front [335]. However, its original implementation
applies only weak selection pressure to non-dominated solutions in bi-objective problems.
The U-NSGA-III algorithm addresses this limitation by incorporating niching-based tour-
nament selection [333]. Algorithm 3.2 presents the pseudocode for the algorithm, based
on [333].
The overall structure of the U-NSGA-III algorithm closely follows that of Algorithm 3.1.
The key differences are highlighted above. The U-NSGA-III algorithm introduces a prede-
fined set of reference directions, typically generated using the Das-Dennis approach [336],
which ideally spans the entire Pareto front. In addition, niching-based tournament selec-
tion replaces the standard binary tournament. To enable this, objective vectors must be
normalized and then associated with reference directions. A niche count is calculated for
each direction, and individuals are selected to preserve diversity in the solution set [333].
Blank et al. [337] emphasize the importance of normalization methods that account for
differing objective scales.
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Algorithm 3.2 Pseudocode of U-NSGA-III (adapted from [319, 331])
1: procedure U-NSGA-III(npop, ngen, Zdir, fi(x)) . npop members evolved ngen

generations to solve fi(x) for a given set of reference directions Zdir
2: Initialize Population
3: Generate random population of size npop by DOE
4: Generate reference directions, e.g. Das-Dennis approach
5: Evaluate objective and constraint values
6: Assign rank based on Pareto dominance
7: Generate child population
8: Niching-based tournament selection
9: Recombination and mutation
10: for j = 1 to ngen do
11: for each parent and child in population do
12: Assign rank based on Pareto dominance
13: Normalize objectives and create reference set
14: Associate each member with a reference direction
15: Compute niche count of reference direction
16: Loop (inside) by adding solutions to next generation starting from the first

front until npop individuals are found
17: end for
18: Select feasible points on the lower front nearer to reference directions
19: Create next generation
20: Niching-based tournament selection
21: Recombination and mutation
22: end for
23: end procedure

AGE-MOEA Algorithm
Adaptive Geometry Estimation-based Multi-Objective Evolutionary Algorithm (AGE-
MOEA) is another variation of the classical NSGA-II algorithm, designed to reduce the
computational overhead of the NSGA-III algorithm while maintaining its benefits [338].
Algorithm 3.3 presents the pseudocode for the optimization algorithm based on [338].
The overall procedure of the AGE-MOEA algorithm is very similar to that of Algo-
rithm 3.1, with the most significant changes highlighted in red. The major difference
between the AGE-MOEA and NSGA-II algorithm is the use of a survival score instead
of crowding distance. After normalizing the objectives, the geometry of the first front
is estimated. This eliminates the need for predefined reference directions, as required in
the NSGA-III algorithm methods. The survival score, which combines both diversity and
proximity, is then used to select the mating pool. The computational cost of Pareto front
estimation is lower compared to the U-NSGA-III algorithm [338].

3.2.3 Termination Criterion

In real engineering problems, a running metric measuring the improvement within the
objective space from one to the next generation is needed, because the true Pareto front
cannot be derived analytically. This metric must be able to cope with differently scaled
objectives and ensure convergence and diversity of the calculated Pareto front. Blank and
Deb [339] proposed such a running metric. During the convergence phase, which mostly
happens within the early generations, the metric tracks the movement of the extreme
points in the non-dominated set by measuring the distance from the old to the new nadir
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Algorithm 3.3 Pseudocode of AGE-MOEA (adapted from [338])
1: procedure AGE-MOEA(npop, ngen, Zdir, fi(x)) . npop members evolved ngen

generations to solve fi(x)
2: Initialize Population
3: Generate random population of size npop by DOE
4: Evaluate objective and constraint values
5: Assign rank based on Pareto dominance
6: Generate child population
7: Binary tournament selection
8: Recombination and mutation
9: for j = 1 to ngen do

10: for each parent and child in population do
11: Assign rank based on Pareto dominance
12: Normalize objectives
13: Determine geometry of first front
14: Calculate survival score based on diversity and proximity
15: Loop (inside) by adding solutions to next generation starting from the first

front until npop individuals are found
16: end for
17: Select feasible points on the lower front with highest survival score
18: Create next generation
19: Binary tournament selection
20: Recombination and mutation
21: end for
22: end procedure

and ideal point, respectively.
When the extreme points have settled, the algorithm enters the diversity phase. When the
Pareto front is known, a multitude of performance metrics such as Generational Distance
(GD) [340], Inverted Generational Distance (IGD) [341], or Hypervolume (HV) [320] exist.
Inverted Generational Distance is defined as

IGD(Q(t), P ∗) = 1
|P ∗|

(
|Q(t)|
min
j=1

||P ∗
i − Qj(t)||

)
(3.18)

and calculates the average distance from a solution in the true Pareto front P ∗ to the
closest one in Q(t) at generation t [339]. The computational complexity can be reduced by
only taking the last and current front into account and defining the average improvement
of the diversity of the Pareto front as

∅t = IGD
(
P̄ t(t − 1), P̄ t(t)

)
. (3.19)

The termination criterion proposed by [339] is defined such that neither the maximum
movement of the nadir and ideal point nor the maximum improvement of the diversity of
the Pareto front, as measured by Equation (3.19), is above a certain threshold εopt within
a sliding window of ωopt generations.
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3.3 Performance Comparison of Different
Optimization Algorithms

In this section, a performance comparison of the three optimization algorithms introduced
in Section 3.2 is performed by analyzing the optimization of a DC power cable, because it
is a typical engineering task to select a proper cable for a given application. Considering
only a single component instead of a whole drivetrain system as a first example reduces
complexity and allows for a focus on the methods.

3.3.1 Problem Description

The model used to evaluate the performance of a single parametrization is taken from
Section 2.4. The goal of the optimization is to minimize both the total mass mCab and
the overall losses QCab in a one-meter long cable made of copper as a conductor and
Perfluoroalkoxy alkanes (PFA) as an insulation material. A DC current of 100 A at a DC
voltage of 540 V is applied to the conductor, which is operated in free air at atmospheric
pressure and an elevated temperature of 60 ◦C. These fixed parameters are summarized in
Table 3.1.

Table 3.1: Fixed parameters of power cable optimization

Description Parameter Value Unit

General Length LCab 1 m

Conductor Material Copper -

Insulation Material PFA -

Ambient Material Air
Temperature Tamb 70 ◦C
Pressure pamb 101325 Pa
Velocity vamb 0 m s−1

Operation DC voltage VDC 540 V
DC current IDC 150 A

The free variables in this optimization are the radius of the conductor rcond and the thick-
ness of the insulation tins which are allowed to vary between 0.5 – 25 mm and 0.05 – 5 mm,
respectively. These two parameters trigger a change in the objectives as a change in them
results in a variation of the volume and thus the mass of the cable, as well as a change
in current density, which is directly linked to the losses within the conductor according to
Equations (2.253) and (2.254). The variables are listed in Table 3.2.

Table 3.2: Variables of power cable optimization

Description Parameter Range Unit

Conductor Radius rcond 0.5 – 25 mm

Insulation Thickness tins 0.05 – 5 mm

To ensure physically meaningful designs, two additional constraints are introduced in
Table 3.3, which will divide possible solutions into feasible and non-feasible designs within
the optimization process.
The temperature within the conductor is limited to 200 ◦C to avoid high DC resistance of
the copper wire and match with the temperature rating of the insulating PFA. The safety
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Table 3.3: Constraints of power cable optimization

Description Parameter Value Unit Type

Conductor Temperature Tcond 200 ◦C max

Insulation Safety Factor SFins 2 - min

factor against an electrical breakdown has to be larger than two. Finally, the parameters
of the optimization itself are defined in Table 3.4.

Table 3.4: Optimizer settings of power cable optimization
Description Parameter Value

Algorithm NSGA-II, U-NSGA-III, AGE-MOEA
Population size nPop 500
Number of offsprings nOff 500
Crossover rate ηc 3
Mutation rate ηm 3
Allowable average change εopt 0.001
Sliding window ωopt 20
Max. number of generations ngen,max 200

The three optimization algorithms outlined in Section 3.2 are investigated. A population
size npop of 500 and an identically large number of offsprings no is chosen to guarantee
a high possible diversity in the Pareto front at reasonable computational time. The rates
for crossover ηc and ηm are both chosen to be three. A low number means that the two
operators will allow the creation of offsprings which can be significantly diverse from their
parents [342]. The allowable average change in the objective space εopt is limited to 0.001
using a sliding window of ωopt evaluating the space change during the last 20 generations.
This termination criterion should be reached at a maximum number of generations ngen,max
of 200; otherwise, it will be terminated.

3.3.2 Optimization Results and Discussion

This section presents the final results of the optimization described in Section 3.3.1 both
in terms of absolute results and a statistical analysis. In total, the same optimization has
been conducted with a different numbers parallelized cores ranging from one to 56 and
repeated five times each thus resulting in a total of 35 similar runs. The task has been
carried out on an Intel® Dual-Xeon® CPU E5-2690 v4 @ 2.60 GHz with a total of 28
physical cores.

3.3.2.1 Objective, Variable and Constraint Space

First, the absolute results of optimization with the three different algorithms are analyzed.
This includes the visualization and discussion of the objective, variable and constraint
space. Figures 3.4a to 3.4c show the objective space using NSGA-II, U-NSGA-III, and
AGE-MOEA. In this case, the two objectives are visualized in a scatter plot showing
the Pareto front of total mass of the cable mCab (f1) against the total losses QCab (f2).
Each feasible solution is assigned a specific color which is used to track the variables
and constraints. The extreme points representing the most and lightweight design are
highlighted as Design A and B, respectively.
As can be seen, all three algorithms converge to the same Pareto front in terms of extreme
points A and B as well as the general shape of it. Each front is represented by 500 feasible
design points, however the distribution of these points is not identical for all three algo-
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Figure 3.4: Final results for the optimization of a DC cable. (a) – (c) The two objectives are visualized
in a scatter plot showing the total mass of the cable mCab in kg (f1) versus the total losses
QCab in W (f2) for the NSGA-II, the U-NSGA-III, and the AGE-MOEAa algorithm. Each
solution is assigned a specific color which is used to track the variables and constraints. The
extreme points are highlighted as EP 1 and EP 2; (d) – (f) The variable space, i.e., the behavior
of the variables belonging to each design within the corresponding Pareto front, is visualized
with parallel coordinate plots using the introduced color coding; (g) – (i) Similarly as for the
variables, the constraint space is visualized with parallel coordinate plots.

rithms. Using the NSGA-II algorithm, Figure 3.4a shows a very homogenous distribution
of points along the whole Pareto front. In contrast, Figure 3.4b clearly displays an accu-
mulation of design points using the U-NSGA-III algorithm around the knee point of the
front, while the area towards the extreme points is underrepresented. This behaviour is a
direct result of using reference directions generated by the Das-Dennis approached as ex-
plained in Section 3.2.2. The only remedy would be to adapt those reference directions but
the shape of the Pareto front is not always known a priori. When using the AGE-MOEA
algorithm, then Figure 3.4c indicates a Pareto front similar to the one of the NSGA-II
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algorithm but one can see a small interruption of the Pareto front around f1 = 25 kg.
To further investigate the differences of the algorithms the variable and constraints space,
i.e., the behaviour of the design variables and model results compared to the set constraints
for the corresponding designs on the Pareto front, is visualized. This is done with so-
called parallel coordinate plots. Parallel coordinate plots are extensively used to plot high-
dimensional, multivariate data. Each variable or constraint is associate with a vertical
axis. The axes are arranged in parallel and with the same distance from each other. Each
line in the parallel coordinate plot corresponds with the data point from the Pareto front
which has the same color coding. The position on the i-th axis corresponds to the i-th
coordinate of the design point. This method enables to retrieve information about the
correlation of two dimensions, e.g., positively and negatively correlating points, cluster or
normal distributions [343, 344].
As has been seen in the previous Pareto plots, the objective space as visualized in Fig-
ures 3.4d to 3.4f is very similar for the different algorithms. The most lightweight, but also
most inefficient design, represented by Design EP1, has a small conductor radius rcond as
well as a small insulation thickness, while a large conductor radius and thick insuulation
is chosen for Design EP2 representing the most efficient, but also heaviest design. This
correlates with the constraint spaces shown in Figures 3.4g to 3.4i indicating that the
thicker the conductor radius the lower the conductor temperature Tcond and the thicker
the insulation the higher the safety SFins against electrical breakdown. The constraint
space explains that no design even more lightweight than Design EP1 can be found be-
cause it would require to further decrease both conductor radius and insulation thickness.
Even though this would theoretically possible from the given variable range in Table 3.2 it
would violate the constraints defined in Table 3.3 and thus result in an infeasible design.
Figures 3.4d and 3.4g show a homogeneous distribution within the variable and constraint
space. The latter one even allows to separate the Pareto front into two clusters. Starting
from Design EP2 with the highest allowable conductor radius and insulation thickness
the latter one is constantly reduced to the allowable minimum, while keeping the former
one constant. After that, insulation thickness is kept constant and the conductor radius is
continuously decreased until Design EP1 is reached. The same behaviour can be spotted in
Figures 3.4f and 3.4i for the AGE-MOEA algorithm, however the distribution near Design
EP2 is not covered as uniformly as for the NSGA-II algorithm. The extreme points are
however identical.
In contrast, Figures 3.4e and 3.4h show a different picture when the U-NSGA-III algorithm
is used as optimization algorithm. Design EP2 exists and is close to the ones retrieved
by the NSGA-II and AGE-MOEA algorithm but both the insulation thickness and the
corresponding breakdown safety are lower. Furthermore, this method basically neglects
the cluster with large insulation thicknesses.

3.3.2.2 Convergence Analysis

The convergence rates of the optimization process are exemplarily analyzed for the NSGA-
II algorithm. Figure 3.5 shows the change of the ideal point ∆zid, nadir point ∆znad and
performance running metric ∅t versus the number of generations ngen. While the black
bars show the actual change of the three different metrics, the red dashed line marks the
allowable average change εopt, which is set to 0.001.
It can be seen that the ideal point shown in Figure 3.5a and the running performance
metric shown in Figure 3.5c both have settled below the allowable average change after
25 generations, while the change in the nadir point needs 44 generations until it is consis-
tently below the allowable limit, as visible in Figure 3.5b. The optimization thus takes 64
generations to terminate due to the sliding window set to 20 generations.

124



3.3 Performance Comparison of Different Optimization Algorithms

0 20 40 60
0.0

1.0

2.0

3.0·103

Number of generations ngen

C
ha

ng
e

of
id

ea
lp

oi
nt

∆
z

id

0 20 40 60
10−5

10−4

10−3

10−2

10−1

Number of generations ngen

C
ha

ng
e

of
na

di
r

po
in

t
∆

z
na

d

(a) (b)

0 20 40 60
0.0

2.0

4.0

6.0
·103

Number of generations ngen

C
ha

ng
e

of
ru

nn
in

g
m

et
ri

c
∅

t

(c)

Figure 3.5: Convergence analysis for the cable optimization using NSGA-II. The red dashed line marks the
allowable average change εopt. (a) Improvement of ideal point ∆zid; (b) Improvement of nadir
point ∆znad; (c) Improvement of running metric ∅t

3.3.2.3 Statistical Analysis

Besides the differences in the quantitative results of the different optimization algorithms,
a statistical analysis of them provides interesting insights. As stated in Section 3.3.2, the
optimization has been repeated five times for different numbers of parallel processes for
each algorithm. Figure 3.6 shows how many generations and how much computation time
it takes to finish the optimization.
Figure 3.6a shows the averaged number of generations until termination nterm versus the
number of parallel cores nCPU for the three different optimization algorithms. The shaded
area represents the standard deviation from the averaged values. As expected, there is
no identifiable correlation between the number of parallel processes and the necessary
number of generations until termination. The standard deviation is in the same range for
the different algorithms. However, both the NSGA-II and the AGE-MOEAa algorithms
terminate within 57.7 and 61.0 generations, while the U-NSGA-III algorithm takes 78.1
generations on average, making it the least efficient one. The averaged numbers are sum-
marized in Table 3.5. The average execution time texec decreases inversely proportiona
with the number of parallel processes, as shown in Figure 3.6b. However, an increase in
overhead calculations to recombine the solutions can be seen. Increasing the number of
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Figure 3.6: Analysis of parallelized execution of the optimization. (a) Averaged number of generations
until termination nterm with a batch of five runs each for different optimization algorithms
and number of parallel processors nCPU; (b) Average time texec optimization takes to finish for
different optimization algorithms and number of parallel processors nCPU

Table 3.5: Statistical analysis of the convergence and execution time of different optimization algorithms
Optimization algorithms

Description Parameter NSGA-II U-NSGA-III AGE-MOEA Unit

Average number of
generations until termination

nterm 57.7 78.1 61.0 -

Average execution time texec 272.72 382.52 340.2 s

processes from one to 28 for the NSGA-II algorithm results in a speedup of 14.5 times,
indicating an overhead of 50 %. Consistently, the execution time is minimal for 28 par-
allel processes for all algorithms. This means the overhead increases significantly when
hyperthreading is used in addition to the physical cores.

3.4 Short Summary
The previous sections demonstrate that for a representative engineering optimization prob-
lem, such as the optimization of a cable with respect to overall mass and losses, the NSGA-
II algorithm is a simple, yet robust and reliable algorithm. It has been shown that the
quality of the Pareto front is best for the NSGA-II algorithm, with a high diversity of
solutions along the entire front, while AGE-MOEA reaches the same front, but the di-
versity at the extreme points is lower. The third algorithm, the U-NSGA-III algorithm,
also reaches the same extreme points, but the Pareto front crowds along given reference
directions, which are difficult to define when the objectives scale differently.
The NSGA-II algorithm also outperforms the other algorithms in the statistical analysis,
requiring the lowest number of generations to terminate. Thus, it also has the lowest
computation time when comparing the three options. Finally, it is beneficial to use all
available physical cores of the computer to minimize average execution time and avoid
hyperthreading, although the benefit of using a larger number of cores diminishes as the
number of cores increases.
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Urban Air Mobility is envisioned to be one part of future mobility for intra- and intercity
trips. Roland Berger [345] forecasts about 160 000 passenger drones by 2050 generating
revenues worth about 80 billion euro, 90 % of them by airport shuttle and intercity services
up to around 200 km of distance. The large potential revenues attracts both start-ups and
major aero companies as well as investors resulting in more than 110 urban air mobility
projects worldwide, with about ten of them listed on major stock exchanges, e.g., Archer
Aviation Inc., Joby Aviation, Eve Air Mobility, Vertical Aerospace and Volocopter.
According to [345–348] the three main drivers for urban aviation are ultra-fast communi-
cation networks, autonomous flight technology and most importantly electric propulsion.
Electric propulsion will offer several advantages compared to conventional, fossil fuel-driven
powertrains. Electric drivetrains contain simpler components than gas turbines thus reduc-
ing production as well as maintenance cost. Furthermore, the increase in mass production
of high-power battery cells for automotive reasons will lead to a drop of costs, an effect
even amplified by electricity costs compared to kerosene. Environmental factors have to
be valued as well. Electric propulsion allows travel without local emissions thus increasing
the likelihood for acceptance of intra- and intercity services.
The main drawbacks of today’s technology are the lower power densities of electric propul-
sion systems compared to gas turbines, and the still limited energy and power densities
of battery cells relative to fossil fuels. As a result, only short-haul flights can currently be
operated fully electrically.
During the design phase of an electric drivetrain for an aircraft application a strong focus
will be to minimize weight and maximize operational efficiency to enable electric propul-
sion. This chapter will thus deal to deploy the component models described in Chapter 2
and utilize the optimization methods from Chapter 3 to evaluate different all-electric ar-
chitectures of powertrains for a generic vertical take-off and landing concept.
A generalized version of Joby’s S4 demonstrator vehicle serves as benchmark for all fol-
lowing investigations. This vehicle is deliberately chosen due to the availability of a range
of data required to perform drivetrain analysis [349–351].
In this chapter the reference aircraft and mission are defined to ensure comparability
of the drivetrain designs, and an overview of the all-electric drivetrain architectures will
be presented. After that the chosen optimization setup and the boundary constraints
are explained before the results of the comparative study of investigated topologies and
variants will be presented and discussed. Finally, a more closer look on a chosen design
proposal is taken.
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4.1 Reference Aircraft and Mission
Meaningful drivetrain requirements are the basis for a fair comparison of possible drive-
trains. These have to be derived from a conceptual aircraft, but as the focus of this work
is on the electric drivetrain design the aircraft performance analysis is carried out on a
high level of simplification.

Top Level Aircraft Requirements
Only a few top-level aircraft requirements are specified in Table 4.1 to avoid a detailed
discussion of the aircraft itself. Urban air mobility requires short or negligible take-off
distances, and thus the ability to take off and land vertically. This can be achieved through
various types of lift arrangements, such as classical helicopter rotors, tilted wings, or tilted
rotors. The latter arrangement is chosen for the reference aircraft as it is more efficient,
as it can transition from hover or vertical climb to wing-borne flight [352], where the wing
generates the majority of the required lift depending on its lift-to-drag ratio (L/D) in
cruise conditions. The combination of distributed electric propulsion and tiltrotor design
allows for both quiet operation and enhanced safety through redundancy.

Table 4.1: Top level aircraft requirements for a generic electric vertical take-off and landing vehicle for
urban air mobility based on the Joby S4 production prototype [349–351]

Parameter Symbol Value Unit
Hover Cruise

Maximum Takeoff Weight (MTOW) WTO 2400 kg
Operating Empty Weight WE 1950 kg
Payload capacity WP 450 kg
Design range R 150 km
Wingspan LW 12 m
Lift-to-drag ratio L/D - 12.6 -
Cruise speed vcr - 70 m s−1

Climb speed vv 5.0 3.5 m s−1

Descent speed vv -2.5 -5.0 m s−1

The maximum take-off weight of 2400 kg is well within the limit of 3175 kg defined by
EASA’s certification specification CS-VTOL [353], which is based on specification CS-27
[354]. The aircraft has a cruise speed vcr of approximately 70 m s−1 (240 km h−1), vertical
climb and descent speeds vv in the range of −5.0 – 5.0 m s−1, and a lift-to-drag ratio L/D
in cruise of 12.6. The aircraft is designed to operate at 1500 m altitude, achieving a design
range of approximately 150 km.

Reference Electric Propulsion System Architecture
Figure 4.1 shows a schematic top view of the Joby S4 production prototype and a simpli-
fied architecture of the electric propulsion system (EPS). The aircraft has a streamlined
fuselage designed for low drag and high efficiency. The aircraft features a high-wing, V-
tail configuration with six tiltrotors mounted on the wings. These electric propellers tilt
to enable vertical takeoff and landing while providing efficient forward flight in cruise
mode. The tilt mechanism facilitates a smooth transition from hover to cruise, optimizing
aerodynamic performance.
The aircraft employs a distributed electric propulsion system with six direct-drive elec-
tric propulsion units (EPUs) mounted on aerodynamically optimized pylons. Each electric
propulsion unit consists of a high-performance electric motor, an inverter, and a liquid-
cooled heat exchanger to ensure efficient thermal management. The direct-drive config-
uration eliminates the need for a gearbox, reducing mechanical complexity, improving
reliability, and minimizing maintenance requirements.
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The aircraft’s energy storage system consists of lithium-ion battery modules integrated
within the wing structure, optimizing weight distribution, structural integrity, and aero-
dynamic efficiency. The battery system is actively thermally managed to maintain stable
performance under varying power demands. The batteries provide power to the six electric
propulsion units, which are strategically positioned to enable efficient vertical take-off and
landing operations and cruise flight. The liquid-cooled system ensures thermal stability
during high-power operations, enhancing both performance and power density. The com-
bination of distributed propulsion, integrated energy storage, and liquid cooling results in
high redundancy, improved safety, and reduced acoustic signature [349, 351].

R1

R2

R5

R4

R3

R6

+ - + -

EPU EPU

propeller
rotor disk

pylon battery pack

Figure 4.1: Schematic top view of the Joby S4 production prototype with a simplified layout of the electric
propulsion system, consisting of six electric propulsion units and two interconnected battery
packs (for better visibility, only two out of six propulsion units are shown). The propulsions
units are mounted on pylons at the wingtips and mid-wing at each side of the fuselage to drive
a propeller. The propeller rotor disks use an arbitrary numbering scheme R1 to R6.

To allow for the calculation of the required propeller shaft and overall battery power during
mission analysis, efficiencies must be specified. The propeller efficiency ηProp is assumed to
be 0.65 for hover and 0.85 for cruise. The electric propulsion system efficiency, ηEPS, which
describes the overall efficiency between the propeller shaft and the battery, is assumed to
be 0.87 for hover and 0.93 for cruise. Table 4.2 summarizes the most important parameters
of the electric propulsion system for mission analysis.

Table 4.2: Main parameters of electric propulsion system of Joby S4 production prototype [349–351]

Parameter Symbol Value Unit
Hover Cruise

Number of propellers NProp 6 -
Propeller radius rProp 1.45 m
Propeller efficiency ηProp 0.65 0.85 -
Electric propulsion system efficiency ηEPS 0.87 0.93 -
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Reference Mission and Flight Profile
The reference mission is characterized by the horizontal velocity vh and vertical flight speed
vv, as illustrated in Figure 4.2a. The mission consists of five distinct segments. In the first
segment, the aircraft performs a vertical hover climb with no horizontal movement to lift
off the ground. It then transitions into a climb, during which the climb speed decreases
linearly from 5 m s−1 to 2.5 m s−1, while the horizontal component increases linearly to
10 m s−1. Once this transition is complete, the aircraft reaches its operating altitude. The
aircraft then executes a purely horizontal flight at a constant cruise speed to cover a given
distance. Subsequently, the aircraft initiates its descent with a vertical velocity of −5 m s−1

and gradually reduces its horizontal speed to zero. In the final phase, a controlled hover
landing with a descent speed of −2.5 m s−1 is performed.
These speed profiles are then integrated separately to derive the distance and altitude
profiles, as shown in Figure 4.2b. Approximately 25 % of the total mission time is spent on
vertical take-off and landing or transitional climb and descent. Furthermore, the traveled
distance is primarily determined by the cruise time, as the other segments contribute
minimally due to the low horizontal velocities.
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Figure 4.2: Flight velocities and resulting altitude and range profile for aircraft similar to Joby’s S4 pro-
duction prototype defined in Table 4.1

Thrust Requirements
Every aircraft is subjected to three primary types of forces, as visualized in Figure 4.3.
These forces can be classified into aerodynamic forces, including lift LAC and drag DAC;
propulsive forces, represented by thrust TAC; and the gravitational force, corresponding to
the aircraft’s weight GAC, under steady-state, unaccelerated flight conditions [355, 356].
The equilibrium of forces along the flight direction and perpendicular to it is expressed as

TAC − DAC − sin αAoA GAC = 0 (4.1)
LAC − cos αAoA GAC = 0 (4.2)

which can be rearranged into a single equation to determine the required thrust

TAC = MTOW g

(
sin αAoA + cos αAoA

(LAC/DAC)

)
(4.3)

where the lift-to-drag ratio is used to simplify the aerodynamic calculations.

Propeller Actuator Disk Theory
The primary flight regimes of the aircraft, i.e., climb, descent, and forward flight, can be
modeled using actuator disk theory [357, 358]. The actuator disk theory assumes that
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LAC

GAC = mAC g

DAC

TAC

vh

vvαAoA

Figure 4.3: Schematic side view of a generic vertical take-off and landing vehicle, illustrating the four forces
acting on the aircraft during steady-state, unaccelerated flight, as well as the horizontal velocity
vh and vertical velocity component vv. The angle of attack αAoA is exaggerated for clarity.

thrust is generated by an infinitely thin disk composed of an infinite number of blades,
operating in incompressible airflow. This assumption holds for low Mach numbers [359].
The airflow is described using a one-dimensional stream tube, as shown in Figure 4.4.
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∞

d~S = ~n dS d~S = ~n dS

actuator
disk

AProp

ρAmb

vAC

vi + vAC

w + vAC

Figure 4.4: Schematic representation of different aerodynamic regions of an aircraft in vertical flight, used
to derive the required thrust via actuator disk theory [357, 358].

When an aircraft moves with an airspeed vAC in a given direction, a stream of air enters
the control volume at section 0 with the same velocity. The propeller, represented by the
actuator disk with an area AProp, induces an additional velocity vi from section 1 to section
2 as it passes through the propeller. The airflow then exits the stream tube at section ∞
with a velocity of w + vAC. The induced velocity is derived by applying the conservation
principles of mass, momentum, and energy. In the case of hovering flight, i.e., vAC = 0,
this results in [357, 358]

vhov = vi =
√

TAC
2 ρAmb AProp

. (4.4)

All other flight conditions are then described relative to the induced velocity during hov-
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ering. Particular attention must be given to vertical descent conditions. Equation (4.5)
describes the three possible states as

vi
vhov

=



−x

2 +

√(
x

2

)2
+ 1 x ≥ 0

0.974 − 1.125x − 1.372x2 − 1.718x3 − 0.655x4 −2 ≤ x ≤ 0

−x

2 −

√(
x

2

)2
− 1 x ≤ 2

(4.5)

where the climb velocity ratio x is defined as

x = vAC
vhov

. (4.6)

Equation (4.5) is visualized in Figure 4.5. As the climb velocity increases in the normal
working state, the induced velocity decreases asymptotically toward zero. A similar trend
occurs if the descent velocity increases in the windmill-brake state. The vortex ring state
is characterized by unsteady flow, where both upward and downward velocities coexist.
Thus, an approximation of the induced velocity is necessary, as momentum theory is not
directly applicable [357, 358].
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Figure 4.5: Induced velocity variation across the propeller disk for different flight conditions.

The total battery power can be determined as

PBat = 1
ηProp ηEPS

TAC (vAC + vi) . (4.7)

Figure 4.6 presents the required thrust and propeller shaft power for an aircraft defined
in Table 4.1 following the mission profile outlined in Figure 4.2a.
Figure 4.6a illustrates that the thrust requirements in both climb and descent conditions
are identical, as they are primarily governed by the aircraft’s weight. During ascent, thrust
continuously decreases due to the lift generated by the wing, which is influenced by the
increasing horizontal velocity component and the decreasing air density at higher altitudes.
In contrast, during horizontal flight, the required thrust is significantly lower and is directly
proportional to the lift-to-drag ratio. When the aircraft transitions into descent while still
maintaining horizontal velocity, the required thrust becomes negative, enabling potential
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Figure 4.6: Required thrust and total propeller shaft power of the aircraft as specified in Table 4.1 following
the mission profile defined in Figure 4.2a.

recuperation, such as battery recharging. Once the aircraft enters hover descent, a sharp
increase in required thrust is observed, reaching the take-off thrust level.
Overall the total propeller shaft power in Figure 4.6b shows a similar behaviour. While
required thrust during hover ascent and descent is constant, the total propeller shaft
power demand increases during steady climb due to the reduction in air density at higher
altitudes. During descent, the behavior is reversed, with power requirements approximately
10 % lower than those in ascent. For horizontal flight, the power demand is approximately
20 % of the climb value. For simplicity, no recuperation is considered in this example, thus
the power during gliding descent is set to zero.

4.2 Electric Propulsion Unit Performance Point
Defintion for Different Aircraft Configurations

These power and thrust requirements serve as key parameters in the design process of
the electric drivetrain components. The objective of the performance point definition is to
determine the required power output that the electric propulsion system need to deliver
during critical flight phases, especially during hover, to ensure that the system can meet the
operational requirements of the aircraft for different aircraft configurations, i.e., different
number of propellers NProp ranging from six to ten.

Total Peak Power Requirement
During hover, the aircraft must generate enough thrust to counteract its weight and main-
tain a stable position. Based on the mission analysis from Figure 4.6b, the power required
at the end of the climb hover phase is approximately 800 kW. In addition to the nominal
hover power, a control margin of approximately 10 % is added to account for dynamic con-
ditions such as wind, variations in aircraft performance, and the need for maneuverability.
This ensures that the aircraft has sufficient power reserve to maintain control under all
expected flight conditions, especially during hover, where power demand can fluctuate due
to changes in wind or control inputs.
Therefore, the selected performance point for the electric propulsion system is chosen as
900 kW of total peak power Ppk,tot, which will serve as the main benchmark for the design
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and performance assessment of the electric propulsion system. This value reflects the
maximum power demand that the electric propulsion units must be capable of providing
during hover to ensure stable flight and control margin.

Aircraft Configuration Assumptions and Parameters
In order to compare the aircraft with different numbers of propellers, the following assump-
tions are made. First, since the overall thrust required to maintain stable flight remains
constant regardless of the number of propellers, it is assumed that the disk loading, defined
as

DL = TAC
NProp AProp

= const. (4.8)

is constant. Disk loading refers to the ratio of the total thrust TAC produced by the pro-
pellers to the total disk area AProp swept by the propellers. By maintaining a constant disk
loading, the aircraft’s aerodynamic performance is kept comparable between variants with
different numbers of propellers. This assumption ensures that variations in the number of
propellers do not affect the overall aerodynamic efficiency and power requirements. This
assumption leads to a constant total disk area, which can be used to derive the radius of
the propeller depending on the number of propellers

rProp,2 =
√

NProp,1
NProp,2

rProp,1, (4.9)

where rProp,1 and rProp,2 represent the radii of the propellers in two different variants, and
NProp,1 and NProp,2 represent the number of propellers in those variants.
Next, we assume that the propeller tip speed remains constant across all variants. The
propeller tip speed is a critical parameter influencing the efficiency of the propeller and the
noise generated during operation. A constant tip speed ensures that the aircraft maintains
similar aerodynamic properties across the different variants, regardless of the number of
propellers. Keeping tip speed constant prevents excessive noise generation and ensures
compliance with efficiency constraints. This assumption results in the following relation-
ship between the rotational speeds of the propellers

nProp,2 = rProp,1
rProp,2

nProp,1, (4.10)

where nProp,1 and nProp,2 represent the rotational speeds of the propellers in the two
variants.
The peak power of the electric propulsion units is an important factor in the overall
design. It is based on a one rotor inoperative scenario, i.e., one arbitrary rotor fails. Due
to the necessary balance of forces and moments exerted by the propellers on the aircraft,
the propeller opposite to the failed one is shut down as well. This is a realistic scenario
that ensures the electric propulsion unit is capable of withstanding the maximum power
requirements during critical flight phases. Stoll and Bevirt [351] analyzed a number of
different geometric arrangements of the propellers in case of six propellers, and concluded
that in the optimal case the relationship for the peak power Ppk,EPU is given by

Ppk,EPU = Ppk,tot
NProp − 2 (4.11)

where Ppk,tot is the total peak power required and NProp is the number of propellers. By
considering a 30 % higher peak power rating than the continuous rating, we account for
the transient power demands during hover or other critical flight phases. This ensures that
the propulsion system remains reliable and capable of delivering sufficient power during
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such demanding conditions.
In addition to the propulsion system, the propeller spinner’s dimensions must also be
considered as they determine the allowable dimensions of the electric propulsion unit. To
prevent a degradation in propeller efficiency, the maximum area aspect ratio of the spinner
ARSp, defined as the ratio of spinner area to propeller disk area, is limited to 5 %. This
equals a maximum machine outer radius of approximately 20 % of the propeller radius. The
area aspect ratio is a key factor influencing the aerodynamic efficiency of the propeller, and
ensuring it remains below this threshold guarantees that the propeller operates efficiently
across different variants [32]. The maximum spinner radius and thus outer radius of the
electric propulsion unit, is defined as

rSp = rEPU =
√

ARSp rProp (4.12)

where rSp is the radius of the spinner and rEPU the outer radius of the electric propulsion
unit, e.g., the electric machine or the gearbox.
Lastly, as different numbers of propellers result in different power requirements, the average
length of connection lines between the electric propulsion units and the batteries need to
be considered, e.g., when assessing weight of the cabling or also tubing depending on the
thermal management system layout. In the simplest case, one could assume that propellers
are distributed evenly along the wingspan, which provides a reasonable approximation
for most aircraft configurations. This ensures that the electrical system and associated
components are distributed in a manner that avoids significant imbalance or excess weight
in any particular area of the aircraft. The average length of a connection line can be
expressed as

lavg = NProp
4 (NProp − 1) LW (4.13)

where LW is the wingspan of the aircraft.
This assumption will be used, even though it is not fully accurate for aircraft like the
Joby S4, where the distribution of propellers along the wingspan is not perfectly uniform,
particularly when the number of propellers is small or intermediate. When the number
of propellers increases to eight, two propellers are placed at the wingtip, which tends to
increase the average wiring length compared to the six-propeller configuration, as more of
the wiring must span the wingspan. In the case of ten propellers, the layout is expected
to become more balanced, with a higher number of propellers placed near the fuselage
and only one at the wingtip. As a result, the average wiring length for a ten-propeller
configuration will likely approach the average length of the six-propeller configuration,
albeit with slight variations due to the positioning of the additional propellers.
The performance point definition for three different aircraft configurations, with six, eight,
and ten propellers, is summarized in Table 4.3.
While the required overall peak power remains constant at 900 kW for all configurations,
the installed peak power decreases as the number of propellers increases. This is due to the
fact that the electric propulsion unit peak power is determined based on a one rotor inop-
erative scenario. Specifically, the dimensioning electric propulsion unit continuous power
decreases with values of 175 kW, 115 kW, and 85 kW for the six-, eight-, and ten-propeller
configurations, respectively. Consequently, the installed overall peak power is 1350 kW for
the six-, 1200 kW for the eight-, and 1125 kW for the ten-propeller configuration. These
values will be used as inputs and constraints in the following investigations.
In comparison, Joby specified a peak power Ppk,EPU of 236 kW at a peak torque Tpk,EPU of
1800 N m and a continuous torque Tcont,EPU of 1380 N m for the electric propulsion unit of
the six-propeller configuration. The torque specifications are nearly identical, while Joby’s
installed peak power Ppk,tot of 1416 kW is about 5 % higher than the calculated value of
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Table 4.3: Performance point definition for three aircraft configurations with propeller count ranging from
six to ten, based on assumptions presented in Section 4.2

Parameter Symbol Value Unit
Number of propellers NProp
6 8 10

Propeller radius rProp 1.45 1.26 1.12 m
Propeller rotational speed nProp 1200 1600 2000 min−1

Overall peak power required Ppk,tot,req 900 kW
Overall peak power installed Ppk,tot 1350 1200 1125 kW
EPU peak power Ppk,EPU 225 150 113 kW
EPU continuous power Pcont,EPU 175 115 85 kW
EPU peak torque Tpk,EPU 1790 1430 1280 N m
EPU continuous torque Tcont,EPU 1390 1100 970 N m
Available installation space rSp 320 280 250 mm
Average length of connection lines lavg 7.20 6.90 6.60 m

1350 kW from Table 4.3, which could be due to additional safety margins or efficiency
considerations. Similarly, the installed peak power Ppk,tot of 944 kW slightly exceeds the
calculated value of 900 kW retrieved by the mission analysis for the one rotor inoperative
scenario, indicating a conservative redundancy strategy. Overall, these minor deviations
confirm that the assumptions made in this study provide a reasonable approximation of
the actual system.
Furthermore, Joby specifies a target mass of approximately 28 kg per electric propulsion
unit, totaling around 170 kg for the six-propeller configuration. However, the definition
of this figure remains somewhat ambiguous. It is not explicitly stated which structural
components are included, whether the mass of the thermal management system (e.g., heat
exchangers, pump, and piping) is accounted for, or whether the value refers to a dry or
operational (wet) condition. These aspects introduce uncertainties in the interpretation
and comparability of the data and should be taken into account when assessing system-
level mass implications. In addition, no detailed efficiency data are provided, which further
limits comparability with the analysis presented in Section 4.5.

4.3 All-Electric Propulsion System Architecture
Overview

This study investigates multiple electric propulsion unit architectures and configurations
for aircraft with six, eight, and ten propellers, aiming to quantify the weight and effi-
ciency impact of the electric propulsion system at the aircraft level. In all configurations,
the battery is assumed to be a centrally located pack, directly connected to the electric
propulsion units. Thus, only the archiecture of the electric propulsion units differ between
the investigated variants. The baseline architecture and its variations are detailed below.

4.3.1 Baseline Configuration: Direct Liquid-Cooled Electric
Machine and Inverter with Local Cooling System

4.3.1.1 System Description

The baseline electric propulsion unit architecture, as shown in Figure 4.7, features a di-
rect liquid-cooled electric machine and a DC-AC inverter, both utilizing the same local
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thermal management system. The inverter is battery-fed via a DC cable. Each unit oper-
ates independently, with the cooling systems of individual units not interconnected. This
configuration ensures efficient heat dissipation while maintaining a compact and modular
design.
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Figure 4.7: Schematic view of the baseline electric propulsion unit architecture featuring a direct liquid-
cooled electric machine and inverter, and a common thermal management system. The global
in- and outputs, as well as the most important exchange parameters, are listed.

The electric machine is a direct-drive, radial flux, in-runner, permanent magnet syn-
chronous machine, eliminating the need for a gearbox and simplifying the drivetrain. The
in-runner design positions the rotor inside the stator, offering advantages in mechani-
cal stability and thermal management. The inverter employs a two-level topology using
state-of-the-art silicon carbide modules and utilizes space vector modulation for optimal
voltage utilization and reduced harmonic distortion. The system is optimized for thermal
performance and reliable operation across various flight conditions.

Cooling System and Heat Dissipation Strategy
The cooling system plays a pivotal role in maintaining the thermal stability of the elec-
tric propulsion unit. The baseline configuration utilizes DowthermQ®, a synthetic heat
transfer fluid known for its high thermal stability and low viscosity, making it suitable for
high-power loads. This coolant is used across both the electric machine and inverter sys-
tems, simplifying the architecture by allowing both components to share the same thermal
management system.
The electric machine employs direct slot cooling, where coolant flows through parallel
channels embedded between the stator windings. This advanced cooling method provides
significantly enhanced heat extraction compared to traditional jacket cooling, as it in-
creases the surface area available for heat exchange. This localized cooling reduces the
formation of hot spots and improves the machine’s ability to maintain uniform tempera-
ture distribution, which is vital for optimizing continuous power ratings.
For the inverter, a similar liquid cooling approach is used. The semiconductor and capacitor
modules are mounted onto a heatsink featuring rectangular fins, which are directly in
contact with the same coolant. This ensures consistent thermal performance across both
components, minimizing thermal losses and maintaining system efficiency.

137



4 Drive Train Optimization of an All-Electric Vertical Take-Off and Landing Aircraft

The cooling loops of the electric machine and inverter are in parallel until the point where
they merge before entering the liquid-air heat exchanger. The heat exchanger plays a
crucial role in rejecting the accumulated heat to the ambient environment. Its effectiveness
in transferring heat depends on its design, and the coolant’s outlet temperature must not
exceed the predefined inlet temperature to ensure the system operates within the desired
thermal range.
A dedicated pump is located downstream of the heat exchanger to compensate for pressure
losses in the system and ensure the coolant circulates through the entire loop. The pump
must be selected based on the system’s flow rate, pressure drop, and overall resistance to
ensure the cooling fluid maintains sufficient velocity for optimal heat transfer.

System Integration and Component Placement
Efficient system integration plays a key role in maximizing power density and minimizing
AC conduction losses and electromagnetic interference in the electric propulsion unit. In
the baseline configuration, the inverter is positioned in close proximity to the electric
machine to facilitate tight integration. This proximity not only reduces the length of high-
frequency AC connections but also lowers stray inductance, which is critical for ensuring
switching efficiency in the power electronics system. The compact integration helps reduce
the overall system volume and enhances the system’s reliability by minimizing the risk of
faults in the electrical connections.

System Performance Considerations
The liquid-cooled architecture of the baseline configuration is primarily driven by the goal
of achieving high power density while maintaining overall system efficiency. Liquid cooling
allows for higher power density by enabling the dissipation of higher losses, which would
otherwise exceed the thermal limits of air-cooled systems. This is particularly beneficial
in aviation applications, where size and weight constraints demand highly compact and
efficient powertrain solutions.
By increasing the thermal performance of critical components, the system can sustain high
power outputs without excessive derating, ensuring consistent performance throughout
the mission. The ability to operate at lower temperatures also reduces electrical resistance
and mitigates thermal stress on components, which contributes to improved overall system
reliability and longevity.
Despite the thermal advantages, the implementation of a liquid-based cooling system in-
volves certain trade-offs. The addition of a liquid-based cooling system introduces extra
mass due to the required heat exchanger, pump, and fluid circulation components. While
this added weight must be carefully managed, it is partially offset by the increased power
density of the electric machine and inverter, which can be designed for higher performance
without exceeding thermal limits. Additionally, improved thermal control throughout the
mission ensures that efficiency losses due to elevated temperatures are minimized, resulting
in more stable and predictable powertrain operation.

Advantages and Design Trade-Offs
The baseline configuration offers a balanced approach between performance, efficiency, and
system complexity. Direct liquid cooling provides superior cooling capability compared to
air-cooled alternatives, allowing for higher power operation without the risk of thermal
saturation. This is particularly important for sustained high-power flight phases, where
effective heat dissipation ensures stable system behavior.
The modular nature of the local cooling system ensures that each propulsion unit remains
thermally independent, simplifying system-level integration and reducing potential failure
propagation between units. However, the inclusion of active cooling components introduces
additional system complexity and requires careful optimization to ensure that the benefits
in power density and thermal performance outweigh the mass and system integration
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challenges.
Overall, the baseline configuration serves as a reference for evaluating alternative archi-
tectures. Variants for comparison include the use of direct air-cooling, the allowance for
elevated temperature limits in the electric machine, the adoption of a global cooling sys-
tem, and the inclusion of a geared drive system.
These variants, along with the baseline configuration, will undergo system optimization
and be assessed regarding their impact on performance, efficiency, and power density,
providing a comprehensive understanding of their respective benefits and trade-offs.

4.3.1.2 Optimization Setup

Building upon the system architecture described in Section 4.3.1, the optimization setup
outlines the key parameters and strategies required for the optimization process. By vary-
ing specific input parameters, this analysis will explore the trade-offs between overall
system mass and efficiency. The objective is to evaluate how different design choices af-
fect the performance of the propulsion system while ensuring that predefined operational
constraints are met.
The optimization setup involves defining both fixed and variable input parameters, es-
tablishing clear performance objectives, and incorporating various constraints related to
system integration, weight, and thermal and mechanical limits. Material selection plays
a critical role in determining the structural and thermal performance of key components.
The following subsections detail the specific parameters, objectives, and constraints used
in this optimization analysis.

Material Selection
In aerospace applications, the material selection for electric propulsion systems priori-
tizes high performance, focusing on low weight, high strength, and low losses to meet the
stringent demands of aviation. For the electric machine, electromagnetic materials for lam-
inations (Vacodur49 and Vacoflux48), magnets (NdFeB G54UH), and windings (copper)
are selected for high magnetic induction, low losses, high temperature stability, and su-
perior electrical and thermal conductivity. Steel (AISI4340) and aluminum are employed
for structural components, such as the rotor shaft and stator frame, due to their excellent
strength-to-weight ratio and ability to withstand high mechanical stresses. Insulation ma-
terials (Polyurethane and Myoflex) are chosen for their high dielectric strength combined
with good thermal properties.
In the inverter, silicon carbide semiconductors are selected for high efficiency, and film
capacitors made of polypropylene are chosen due to their high energy capacity. Aluminum
is also used in the inverter housing and heat exchanger core, offering lightness and effective
thermal management. The DC cable uses Aluminum conductors and thermally optimized
Duralectric as insulation. For the heat exchanger, carbon fiber reinforced plastics are used
in air ducts, providing strength while minimizing weight.
This selection balances high thermal and electrical performance with mechanical strength,
ensuring efficiency and reliability in the highly demanding aerospace environment. An
overview of the selected materials is given in Table 4.4.

Fixed Input Parameters
To maximize design flexibility, only a limited number of input parameters are fixed in
the optimization process. These parameters are primarily related to fundamental system
constraints that define the operating environment and boundary conditions.
The electric machine utilizes a Halbach array magnet arrangement with full pole coverage
and operates at discrete fixed speeds corresponding to different propeller configurations.
The inverter employs symmetrical space vector modulation and a constrained DC voltage
range of 540 – 900 V, with the upper limit determined by the voltage ratings of available
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Table 4.4: Selected materials for the baseline electric propulsion unit components
Component Material
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Rotor Shaft Steel AISI4340
Rotor Yoke Vacodur49 (150µm)
Magnets NdFeB G54UH
Sleeve Carbon fiber reinforced plastics

Slot Pipe Carbon fiber reinforced plastics
Stator Teeth and Yoke Vacoflux48 (100µm)

Wire Copper
Wire Insulation Polyurethane
Phase Insulation Myoflex
Slot Insulation Myoflex
Stator Frame Aluminum

In
ve
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er Semiconductors Silicon Carbide (SiC)

Capacitors Polypropylene film capacitors
Heat Sink Aluminum
Housing Aluminum

DC cable
Conductor Aluminum
Insulation Duralectric

HX
Core Aluminum

Air Ducts Carbon fiber reinforced plastics

Pipes Aluminum

semiconductor modules. This voltage range is also applicable for the DC cable.
The ambient air conditions for all variants remain constant and do not vary, assuming ISA
+ 20 K, resulting in an ambient temperature of 35 ◦C and ambient pressure of 101 325 Pa.
Furthermore, the available ambient air velocity vamb is assumed to be 10 m s−1, e.g., at
the air duct inlets. This is reasonable for hover, where the flight velocity is likely lower
when the inlets are placed downstream of the propellers.
For the liquid cooling cycle, the fluid inlet conditions (after the pump) are set to an inlet
temperature Tfl,in of 60 ◦C and an inlet pressure pfl,in of 200 000 Pa, providing sufficient
temperature difference for both effective component cooling and heat dissipation to the
ambient environment.
These fixed inputs establish a stable foundation for the optimization while allowing key
design variables to be adjusted for optimal system performance. The defined values are
summarized in Table 4.5.

Table 4.5: Fixed input parameters for the baseline electric propulsion unit

Parameter Symbol Value Unit

Electric Machine

Magnetization pattern Halbach arrangement -
Pole coverage αp 1 -
Number of phases mph 3 -
Rotational speed nrot 1200, 1600, 2000 min−1

Inverter
Modulation method Symmetrical SVM -
DC voltage VDC 540 – 900 V

DC Cable DC voltage VDC 540 – 900 V

Pump

Mechanical efficiency ηmech 0.65 -
Electrical efficiency ηel 0.95 -
Outlet temperature Tfl,in 60 ◦C
Outlet pressure pfl,in 200000 Pa

Ambient
Temperature Tamb 35 ◦C
Pressure pamb 101325 Pa
Velocity vamb 10 m s−1
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Design Input Variables
The optimization process considers a wide range of design input variables that directly
influence system weight, efficiency, and key indicators such as manufacturability, reliability,
and cost. These variables span the different components of the electric propulsion system
and define the design space for optimization. Table 4.6 provides a complete list of all
considered design input variables, their ranges, and their type, i.e., integer or real variables.
In total, around 50 variables are considered, with more than ten of them being discrete
parameters, making this a complex mixed-variable optimization problem. Due to the large
number of variables, not every parameter is discussed individually.

Table 4.6: Variable input parameters for the baseline electric propulsion unit
Parameter Symbol Range Unit Type

min max
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Shaft length Lstk 25 100 mm real
Shaft inner radius rsh,i 100 250 mm real
Rotor yoke thickness try 3 10 mm real
Magnet thickness tmag 2 15 mm real
Airgap thickness gmech 1 4 mm real
Tooth tip edge thickness ttt,e 1 3 mm real
Relative tooth tip edge width βtt,e 0.5 0.85 - real
Tooth tip center thickness ttt,c 1 3 mm real
Relative tooth tip center width βtt,c 0.5 0.85 - real
Slot depth tsd 5 60 mm real
Stator yoke thickness tsy 3 15 mm real
Pole pair number p 30 70 - int
Slot number Qs 45 210 - int
Parallel winding paths npar,wdg 1 70 - int
Winding turns Nt,wdg 1 100 - int
Wire insulation thickness twire,ins 10 200 µm real
Slot insulation thickness tslot,ins 50 500 µm real
Phase insulation width ratio βph,ins 0.001 0.5 - real
q-axis current magnitude Îq 500 1300 A real
Coolant mass flow rate ṁEM 0.01 1 kg s−1 real
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Switching frequency ratio mc,sw 8 50 - int
Semiconductor module index iSC 0 6 - int
Number of parallel semiconductors nSC,p 1 5 - int
Gate driver module index iGD 0 4 - int
Bus bar conductor thickness tBB,cond 1 10 mm real
Bus bar insulation thickness tBB,ins 0.05 2 mm real
Number of fins on heatsink NFin 1 200 - int
Fin width ratio βFin 0.01 0.99 - real
Fin height hFin 1 30 mm real
Coolant mass flow rate ṁInv 0.01 1 kg s−1 real

DC Cable
conductor radius rcond 0.25 10 mm real
insulation thickness tins 0.5 5 mm real

H
X

Number of passages NP 2 70 - real
Flow path length LFP,c/h 10 400 mm int
Number of fins per pitch Nfp,c/h 2 150 - int
Number of offset fins Noff,c/h 2 150 - real
Fin height bFin,c/h 1 50 mm real
Fin thickness ratio βFin,c/h 0.01 0.99 - real
Air duct opening rin,c/h 5 300 mm real
Air duct length lin,c/h 50 300 mm real

Pipe
inner radius rpipe 1 15 mm real
wall thickness tpipe 0.5 2 mm real

The input variables can be broadly categorized into geometric parameters and operational
parameters. Geometric parameters determine the physical dimensions of the components,
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as well as their electromagnetic, structural, thermal, and thermodynamic properties. In the
electric machine, these include rotor and stator dimensions such as shaft length, magnet
thickness, and airgap thickness, as well as winding design parameters like slot depth and
the number of winding turns. The cable geometry is defined by the conductor radius and
the insulation thickness. The inverter geometry is shaped by semiconductor and capacitor
packaging, as well as heat sink fin configuration. In the heat exchanger and piping, key
parameters include passage design, fin arrangements, and duct geometry, which influence
cooling effectiveness and overall system integration.
Operational parameters define the electrical and thermal working conditions of the com-
ponents. From an electrical perspective, the q-axis current magnitude affects torque pro-
duction and losses in the electric machine, while the switching frequency ratio influences
power losses and controllability in the inverter. In both cases, the coolant mass flow rate
impacts the thermal operating point, and consequently, the design of thermal management
system components such as the heat exchanger and pump.
By adjusting these input variables within carefully defined limits, the optimization algo-
rithm explores the most effective trade-offs between the defined objectives, which will be
outlined in the next section.

Optimization Objectives
In aerospace applications, minimizing both overall system mass and losses is paramount to
reducing energy consumption and maximizing range, while also ensuring overall aircraft
feasibility. Additionally, lower weight allows for higher payload capacity, and improved
powertrain efficiency reduces cooling requirements and enhances system reliability.
The objectives shown in Table 4.7 account for all components of the electric propulsion
unit as defined in Section 4.3.1.1, including the masses of the electric machine, inverter,
DC cables, and thermal management system. The primary sources of losses are copper and
iron losses in the electric machine and semiconductor losses in the inverter, while losses
from DC cables are considered but play a minor role.

Table 4.7: Optimization objectives for the baseline electric propulsion unit
Objective Symbol Unit Type

Mass of electric propulsion unit mEPU kg min
Losses of electric propulsion unit QEPU kW min

However, these objectives are inherently conflicting, forming a classical Pareto optimization
problem. The optimization process must therefore balance these trade-offs to achieve a
well-balanced design within the given constraints, which are explained in the next section.

Constraints
The optimization process is subject to over 60 constraints that govern the design space of
the electric propulsion system. These constraints are categorized by discipline or subcom-
ponent, as shown in Table 4.8. Due to their large number, not every constraint is detailed
individually.
The most critical requirement is ensuring that the electric propulsion system delivers the
required mechanical shaft power at a given propeller speed, as calculated in Table 4.3.
For the electric machine, approximately ten geometric constraints ensure compliance with
manufacturing limits. A high modulation degree and power factor are beneficial for a
lightweight inverter design, while limiting the short-circuit current ratio ensures that fault
currents remain within nominal values, contributing to the machine’s fault tolerance, in-
cluding thermally. Flux densities in the iron lamination are constrained to prevent excessive
losses, because saturation effects are not captured in the models described in Chapter 2.
Thermodynamic constraints define allowable operating temperatures for materials, such
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Table 4.8: Optimization constraints for the baseline electric propulsion unit
Parameter Symbol Value Unit Type
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Shaft output power Pout 175, 115, 85 kW min

Geometry

Shaft diameter ratio dsh/lsh 0.3 – 7.0 - minmax
Shaft aspect ratio tsh/dsh 0.01 - min
Magnet width wmag 5.0 mm min
Tooth tip width ttte 3.0 mm min
Tooth aspect ratio wst,m/tsd 0.15 – 1.0 - minmax
Slot width wsl,c 3.0 mm min
Slot aspect ratio wsl,m/tsd 0.15 – 1.0 - minmax
Stator yoke aspect ratio tsy/dsy 0.01 - min
Frame aspect ratio tfr/dfr 0.01 - min
Frame outer radius rfr,o 320, 280, 250 mm max

Electro-
magnetic

Modulation degree ma 2/
√

3 - max
Power factor cos ϕPF 0.6 - min
Short circuit current ratio KSC 1.0 - max
Electric frequency fel 2000 Hz max
Rotor yoke flux density Bry 2.1 T max
Stator teeth flux density Bst 2.0 T max
Stator yoke flux density Bsy 2.0 T max

Thermo-
dynamic

Magnet temperature Tmag 100 ◦C max
Winding temperature Twdg 180 ◦C max
Iron lamination temperature Tiron 150 ◦C max
Coolant outlet temperature Tfl,out 150 ◦C max
Coolant velocity vfl 5.0 m s−1 max

Struc-
tural

Magnet-yoke pressure psl 1000 Pa min
Stress safety factor SFsl,σ 1.5 - min
Torque safety factor SFsl,T 1.0 - min
Radial displacement urad 0.5 - max

Insulation
Wire insulation safety factor SFwire 2.0 - min
Slot insulation safety factor SFslot 2.0 - min
Phase insulation safety factor SFph 2.0 - min

In
ve

rt
er

Semi-
conductor

Voltage utilization uSC,V 1.0 - max
Operating temperature TSC 150 ◦C max

Gate
Driver

Voltage utilization uGD,V 1.0 - max
Switch-on voltage utilization uGD,V,on 1.0 - max
Switch-off voltage utilization uGD,V,off 1.0 - max
Average current utilization uGD,I,avg 1.0 - max
Peak current utilization uGD,I,pk 1.0 - max
Charge utilization uGD,Qg 1.0 - max

DC Link
Capacitor

Voltage utilization uCap,V 1.0 - max
Current utilization uCap,I 1.0 - max
Relative voltage ripple ∆VCap,rel 0.05 - max
Operating temperature TCap 85 ◦C max

Busbar Current density JBB,rms 5.0 A mm−2 max
Insulation safety factor SFBB,ins 2.0 - max

Heat
Sink

Fin thickness tfin 0.2 mm min
Fin spacing sfin 0.5 mm min
Coolant outlet temperature Tfl,out 150 ◦C max
Coolant velocity vfl 5.0 m s−1 max

DC
Cable

Conductor temperature Tcond 200 ◦C max
Insulation safety factor SFcond 2.0 - min

HX
Geometry

Fin thickness tfin,c/h 0.2 mm min
Fin spacing sfin,c/h 0.4 mm min
Fin length lfin,c/h 2.0 mm min

Thermo-
dynamic

Hot side outlet temperature Tout,h 60 ◦C max
Hot side outlet pressure pout,h 101325 Pa min

Pipe Wall safety factor SFmech 5.0 - min
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as preventing magnet demagnetization, while insulation constraints ensure adequate pro-
tection against breakdowns. Structural constraints prevent rotor failures by limiting the
stress in rotor components and ensuring that magnets remain attached to the rotor yoke.
Additionally, a maximum allowable displacement of the rotor surface relative to the airgap
prevents rotor blockage.
For the inverter, constraints are grouped by subcomponent, such as semiconductors, gate
drivers, and capacitors are selected from real-world databases. Most constraints relate to
maximum allowable utilization based on datasheet values, such as voltages and currents.
Furthermore, temperature limits ensure safe operation, while excessive voltage ripple is
mitigated through sufficient capacitance. For the DC cable, operating temperature and
dielectric safety are key limitations.
The heat exchanger is subject to geometric constraints linked to manufacturability, such
as fin thickness and spacing. The thermodynamic inlet conditions for the inverter depend
on the coolant outlet temperatures and mass flow rates from both the electric machine
and inverter, while the heat exchanger outlet temperature must not exceed the fluid inlet
temperature, as defined in Table 4.5. The piping system is mechanically constrained by
the pressure-induced stresses in the pipe walls.
The given set of variables, as defined in Table 4.6, spans a large design space used to
identify Pareto-optimal designs for minimizing system mass and losses, as outlined in
Table 4.7. The constraints from Table 4.8 ensure adherence to operational, geometric,
thermodynamic, and manufacturability limits, thereby guaranteeing a feasible and reliable
design. The results from this setup will be discussed in Section 4.5, where the trade-offs
between system mass and efficiency will be analyzed in detail.

4.3.2 Investigated Variants

Building on the baseline configuration, four additional electric propulsion unit architec-
tures and variants are investigated. Optimized designs will be compared against the base-
line in Section 4.5.

4.3.2.1 Direct Air-Cooled Electric Machine and Inverter

This variant replaces liquid cooling with forced air cooling for both the electric machine
and inverter, as shown in Figure 4.8. Heat dissipation is achieved through cooling fins
integrated into the circumference of the stator housing, enhancing convective heat transfer
to the surrounding airflow. Similarly, the inverter is equipped with a finned heatsink to
facilitate efficient thermal dissipation. To ensure sufficient cooling performance, airflow
is actively directed through dedicated ducts, guiding ambient air over both components
before being exhausted from the system.
To account for the system-specific characteristics of the air-cooled configuration, all vari-
ables and constraints associated with liquid cooling components, i.e., heat exchangers,
pumps, or piping, are omitted from the optimization setup. Instead, the electric machine
employs annular air inlets and outlets to guide the airflow through an integrated fin struc-
ture within the stator frame, while the inverter uses a circular duct configuration for air
intake and exhaust. The corresponding geometric and flow-related parameters are included
in the optimization within defined bounds, as summarized in Table 4.9.
To ensure physically feasible and manufacturable designs, additional geometric constraints
are imposed on the fin structure of the electric machine. These include minimum con-
straints on fin dimensions and spacing to ensure mechanical robustness and effective ther-
mal performance. A summary of the applied constraints is provided in Table 4.10.
The primary motivation for this configuration is the simplification of the thermal manage-
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Figure 4.8: Schematic view of the electric propulsion unit architecture variant featuring a direct air-cooled
electric machine and inverter. The global inputs and outputs, as well as the most important
exchange parameters, are listed.

Table 4.9: Changes in variable input parameters for air-cooled electric propulsion unit variant
Parameter Symbol Range Unit Type

min max

Electric Machine

Stator frame thickness tfr 4 150 mm real
Number of cooling fins NFin 5 400 - int
Cooling channel width ratio βcc,w 0.02 0.98 - real
Cooling channel height ratio βcc,h 0.02 0.98 - real
Air duct opening height tin/out 1 250 mm real
Air duct length lin/out 50 250 mm real

Inverter
Air duct opening rin/out 5 250 mm real
Air duct length lin/out 50 250 mm real

Table 4.10: Changes in optimization constraints for air-cooled electric propulsion unit variant
Parameter Symbol Value Unit Type
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Geometry

Frame base thickness tfr,b 1.5 mm min
Fin thickness tfin 1 mm min
Fin spacing sfin 1 mm min
Fin height lfin 1.0 mm min

ment system. By eliminating liquid cooling components such as pumps and heat exchang-
ers, system complexity is significantly reduced. This leads to fewer integration challenges,
lower maintenance requirements, and improved reliability due to the absence of potential
failure points associated with active cooling components, such as pump malfunctions or
coolant leakage. Forced air-cooling systems are also inherently less susceptible to single-
point failures, as they do not rely on active fluid circulation.
However, the main trade-off is the reduced cooling performance compared to liquid cool-
ing. The achievable power density of the electric machine and inverter is likely lower, as
forced air cooling is less effective at extracting heat from high-power components. This
may necessitate larger cooling surfaces or a reduction in continuous power capability to
prevent overheating, particularly during high-demand flight phases. Additionally, air cool-
ing depends on external airflow conditions, i.e., performance can vary with altitude and
ambient temperature. This necessitates careful design considerations to ensure thermal
stability across all operating conditions.
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4.3.2.2 Liquid-Cooled Electric Machine and Inverter with Elevated Temperature
Limits

This variant retains the liquid cooling system of the baseline configuration but allows for
higher operational temperature limits for the electric machine. By increasing the allowable
magnet and winding temperatures, the thermal constraints on the machine are relaxed,
enabling higher power densities while reducing the required cooling capacity.
To reflect these changes in the optimization process, the thermal constraint values for
the electric machine are adjusted accordingly. An overview of the updated constraint
parameters is provided in Table 4.11.

Table 4.11: Changes in optimization constraints for electric propulsion unit variant with elevated temper-
ature limits of electric machine

Parameter Sym-
bol

Value Unit Type

Electric
Machine

Thermo-
dynamic

Magnet temperature Tmag 150 ◦C max
Winding temperature Twdg 200 ◦C max

The primary motivation for this configuration is the potential to achieve further weight re-
ductions and improved power density. Higher allowable temperatures enable the design of
more compact and lightweight electric machines, as less active cooling is required to main-
tain thermal stability. Additionally, the reduced cooling demand allows for the downsizing
of cooling system components such as heat exchangers and pumps, further decreasing
overall system weight and complexity.
However, the main trade-off is the increased losses and reduction in efficiency. Operat-
ing at higher temperatures generally leads to increased resistive losses in the machine
windings, potentially reducing overall system efficiency. Depending on the chosen machine
design, higher inverter losses from increased electrical frequencies may also arise. These
factors must be carefully balanced to ensure that the benefits of weight and cooling system
reductions outweigh the penalties associated with increased losses.

4.3.2.3 Liquid-Cooled Electric Machine and Inverter with Central Cooling System

This variant modifies the baseline liquid-cooled configuration by replacing the local cooling
loops with a centralized, global cooling system, as shown in Figure 4.9.
In this setup, all electric propulsion units on the aircraft are connected to a single shared
cooling system that manages heat dissipation across the electric propulsion system. The
centralized system consists of a common coolant circuit that circulates through each unit,
extracting heat and rejecting it to the ambient environment via a centralized heat ex-
changer.
As the main change in this variant is the reconfiguration of the existing liquid-cooled sys-
tem into a centralized, global cooling loop, there is no change to the optimization setup
compared to the baseline configuration. The same parameters, constraints, and optimiza-
tion boundaries are applied, with the primary focus on reconfiguring the cooling system
to improve overall power density and efficiency. The temperature constraints from the
previous section, as detailed in Table 4.11, also remain applicable in this variant.
The primary motivation for this configuration is the potential to optimize cooling system
weight and efficiency at the aircraft level. By centralizing the cooling loop, the complexity
of individual cooling systems within each electric propulsion unit is reduced. This can
result in more compact and lightweight cooling components, as well as better utilization
of available cooling capacity across all units. The global system also enables more effi-
cient management of the overall thermal load, which can be beneficial in multi-motor
configurations where heat dissipation demands vary across units.

146



4.3 All-Electric Propulsion System Architecture Overview

M
3∼

Tcont,EPU
nProp

∼

=
V̂dq
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Figure 4.9: Schematic view of the electric propulsion unit architecture variant featuring a liquid-cooled
electric machine and inverter with a central thermal management system. The global inputs
and outputs, as well as the most important exchange parameters, are listed.

However, the main trade-off of a global cooling system is the increased complexity of
coolant routing and integration across the entire aircraft. A shared cooling loop intro-
duces additional challenges related to coolant distribution, system pressure management,
and potential failure propagation. Furthermore, since individual units have less localized
cooling control, system performance may vary under different flight conditions, particu-
larly when some experience higher thermal loads than others. Additionally, maintenance
complexity may increase due to the centralization of the cooling loop and its reliance on
a single heat exchanger and pump system.

4.3.2.4 Liquid-Cooled, Geared Electric Machine and Inverter

This variant builds on the baseline liquid-cooled configuration but introduces a gearbox
between the electric machine and the propeller shaft, as shown in Figure 4.10.
By increasing the rotational speed of the electric machine while reducing the torque re-
quirement, the gearbox enables the use of a smaller, higher-speed motor with increased
power density. This can potentially improve the efficiency of the electric machine while
maintaining the required output torque at the propeller.
While the fixed inputs are primarily adjusted to account for the applied gear ratios, the key
optimization changes for this variant are related to the machine’s geometry. Specifically,
adjustments are made to accommodate higher rotational speeds, which result in a smaller
range of relevant pole-slot combinations due to the increased electrical base frequency.
These changes are summarized in Tables 4.12 and 4.13.
The primary motivation for this configuration is the potential for weight reduction and im-
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Figure 4.10: Schematic view of the electric propulsion unit architecture variant featuring a direct liquid-
cooled gearbox, electric machine, and inverter. The global inputs and outputs, as well as the
most important exchange parameters, are listed.

Table 4.12: Changes in fixed input parameters for geared electric propulsion unit variant

Parameter Symbol Value Unit

Gearbox Total gear ratio iGB 5, 12 -

Table 4.13: Changes in variable input parameters for geared electric propulsion unit variant
Parameter Symbol Range Unit Type

min max
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ne Shaft inner radius rsh,i 0 250 mm real
Pole pair number p 2 12 - int
Slot number Qs 6 36 - int
Parallel winding paths npar,wdg 1 15 - int

proved system efficiency. Higher rotational speeds allow for a more compact and lightweight
motor design, reducing the mass of the electric machine while maintaining the same power
output. Additionally, electric machines generally exhibit higher efficiency at increased
speeds, which can contribute to overall energy savings. The introduction of a gearbox
may also allow for better matching between the motor’s optimal operating range and the
aerodynamic requirements of the propeller.
However, the main trade-off is the added mechanical complexity and potential efficiency
losses associated with the gearbox. While a well-designed gearbox can operate with high
efficiency, it inevitably introduces additional frictional and mechanical losses. Furthermore,
the gearbox represents an additional potential failure point, requiring periodic maintenance
and lubrication. Noise and vibration control must also be addressed, particularly as gear
meshing can introduce significant acoustic emissions and dynamic loads. Careful design
and integration of the gearbox are essential to ensure that the overall benefits outweigh
the drawbacks.
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4.4 Derivation of Efficiency and Drag Penalty
Factors

The multi-objective optimization of the various design variants results in Pareto fronts that
illustrate the trade-offs between system mass and losses. However, these Pareto fronts do
not provide a definitive ”best” solution; rather, the optimal design is inherently dependent
on specific use cases, mission requirements, and operational constraints. To facilitate the
selection of the most suitable design from the Pareto front and to enable meaningful
comparative analysis, a decision-making process is required. In this context, the weighted
sum approach is widely used, as it combines multiple conflicting objectives into a single
metric, enabling the identification of a single optimal solution.

4.4.1 Decision-Making Methods

Several methods for deriving weighting factors in multi-objective optimization are dis-
cussed in the literature:

1. Normalization and Sensitivity Analysis: In this method, both objectives are
normalized (e.g., scaled to a 0 – 1 range) to enable direct comparison, followed by
sensitivity analysis to determine the relative importance of each objective. This tech-
nique provides insight into how each factor influences the overall system but does
not directly provide a mechanism for deriving a weighting factor for optimization
purposes. Sensitivity analysis identifies how changes in input variables affect the
output, but it does not translate these effects into a single, optimized design. Thus,
while useful for qualitative analysis, it is limited in that it does not provide a direct
optimization framework. Additionally, the normalization process is highly sensitive
to the selection of scaling parameters, which can introduce inconsistencies [360, 361].

2. Analytic Hierarchy Process and Multi-Criteria Decision-Making: Methods
such as the Analytic Hierarchy Process or weighted scoring models are used to assign
relative importance to each objective based on stakeholder preferences. These relative
weights are then applied to combine multiple objectives into a single performance
metric. Although the Analytic Hierarchy Process provides a structured approach for
incorporating subjective judgment into the decision-making process, it introduces
the risk of subjectivity and potential inconsistencies in the evaluation. Furthermore,
the complexity of the method increases as more objectives and criteria are added,
making it less suitable for purely technical optimization problems where objective
metrics are well defined [362, 363].

3. Conversion to Operational Equivalence via Penalty Factors: A more direct
and pragmatic approach is to express one objective as an equivalent increase of the
second objective, e.g., expressing losses or decrease of efficiency as an equivalent
increase in battery weight. In this method, a change in electric propulsion unit
efficiency is translated into the additional battery mass required to meet mission
performance. [364].

The primary motivation for selecting the conversion to operational equivalence via penalty
factors is that it provides a clear, operationally meaningful translation of efficiency losses
into a tangible, comparable design metric.
This approach is particularly relevant in aerospace design, where battery mass is a critical
driver of overall system performance. By optimizing the battery system for a given mission
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profile, a penalty factor can be derived that quantifies the impact of efficiency changes on
battery weight. This method converts the bi-objective into a single-objective optimiza-
tion problem and enables direct comparison of the different design variants described in
Section 4.3 based on a common performance metric, i.e., weight, thereby facilitating the
selection of the most appropriate design. Furthermore, this approach ensures that the de-
rived penalty factor is not influenced by subjective preferences and instead reflects the
true operational impact of efficiency losses.

4.4.2 Battery Optimization Setup and Results

Applying this approach, the battery is optimized for the mission profile given in Section 4.1,
where the required battery capacity is determined by the energy consumption, which is a
function of the overall drivetrain efficiency ηEPS, as shown in Equation (4.7).
As the battery model developed in Section 2.6 is relatively simple, the battery packs are
fully described by the number of cells in series and parallel, as shown in Table 4.14.

Table 4.14: Variable input parameters for battery optimization
Parameter Symbol Range Unit Type

min max

Cells in series ncell,s 100 250 - int
Cells in parallel ncell,p 1 100 - int

The battery is optimized for minimum mass and lowest operating temperature to reduce
the required cooling capacity. The objectives are defined in Table 4.15.

Table 4.15: Optimization objectives for battery optimization
Objective Symbol Unit Type

Mass of energy storage system mESS kg min
Temperature of cells Tcell K min

Feasible designs adhere to the constraints laid out in Table 4.16. On pack level, the DC
voltage of the fully charged pack VDC,max should not exceed 900 V to match the chosen
semiconductor modules from Table 4.6. As per available battery specifications, the cells
have a defined operating temperature range and shall not be discharged below a State-of-
Charge of 20 % and a dynamic cell voltage of 2.5 V.

Table 4.16: Optimization constraints for battery optimization
Parameter Symbol Value Unit Type

Pack DC voltage (fully-charged) VDC,max 900 V max

Lower operating voltage VDC,min 2.5 V min
Cell State of Charge SOCmin 0.2 - min

Operating temperature range TOp 0 – 60 ◦C minmax

Three different cell types have been investigated, including an 18650 cell from Panasonic
[300] and 21700 cells from Molicel [365] and Joby [349]. The resulting Pareto fronts are
shown in Figure 4.11.
The results indicate that a reduction in battery mass generally leads to increased cell
operating temperatures. However, even for the most lightweight designs, the maximum
allowable temperature limit is not exceeded. Additionally, a larger cell form factor proves
advantageous in terms of both weight and thermal performance. The weight advantage of
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Figure 4.11: Pareto front of battery optimization for the mission profile from Section 4.1, comparing three
different cell types at an exemplary electric propulsion system efficiency of ηEPS = 90 %

the Joby cell is particularly notable, with a mass difference of approximately 100 kg com-
pared to the other cells in the most lightweight configuration. This weight difference can
be attributed to factors such as higher specific energy, improved cell form factor, and re-
duced requirements for ancillary components. In particular, the Joby cell achieves a higher
pack-level specific energy of approximately 235 W h kg−1, primarily due to optimized cell
packaging and reduced structural overhead [349]. This allows for fewer supporting com-
ponents and results in a significantly lower total system mass compared to the other cell
types.
Additionally, Figure 4.12 illustrates the variable and constraint space of the optimization
using the Joby 21700 cells. It is evident that in order to minimize weight, the number of
cells in series and parallel is selected such that both the upper allowable pack voltage when
fully charged and the minimum cell voltage during operation are closely approached. The
state-of-charge behavior indicates that the battery design is primarily power-limited rather
than energy-limited, as the minimum allowable state of charge is not reached. Moreover,
the thermal constraints are not active across the design space, suggesting that temperature
limitations are not a concern for these configurations.
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Figure 4.12: Variable and constraint space of the battery optimization using the Joby 21700 cell for the
mission profile defined in Section 4.1, at a propulsion system efficiency of ηEPS = 90 %. Dashed
lines indicate parameter and constraint values for the two extreme Pareto points: red for the
minimum-mass and blue for the lowest-temperature design.
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4.4.3 Penalty Factor Method

This procedure is then repeated for an electric propulsion system efficiency ηEPS rang-
ing from 85 – 100 %. By comparing the most lightweight battery designs across different
efficiency values, a penalty factor can be derived to quantify the incremental increase in
battery mass associated with a 1 % drop in efficiency.
This method is justified because the most lightweight battery designs represent the min-
imum mass required to meet the mission’s energy demands. Therefore, any reduction in
drivetrain efficiency leads to a proportional increase in the required battery mass. As
battery losses are already included in the mission energy calculation, the derived penalty
factor inherently reflects the trade-off between drivetrain efficiency and battery mass. This
relationship is illustrated in Figure 4.13.
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Figure 4.13: Mass of optimized battery design versus electric propulsion efficiency, obtained from individual
optimization runs. The dashed line represents a linear fit to the data points.

It can be seen that the mass of the optimized battery designs follows a linear trend with
respect to propulsion efficiency. The efficiency penalty factor is then derived by calculating
the slope of this trend:

∆mESS
∆ηEPS

≈ 8.0 kg
1 % (4.14)

On aircraft level, i.e., for each percent increase in propulsion efficiency, an additional 8.0 kg
of battery mass is acceptable to maintain equivalent system performance. This efficiency
penalty factor thus provides a unified metric for comparing different design variants in
terms of both mass and efficiency.
The optimal design is the one that minimizes the sum of the actual weight and the weight
equivalent of efficiency changes, as determined by the penalty factor.

min
(

mEPU + QEPU
Pcont,EPU + QEPU

∆mESS
NEPU ∆ηEPS

)
(4.15)

Graphically, this corresponds to finding the tangency point between the Pareto front and a
straight line with a slope equal to the penalty factor. This line represents a cost or weight
function. An application example of this method can be found in Section 4.5.1.
As a byproduct, this method can also be extended to derive a drag penalty factor for
vertical flight. This is particularly important for accounting for differences in thermal
management systems, which may not be immediately apparent in terms of mass. These
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differences, however, can significantly impact the overall design choice, especially when
comparing air-cooled and liquid-cooled systems.
In vertical flight, where the propeller’s induced velocity is the primary driver of power
demand (as outlined in Equation (4.7)), the effect of drivetrain efficiency on the battery
power requirement is similarly captured. In this case, additional drag raises the power
demand and thus the battery requirements.
Due to the diminishing returns in the relationship between drivetrain efficiency and power
demand, this correlation exhibits slight non-linearity. For example, increasing efficiency
from 90 % to 91 % leads to a slightly larger reduction in power demand (approximately
1.2 %) rather than exactly 1 %. Despite this minor non-linearity, the error is minimal and
acceptable for comparative purposes. This allows for a reliable drag penalty factor to be
applied when comparing different designs.
In summary, the derived penalty factors offer a practical and unified metric to evaluate
and compare various design variants, thereby supporting informed selection of optimal
solutions from the Pareto fronts.

4.5 Comparative Study of Topologies and Variants
of Distributed Electric Propulsion Systems

This section presents the results from the optimization studies described in Section 4.3 in
a comparative manner. As a baseline configuration, the direct liquid-cooled machine and
inverter with a local cooling system, introduced in Section 4.3.1, is used.
For the baseline variant, the process of selection the optimal design from the Pareto front
for each configuration based on the penalty factor method introduced in Section 4.4 is
exemplarily shown. This enables a consistent and operationally relevant comparison across
different system architectures.
The comparison includes both specific metrics, such as power-to-weight ratio and efficiency,
as well as absolute metrics, including mass and electrical losses. This dual perspective al-
lows not only a fair assessment of each electric propulsion unit variant but also facilitates
scalability and comparability of the electric propulsion system at the aircraft level, ac-
counting for different numbers of propulsion units.

4.5.1 Liquid versus Air Cooling

To identify the optimal design from the results of the multi-objective optimization, the
penalty factor method introduced in Section 4.4 is applied exemplarily to the baseline
variant. Figure 4.14 shows the resulting Pareto fronts for the liquid-cooled direct-drive
electric machine and inverter with a local cooling system, as described in Section 4.3.1, for
different numbers of propellers. These results are derived from the optimization process
based on the parameter sets defined in Tables 4.4 to 4.8. The Pareto front illustrates the
trade-off between the electric propulsion unit mass mEPU and losses QEPU, as outlined in
Section 4.3.1.
As explained in Section 4.4.3, the optimal design point is found as the tangency point
between the Pareto front and a straight line with a slope equal to the penalty factor,
representing a cost function. This optimal design achieves the best trade-off between the
two competing objectives, namely the mass and losses of the electric propulsion unit, from
an operational perspective.
For the configuration with eight propellers, the lightest design is also the optimal one.
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However, for the other two configurations, the Pareto front is steeper than the cost function
defined by the penalty factor, shifting the optimal point away from the lowest-mass design.
Additionally, since the penalty factor is defined globally at the aircraft level, the slope of
the cost function increases with the number of propellers. However, due to the use of
absolute values in this application, the difference is small and barely noticeable.
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Figure 4.14: Pareto fronts illustrating the trade-off between mass mEPU and losses QEPU of the electric
propulsion unit for three different propeller configurations (NProp = 6 – 10) in the baseline
variant. This variant features a direct-drive, liquid-cooled electric machine and inverter with
a local cooling system, as described in Section 4.3.1. The optimal designs are determined
using the penalty factor method introduced in Section 4.4.3. Dashed lines visualize the cost
functions associated with the penalty factor, with slight variations in slope corresponding to
different propeller configurations.

The same method is subsequently applied to identify optimal designs for an alternative con-
figuration using air-cooled electric machines and inverters, as introduced in Section 4.3.2.1.
This enables a direct comparative analysis between the liquid- and air-cooled system vari-
ants. Key system-level metrics will be investigated for a varying number of propellers in
the following. Figure 4.15 depicts the development of the specific power-to-weight ratio
PTWEPU and the efficiency ηEPU of a single electric propulsion unit as a function of the
number of propellers NProp in the aircraft configuration.
For air-cooled propulsion units, the power-to-weight ratio increases linearly from approx-
imately 2.9 kW kg−1 for the six-propeller to about 3.7 kW kg−1 for the ten-propeller con-
figuration, corresponding to a 30 % increase in the power-to-weight ratio. The efficiency
varies between approximately 95 % and 96 %, with the highest efficiency achieved for the
eight-propeller configuration. This variation is primarily due to the thermal limitations im-
posed by the loss dissipation capacity of the system, including the allowable temperatures
for the magnets, windings, and iron, which prevent more lightweight designs.
For liquid-cooled units, the power-to-weight ratio varies between 4.1 kW kg−1 for the ten-
propeller and 4.4 kW kg−1 for the eight-propeller design. There is no clear benefit in terms
of specific power density for increasing the number of propellers, due to the discrete design
possibilities in terms of pole-slot combinations and the interdependency of electromagnetic
and thermal constraints. The system efficiency varies between approximately 93.4 % and
94.2 %, with the highest efficiency achieved for the ten-propeller configuration. The main
limiting factors are the same as for the air-cooled variant.
Figure 4.16 complements the analysis by presenting absolute figures for the system on
aircraft level, i.e., total electric propulsion system mass mEPS and losses QEPS. The mass
includes the cumulated mass of the propulsion units plus the difference in battery mass
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Figure 4.15: Specific power-to-weight ratio P T WEPU and efficiency ηEPU of electric propulsion unit for
air-cooled and liquid-cooled configurations, as a function of the number of propellers NProp.

∆mESS due to the efficiency difference of the chosen designs, applied pairwise to the design
with the lower efficiency.
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Figure 4.16: Mass mEPS and losses QEPS of the electric propulsion system for air-cooled and liquid-cooled
configurations, as a function of the number of propellers NProp.

For air-cooled systems, the total electric propulsion system mass decreases notably from
358 kg for the six-propeller to 228 kg for the ten-propeller configuration. Liquid-cooled
configurations achieve significantly lower masses across all propeller counts, though the
trend is less consistent and pronounced, with a reduction from 255 kg for the six-propeller
to 218 kg for the eight- and ten-propeller configurations. For both variants, the reduction
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in weight is largely due to the lower power requirements in the more propeller-intensive
configurations, particularly due to the less demanding one rotor inoperative scenario as
shown in Table 4.3.
Regarding total system losses, air-cooled systems exhibit a clear reduction from around
53 kW for the six-propeller down to 38 kW for the eight-propeller configuration, but in-
crease again to around 42 kW if propeller count is increased to ten. Liquid-cooled config-
urations show higher losses overall between approximately 52 kW for the ten- and 66 kW
for the six-propeller configuration, again reflecting the trade-off between improved specific
power and reduced efficiency.
Overall, both figures illustrate the fundamental trade-offs between cooling strategy, effi-
ciency, mass, and performance scalability as a function of propeller count. While liquid-
cooled configurations offer higher system-specific power-to-weight ratios and enable lighter
overall system masses, this comes at the cost of slightly lower system efficiencies and
higher absolute system losses. The system power-to-weight ratio increases by 10 – 50 % for
liquid-cooled systems compared to air-cooled systems, resulting in an aircraft-level weight
reduction between 10 kg and 100 kg, depending on propeller count. The efficiency of liquid-
cooled electric propulsion units is 1 – 2.5 % lower than for air-cooled systems, leading to
increased electric propulsion system losses between 10 kW and 27 kW on aircraft level.
To explain this behaviour, a closer look is taken on the mass and loss contributions of the
electric propulsion unit components for the selected propulsion units, as illustrated in Fig-
ure 4.17. Both variants show consistent weight and loss shares for the major components,
with minor deviations.
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Figure 4.17: Mass and loss breakdown for the selected electric propulsion unit design, comparing air- and
liquid-cooled variants, as a function of the number of propellers NProp. Percentage shares are
shown only when the bar segment size permits; as a result, shares below approximately 5 %
may not appear explicitly. The mass breakdown also includes the difference in battery mass
∆mESS due to the efficiency difference of the chosen designs, applied pairwise to the design
with the lower efficiency.

Figure 4.17a presents the mass breakdown for the key propulsion system components,
namely the electric motor (mEM), inverter (mInv), cooling system (mCS), DC cabling
(mCab), and difference in battery mass (∆mESS) due to the efficiency difference of the
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chosen designs for various aircraft architectures with different numbers of propellers NProp.
The figure differentiates between air-cooled and liquid-cooled systems using hatch patterns.
The mass of the electric motor (mEM) dominates across all configurations, consistently
representing the largest fraction of the total system mass, with up to 80 %. Liquid-cooled
variants allow for a reduction of electric motor mass between 3 – 20 kg per unit, while
inverter, cooling system, and DC cabling masses remain fairly constant when comparing
air- and liquid- cooled systems. Still, their relative contribution increases for liquid-cooled
systems. As all liquid-cooled designs have lower efficiencies than the corresponding air-
cooled ones, a penalty battery weight between 0.8 kg and 2.6 kg is added to the liquid-
cooled variants for a fair comparison.
Figure 4.17b illustrates the breakdown of losses in key propulsion system components,
namely the copper and iron losses of the electric motor (QEM,Cu and QEM,Fe), inverter
losses (QInv), as well as the DC cable losses (QCab) for various aircraft architectures with
different numbers of propellers NProp.
Copper losses QEM,Cu not only dominate the total loss share, but also show an increase
both in absolute and relative terms for liquid-cooled variants. Especially for the six- and
eight-propeller configurations, copper losses increase by 2.0 – 2.5 kW, translating to a rel-
ative increase of around 10 – 15 %. On the other hand, iron losses QEM,Fe remain nearly
constant and tend to slightly decrease in absolute terms, while their share reduces by as
much as 40 – 50 %. For the inverter losses QInv, the trends are not as consistent. While for
the six-propeller configuration the absolute amount is nearly constant, and thus the share
reduces by approximately 10 %, the losses nearly double for the other configurations. This
increase is due to the higher electrical frequencies of the machines for these configurations.
As the DC cables are cooled via natural convection, the absolut amount of losses QCab is
constant and their relative share decreases slightly.
Overall, this analysis clearly shows that the main driver of the increase in power density
for liquid-cooled variants, as discussed in Figure 4.15, is attributed to the weight savings
in the electric motor, which outweighs the absolute increase in the masses of the inverter
and cooling system. However, the significant increase in copper losses within the motor is
the primary driver of the system efficiency reduction.
As already discussed, air-cooled variants offer a simpler overall layout compared to liquid-
cooled ones. Therefore, a further important aspect is the mass breakdown of the cooling
system, as shown in Figure 4.18. It shows the individual contributions of the thermal
management system for the electric motor (mTMS,EM) and inverter (mTMS,Inv), as well as
the masses of the pipes (mPipe), the pump (mPump) and heat exchanger (mHX), which are
only relevant for the liquid-cooled configuration.
The mass of the cooling system in the liquid-cooled configuration increases with a higher
number of propellers, which is due to the worse scaling of air-cooled solutions at higher
power levels, as the efficiency of cooling fins is limited, particularly for inverters with re-
stricted fin area and high loss densities. Conversely, the weight offset introduced by the
pump and heat exchanger is more pronounced at lower power levels, i.e., higher propeller
count. The weight of the pipes for variants with a local cooling system is negligible. Fur-
thermore, a clear shift in the mass share allocation can be observed. The mass allocated
to the thermal management system of the electric machine (mTMS,EM) becomes negligible
(less than 2 %) for liquid-cooled variants, as it is reduced to the weight of the fluid within
the cooling channels in the slots. The mass of the inverter thermal management system
(mTMS,Inv) is significantly reduced for the six-propeller configuration but remains roughly
constant for the other configurations due to the weight offset from the liquid and mani-
folds. Overall, the weight of the additional components such as pump and heat exchanger
contributes to around 60 – 80 % of the cooling system mass.
As the liquid-cooled variant with a ten propeller configuration offers the best overall system
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Figure 4.18: Mass breakdown of the cooling system for the selected electric propulsion unit design, compar-
ing air- and liquid-cooled variants, as a function of the number of propellers NProp. Percentage
shares are shown only when the bar segment size permits; as a result, shares below approxi-
mately 5 % may not appear explicitly.

performance so far, a few additional aspects will be considered, especially as the weight
difference is less pronounced than expected. The key trade-off between electrical and ther-
mal limitations will be investigated using stator winding current density Jrms and the
magnet and winding temperatures (Tmag and Twdg) as reference parameters. Figure 4.19
illustrates the behavior of these key trade-offs along the Pareto fronts for a ten propeller
configuration, comparing air- and liquid-cooled variants and their optimal designs.
The behavior of stator slot current density serves as a strong indicator of the corresponding
Pareto front and clearly highlights the trade-off between the electromagnetic and thermal
domains. As shown in Figure 4.19a, more lightweight designs tend to require higher sta-
tor current densities to reduce mass in copper and stator iron. However, this results in
increased losses and subsequently higher operating temperatures. Liquid-cooled configu-
rations enable significantly higher current densities up to 18.6 A mm−2, compared to air-
cooled ones, which are typically limited to around 14.7 A mm−2. Interestingly, the optimal
points identified using the penalty factor method show only a minor deviation of about
2 kg in total system weight, a less pronounced effect than initially anticipated. A closer
look at the thermal behavior (as illustrated in Figures 4.19b and 4.19c) reveals the under-
lying reasons: winding temperatures generally follow the current density trends, peaking
around 160 ◦C in air-cooled and approximately 140 ◦C in liquid-cooled optimal designs,
with observable jumps in the curves linked to discrete changes in pole-slot combinations.
Importantly, some thermal margin remains, especially for the liquid-cooled system, before
reaching the thermal limits defined in Table 4.8. However, magnet temperature emerges
as the critical limiting factor, with both variants operating near the maximum allowable
temperature of 100 ◦C across all Pareto-optimal designs. This constraint is more promi-
nent and variable in air-cooled systems due to fluctuations in achievable air mass flow,
whereas liquid-cooled designs offer greater control. These findings suggest that increasing
the allowable temperature limits, particularly for the magnets, could substantially expand
the feasible design space and enable even more lightweight solutions by supporting higher
current densities.
Before the influence of higher temperature limits within the electric machine is investigated

158



4.5 Comparative Study of Topologies and Variants of Distributed Electric Propulsion Systems

20 25 30 35 40

5

10

15

Mass of electric propulsion
unit mEPU in kg

Sl
ot

cu
rr

en
t

de
ns

ity
J

rm
s

in
A

m
m

−
2

air-cooled
liquid-cooled
optimal designs

20 25 30 35 40

100

120

140

160

Mass of electric propulsion
unit mEPU in kg

W
in

di
ng

te
m

pe
ra

tu
re

T
w

dg
in

◦
C air-cooled

liquid-cooled
optimal designs

(a) Stator current density (b) Stator winding temperature

20 25 30 35 40

75

80

85

90

95

100

Mass of electric propulsion
unit mEPU in kg

M
ag

ne
t

te
m

pe
ra

tu
re

T
m

ag
in

◦
C

air-cooled
liquid-cooled
optimal designs

(c) Magnet temperature

Figure 4.19: Behaviour of key trade-offs between electrical and thermal limitations along Pareto fronts
for a ten propeller configuration, comparing air- and liquid cooled variants and their optimal
designs

in Section 4.5.2, the key findings from the comparison of air- and liquid-cooled variants
are presented. Liquid-cooled electric propulsion systems exhibit significantly higher power-
to-weight ratios (PTWEPU up to 4.5 kW kg−1) and lower electric propulsion system mass
(mEPS reduced by up to 100 kg), particularly benefiting from a significant reduction in
the electric machine’s mass. However, this performance gain comes at the cost of lower
efficiency, with ηEPU decreasing by up to 2.5 % and total losses (QEPS) increasing by up
to 25 kW, primarily due to higher copper losses in the motor. While air-cooled systems
offer simpler integration and higher efficiency, liquid cooling enables better scalability
and lightweight design, particularly advantageous in configurations with more propellers.
Nonetheless, thermal limitations, especially the magnet temperature, remain a critical
factor in determining the optimal design.
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4.5.2 Standard versus Elevated Machine Temperature Limits

Next, the baseline variant is compared with a liquid-cooled system with elevated machine
temperature limits as outlined in Section 4.3.2.2, to investigate whether a performance
gain as discussed in Section 4.5.1 can be achieved.
Figure 4.20 depicts the development of the specific power-to-weight ratio PTWEPU and
the efficiency ηEPU of a single electric propulsion unit as a function of the number of
propellers NProp in the aircraft configuration.
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Figure 4.20: Specific power-to-weight ratio P T WEPU and efficiency ηEPU of electric propulsion unit for
liquid cooled variant with standard and elevated machine temperture limits, as a function of
the number of propellers NProp. Percentage shares are shown only when the bar segment size
permits; as a result, shares below approximately 5 % may not appear explicitly.

For units with elevated machine temperature limits, the power-to-weight ratio varies be-
tween 4.4 kW kg−1 for the six- and eight-propeller and 4.9 kW kg−1 for the ten-propeller
configuration. System efficiency changes between 92.6 % and 93.8 %, with the highest effi-
ciency achieved for the eight-propeller configuration.
Compared to the baseline variant, increasing the allowable machine temperature limits
enables similar or even higher power densities in the electric propulsion unit, particularly
in the ten-propeller configuration, where the power-to-weight ratio increases by approxi-
mately 20 %. However, this gain in power density comes at the cost of reduced efficiency,
with a decrease of around 0.5 % to 1.6 % relative to the baseline. Interestingly, in the eight-
propeller configuration, a lower power density design is favored instead, which results in
a modest efficiency improvement of approximately 0.4 %.
Figure 4.21 expands the analysis to the aircraft system level by presenting the total electric
propulsion system mass mEPS and corresponding losses QEPS. The mass accounts for the
sum of propulsion unit weights and the battery mass offset ∆mESS induced by differences
in system efficiency, evaluated pairwise relative to the less efficient configuration.
For variants with elevated machine temperature limits, the total electric propulsion system
mass decreases notably from 244 kg for the six-propeller to 188 kg for the ten-propeller
configuration. Total electric propulsion system losses vary between 61 kW for the eight-
propeller and 73 kW for the six-propeller configuration.
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Figure 4.21: Mass mEPS and losses QEPS of the electric propulsion system for liquid cooled variant with
standard and elevated machine temperture limits, as a function of the number of propellers
NProp.

Overall, this variant enables further reductions in electric propulsion system mass across
all propeller configurations, with weight savings of up to 22 kg for the ten-propeller case. At
the same time, system-level losses increase by up to 16 kW. While the six- and ten-propeller
configurations follow the previously discussed trade-off between power density and effi-
ciency, the eight-propeller case presents a notable deviation. Here, an electric propulsion
unit with even lower power density than the baseline variant is selected, yet it resultsin a
net system-level benefit. The associated gain in efficiency, and consequently the reduced
battery mass penalty, outweighs the drawbacks of the lower specific power. This again high-
lights the necessity of integrated, physics-based component and system models to identify
optimal configurations that may not emerge from isolated parameter comparisons.
To explain the impact of elevated temperature operation, a detailed breakdown of the
mass and loss contributions of the electric propulsion unit components is shown in Fig-
ure 4.22. As with the cooling variants, both temperature limit variants display consistent
trends across all considered architectures with varying degrees of impact depending on the
number of propellers, except for the previously discussed anomaly of the eight-propeller
configuration.
According to Figure 4.22a, the most significant effect of elevated temperature operation
is observed in the mass of the electric motor mEM, which decreases for the six- and ten-
propeller configurations by 1.0 – 3.0 kg per unit due to relaxed thermal constraints. For
the eight-propeller variant, however, an increase of 0.8 kg is observed. This corresponds
to a relative mass reduction of up to 10 % compared to standard-temperature variants.
Masses of the inverter (mInv), cabling (mCab), and cooling system components (mCS)
remain largely unchanged. Due to the reduction in overall system efficiency, battery mass
penalties of up to 1.3 kg per system are added for the elevated temperature variants to
ensure a fair comparison.
Figure 4.22b shows the corresponding breakdown of losses, highlighting the increase in
copper losses QEM,Cu as the dominant effect. Copper losses rise by up to 1.6 kW, depend-
ing on the propeller count, which corresponds to a relative increase of 15 – 55 %. This is
attributed to both the higher stator current density and the increase in winding resistance
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Figure 4.22: Mass and loss breakdown for the selected electric propulsion unit design, comparing standard
and elevated component temperature limits, as a function of the number of propellers NProp.
Percentage shares are shown only when the bar segment size permits; as a result, shares below
approximately 5 % may not appear explicitly. Battery mass differences ∆mESS are added to
account for system efficiency changes.

at elevated operating temperatures.
Iron losses QEM,Fe, being primarily dependent on frequency and flux density, remain nearly
unchanged. For the ten-propeller configuration, a minor increase of 0.1 kW is observed,
caused by higher electrical frequencies due to increased pole count. This also explains
the corresponding rise in inverter losses QInv by approximately 0.2 kW. Cable losses QCab
remain effectively constant, as neither current levels nor the thermal design constraints
are altered.
Overall, elevated temperature operation enables improvements at the electric propulsion
system level through moderate mass savings in the electric motor. Yet this effect becomes
measurable only for the ten-propeller configuration, while the benefits for the remaining
configurations are marginal.
As the ten-propeller configuration with elevated temperature limits again yields the best
overall performance among the evaluated variants, a more detailed investigation of the
governing design trade-offs is warranted. The same key parameters as in the previous
comparison in Section 4.5.1 are examined. Figure 4.23 illustrates the evolution of these
metrics along the Pareto fronts for the ten-propeller configuration, comparing standard
and elevated temperature limits and their respective optimal designs.
With higher allowable temperature limits, the achievable stator current density Jrms
reaches values up to 30 A mm−2, as shown in Figure 4.23a, enabling even more lightweight
machine designs than in the baseline variant. Whereas the baseline design was clearly
limited by the magnet temperature rather than the winding temperature, Figures 4.23b
and 4.23c illustrate much improved thermal balancing in the elevated temperature case.
The optimal design reaches a winding temperature Twdg of approximately 190 ◦C and a
magnet temperature Tmag of about 140 ◦C, both remaining roughly 10 K below the allow-
able limits defined in Table 4.11. While the winding temperature shows a roughly linear
increase with decreasing mass, the magnet temperature remains relatively constant on
average. However, both curves show significantly more fluctuation than in the baseline.
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Figure 4.23: Behavior of key trade-offs between electrical and thermal limitations along Pareto fronts for
the ten-propeller configuration, comparing standard and elevated component temperature
limits.

In summary, elevated temperature operation offers tangible benefits for designs pushing
thermal boundaries, primarily through higher Jrms and more compact motor geometries.
Nevertheless, the extent of improvement remains configuration-dependent. While a notable
mass reduction was achieved for the ten-propeller setup, other configurations exhibited
limited or negligible gains.
In conclusion, the investigation of elevated temperature limits in liquid-cooled electric
propulsion systems demonstrates advantages, particularly for the ten-propeller configura-
tion. Elevated temperature operation facilitates higher power densities, reflected in an in-
creased power-to-weight ratio PTWEPU by approximately 20 %, and enables more compact
motor designs. However, these benefits come at the cost of a slight reduction in efficiency,
with ηEPU decreasing by up to 1.6 %. Additionally, the mass of the electric propulsion
system mEPS decreases notably in configurations with more propellers, offering potential
weight savings of up to 20 kg, while total losses QEPS increase by up to 16 kW. The find-
ings highlight the importance of balancing power density and efficiency for optimal system
performance. Furthermore, the trade-offs vary significantly with different configurations,
underlining the need for a detailed, physics-based approach to design optimization.
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4.5.3 Local versus Central Cooling System

Another important design consideration is the layout of the cooling system. Therefore,
the variant with a local cooling system from Section 4.3.2.2 is compared to an otherwise
identical configuration using a central cooling system, as outlined in Section 4.3.2.3. This
comparison investigates whether cooling system components, such as the pump and heat
exchanger, scale favorably at the electric propulsion system level when centralized.
Figure 4.24 shows the specific power-to-weight ratio PTWEPU and the efficiency ηEPU of
a single electric propulsion unit as a function of the number of propellers NProp in the
aircraft configuration.
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Figure 4.24: Specific power-to-weight ratio P T WEPU and efficiency ηEPU of electric propulsion unit for
liquid cooled variants with local and central cooling system, as a function of the number of
propellers NProp.

For variants with a local cooling system, the power-to-weight ratio ranges from 4.1 kW kg−1

for the six- and eight-propeller configurations to 4.5 kW kg−1 for the ten-propeller config-
uration. The corresponding efficiency varies between 92.9 % and 93.8 %, with the maxi-
mum efficiency observed in the eight-propeller configuration. Compared to the local cool-
ing system variant, centralization results in a consistent reduction in power density of
0.3 – 0.4 kW kg−1, while efficiency remains largely unaffected, varying by only 0.3 %.
Figure 4.25 extends the analysis to the system level by presenting the total electric propul-
sion system mass mEPS and the corresponding total losses QEPS. For fair comparison, the
mass of centralized cooling components, i.e., pump and heat exchanger, is distributed as
a per-unit equivalent.
While the system mass for central cooling still decreases from 258 kg for the six- to 190 kg
ten-propeller configuration, it remains higher by about 10 kg to 20 kg compared to the
local cooling system variant. Total system losses are largely similar, with variations of
only up to 4 kW.
These results indicate that, at the electric propulsion system level, central cooling offers
no benefit in terms of weight or loss reduction. Moreover, this does not account for ad-
ditional disadvantages such as increased failure propagation potential, reduced reliability,
or performance sensitivity to operating conditions. The data also suggest that the pri-
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Figure 4.25: Mass mEPS and losses QEPS of the electric propulsion system for liquid cooled variants with
local and central cooling system, as a function of the number of propellers NProp.

mary differences between both variants lie in the cooling system design, rather than in the
electrical components themselves.
This is confirmed in Figure 4.26, which provides a detailed breakdown of mass and loss
contributions for the propulsion unit components.
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Figure 4.26: Mass and loss breakdown for the selected electric propulsion unit design, comparing liquid
cooled variants with local and central cooling system, as a function of the number of propellers
NProp. Percentage shares are shown only when the bar segment size permits; as a result, shares
below approximately 5 % may not appear explicitly. Battery mass differences ∆mESS are added
to account for system efficiency changes.
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As shown in Figure 4.26a, component masses for the electric machine, inverter, and DC
cabling remain unchanged. Battery mass penalties are also negligible due to the nearly
identical efficiency levels. The dominant factor contributing to the higher mass in the
central cooling variant is the cooling system itself, which adds between 1.0 and 3.8 kg, cor-
responding to a relative increase of 40 % to 110 %. In the six-propeller case, the even higher
proportional increase in cooling system mass results from the selection of a lighter but less
efficient inverter, chosen to globally minimize propulsion system mass, as illustrated in
Figure 4.26b. All other loss contributions remain unchanged.
To conclude the analysis of the centrally cooled variant, the mass breakdown of the cooling
system is analyzed in Figure 4.27 to identify the main driver of the weight increase.
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Figure 4.27: Mass breakdown of the cooling system for the selected electric propulsion unit design, compar-
ing liquid cooled variants with local and central cooling system, as a function of the number
of propellers NProp. Percentage shares are shown only when the bar segment size permits; as
a result, shares below approximately 5 % may not appear explicitly.

It clearly shows that the mass increase of the central cooling system variant is primarily
driven by the additional length of piping required to connect all cooling loops of the electric
propulsion units with the central thermal management system, accounting for 40 – 50 % of
the total cooling system mass. The effect decreases with higher number of propulsion units
as the average piping length decreases as outlined in Section 4.2. In contrast, this share is
negligible for the local cooling system variant. While the heat exchanger and the pump still
contribute considerable mass fractions in both variants as anticipated in Section 4.3.2.3,
both see a reduced share in the centralized setup, indicating economies of scale from using
fewer, larger units.
In conclusion, central cooling systems offer no performance benefits in terms of efficiency
or thermal losses, yet introduce significant mass penalties of up to 20 kg, primarily due to
the additional piping required to interconnect the propulsion units. This added mass leads
to a reduction in power-to-weight ratio PTWEPU of up to 0.4 kW kg−1, while efficiency dif-
ferences remain negligible, below 0.3 %. Furthermore, central cooling systems may require
at least two parallel flow paths to ensure redundancy in case of failure, further favoring
local cooling architectures. Additional challenges, such as higher required pressure heads
during flight maneuvers, were not considered in this analysis but would likely amplify the
disadvantages of a centralized setup.
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4.5.4 Direct versus Geared Drive

This section compares the performance of direct drive electric propulsion units with two
geared drive variants: a single-stage gearbox represented by a gear ratio iGB of five, and
a two-stage gearbox with a gear ratio of twelve. The objective is to evaluate whether me-
chanical gearing can offer system-level advantages in terms of mass and efficiency. Since
propulsion system efficiency influences energy storage requirements, each geared config-
uration is individually compared to an otherwise identical direct drive setup, ensuring
consistent battery mass accounting.

4.5.4.1 Single-Stage Gearbox

Incorporating a single-stage gearbox allows the electric machine to operate at higher ro-
tational speeds and lower torque levels, enabling the use of smaller, lighter machines with
increased specific power. Figure 4.28 shows the specific power-to-weight ratio PTWEPU
and the efficiency ηEPU of a single electric propulsion unit as a function of the number of
propellers NProp in the aircraft configuration.
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Figure 4.28: Specific power-to-weight ratio P T WEPU and efficiency ηEPU of the electric propulsion unit for
direct and single-stage geared drive variants, as a function of the number of propellers NProp.

Notably, the optimal design point for each aircraft configuration differs from the expec-
tations discussed in Section 4.3.2.4. The power-to-weight ratio of the electric propulsion
unit decreases by 0.1 to 0.7 kW kg−1 for the six- and ten-propeller configurations, and
only slightly increases by 0.1 kW kg−1 for the eight-propeller configuration compared to
the direct drive variant. Meanwhile, efficiency improves by 0.1 % to 1.7 %.
This directly affects the system-level behavior, as shown in Figure 4.29, which presents
the total electric propulsion system mass mEPS and the corresponding total losses QEPS.
Changes in power-to-weight ratio, combined with improved efficiency at the optimal design
points, lead to a slight reduction in electric propulsion system mass of up to 5 kg when
accounting for battery penalty mass in the eight-propeller configurations, while the six-
propeller configuration is weight-neutral. For the ten-propeller configuration, however,
the reduction in losses of around 17 kW is not sufficient to compensate for the decreased
PTWEPU, resulting in a 15 kg increase in system mass.
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Figure 4.29: Mass mEPS and losses QEPS of the electric propulsion system for direct and single-stage geared
drive variants, as a function of the number of propellers NProp.

A more detailed analysis is provided in Figure 4.30, which shows the breakdown of mass
and losses among the propulsion unit components.
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Figure 4.30: Mass and loss breakdown for the selected electric propulsion unit design for direct and single-
stage geared drive variants, as a function of the number of propellers NProp. Percentage shares
are shown only when the bar segment size permits; as a result, shares below approximately
5 % may not appear explicitly. Battery mass differences ∆mESS account for system efficiency
changes.

As shown in Figure 4.30a, the primary mass change is caused by a significant relative
reduction in electric machine mass of up to 45 %, alongside the introduction of the gearbox,
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which accounts for approximately 20 – 30 % of the unit mass. This reduction results from
the lower torque requirement due to the gear ratio, which reduces the amount of copper and
iron needed in the machine. Consequently, as shown in Figure 4.30b, copper losses decrease
by up to 55 %, while iron losses increase in both absolute and relative terms. Gearbox losses
contribute roughly 15 % to total losses. Since overall power demands remain unchanged,
the inverter and DC cabling masses and losses stay constant. Cooling system mass varies
slightly due to minor efficiency differences.
To highlight key changes in governing design parameters, a closer examination is made of
the ten-propeller configuration, as shown in Figure 4.31.
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Figure 4.31: Behavior of key trade-offs between electrical and thermal limitations along Pareto fronts for
the ten-propeller configuration, comparing direct and single-stage geared drive variants.

Compared to direct drives, the stator slot current density of geared variants is clearly lim-
ited to much lower values (up to 17 A mm−2), as shown in Figure 4.31a, while the winding
temperature behavior remains similar between both variants, as shown in Figure 4.31b.
This difference arises because geared variants are significantly more compact, which re-
sults in higher loss densities within the machine volume. As a result, the electric machine
becomes harder to cool, limiting the achievable current densities. This effect is especially
evident in high-speed drives and constrains the maximum power densities. It also influ-
ences the shape of Pareto-optimal designs. Figure 4.31c shows that for geared variants,
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the ratio of copper to iron losses is significantly lower, which aligns with the breakdown
presented in Figure 4.30b. The observed jumps in the curve are due to changes in pole-slot
combinations.

4.5.4.2 Two-Stage Gearbox

For the two-stage gearbox variant, the mass and loss breakdown of the optimal design
points in Figure 4.32 shows that both gearbox mass and losses increase further compared
to the single-stage configuration. However, the corresponding mass reduction of the electric
machine enabled by the lower torque requirement is less pronounced. Additionally, system
losses increase slightly across all configurations, with a particularly notable rise in the
eight-propeller setup. This stems primarily from the electric machine design, which, unlike
in other configurations, is unable to achieve the same degree of loss reduction.
At the electric propulsion system level, this leads to a net mass increase of 20 kg to 65 kg
for the eight- and ten-propeller configurations compared to their direct drive counterparts,
while the six-propeller configuration remains roughly equivalent. These results clearly il-
lustrate that at higher rotational speeds, structural limitations such as the need for thicker
magnet retention sleeves and larger air gaps, begin to dominate the design trade-offs and
negatively impact performance.
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Figure 4.32: Mass and loss breakdown for the selected electric propulsion unit design for direct and two-
stage geared drive variants, as a function of the number of propellers NProp. Percentage shares
are shown only when the bar segment size permits; as a result, shares below approximately
5 % may not appear explicitly. Battery mass differences ∆mESS account for system efficiency
changes.

In conclusion, integrating a gearbox into a liquid-cooled electric propulsion system does
not yield the anticipated gains in power-to-weight ratio. While minor mass savings of
up to 5 kg can be achieved in certain configurations using a single-stage gearbox, these
come with only modest efficiency improvements. For two-stage gearboxes, these effects
are even reversed in some cases. Overall, the benefits are marginal and do not outweigh
the associated downsides, such as increased engineering effort, greater failure propagation
potential, and general reliability concerns. In the ten-propeller configuration, for example,
the drop in power-to-weight ratio leads to a net increase in system mass despite reduced
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losses.
Given the limited advantages and added complexity, the single-stage geared architecture
is already less compelling than its direct-drive counterpart. When considering two-stage
gearboxes, this conclusion becomes even clearer. Overall, the direct-driven ten-propeller
configuration continues to be the most effective solution across all evaluated metrics.

4.5.5 Summary of Comparative Results

The preceding analysis compared multiple electric propulsion system architectures, as de-
scribed in Section 4.3, with respect to their overall performance at the aircraft level. This
comparison includes various cooling architectures, thermal limitations, and geared vari-
ants. To maintain a focus on architectural impacts, Figure 4.33 shows the mass of the
electric propulsion system including only the relative battery mass differences resulting
from efficiency losses, referenced against the air-cooled variant. This enables a fair com-
parison between architectures without obscuring architectural differences.
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Figure 4.33: Comparison of the mass mEPS of the electric propulsion system for all investigated variants,
as a function of the number of propellers NProp. A battery penalty weight based on efficiency
differences (relative to the air-cooled variant) is included. Absolute battery mass is excluded
to focus the comparison on architectural impacts.

While the absolute battery mass clearly dominates the overall electric propulsion system
mass mEPS, architectural differences still lead to variations of up to 130 kg, correspond-
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ing to approximately 10 – 15 % of the total system weight in some configurations. Even
seemingly small savings can improve performance, reduce cooling complexity, integration
effort, and system cost, thus remaining highly relevant for aircraft-level optimization.
Key findings include:

- The liquid-cooled, direct drive configuration with elevated machine temperature lim-
its and a local cooling system consistently outperformed all other variants in terms
of overall electric propulsion system mass, particularly in the ten-propeller config-
uration. The ability to operate at higher temperatures allowed for a reduction in
machine size, which in turn reduced system-level mass without compromising ther-
mal safety.

- Air-cooled variants, while simpler and requiring less complex cooling systems, showed
significant limitations in thermal management. These systems necessitated larger
electric machines and inverters to meet performance goals, as they were unable to
efficiently dissipate heat. As a result, they exhibited higher system masses, despite
demonstrating higher efficiency in some cases.

- For liquid-cooled, direct drive variants, local cooling systems outperformed central
cooling systems. The additional complexity and mass introduced by the pipescom-
pletely outweighed the advantages of lighter heat exchangers and pumps, further
complicating concerns related to safety and reliability.

- The use of a gearbox allowed the electric machine to operate at higher speeds and
lower torque levels, reducing the size of the machine and leading to comparable
electric propulsion system weights to the direct drive variants. However, this benefit
was minimal and was offset by the added complexity introduced by the gearbox,
making the direct drive configuration the more attractive option in most cases.

Considering these findings, the liquid-cooled direct drive variant with elevated temperature
limits and a local cooling system, particularly in the ten-propeller configuration, emerges
as the most effective solution across all evaluated metrics. As outlined in Section 4.2,
Joby’s statement regarding the mass of a single electric propulsion unit lacks clarity,
complicating direct comparison. Assuming that only the electric machine and inverter are
included in their figure, the proposed design for the original six-propeller configuration
has an estimated mass of approximately 200 kg, which is 30 kg more than Joby’s reported
value. For the eight- and ten-propeller configurations, the accumulated mass per unit is
reduced to about 165 kg and 140 kg, respectively, corresponding to a reduction of 5 kg to
20 kg compared to Joby’s figure. Given the uncertainties in Joby’s reported figures and the
inclusion of additional subsystems in the proposed design, the resulting propulsion unit
masses can be considered well-aligned with realistic expectations for such systems.

4.6 Design Proposal
Among all investigated options, the liquid-cooled direct drive variant with elevated ma-
chine temperature limits and a local cooling system in the ten propeller configuration, as
introduced in Section 4.3.2.2, proved to be the most effective solution overall, as demon-
strated in Section 4.5. This configuration has therefore been selected for further detailed
analysis.
The proposed electric propulsion system includes the electric machine, inverter, power
cables, and the liquid cooling system. Numerical simulations have been carried out for
the electric machine, capturing its electromagnetic, thermal, and structural behavior, as
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well as for the inverter, considering its electro-thermal performance. These two components
represent the most performance-sensitive parts of the system and were therefore prioritized
for high-fidelity modeling. The detailed analysis can be found in Chapter B.
For the remaining subsystems, namely the power cables and the cooling infrastructure, no
finite element or computational fluid dynamics simulations were conducted. Instead, these
components are modeled using well-established analytical methods from electrical and
thermal engineering literature, outlined in detail in Sections 2.4 and 2.5. This approach is
justified by the high maturity and predictable behavior of these relatively simple compo-
nents, which are typically designed using standardized calculation procedures or taken as
components off the shelf, for example, the pump. Although this reduces the fidelity of the
integrated model to some extent, it still provides a sufficiently accurate representation of
system-level characteristics for comparative and preliminary design purposes.
The parameterization of the electric machine, inverter, power cables, and the cooling
system, along with their key performance metrics, is presented in the following sections,
providing justification for the selected parameter values.
Table 4.17 shows the parameterization of the electric machine for the selected system
design proposal of a ten-propeller configuration, including the design bounds and the final
optimal values used in the design.

Table 4.17: Parameterization of the electric machine for the selected system design proposal of a ten-
propeller configuration, including design bounds and the final optimal values used in the design.

Parameter Symbol Design Space Unit
min optimal max

Shaft length Lstk 25 25.19 100 mm
Shaft inner radius rsh,i 100 202.22 250 mm
Rotor yoke thickness try 3 3.01 10 mm
Magnet thickness tmag 2 5.06 15 mm
Airgap thickness gmec 1 1.00 4 mm
Tooth tip edge thickness ttt,e 1 1.02 3 mm
Relative tooth tip edge width βtt,e 0.5 0.81 0.85 -
Tooth tip center thickness ttt,c 1 1.02 3 mm
Relative tooth tip center width βtt,c 0.5 0.48 0.85 -
Slot depth tsd 5 10.87 60 mm
Stator yoke thickness tsy 3 3.25 15 mm
Pole pair number p 30 42 70 -
Slot number Qs 45 108 210 -
Parallel winding paths npar,wdg 1 12 70 -
Winding turns Nt,wdg 1 30 100 -
Wire insulation thickness twire,ins 10 17.96 200 µm
Slot insulation thickness tslot,ins 50 190.30 500 µm
Phase insulation width ratio βph,ins 0.001 0.05 0.5 -
q-axis current magnitude Îq 250 390.44 1300 A
Coolant mass flow rate ṁEM 0.01 0.035 1 kg s−1

This parameter set results from a multi-objective optimization process that balances the
electric propulsion system mass against electrical losses, and the selected design is based
on the penalty factor method. As such, there is no simple, isolated rationale for the specific
values chosen. Instead, the parameterization must be interpreted within the broader system
context and the governing trade-offs of the design space.
To achieve high power density in a direct drive electric machine, pancake-like topologies
are preferred. A high pole count increases the electrical frequency, enabling a thinner
stator yoke and more compact core geometry. Additionally, a high slot number improves
the quality of the back-EMF waveform and reduces harmonic content. However, further
increases in these key parameters are limited by the resulting rise in electrical frequency,
which leads to higher iron and inverter losses, as well as by geometrical and electromagnetic
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constraints. The resulting dimensions of the magnets, teeth, and slots already approach
the manufacturing limits defined in Table 4.8, while both the stator yoke thickness and
stack length are at the lower bounds of the design space. As a result, further increases in
the radial dimension do not yield additional improvements in power density. The relative
width of the tooth balances the available space for both the teeth and the slot.
The magnet and airgap thicknesses are also critical to this balance. Thicker magnets im-
prove flux density and reduce the risk of demagnetization, supporting higher torque output
and efficiency, but at the cost of increased material use and rotor inertia. The selected mag-
net thickness represents a trade-off between magnetic performance and mass. The airgap
thickness, meanwhile, strongly affects magnetic coupling and power factor. A smaller air-
gap enhances flux linkage, which not only increases torque density but also improves the
power factor by reducing the share of reactive current in the machine. Nevertheless, the
airgap cannot be minimized indefinitely due to mechanical tolerances, manufacturing pre-
cision, and rotor dynamic stability. Consequently, both magnet and airgap dimensions are
selected near the lower feasible bounds to maximize performance without compromising
robustness.
The winding configuration is driven by the objective to minimize copper losses while en-
suring compatibility with the inverter and slot geometry. The highest feasible number of
parallel winding paths is selected for this machine design, which reduces the current per
conductor and thus significantly lowers copper losses. At the same time, a high number of
turns per phase is chosen to increase the induced voltage, improving the inverter’s modu-
lation index and enabling more efficient use of the DC link voltage. This elevated voltage
level allows the required shaft output power to be achieved with lower current, further
reducing ohmic losses. However, the increased number of turns reduces the available slot
area for active copper due to longer conductor lengths and additional insulation require-
ments. While the thicknesses of wire and slot insulation are defined by voltage safety
margins to prevent electrical breakdown, their cumulative effect, combined with the high
turn count, reduces the copper fill factor. This constraint increases current density, which
partially offsets the gains in efficiency. The resulting winding design reflects an optimized
trade-off between electromagnetic performance, thermal behavior, and electrical insulation
requirements.
Table 4.18 summarizes the key performance characteristics of the electric machine design
resulting from the parameterization detailed in Table 4.17.

Table 4.18: Performance characteristics of the electric machine for the selected system design proposal of
a ten-propeller configuration.

Parameter Symbol Value Unit

Machine diameter dEM 471 mm
Machine length lEM 65 mm
Shaft speed nEM 2000 min−1

Output continuous torque Tcont,EM 405.98 N m
Output continuous power Pcont,EM 85.03 kW
Peak back-EMF (phase) êph 146.20 V
d-axis inductance Ld 47.66 µH
q-axis inductance Lq 47.66 µH
Power factor cos ϕ 0.68 -
Flux density in stator tooth Bst,max 1.94 T
Flux density in stator yoke Bsy,max 1.91 T
Iron losses QEM,Fe 592.56 W
Copper winding losses QEM,Cu 4514.92 W
Magnet temperature Tmag 139.84 ◦C
Winding average temperature Twdg,avg 175.36 ◦C
Winding max. temperature Twdg,max 192.62 ◦C
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The resulting electric machine achieves the required output power and torque at the de-
fined shaft speed, confirming the feasibility of the proposed direct drive configuration.
Furthermore, all other constraints set in Tables 4.8 and 4.11 are respected. The power
factor is optimized within the limits imposed by the short-circuit current ratio, balancing
efficient inverter utilization and system stability.
The peak flux densities in both the stator teeth and yoke are close to the material satu-
ration limits, ensuring effective use of the magnetic material without excessive core loss.
Copper and iron losses remain within acceptable ranges for thermal management and
overall efficiency. The magnet temperature is well below the demagnetization threshold,
while both the average and peak temperatures of the windings remain below the maxi-
mum insulation class limits, indicating that the liquid cooling system is adequately sized
to maintain safe operating conditions under continuous load.
Next, the inverter is discussed in more detail. Table 4.19 presents the parameterization of
the DC-AC inverter for the selected system design proposal with a ten-propeller configu-
ration, including the design bounds and the final optimal values used in the design.

Table 4.19: Parameterization of the DC-AC inverter for the selected system design proposal of a ten-
propeller configuration, including design bounds and the final optimal values used in the design.

Parameter Symbol Design Space Unit
min optimal max

Switching frequency ratio mc,sw 8 10 50 -
Semiconductor module index iSC 0 3 (Semikron

SK200MB120CR03TE2)
6 -

Number of parallel semiconductors nSC,p 1 2 5 -
Gate driver module index iGD 0 2 (Semikron SKYPER

42 R)
4 -

DC Link capacitor module index iDCCap 0 289 (Vishay
MKP1848H62070+P*)

344 -

Number of capacitors in series nDCCap,s 1 1 3 -
Number of capacitors in parallel nDCCap,p 1 10 15 -
Input bus bar conductor thickness tBB,in,cond 0.2 0.41 5 mm
Input bus bar insulation thickness tBB,in,ins 0.05 0.32 2 mm
Output bus bar conductor thickness tBB,out,cond 0.2 1.97 5 mm
Output bus bar insulation thickness tBB,out,ins 0.05 0.28 2 mm
Number of fins on heatsink NFin 1 97 200 -
Fin width ratio βFin 0.01 0.29 0.99 -
Fin height hfin 1 1.00 30 mm
Coolant mass flow rate ṁInv 0.01 0.015 1 kg s−1

The inverter employs two Semikron SK200MB120CR03TE2 silicon-carbide modules in
parallel, along with the matching SKYPER 42 R gate driver, to carry the current required
to achieve the specified output power. The DC-Link capacitor is formed by a bank of
ten parallelized Vishay MKP1848H62070+P* polypropylene film capacitors. The busbar
dimensions are chosen primarily based on current and voltage ratings to avoid excessive
heating and ensure insulation integrity. The selected heatsink configuration maximizes the
available surface area to allow for efficient thermal dissipation.
Table 4.20 summarizes the key performance characteristics of the DC-AC inverter resulting
from the parameterization shown in Table 4.19.
As shown, the inverter delivers approximately 91 kV A to meet the power demand of the
electric machine, while the DC-link capacitor maintains a voltage ripple well below the
limits specified in Table 4.8, while operating at a moderate switching frequency of 14 kHz
for SiC modules. The gate driver and capacitor losses are minor contributors to the overall
heat generation, with the primary losses originating in the transistors due to the high
output current. The transistor and diode junction operating temperatures are also well
below the temperature limits specified in Table 4.8.
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Table 4.20: Performance characteristics of the DC-AC inverter for the selected system design proposal of
a ten-propeller configuration. Includes absolute and relative comparison between analytical
model predictions and numerical simulation results.

Parameter Symbol Unit Value

Inverter dimensions (L x W x H) - 250 x 250 x 100 mm
DC Link voltage range VDC 540 – 900 V
Output line-line voltage V̂AC,LL 274 V
Output line current ÎAC,LL 395 A
Output line current ÎAC,LL 91 kV A
Switching frequency fsw 14 kHz
DC Link voltage ripple ∆VCap,rel 0.04 -
Transistor conduction losses Qcon,T 80.75 W
Transistor switch-on losses Qsw,on,T 10.04 W
Transistor switch-off losses Qsw,off,T 6.84 W
Diode conduction losses Qcon,D 26.59 W
Diode switch-off losses Qsw,off,D 8.08 W
Total semiconductor losses QSC 1587.55 W
Transistor junction temperature Tj,T 139.89 ◦C
Diode junction temperature Tj,D 139.89 ◦C

Now, the cooling system consisting of the heat exchanger, fluid pipes, and the pump is
presented. Table 4.21 shows the parameterization of the system.

Table 4.21: Parameterization of the cooling system for the selected system design proposal of a ten-propeller
configuration, including design bounds and the final optimal values used in the design.

Parameter Symbol Design Space Unit
min optimal max

H
ea

t
E

xc
ha

ng
er

Number of passages NP 2 10 70 -
Flow path length hot side LFP,h 10 256.06 400 mm
Number of fins per pitch on hot side Nfp,h 2 39 150 -
Number of offset fins on hot side Noff,h 2 128 150 -
Fin height on hot side bFin,h 1 1.012 50 mm
Fin thickness ratio on hot side βFin,h 0.01 0.334 0.99 -
Flow path length cold side LFP,c 10 23.56 400 mm
Number of fins per pitch on cold side Nfp,c 2 102 150 -
Number of offset fins on cold side Noff,c 2 11 150 -
Fin height on cold side bFin,c 1 19.39 50 mm
Fin thickness ratio on cold side βFin,c 0.01 0.334 0.99 -
Air duct inlet opening rin 5 117.59 300 mm
Air duct inlet length lin 50 54.22 300 mm
Air duct outlet opening rout 5 159.25 300 mm
Air duct outlet length lout 50 56.54 300 mm

Pipe inner radius rpipe 1 2.03 15 mm
wall thickness tpipe 0.5 0.86 2 mm

The parameters of the heat exchanger are selected to minimize the overall weight of the
cooling system while ensuring sufficient thermal performance to dissipate the combined
losses of the electric machine and the inverter to the ambient. On the cold air side, the flow
path is relatively short, with air channels of approximately 2 mm by 20 mm cross-section,
ensuring that the pressure drop remains within the available pressure budget. On the
hot, liquid side, the flow path is roughly ten times longer, and the channel cross-section
is significantly smaller, around 0.4 mm by 1.0 mm, to maximize the heat transfer surface
area. The pipe dimensions are chosen to support the required fluid mass flow without
introducing risks of water hammer or structural issues.
Table 4.22 summarizes the key performance characteristics of the cooling system.
The heat exchanger is highly compact while still capable of effectively dissipating system
losses to the environment. The resulting temperature rise of the cold air remains moderate,
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Table 4.22: Performance characteristics of the cooling system for the selected system design proposal of
a ten-propeller configuration. Includes absolute and relative comparison between analytical
model predictions and numerical simulation results.

Parameter Symbol Value Unit

H
ea
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E

xc
ha

ng
er

Dimensions (L x W x H) - 256 x 25 x 235 mm
Heat dissipation capacity QHX 7000 W
Number of transfer units NT U 1.59 -
Effectiveness εHX 0.75 -
Thermal conductance U A 150.75 W K−1

Temperature increase on cold side ∆Tc 14.47 K
Temperature decrease on hot side ∆Th 74.21 K
Pressure loss on cold side ∆pc 128.90 Pa
Pressure loss on hot side ∆ph 21.78 kPa

Pump
Volumetric flow V̇Pump 4.78 L min−1

Pressure head HPump 73.60 kPa

and the pressure drop on the liquid side is kept low. The selected pump is capable of
delivering the total required fluid flow and compensating for the pressure losses across the
entire system. A suitable aerospace-grade electric pump that can meet these performance
targets within the defined weight budget would be, for instance, a Cascon Series-100 pump.
Finally, the parameterization of the DC cable is presented in Table 4.23, and its corre-
sponding performance metrics are summarized in Table 4.24.

Table 4.23: Parameterization of the DC cable for the selected system design proposal of a ten-propeller
configuration, including design bounds and the final optimal values used in the design.

Parameter Symbol Design Space Unit
min optimal max

conductor radius rcond 0.25 3.33 10 mm
insulation thickness tins 0.5 0.50 5 mm

Table 4.24: Performance characteristics of the DC cable for the selected system design proposal of a ten-
propeller configuration. Includes absolute and relative comparison between analytical model
predictions and numerical simulation results.

Parameter Symbol Value Unit

DC voltage range VDC 540 – 900 V
Ampacity IDC 175 A

To transport the current required to deliver the necessary output shaft power for propeller
operation while staying within the thermal limitations specified in Table 4.8, a cable with a
cross-sectional area of approximately 35 mm2 is required. An example of a suitable solution
is the Glenair Turboflex 961-151, size AWG 4.
In summary, the proposed design successfully integrates high-performance subsystems to
deliver an optimized propulsion system for the aircraft and its mission, as specified in Sec-
tion 4.1. For the most critical subsystems, the numerical verification shows good agreement
(see Chapter B), thereby demonstrating the effectiveness of the analytical models.

4.7 Short Summary
This chapter presented a comprehensive methodology for the drive train optimization
of an all-electric vertical take-off and landing aircraft. Beginning with the definition of
the reference aircraft and mission, a detailed performance point analysis was conducted
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to determine the electrical power unit requirements for various flight conditions. Based
on these requirements, several all-electric propulsion system architectures were developed
for a range of propeller configurations, starting from a baseline configuration featuring a
liquid-cooled electric machine and inverter with a local cooling system. Additional system
variants were introduced as alternatives to the baseline configuration, including air-cooled
options, designs with elevated temperature limits, centralized cooling systems, and geared
drive concepts.
A multi-criteria optimization approach was applied to each variant, aiming to minimize
both the overall weight and the losses of the electric propulsion units. To enable consistent
comparison across architectures and propeller configurations, a penalty factor method was
introduced to account for efficiency losses and drag penalties.
The chapter also included a detailed comparative study of the propulsion system variants,
evaluating trade-offs between cooling methods, thermal limits, cooling system architec-
tures, and mechanical configurations such as direct versus geared drive.
Based on the insights gained from this analysis, the liquid-cooled direct-drive variant with
elevated machine temperature limits and a local cooling system in the ten-propeller con-
figuration was identified as the most effective overall solution. Consequently, a design pro-
posal was presented that demonstrates a well-integrated and optimized propulsion system
tailored to the specific demands of an electric vertical take-off and landing aircraft.
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5 Summary, Conclusion and
Outlook

Despite ongoing improvements in the efficiency of conventional gas turbine engines, the
continuous growth of global air travel has led to a steady increase in absolute CO2 emissions
from civil aviation. In light of this, the development of cleaner alternatives has become an
urgent priority. One particularly promising path is the use of electric propulsion systems,
especially given recent advancements in battery cell power and energy density, alongside
broader trends in the electrification of aircraft systems.
Historically, the development of airframes and propulsion systems has been carried out
somewhat independently, with limited cross-disciplinary integration in the early design
phases. However, the challenges associated with electric aviation, particularly the strict
mass constraints and their impact on operational and economic feasibility, require a more
integrated and system-level approach.
In the early stages of electric aircraft development, many airframers relied heavily on
simplified metrics such as component power-to-weight ratios or standalone subsystem ef-
ficiencies to assess and compare potential propulsion solutions. While these metrics offer
initial guidance, there is growing consensus that they are insufficient to capture the com-
plex interactions between components and their influence on overall aircraft performance.
To address this, a modular, physics-based framework has been created in the scope of this
thesis to bridge the gap between generic metrics and detailed 3D, numerically evaluated
designs. It allows for the evaluation and sizing of electric propulsion architectures based
on consistent and realistic physical models of individual components, combining relevant
disciplines and being coupled to describe a full system. While the models remain largely
analytical in nature to support fast execution and early-stage design space exploration,
they go significantly beyond empirical or black-box approaches by capturing key behaviors
and constraints of electric drivetrains at a meaningful level of detail, offering both a much
more realistic picture and a meaningful starting point for more detailed design activities.
A set of models, including key subsystems such as electric machines, power electron-
ics, gearboxes, cables, cooling systems (including heat sinks, heat exchangers, pipes, and
pumps), and battery packs has been subsequently developed in Chapter 2 according to
the approach described above. This chapter provides a solid foundation for the subsequent
exploration of system-level integration and design space optimization.
After that, various optimization algorithms have been tested on a simple component of the
electric propulsion system, i.e., a DC cable, in Chapter 3 to determine their suitability and
effectiveness in the context of the modular framework developed in the thesis, before apply-
ing them to more complex architectures. Among the algorithms tested, NSGA-II emerged
as the most effective choice. This algorithm provides good convergence, well-spaced Pareto
fronts in the objective space, and can handle both real and discrete parameters, as well as
a large set of constraints.
In Chapter 4, the framework was applied to optimize the electric propulsion system of
an electric vertical take-off and landing vehicle, similar to Joby’s S4 aircraft. The process
began by defining the reference aircraft and mission, followed by a performance point
analysis to determine the electrical power unit requirements for various flight conditions.
Several propulsion system architectures were developed, starting with a baseline configu-
ration featuring a liquid-cooled electric machine and inverter with a local cooling system.
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Additional variants included air-cooled options, designs with elevated temperature lim-
its, centralized cooling systems, and geared drive concepts. A multi-criteria optimization
approach was applied to minimize both weight and losses of the propulsion units, incor-
porating a penalty factor method to account for efficiency losses and drag penalties.
A comparative study of the propulsion system variants was conducted, evaluating trade-
offs between cooling methods, thermal limits, and mechanical configurations. The liquid-
cooled direct-drive variant with elevated temperature limits and a local cooling system in
the ten-propeller configuration emerged as the most effective solution, leading to a design
proposal tailored to the aircraft’s specific demands.
The key conclusions of this thesis are as follows:

1. Holistic Physics-Based Framework Bridges Gap Between Conceptual and
Detailed Design Phases: This thesis presents a novel modular framework that
advances electric propulsion system design by embedding physics-based principles
directly into early-stage evaluation processes. Unlike conventional approaches that
compromise between simplified empirical correlations and resource-intensive detailed
simulations, this framework strategically implements first-principles modeling with
targeted fidelity to capture critical thermal-electrical interdependencies, mechani-
cal constraints, and component interactions without finite element overhead. By
explicitly modeling how component-level decisions propagate through the entire sys-
tem, the approach reveals architectural opportunities and constraints that remain
hidden in traditional siloed analyses. This holistic perspective bridges the method-
ological gap between conceptual design and detailed engineering, enabling designers
to identify system-level synergies that are particularly valuable for novel aircraft
configurations where propulsion integration is critical to overall viability.

2. Multi-Criteria Optimization Methodology Enables Systematic Architec-
ture Evaluation: This thesis establishes a systematic multi-objective methodology
for evaluating different electric propulsion architectures under realistic constraints.
Through comparative analysis of optimization algorithms, the NSGA-II algorithm
emerges as most effective for navigating the complex trade space between system
mass and power losses. A penalty factor method has been developed to account for
efficiency reductions and aerodynamic drag, enabling the selection of a specific design
point. The developed approach supports objective comparison across architectural
concepts, providing quantitative assessment of their relative merits within specific
operational contexts and establishing a consistent framework for architecture-level
decision making that applies across various electric aircraft categories.

3. Configuration Analysis Identifies Optimal Propulsion Solution for Verti-
cal Take-Off and Landing Aircraft: This thesis delivers concrete design guidance
for electric vertical take-off and landing aircraft through comprehensive trade-off
analysis of multiple propulsion configurations. By applying the developed frame-
work to a representative use case, summarized in Section 4.5.5 similar to Joby’s
S4 demonstrator, the research systematically evaluates different propeller configura-
tions, cooling strategies, thermal limits, and mechanical arrangements. The analysis
reveals that a liquid-cooled direct-drive system with elevated temperature limits
and a local cooling system in a ten-propeller configuration offers the most favorable
performance characteristics for the studied mission profile, demonstrating how in-
tegrated analysis can translate theoretical advantages into actionable architectural
recommendations.

As the aviation industry continues to push towards more sustainable and environmentally
friendly solutions, electric propulsion systems hold a significant promise. However, real-
izing their full potential will require more than incremental improvements in individual
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components. A truly, vertically integrated approach that considers both the electric sys-
tem components and their interactions as well as the aircraft design from the outset will
be crucial in overcoming the mass and operational efficiency challenges inherent to electric
aviation.
While this thesis presents a robust and extensible framework for the optimization of electric
aircraft propulsion systems, several promising directions remain for future development.
First, the fidelity of component models could be further improved on the domain level.
For example, in the electromagnetic domain, integrating coupled subdomain formulations
or magnetic equivalent circuit models would enable more accurate representation of non-
linear effects such as magnetic saturation and localized losses. In a similar way, refining
thermal and fluidic models would allow for better assessment of cooling performance under
transient conditions or across specific mission profiles.
Expanding the framework’s library to include a broader range of component variants
and topologies, such as axial or transversal flux machines and multi-level inverter de-
signs, would allow exploration of more advanced and tailored propulsion architectures. In
addition, incorporating new technologies such as fuel cells or gas turbines would make
it possible to model and optimize hybrid-electric and turbo-electric propulsion systems,
which are especially relevant for aircraft with longer range requirements.
At the same time, economic and environmental aspects are becoming increasingly im-
portant in propulsion system design. The integration of cost models covering production,
operation, and full lifecycle considerations, as well as sustainability metrics like carbon
emissions and environmental material impact, would support more comprehensive trade-
off analyses that go beyond purely technical performance indicators.
To strengthen the connection between propulsion and the aircraft as a whole, a logical next
step would be the integration of the developed framework into multidisciplinary aircraft
design environments such as SUAVE [366]. This would enable simultaneous optimization of
both airframe and propulsion system, leading to better alignment of mission requirements
and design performance from the very beginning of the development process.
Finally, the use of machine learning and artificial intelligence offers a promising path to
improve both computational efficiency and model flexibility. Techniques such as surrogate
modeling can approximate complex physics-based simulations, while surrogate-assisted
optimization enables the exploration of large and intricate design spaces more quickly.
These approaches can significantly reduce computational effort while still preserving a
high level of accuracy.
Taken together, these avenues demonstrate that the proposed framework can serve not only
as a valuable tool for early-stage analysis, but also as a foundation for next-generation de-
sign environments that support integrated, sustainable, and economically viable solutions
in electric aircraft propulsion.
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A Temperature Nodes and
Resistances of Lumped Parameter
Thermal Networks of Electric
Machines

This appendix provides additional information on the lumped parameter thermal networks
discussed in Section 2.1.6.4.

A.1 Temperature Nodes
Table A.1 lists all temperature nodes used in the developed thermal networks. For the
spatial location of these nodes, refer to Figure 2.19.

Table A.1: Temperature Nodes in Lumped Parameter Thermal Network
Node Tempera-

ture
Description

0 T0 Temperature of ambient environment
1 T1 Temperature of active housing part
2 T2 Temperature of housing overhang (front)
3 T3 Temperature of housing front surface
4 T4 Temperature of front endcap
5 T5 Temperature of housing overhang (rear)
6 T6 Temperature of housing rear surface
7 T7 Temperature of rear endcap
8 T8 Temperature of stator lamination (stator yoke back iron)
9 T9 Temperature of stator bore (inner surface)
10 T10 Temperature of rotor surface
11 T11 Temperature of magnet centre point
12 T12 Temperature of rotor yoke lamination
13 T13 Temperature of shaft centre
14 T14 Temperature of shaft front
15 T15 Temperature of shaft rear
16 T16 Temperature of shaft overhang (front)
17 T17 Temperature of shaft overhang (rear)
18 T18 Temperature of end space (front)
19 T19 Temperature of end space (rear)
20 T20 Temperature of stator sleeve
21 T21 Temperature of rotor banding
22 T22 Temperature of bearing (front)
23 T23 Temperature of bearing (rear)
24 T24 Temperature of rotor lamination (front)
25 T25 Temperature of rotor lamination (rear)
26 T26 Temperature of magnet (front)
27 T27 Temperature of magnet (rear)
28 T28 Temperature of end winding outer (front) - bottom coil (C1)
29 T29 Temperature of end winding end (front) - bottom coil (C1)

Continued on next page
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Table A.1: Temperature Nodes in Lumped Parameter Thermal Network (continued)
Node Tempera-

ture
Description

30 T30 Temperature of end winding front (front) - bottom coil (C1)
31 T31 Temperature of end winding rear (front) - bottom coil (C1)
32 T32 Temperature of end winding (front average) - bottom coil (C1)
33 T33 Temperature of end winding outer (rear) - bottom coil (C1)
34 T34 Temperature of end winding end (rear) - bottom coil (C1)
35 T35 Temperature of end winding front (rear) - bottom coil (C1)
36 T36 Temperature of end winding rear (rear) - bottom coil (C1)
37 T37 Temperature of end winding (rear average) - bottom coil (C1)
38 T38 Temperature of wedge - bottom coil (C1)
39 T39 Temperature of slot centre - bottom coil (C1)
40 T40 Temperature of liner - bottom coil (C1)
41 T41 Temperature of liner yoke - bottom coil (C1)
42 T42 Temperature of winding (front) - bottom coil (C1)
43 T43 Temperature of winding (rear) - bottom coil (C1)
44 T44 Temperature of winding (average) - bottom coil (C1)
45 T45 Temperature of stator tooth - bottom coil (C1)
46 T46 Temperature of end winding outer (front) - top coil (C2)
47 T47 Temperature of end winding inner (front) - top coil (C2)
48 T48 Temperature of end winding end (front) - top coil (C2)
49 T49 Temperature of end winding front (front) - top coil (C2)
50 T50 Temperature of end winding rear (front) - top coil (C2)
51 T51 Temperature of end winding (front average) - top coil (C2)
52 T52 Temperature of end winding outer (rear) - top coil (C2)
53 T53 Temperature of end winding inner (rear) - top coil (C2)
54 T54 Temperature of end winding end (rear) - top coil (C2)
55 T55 Temperature of end winding front (rear) - top coil (C2)
56 T56 Temperature of end winding rear (rear) - top coil (C2)
57 T57 Temperature of end winding (rear average) - top coil (C2)
58 T58 Temperature of slot centre - top coil (C2)
59 T59 Temperature of liner - top coil (C2)
60 T60 Temperature of winding inner centre - top coil (C2)
61 T61 Temperature of winding (front) - top coil (C2)
62 T62 Temperature of winding (rear) - top coil (C2)
63 T63 Temperature of winding (average) - top coil (C2)
64 T64 Temperature of stator tooth - top coil (C2)
65 T65 Temperature of fluid inlet
66 T66 Temperature of fluid in cooling channel

A.2 Thermal Resistances
Table A.2 lists all thermal resistances between temperature nodes that are relevant for
both the jacket- and slot-cooled machine variants, as shown in Figure 2.19.

Table A.2: Common thermal resistances in Lumped Parameter Thermal Network
Nodes Resistance Description

0-1 R0−1 Thermal resistance between ambient environment and active housing part
0-2 R0−2 Thermal resistance between ambient environment and housing overhang (front)
0-4 R0−4 Thermal resistance between ambient environment and front endcap
0-5 R0−5 Thermal resistance between ambient environment and housing overhang (rear)
0-7 R0−7 Thermal resistance between ambient environment and rear endcap
0-14 R0−14 Thermal resistance between ambient environment and shaft front
0-15 R0−15 Thermal resistance between ambient environment and shaft rear

Continued on next page
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A.2 Thermal Resistances

Table A.2: Common thermal resistances in Lumped Parameter Thermal Network (continued)
Nodes Resistance Description

1-2 R1−2 Thermal resistance between active housing part and housing overhang (front)
1-5 R1−5 Thermal resistance between active housing part and housing overhang (rear)
1-8 R1−8 Thermal resistance between active housing part and stator lamination (stator

yoke back iron)
2-3 R2−3 Thermal resistance between housing overhang (front) and housing front surface
2-18 R2−18 Thermal resistance between housing overhang (front) and end space (front)
3-4 R3−4 Thermal resistance between housing front surface and front endcap
4-18 R4−18 Thermal resistance between front endcap and end space (front)
4-22 R4−22 Thermal resistance between front endcap and bearing (front)
5-6 R5−6 Thermal resistance between housing overhang (rear) and housing rear surface
5-19 R5−19 Thermal resistance between housing overhang (rear) and end space (rear)
6-7 R6−7 Thermal resistance between housing rear surface and rear endcap
7-19 R7−19 Thermal resistance between rear endcap and end space (rear)
7-23 R7−23 Thermal resistance between rear endcap and bearing (rear)
8-39 R8−39 Thermal resistance between stator lamination (stator yoke back iron) and slot

centre - bottom coil (C1)
8-41 R8−41 Thermal resistance between stator lamination (stator yoke back iron) and liner

yoke - bottom coil (C1)
8-45 R8−45 Thermal resistance between stator lamination (stator yoke back iron) and stator

tooth - bottom coil (C1)
9-20 R9−20 Thermal resistance between stator bore (inner surface) and stator sleeve
9-38 R9−38 Thermal resistance between stator bore (inner surface) and wedge - bottom coil

(C1)
9-64 R9−64 Thermal resistance between stator bore (inner surface) and stator tooth - top

coil (C2)
10-20 R10−20 Thermal resistance between rotor surface and stator sleeve
10-21 R10−21 Thermal resistance between rotor surface and rotor banding
11-12 R11−12 Thermal resistance between magnet centre point and rotor yoke lamination
11-21 R11−21 Thermal resistance between magnet centre point and rotor banding
11-26 R11−26 Thermal resistance between magnet centre point and magnet (front)
11-27 R11−27 Thermal resistance between magnet centre point and magnet (rear)
12-13 R12−13 Thermal resistance between rotor yoke lamination and shaft centre
12-24 R12−24 Thermal resistance between rotor yoke lamination and rotor lamination (front)
12-25 R12−25 Thermal resistance between rotor yoke lamination and rotor lamination (rear)
13-16 R13−16 Thermal resistance between shaft centre and shaft overhang (front)
13-17 R13−17 Thermal resistance between shaft centre and shaft overhang (rear)
14-16 R14−16 Thermal resistance between shaft front and shaft overhang (front)
14-22 R14−22 Thermal resistance between shaft front and bearing (front)
15-17 R15−17 Thermal resistance between shaft rear and shaft overhang (rear)
15-23 R15−23 Thermal resistance between shaft rear and bearing (rear)
16-18 R16−18 Thermal resistance between shaft overhang (front) and end space (front)
17-19 R17−19 Thermal resistance between shaft overhang (rear) and end space (rear)
18-22 R18−22 Thermal resistance between end space (front) and bearing (front)
18-24 R18−24 Thermal resistance between end space (front) and rotor lamination (front)
18-26 R18−26 Thermal resistance between end space (front) and magnet (front)
18-28 R18−28 Thermal resistance between end space (front) and end winding outer (front) -

bottom coil (C1)
18-30 R18−30 Thermal resistance between end space (front) and end winding front (front) -

bottom coil (C1)
18-47 R18−47 Thermal resistance between end space (front) and end winding inner (front) -

top coil (C2)
18-49 R18−49 Thermal resistance between end space (front) and end winding front (front) -

top coil (C2)
18-65 R18−65 Thermal resistance between end space (front) and fluid inlet
18-66 R18−66 Thermal resistance between end space (front) and fluid in cooling channel
19-23 R19−23 Thermal resistance between end space (rear) and bearing (rear)
19-25 R19−25 Thermal resistance between end space (rear) and rotor lamination (rear)
19-27 R19−27 Thermal resistance between end space (rear) and magnet (rear)

Continued on next page
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Table A.2: Common thermal resistances in Lumped Parameter Thermal Network (continued)
Nodes Resistance Description

19-33 R19−33 Thermal resistance between end space (rear) and end winding outer (rear) -
bottom coil (C1)

19-36 R19−36 Thermal resistance between end space (rear) and end winding rear (rear) - bot-
tom coil (C1)

19-53 R19−53 Thermal resistance between end space (rear) and end winding inner (rear) - top
coil (C2)

19-56 R19−56 Thermal resistance between end space (rear) and end winding rear (rear) - top
coil (C2)

19-66 R19−66 Thermal resistance between end space (rear) and fluid in cooling channel
28-32 R28−32 Thermal resistance between end winding outer (front) - bottom coil (C1) and

end winding (front average) - bottom coil (C1)
28-46 R28−46 Thermal resistance between end winding outer (front) - bottom coil (C1) and

end winding outer (front) - top coil (C2)
29-32 R29−32 Thermal resistance between end winding end (front) - bottom coil (C1) and end

winding (front average) - bottom coil (C1)
29-42 R29−42 Thermal resistance between end winding end (front) - bottom coil (C1) and

winding (front) - bottom coil (C1)
30-31 R30−31 Thermal resistance between end winding front (front) - bottom coil (C1) and

end winding rear (front) - bottom coil (C1)
30-32 R30−32 Thermal resistance between end winding front (front) - bottom coil (C1) and

end winding (front average) - bottom coil (C1)
31-32 R31−32 Thermal resistance between end winding rear (front) - bottom coil (C1) and end

winding (front average) - bottom coil (C1)
32-42 R32−42 Thermal resistance between end winding (front average) - bottom coil (C1) and

winding (front) - bottom coil (C1)
32-46 R32−46 Thermal resistance between end winding (front average) - bottom coil (C1) and

end winding outer (front) - top coil (C2)
33-37 R33−37 Thermal resistance between end winding outer (rear) - bottom coil (C1) and

end winding (rear average) - bottom coil (C1)
33-52 R33−52 Thermal resistance between end winding outer (rear) - bottom coil (C1) and

end winding outer (rear) - top coil (C2)
34-37 R34−37 Thermal resistance between end winding end (rear) - bottom coil (C1) and end

winding (rear average) - bottom coil (C1)
34-43 R34−43 Thermal resistance between end winding end (rear) - bottom coil (C1) and

winding (rear) - bottom coil (C1)
35-36 R35−36 Thermal resistance between end winding front (rear) - bottom coil (C1) and end

winding rear (rear) - bottom coil (C1)
35-37 R35−37 Thermal resistance between end winding front (rear) - bottom coil (C1) and end

winding (rear average) - bottom coil (C1)
36-37 R36−37 Thermal resistance between end winding rear (rear) - bottom coil (C1) and end

winding (rear average) - bottom coil (C1)
37-43 R37−43 Thermal resistance between end winding (rear average) - bottom coil (C1) and

winding (rear) - bottom coil (C1)
37-52 R37−52 Thermal resistance between end winding (rear average) - bottom coil (C1) and

end winding outer (rear) - top coil (C2)
38-60 R38−60 Thermal resistance between wedge - bottom coil (C1) and winding inner centre

- top coil (C2)
38-63 R38−63 Thermal resistance between wedge - bottom coil (C1) and winding (average) -

top coil (C2)
39-40 R39−40 Thermal resistance between slot centre - bottom coil (C1) and liner - bottom

coil (C1)
39-44 R39−44 Thermal resistance between slot centre - bottom coil (C1) and winding (average)

- bottom coil (C1)
39-66 R39−66 Thermal resistance between slot centre - bottom coil (C1) and fluid in cooling

channel
40-44 R40−44 Thermal resistance between liner - bottom coil (C1) and winding (average) -

bottom coil (C1)
40-45 R40−45 Thermal resistance between liner - bottom coil (C1) and stator tooth - bottom

coil (C1)

Continued on next page
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A.2 Thermal Resistances

Table A.2: Common thermal resistances in Lumped Parameter Thermal Network (continued)
Nodes Resistance Description

41-44 R41−44 Thermal resistance between liner yoke - bottom coil (C1) and winding (average)
- bottom coil (C1)

41-60 R41−60 Thermal resistance between liner yoke - bottom coil (C1) and winding inner
centre - top coil (C2)

42-43 R42−43 Thermal resistance between winding (front) - bottom coil (C1) and winding
(rear) - bottom coil (C1)

42-44 R42−44 Thermal resistance between winding (front) - bottom coil (C1) and winding
(average) - bottom coil (C1)

43-44 R43−44 Thermal resistance between winding (rear) - bottom coil (C1) and winding (av-
erage) - bottom coil (C1)

44-60 R44−60 Thermal resistance between winding (average) - bottom coil (C1) and winding
inner centre - top coil (C2)

45-64 R45−64 Thermal resistance between stator tooth - bottom coil (C1) and stator tooth -
top coil (C2)

46-47 R46−47 Thermal resistance between end winding outer (front) - top coil (C2) and end
winding inner (front) - top coil (C2)

46-51 R46−51 Thermal resistance between end winding outer (front) - top coil (C2) and end
winding (front average) - top coil (C2)

47-51 R47−51 Thermal resistance between end winding inner (front) - top coil (C2) and end
winding (front average) - top coil (C2)

48-51 R48−51 Thermal resistance between end winding end (front) - top coil (C2) and end
winding (front average) - top coil (C2)

48-61 R48−61 Thermal resistance between end winding end (front) - top coil (C2) and winding
(front) - top coil (C2)

49-50 R49−50 Thermal resistance between end winding front (front) - top coil (C2) and end
winding rear (front) - top coil (C2)

49-51 R49−51 Thermal resistance between end winding front (front) - top coil (C2) and end
winding (front average) - top coil (C2)

50-51 R50−51 Thermal resistance between end winding rear (front) - top coil (C2) and end
winding (front average) - top coil (C2)

51-61 R51−61 Thermal resistance between end winding (front average) - top coil (C2) and
winding (front) - top coil (C2)

52-53 R52−53 Thermal resistance between end winding outer (rear) - top coil (C2) and end
winding inner (rear) - top coil (C2)

52-57 R52−57 Thermal resistance between end winding outer (rear) - top coil (C2) and end
winding (rear average) - top coil (C2)

53-57 R53−57 Thermal resistance between end winding inner (rear) - top coil (C2) and end
winding (rear average) - top coil (C2)

54-57 R54−57 Thermal resistance between end winding end (rear) - top coil (C2) and end
winding (rear average) - top coil (C2)

54-62 R54−62 Thermal resistance between end winding end (rear) - top coil (C2) and winding
(rear) - top coil (C2)

55-56 R55−56 Thermal resistance between end winding front (rear) - top coil (C2) and end
winding rear (rear) - top coil (C2)

55-57 R55−57 Thermal resistance between end winding front (rear) - top coil (C2) and end
winding (rear average) - top coil (C2)

56-57 R56−57 Thermal resistance between end winding rear (rear) - top coil (C2) and end
winding (rear average) - top coil (C2)

57-62 R57−62 Thermal resistance between end winding (rear average) - top coil (C2) and
winding (rear) - top coil (C2)

58-59 R58−59 Thermal resistance between slot centre - top coil (C2) and liner - top coil (C2)
58-63 R58−63 Thermal resistance between slot centre - top coil (C2) and winding (average) -

top coil (C2)
58-66 R58−66 Thermal resistance between slot centre - top coil (C2) and fluid in cooling chan-

nel
59-63 R59−63 Thermal resistance between liner - top coil (C2) and winding (average) - top

coil (C2)
59-64 R59−64 Thermal resistance between liner - top coil (C2) and stator tooth - top coil (C2)
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Table A.2: Common thermal resistances in Lumped Parameter Thermal Network (continued)
Nodes Resistance Description

60-63 R60−63 Thermal resistance between winding inner centre - top coil (C2) and winding
(average) - top coil (C2)

61-62 R61−62 Thermal resistance between winding (front) - top coil (C2) and winding (rear)
- top coil (C2)

61-63 R61−63 Thermal resistance between winding (front) - top coil (C2) and winding (aver-
age) - top coil (C2)

62-63 R62−63 Thermal resistance between winding (rear) - top coil (C2) and winding (average)
- top coil (C2)

In addition, Table A.3 lists the resistances required exclusively for the jacket-cooled vari-
ant, while Table A.4 applies to slot-cooled topologies. These tables correspond to the
network extensions shown in Figure 2.20.

Table A.3: Additional thermal resistances in Lumped Parameter Thermal Network for jacket cooled ma-
chines

Nodes Resistance Description

1-66 R1−66 Thermal resistance between active housing part and fluid in cooling channel
2-66 R2−66 Thermal resistance between housing overhang (front) and fluid in cooling chan-

nel
5-66 R5−66 Thermal resistance between housing overhang (rear) and fluid in cooling channel
65-66 R65−66 Thermal resistance between fluid inlet and fluid in cooling channel

Table A.4: Additional thermal resistances in Lumped Parameter Thermal Network for slot cooled machines
Nodes Resistance Description

18-65 R18−65 Thermal resistance between end space (front) and fluid inlet
18-66 R18−66 Thermal resistance between end space (front) and fluid in cooling channel
19-66 R19−66 Thermal resistance between end space (rear) and fluid in cooling channel
39-66 R39−66 Thermal resistance between slot centre - bottom coil (C1) and fluid in cooling

channel
58-66 R58−66 Thermal resistance between slot centre - top coil (C2) and fluid in cooling chan-

nel
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B Finite Element Verification of the
Design Proposal

This appendix presents the finite element verification of the electric machine and DC-AC
inverter designs proposed in Section 4.6. The objective is to assess the accuracy and robust-
ness of the proposed analytical models by comparing their performance predictions against
numerical reference results obtained through finite element simulations. The verification
covers the electromagnetic, thermal, and structural behaviour of the electric machine, as
well as the electro-thermal performance of the inverter.

B.1 Verification of Electric Machine
Table B.1 summarizes the key performance characteristics of the electric machine design
resulting from the parameterization detailed in Table 4.17. The listed values include both
analytical results from the proposed electromagnetic subdomain model and the lumped
parameter thermal network and numerical results obtained through finite element analysis
using Ansys Motor-CAD®.

Table B.1: Performance characteristics of the electric machine for the selected system design proposal of a
ten-propeller configuration. Includes absolute and relative comparison between analytical model
predictions and finite element simulation results.

Parameter Symbol Unit Value Error
analytical FE

Machine diameter dEM mm 471 -
Machine length lEM mm 65 -
Shaft speed nEM min−1 2000 -
Output continuous torque Tcont,EM N m 405.98 385.75 4.98 %
Output continuous power Pcont,EM kW 85.03 80.79 4.98 %
Peak back-EMF (phase) êph V 146.20 137.28 6.10 %
d-axis inductance Ld µH 47.66 47.05 1.29 %
q-axis inductance Lq µH 47.66 51.00 −7.01 %
Power factor cos ϕPF - 0.68 0.64 6.16 %
Flux density in stator tooth Bst,max T 1.94 1.81 6.66 %
Flux density in stator yoke Bsy,max T 1.91 2.06 −7.89 %
Iron losses QEM,Fe W 592.56 575.52 2.87 %
Copper winding losses QEM,Cu W 4514.92 4576.42 −1.36 %
Magnet temperature Tmag

◦C 139.84 139.93 −0.07 %
Winding average temperature Twdg,avg

◦C 175.36 175.91 0.30 %
Winding max. temperature Twdg,max

◦C 192.62 193.32 −0.36 %

The deviations between the analytical and numerical results of the electromagnetic prop-
erties are generally small, typically well within 10 %, and can be attributed to the idealized
assumptions inherent in the subdomain model. This model presumes linear magnetic ma-
terial behavior, simplified slot and magnet geometries, and idealized winding distributions.
As a result, it introduces slight over- or underestimations in parameters such as torque,
flux density, and back-EMF. Notably, local saturation effects are not accounted for, which
contributes to discrepancies particularly in regions with high flux concentration, such as
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B Finite Element Verification of the Design Proposal

the stator yoke and teeth.
A closer look into the electromagnetics of the design supports this reasoning. Figure B.1
compares the analytical and numerical results of the radial and tangential airgap flux
density, stator tooth flux density and the vector potential in the slot at the stator yoke
surface, which is used to calculate the stator yoke flux density.
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Figure B.1: Overview of the electromagnetic characteristics of the proposed electric machine design, com-
paring analytical and numerical results, including radial and tangential airgap flux densities,
stator tooth flux density, and the vector potential in the slot, which is used to calculate the
stator yoke flux density.

The radial and tangential airgap flux densities in Figures B.1a and B.1b show very good
agreement in overall shape and peak positions. However, some peak values deviate by up
to 20 %. These differences can be attributed to the analytical method’s overestimation of
torque and back-EMF, as these are calculated using the Maxwell stress tensor.
The vector potential at the stator yoke surface in Figure B.1d is overestimated in the
analytical model. However, finite element results indicate even higher flux densities at this
location, suggesting the influence of saturation effects that are not accounted for in the
analytical model.
The flux densities in the stator teeth in Figure B.1c also show a good match between
the analytical and numerical results. However, the analytical values tend to be slightly
higher, which indicates an underestimation of leakage flux in the analytical model. This

190



B.2 Verification of DC-AC Inverter

underestimation would result in a higher flux density in the stator teeth compared to the
finite element results.
The deviations in back-EMF and inductances due to saturation and leakage effects directly
contribute to the error in the calculation of the power factor.
The deviations in stator tooth and yoke flux densities are also the primary drivers of the
error in the iron loss calculation. Due to the opposing tendencies of over- and underesti-
mation, the resulting iron losses remain only slightly off. For the copper losses, the small
discrepancy arises from differences in the calculated end-winding length. Nevertheless, the
overall errors are minimal. This, in turn, positively impacts the accuracy of the thermal
analysis. As shown in Figure B.2, the relative error in temperature prediction remains well
below 1 % for all nodes of the lumped parameter thermal network.
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Figure B.2: Relative and average temperature deviation across the lumped parameter thermal network for
the proposed electric machine design, comparing analytical and numerical results.

Despite these deviations, the electric machine model demonstrates sufficient accuracy for
optimization tasks, providing an excellent balance between predictive fidelity and compu-
tational efficiency.

B.2 Verification of DC-AC Inverter
Table B.2 summarizes the key performance characteristics of the DC-AC inverter resulting
from the parameterization shown in Table 4.19. The listed values include both analytical
results from the proposed electro-thermal model and numerical results obtained using
finite element simulations via Semikron’s online tool SemiSel™.
As shown, the inverter delivers approximately 91 kV A to meet the power demand of the
electric machine, while the DC-link capacitor maintains a voltage ripple well below the
limits specified in Table 4.8. The numerical evaluation reveals that conduction losses of the
transistor and diode are overestimated by around 10 %, leading to a similar deviation in the
total semiconductor losses. Transistor switch-off losses are underestimated by more than
15 %, although their absolute values remain low. Other switching losses, including switch-
on and reverse recovery, show very good agreement between the analytical and numerical
results. These deviations can primarily be attributed to the digitalization of datasheet
values and, in the case of conduction losses, to the estimation of on-state resistance via
differentiation of the forward output characteristic. This method is sensitive to steep slopes,
which can introduce notable errors in resistance and loss calculations.
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B Finite Element Verification of the Design Proposal

Table B.2: Performance characteristics of the DC-AC inverter for the selected system design proposal of a
ten-propeller configuration. Includes absolute and relative comparison between analytical model
predictions and numerical simulation results.

Parameter Symbol Unit Value Error
analytical FE

Inverter dimensions (L x W x H) - mm 250 x 250 x 100 -
DC Link voltage range VDC volt 540 – 900 -
Output line-line voltage V̂AC,LL V 274 -
Output line current ÎAC,LL A 395 -
Output line current ÎAC,LL kV A 91 -
Switching frequency fsw kHz 14 -
DC Link voltage ripple ∆VCap,rel - 0.04 -
Transistor conduction losses Qcon,T W 80.75 73.66 9.63 %
Transistor switch-on losses Qsw,on,T W 10.04 9.87 1.72 %
Transistor switch-off losses Qsw,off,T W 6.84 8.18 −16.38 %
Diode conduction losses Qcon,D W 26.59 24.10 10.33 %
Diode switch-off losses Qsw,on,D W 8.08 7.75 4.25 %
Total semiconductor losses QSC W 1587.55 1428.51 11.13 %
Transistor junction temperature Tj,T

◦C 139.89 139.46 0.31 %
Diode junction temperature Tj,D

◦C 139.89 139.46 0.31 %

Despite these discrepancies, the calculated junction temperatures of both the transistor
and diode closely match the numerical reference. Overall, the agreement between ana-
lytical and numerical evaluation is sufficiently accurate for use in early-stage design and
optimization.
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Abbreviations

2L Two-Level
3LNPC Three-Level Neutral Point Clamped
3LTNPC Three-Level T-Type Neutral Point Clamped
AC Alternating Current
AGE-MOEA Adaptive Geometry Estimation-based Multi-Objective Evolutionary Al-

gorithm
AGMA American Gear Manufacturers Association
AoA Angle of Attack
ASTM American Society for Testing and Materials
AWG American Wire Gauge
CCM Continuous Conduction Mode
CO2 Carbon Dioxide
CS Certification Specification
DC Direct Current
DCM Discontinuous Conduction Mode
DFT Discrete Fourier Transform
DOD Depth of Discharge
DOE Design of Experiments
EASA European Union Aviation Safety Agency
EM Electric Machine
EMF Electromotive Force
EPDS Electric Power Distribution System
EPS Electric Propulsion System
EPU Electric Propulsion Unit
ESS Energy Storage System
FE Finite Element
FIT Failures In Time
GB Gearbox
GD Generational Distance
H2O Water
HV Hypervolume
HX Heat Exchanger
IEA International Energy Agency
IEC International Electrotechnical Commission
IGBT Insulated Gate Bipolar Transistor
IGD Inverted Generational Distance
ISA International Standard Atmosphere
ISO International Organization for Standardization
LC Inductor-Capacitor
LPTN Lumped Parameter Thermal Network
MICADO Multidisciplinary Integrated Conceptual Aircraft Design and Optimiza-

tion
MMF Magnetomotive Force
MOSFET Metal-Oxide-Semiconductor Field-Effect Transistor
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Abbreviations

MOEA Multi-Objective Evolutionary Algorithm
MTOW Maximum Takeoff Weight
NASA National Aeronautics and Space Administration
NOx Nitrogen Oxide
NSGA-II Non-dominated Sorting Genetic Algorithm II
NSGA-III Non-dominated Sorting Genetic Algorithm III
NTU Number of Transfer Units
OSF Offset Strip Fin
PFA Perfluoroalkoxy alkanes
PMSM Permanent Magnet Synchronous Machine
PWM Pulse Width Modulation
RMS Root Mean Square
RPK Revenue Passenger Kilometer
SiC Silicon Carbide
SOC State of Charge
SOx Sulphur Oxide
SUAVE Stanford University Aerospace Vehicle Environment
SVM Space Vector Modulation
TLAR Top Level Aircraft Requirements
U-NSGA-III Unified Non-dominated Sorting Genetic Algorithm III
VTOL Vertical Take-Off and Landing
WDT Winding Distribution Table
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List of Symbols

Constants

Symbol Unit Description

µ0 H m−1 Magnetic permeability of vacuum
π - Circle constant, ratio of circumference to diameter
σSB W m−2 K−4 Stefan-Boltzmann constant
e - Euler number
g m s−2 Gravitational acceleration

Greek Symbols

Symbol Unit Description

αAoA rad Angle of attack
αCab W m−2 K−1 Convective heat transfer coefficient for cable
αcell W m−2 K−1 Convective heat transfer coefficient for cell
αconv W m−2 K−1 Convective heat transfer coefficient
αE,D K−1 Temperature coefficient for diode switching losses
αE,T K−1 Temperature coefficient for transistor switching losses
αk - Inclination of discretized trapezoidal layer
αp - Magnet pole width to pole pitch ratio
αrad W m−2 K−1 Radiation heat transfer coefficient
αron,T Ω K−1 Temperature coefficient of transistor on-state resistance
αT K−1 Thermal expansion coefficient
αtot W m−2 K−1 Total heat transfer coefficient
αVCE,0 V K−1 Temperature coefficient of transistor threshold voltage
β K−1 Thermal expansion coefficient
βcc,h - Cooling channel height ratio
βcc,w - Cooling channel width ratio
βFin - Fin width ratio
βFin,c - Fin thickness ratio on cold side
βFin,h - Fin thickness ratio on hot side
βHX m−1 Surface area density of heat exchanger
βph,ins - Phase insulation width ratio
βsy,i - Stator tooth width to slot pitch ratio
βtt,c - Tooth tip center to slot pitch ratio
βtt,e - Tooth tip edge to slot pitch ratio
∆hk m Radial height of discretized layer
∆hsg m Height parameter for slot geometry
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List of Symbols

∆IDC,L A Harmonic content of inverter input current
∆IL A Current ripple in inductor
∆mESS kg Change in energy storage system mass
∆p Pa Pressure drop
∆pc Pa Pressure drop on cold side
∆ph kPa Pressure drop on hot side
∆S J mol−1 K−1 Entropy change
∆sk m Edge length of discretized layer
∆T K Temperature difference
∆Tc K Temperature increase on cold side
∆Th K Temperature increase on hot side
δ m Interference
δ m Interference vector
∆hk m Radial height of discretized layer
∆hsg m Height parameter for slot geometry
∆IDC,L A Harmonic content of inverter input current
∆IL A Current ripple in inductor
∆mESS kg Change in energy storage system mass
∆p Pa Pressure drop
∆pc Pa Pressure drop on cold side
∆ph kPa Pressure drop on hot side
δQ m Interference due to thermal loads
δrot m Interference due to rotation
∆S J mol−1 K−1 Entropy change
∆sk m Edge length of discretized layer
δstat m Interference due to static pressure
∆T K Temperature difference
∆Tc K Temperature increase on cold side
∆Th K Temperature decrease on hot side
∆Vcell V Cell overpotential
∆Vcell,corr V Overpotential correction factor
∆VCap,rel - Relative voltage ripple of capacitor
∆Vin V Input voltage
∆Vout V Output voltage
∆Vpp,DC V Peak-to-peak voltage ripple
∆zid - Change in ideal point
∆znad - Change in nadir point
∆ηEPS - Change in electric propulsion system efficiency
δskin m Skin penetration depth
∆Vcell V Cell overpotential
∆Vcell,corr V Overpotential correction factor
∆VCap,rel - Relative voltage ripple of capacitor
∆Vin V Input voltage
∆Vout V Output voltage
∆Vpp,DC V Peak-to-peak voltage ripple
∆zid - Change in ideal point
∆znad - Change in nadir point
∆ηEPS - Change in electric propulsion system efficiency
δ m Interference
δ m Interference vector
δQ m Interference due to thermal loads
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Greek Symbols

δrot m Interference due to rotation
δskin m Skin penetration depth
δstat m Interference due to static pressure
ε - Ratio of loss source area to base surface area
εrad - Radial strain
εtan - Tangential strain
ε - Emissivity
εcell - Cell emissivity
εeff - Effective emissivity factor
εHX - Heat exchanger effectiveness
εopt - Allowable average change in objective space
εr V m−1 Dielectric strength
ηc - Crossover rate
ηcomp,i - Efficiency of component i
ηel - Electrical efficiency
ηEM - Efficiency of electric machine
ηEPS - Total efficiency of electric propulsion system
ηEPU - Efficiency of electric propulsion unit
ηfin - Fin surface efficiency
ηGB - Total gearbox efficiency
ηm - Mutation rate
ηmech - Mechanical efficiency
ηo - Overall fin surface efficiency
ηProp - Propeller efficiency
ηst,i - Efficiency of individual gearbox stage
λ W m−1 K−1 Thermal conductivity
λax W m−1 K−1 Axial thermal conductivity
λcond W m−1 K−1 Thermal conductivity of conductor
λFIT FIT Failure In Time rate
λimpreg W m−1 K−1 Thermal conductivity of impregnation material
λins W m−1 K−1 Thermal conductivity of insulation
λrad W m−1 K−1 Radial thermal conductivity
λsep W m−1 K−1 Thermal conductivity of separator
λtan W m−1 K−1 Tangential thermal conductivity
λwire,ins W m−1 K−1 Thermal conductivity of wire insulation
µ Pa s Dynamic viscosity
µeff - Effective relative permeability
µr - Relative permeability
ν - Harmonic order
ν m2 s−1 Kinematic viscosity
νrt - Poisson’s ratio in tangential direction due to radial stress
νtr - Poisson’s ratio in radial direction due to tangential stress
ω rad s−1 Angular velocity
ωel rad s−1 Electrical angular speed
ωnom rad s−1 Nominal angular velocity
ωopt - Sliding window for optimization
Φ Wb Magnetic flux per turn
Φm Wb Main flux
Φσ Wb Leakage flux
Φst,i Wb Flux entering the i-th tooth
ϕ - Coefficient for non-circular form of rectangular slots
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ϕI rad Current angle relative to direct axis
ϕPF rad Power factor angle
ϕU rad Voltage angle relative to direct axis
ΨB - Bilitzky’s geometrical coefficient
Ψi Wb Flux linkage of a single coil side in i-th slot
Ψm Wb Main flux-linkage
Ψph Wb Flux linkage per phase
Ψσ Wb Leakage flux-linkage
ρ kg m−3 Density
ρAmb kg m−3 Ambient air density
ρcond kg m−3 Density of conductor material
ρel Ω m Electrical resistivity
ρi kg m−3 Fluid density at inlet
ρins kg m−3 Density of insulation material
ρm kg m−3 Mean density
ρo kg m−3 Fluid density at outlet
σ - Porosity
σel S m−1 Electrical conductivity of conductor material
σHX - Porosity of heat exchanger surface
σrad Pa Radial stress
σtan Pa Tangential stress
σvMises Pa Von Mises equivalent stress
σy,i Pa Yield strength of the i-th layer
τavg,i Pa Average shear stress in the i-th section
τc - Coil pitch parameter
τp rad Pole pitch
τs rad Slot pitch
Θ K Temperature vector
Θu/v/w A Ampere-turns per slot for each phase
θ rad Angular coordinate
θ0 rad Initial angular position
θi rad Angular position of i-th slot
θin rad Inner angle of cylinder segment
θm rad Angular span of magnet
θout rad Outer angle of cylinder segment
θsy,i rad Angular width of inner stator yoke
θtt,c rad Angular width of tooth tip center
θtt,e rad Angular width of tooth tip edge
ξ - Row shift parameter for WDT
ξa - Geometrical factor for slot permeance
ζ - Pressure loss coefficient

Latin Symbols

Symbol Unit Description

A m2 Surface or cross-sectional area
Abb m2 Bus bar cross-sectional area
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Latin Symbols

Ac m2 Free-flow cross-sectional area
Acond m2 Cross-sectional area of conductor
Acube m2 Cross-sectional area of the entire cuboid
Af m2 Total fin area
Afr m2 Frontal area
Aft - Fin-to-total area ratio
Ah Wb m−1 Homogeneous solution of magnetic vector potential
Aimpreg m2 Cross-sectional area of impregnation material
Ap m2 Total primary area
Ap Wb m−1 Particular solution of magnetic vector potential
Aslot m2 Slot area
At m2 Total heat transfer area
Aw m2 Wall area
Awire,ins m2 Cross-sectional area of wire insulation
Az Wb m−1 Magnetic vector potential in z-direction
b m Width or spacing
bfin m Plate spacing
boa rad Slot opening width
bsa rad Slot width
B1r,AR T Radial flux density component due to armature reaction
B1θ,AR T Tangential flux density component due to armature reaction
B2r,NL T Radial flux density component at no load
B2θ,NL T Tangential flux density component at no load
Bind T Magnetic field in inductor
Br T Radial component of magnetic flux density
Br,AG T Radial component of airgap flux density
Bry T Flux density in rotor yoke
Bst,i T Flux density in i-th stator tooth
Bsy,i T Flux density in stator yoke at i-th position
Bθ T Tangential component of magnetic flux density
Bθ,AG T Tangential component of airgap flux density
CDC F DC link capacitance
Ci F Input capacitor of DC-DC converter
Co F Output capacitor of DC-DC converter
Cν,i - In-phase component of EMF phasor
dh m Hydraulic diameter
DD - Diode duty cycle
DD,CCM - Diode duty cycle in continuous conduction mode
DD,DCM - Diode duty cycle in discontinuous conduction mode
DT - Transistor duty cycle
DT,CCM - Transistor duty cycle in continuous conduction mode
DT,DCM - Transistor duty cycle in discontinuous conduction mode
eph V Back electromotive force per phase
Econv J Energy stored in conventional sources (e.g., kerosene)
Eelec J Energy stored electrically
Eoff,T J Switch-off energy of transistor
Eon,T J Switch-on energy loss of transistor
Erad Pa Radial Young’s modulus
Err,D J Reverse recovery energy of diode
Etan Pa Tangential Young’s modulus
Etot J Total energy stored
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fc - Friction coefficient
fel Hz Fundamental electrical frequency
fo - Overshoot factor
fsw Hz Switching frequency
ft - Total overshoot factor
fw - Factor accounting for non-uniform voltage distribution in

winding
Gmag m Magnetic airgap
gmech m Mechanical airgap
Gr - Grashof number
HE - Degree of energy hybridization
HP - Degree of power hybridization
Hr A m−1 Radial component of magnetic field intensity
Hθ A m−1 Tangential component of magnetic field intensity
h m Altitude (height) above sea level
h W m−2 K−1 Heat transfer coefficient
hcc m Height of cooling channel
hcond m Height of conductor
hcube m Height of cuboid element
IAC,Ph,pk A Peak phase current of AC system
IC A Collector current
IC,avg A Average DC link capacitor current
IC,in,RMS A RMS current through input capacitor
IC,out,RMS A RMS current through output capacitor
IC,rms A RMS current ripple of DC link capacitor
IDC,L,avg A Average inverter input current
IDC,L,rms A RMS inverter input current
IG,avg A Average gate current
IG,pk A Peak gate current
Iin A Input current of DC-DC converter
IL A Inductor current
IL,avg A Average inductor current
IL,max A Maximum inductor current
IL,min A Minimum inductor current
IL,RMS A RMS inductor current
Iout A Output current of DC-DC converter
Iref A Reference current
IRMS A RMS current
Is A Stator/inverter output phase current
iC A DC link capacitor current
id A Current on direct axis
iDC,L A Inverter input current
iDC,L,avg A Average inverter input current related to pulse period
iDC,L,rms A RMS value of inverter input current
iDC,S A Source current
iGB - Gearbox ratio
iq A Current on quadrature axis
ist - Gear ratio per stage
ist,max - Maximum allowable gear ratio per stage
iu A Instantaneous current in phase u
iv A Inverter output current in phase v
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Latin Symbols

iw A Inverter output current in phase w
Jbb,rms A m−2 Current density in bus bar cross section
Jz A m−2 Current density in z-direction
Ji0 A m−2 DC component of current density in the i-th slot
Jin A m−2 n-th harmonic of current density in the i-th slot
Keddy - Eddy current loss coefficient
KGB - Gearbox correlation factor
Khyst - Hysteresis loss coefficient
KI,D - Current exponent for diode switching losses
KI,T - Current exponent for transistor switching losses
KV,D - Voltage exponent for diode switching losses
KV,T - Voltage exponent for transistor switching losses
kAC - AC loss increase factor
kcond - Conductor fill factor
kmount - Additional mounting-related mass factor
ksf - Staple factor of iron sheets
kslot - Slot fill factor
kw - Winding factor
kw1 - Fundamental winding factor
kd,ν - Distribution factor for ν-th harmonic
kp,ν - Pitch factor for ν-th harmonic
kw,ν - Winding factor for ν-th harmonic
L H Inductance
Lb H Boost inductance
LCab m Cable length
Lchar m Characteristic length scale
Lcrit m Critical cable length
Lew H End winding leakage inductance
Lm H Magnetizing inductance
Lmm H Mutual magnetizing inductance
Lms H Self magnetizing inductance
Ls H Synchronous inductance
Lslot H Slot leakage inductance
Lstk m Stack length of electric machine
Ltt H Tooth tip leakage inductance
Lσ H Leakage inductance
Lσph H Phase leakage inductance
Lδ H Air gap leakage inductance
lax m Axial length
lEM m Total machine length
lfin m Fin length
lpath m Path length for heat conduction
Mr A m−1 Radial component of magnetization vector
Mrck A m−1 Cosine component of radial magnetization
Mrk A m−1 Magnitude of k-th harmonic of radial magnetization
Mrsk A m−1 Sine component of radial magnetization
Mθ A m−1 Tangential component of magnetization vector
Mθck A m−1 Cosine component of tangential magnetization
Mθk A m−1 Magnitude of k-th harmonic of tangential magnetization
Mθsk A m−1 Sine component of tangential magnetization
ma - Modulation degree
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ma,max - Maximum modulation degee
mCab kg Total mass of cable
mcomp,i kg Mass of i-th component
mcond kg Mass of conductor
mEPS kg Total mass of electric propulsion system
mf - Frequency ratio
mFe kg Mass of iron core
mGB kg Mass of gearbox
mins kg Mass of insulation
mph - Number of phases
mst,i kg Mass of i-th gearbox stage
mstrand - Stranding factor
Nc - Number of coils
NFin - Number of fins
Nst - Number of gearbox stages
Nt - Number of turns
Nt1, Nt2 - Number of turns in first/second layer
Nts - Number of turns per slot
nEM min−1 Rotational speed of electric machine
nes - Number of empty slots (dead coils)
ng - Number of wound coils per phase in periodic segment
nInv - Number of inverter levels
nlay,wdg - Number of winding layers
no - Number of simultaneous switching events
npar - Number of parallel paths
nProp min−1 Rotational speed of propeller
nwc - Number of wound coils per phase
nwdg,lay - Number of winding layers per slot
Nu - Nusselt number
NuL - Nusselt number for laminar flow
NuT - Nusselt number for turbulent flow
P W Power
P ∗ - Pareto-optimal solution set
PBat W Battery power
Pcomp,i W Power requirement of i-th component
Pcont,EM W Output continuous power
Pcont,EPU W Continuous power of EPU
Pcont,EPU W EPU continuous power
Pconv W Propulsive power provided by conventional gas turbines
Pelec W Total electric propulsive power installed
PGD W Gate driver output power
Pin W Input power
Pout W Shaft output power
Ppk,EPU W EPU peak power
Ppk,tot W Total peak power
Ppk,tot,req W Overall peak power required
PProp,mech W Mechanical shaft power delivered to propeller
Pst,i W Input power of i-th gearbox stage
Ptot W Total installed propulsive power
p - Number of pole pairs
p Pa Pressure
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pamb Pa Ambient pressure
pc Pa Contact pressure
peddy W kg−1 Specific eddy current loss
pfin m Fin pitch
pfl,in Pa Fluid inlet pressure
pfl,out Pa Fluid outlet pressure
physt W kg−1 Specific hysteresis loss
pin Pa Inner pressure
pint Pa Internal pressure
pmin Pa Minimum pressure
pout Pa Outer pressure
pout,h Pa Hot side outlet pressure
psl Pa Magnet-yoke pressure
Pr - Prandtl number
PTWcomp,i kW kg−1 Power-to-weight ratio of i-th component
PTWEPU kW kg−1 Power-to-weight ratio of electric propulsion unit
Q W Heat flow, power loss
QCab W DC cable losses
QCap W Capacitor losses
Qcell,in W Heat generation in cell
Qcell,out W Heat dissipation from cell
Qch,rad W Radiation from U-shaped channel
Qcon,D W Conduction losses in diode
Qcon,T W Conduction losses in transistor
QCu W Copper loss
QEM,Cu W Copper losses of electric motor
QEM,Fe W Iron losses of electric motor
QEPU W Losses of electric propulsion unit
QEPS W Losses of electric propulsion system
QFe W Iron loss
QFe W kg−1 Specific iron loss
QG C Gate charge
QHX W Heat dissipation capacity
QInv W Inverter losses
QS - Number of stator slots
QSC W Total semiconductor losses
Qsw,D W Switching losses in diode
Qsw,off,D W Switch-off losses in diode
Qsw,off,T W Switch-off losses in transistor
Qsw,on,T W Switch-on losses in transistor
Qsw,T W Switching losses in transistor
Qcon,T W Transistor conduction losses
Qsw,on,T W Transistor switch-off losses
Qsw,on,T W Transistor switch-on losses
Qtot,D W Total power loss in diode
Qtot,T W Total power loss in transistor
Qtot,rad W Total radiative heat transfer
q - Number of slots per pole and phase
R2 - Coefficient of determination (goodness of fit)
RAC Ω AC resistance
Rcseg,rad K W−1 Thermal resistance of cylinder segment in radial direction
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RDC Ω DC resistance
RESR Ω Equivalent series resistance of capacitor
RG Ω External gate resistance
RG,int Ω Internal gate resistance
Rth K W−1 Thermal resistance
Rth,b K W−1 Thermal resistance of base
Rth,ca K W−1 Case-to-ambient thermal resistance
Rth,cc K W−1 Core-to-case thermal resistance
Rth,cs K W−1 Thermal resistance from case to sink
Rth,fa K W−1 Thermal resistance fin to ambient
Rth,jc,D K W−1 Thermal resistance from junction to case for diode
Rth,jc,T K W−1 Thermal resistance from junction to case for transistor
Rth,sa K W−1 Thermal resistance from sink to ambient
Rth,sep K W−1 Thermal wall resistance
Rth,sp K W−1 Heat spreading resistance
r - Reflection factor
rbend m Bend radius
rcell m Cell radius
rcond m Conductor radius
rcond,o m Outer conductor radius
rEM m Total machine radius
rEPU m EPU outer radius
rfr,o m Frame outer radius
rh m Hydraulic radius
rin m Inner radius
rin,c/h m Air duct opening on cold/hot side
rins,i m Inner insulation radius
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